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TUNNEL SAFETY- PUBLIC AND RESPONDERS 

 

Deputy Chief Gary English (ret)  

Seattle Fire Department, Seattle, USA 

Underground Command and Safety 
 

ABSTRACT 

Millions of people move safely through thousands of tunnels daily and the public generally 

presumes they are safe.  However, some of the public still asks ‘Are we really safe in tunnels?’ 

And, tunnel owners/ operators ask what liability they might have if a big incident occurs.  Tunnels 

safety has evolved over decades of improvements, yet we continue to have tunnel incidents with 

fatalities and lengthy closures with major economic impact.  Responder risks their lives and 

sometime die.  Why are these incidents still happening? 

This brief paper explores the evolution of tunnels safety, history, regulations, and possible lethal 

consequences where the public and responder safety has failed.  This paper is not ‘research’ rather 

points out dangerous tunnel practices which need to be resolved.  These are identified in italics and 

listed in conclusion as potential areas for more research and changes in safety regulations. 

1 PUBLIC PERCEPTION  

Although the public and tunnel engineers seemed surprised when the 1999 Mt Blanc fire occurred 

with 39 fatalities, fire responders could predict some of the consequences.  The surprise centered 

around the higher than expected energy released by ordinary commodities, i.e. margarine and flour, 

and how cars not directly involved with the incident burning due to extreme heat. This incident was 

quickly followed by the Tauern and Gotthard tunnel fires with 23 additional fatalities. Again 

ordinary commodities (paint) and vehicle fuel were the fire sources.  European public and political 

perception of tunnel safety was diminished, and they recognized there are greater risk in tunnels.  

As a direct result, considerable European investments in research and scientific tests provided proof 

the tunnel fires could grow faster and release more energy than a similar fire above ground reaching 

peak temperatures of 1350 degrees C compared to building fire growth curve which reaches 600 

degrees C in the same 10 minutes. (1)  This surprised even the responders.  

Europe’s considerable tunnel fire research resulted in their mandatory retroactive safety measures at 

considerable expense, i.e. Directive 2004/54/EC “Minimum safety requirements for tunnels in the 

Trans-European Road Network”. (2)  However, there are no retroactive safety requirements in US 

tunnels.  And, unlike Europe where many countries such as France have established tunnel safety 

centers to ensure safety is a priority, e.g. ‘le Centre d'études des tunnels’ (Center for Tunnel 

Studies,) (3), the US has not established a research center for tunnel safety.   The visible impacts of 

physical changes to Europe’s road tunnels and considerable press on the safety improvements have 

rightly improved their public perception of tunnel safety.  These safety improvements have also 

positively impacted US newest road tunnels by establishing a more realistic approach to the tunnel 

fire size and growth rate in US road safety standards.  However, the US standards modifications did 

not fully match the potential fire size identified in research, thus leaving a probable gap in safety.  

Also, unlike Europe, the US has failed to address the thousands of older legacy road and rail tunnels 

with inadequate or missing safety systems by modern standards.  More importantly the US has not 
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yet experienced the plethora of major tunnel fires with multiple fatalities as occurred in Europe.  

Lacking catastrophic tunnel loss of life there appears to be no immediate need for significant safety 

changes to standards or retrofits in tunnels.  This assumption is dangerous.   

2 EVOLUTION OF TUNNEL SAFETY 

2.1 Safety regulations 

Tunnels have been constructed and used by humans since before recorded history. The simple geometry 

of a tunnel: narrow spaces, long distances to limited exits with resultant limited egress (and responder 

access), limited air supplies, and bigger, faster fires than many thought possible, magnifies the 

consequences of incidents.  These physical constraints make emergency safety difficult.  For example, 

for a passenger in a burning car or train on the surface, simply moving a short distance away almost 

always assures safety.  However in a tunnel, moving a short distance away, leaves the passenger in the 

same environment of the incident, i.e. the limited tunnel space does not allow heat, and smoke to readily 

move away from occupants.   

One of the biggest challenges is acknowledging Underground Passenger Rail (UPR), and road tunnels 

we use today were built over many decades resulting in significant differences in tunnel design, systems, 

and safety.  Safety regulations were non-existent in the earliest tunnels.  For example the Burlington 

Northern Rail Tunnel (Seattle) was finished in 1904 and since then passenger rail use has increased 

exponentially. The lack of safety requirements when constructed meant there was no emergency 

lighting, ventilation, fire standpipes, walkable surfaces, and the nearest exit could be nearly a mile away.  

We are behind when compared to Europe tunnel safety.   

The ’Evolution of Safety’ regulations in buildings vs tunnels is dramatic.  Building safety is embedded 

in building and fire safety codes and is accepted as a baseline.  The phrase the ‘code was written in 

blood’ is in part true.  Incidents of consequence, (loss of lives) resulted in new language being inserted 

into safety codes to prevent a recurrence.  For example, we take for granted the fire exit stairs have 

doors to prevent fire and smoke from entering the stairs.  This was not always true.  The 1958 Lady of 

Angles fire (4)  had 95 casualties (92 children) in a stairway for lack of a single door i.e. there was no 

separation between the exit path and the fire.  This incident and many others are examples of  ‘hard 

learned lessons’ which resulted in safety improvements.       

For comparison, modern buildings have prescriptive code language based on deadly lessons and safety 

analysis.  As a baseline this specifies rooms have at least two exits of minimum width, with fire rated 

exit paths, fire doors, etc.  Rooms with high volumes of people, e.g. over 1000 (roughly a train load) 

require at least four exits. These minimums ensure speedy exiting is of paramount importance.   

Comparing this with UPR tunnels demonstrates a distinct difference in safety evolution. UPR exit 

pathway minimum width has remained at 24” (61 cm) for years compared to building 44” (112 cm).   

The narrower path requires single file evacuation (i.e. everyone moves at speed of slowest person) and a 

longer time to evacuate.   

Closest exit distance can be 800 feet (244 m) vs buildings at 1/3 the distance.   However, in UPR no 

exits are required in tunnels up to 2500 ft (762 m) tunnels which is beyond reach of responder 

rescue teams as their air supply is limited. (5, 6.3)    Buildings now require fire rated exits paths, 

close to the public to the exterior.  Why not the same minimum safety in tunnels?    
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Since the distance to the surface in tunnels can be extreme, (sometimes measured in miles/kms), 

rapidly exiting to the outside to safety in many locations is impossible.  Given these restraints road 

and UPR tunnels use an approved alternate safety approach by moving people to a ‘Point of Safety’ 

(POS).  This is a well-defined term in building safety codes which use a combination of the three 

paraphrased  options;  A POS is (a) short distance to outside (not possible in tunnels), (b) fire 

sprinklers (required in nearly all buildings) yet not required in tunnels or underground stations, (c) 

another area of building with smoke barriers and means of escape or exit can provide safety 

Combining these UPR distances with narrow walkways and high volumes of people makes 

evacuation to safety take considerably longer  than buildings.  Also the POS is not always safe.  

Their use in the Mt Blanc road tunnel led to several deaths as the POS lacked adequate ventilation 

and doors were not designed for the higher temperatures.         

US regulations for UPR stations does not require fire/smoke doors in exits but allows the use of 

mechanical ventilation to protect evacuees as part of their point of safety definition.  This works 

well if the mechanical ventilation does not fail, and the mechanical ventilation is designed to meet 

the possible fire size.  Unfortunately, the European tests showed the older ventilation systems 

(which were designed for a smaller fire) could not protect evacuees by ventilation alone. (In some 

jurisdictions the building codes are applied to UPR stations in which case the reliance on 

mechanical ventilation to maintain a point of safety is not permitted and fire sprinklers are 

required).    

2.2 Tenability during evacuation   

Tenable spaces are defined as “environment that permits evacuation or rescue, or both, of occupants 

for a specific period of time.” (6, 3.38). This is measured by heat exposure, (skin/respiratory), 

visibility impacts (smoke), and toxicity (toxic gasses, reduced oxygen).    Smoke is “The airborne 

solid and liquid particulates and gases evolved when a material undergoes pyrolysis or combustion, 

together with the quantity of air that is entrained or otherwise mixed into the mass.”. (6, 3.3.46) 

Ventilation which does not remove smoke as fast as it develops results in reduced visibility i.e. 

ability to see a path to move away from a fire, find an exit, or locate an emergency phone to call for 

help.  Since smoke cannot rapidly move away inside a tunnel, smoke rapidly becomes denser to the 

point of zero visibility, thus reducing occupant movement to ‘walking or crawling blind’ which is 

remarkable slow.  At this point, self-rescue is seriously limited.  (Fig. 1 below diagrams inadequate 

air flow allowing smoke to back layer towards people) 

 

Responders are less impacted by heat and gasses as their safety gear protects them from moderate 

heat and provides fresh air.  But loss of visibility for responders due to undersized ventilation 

greatly slows the process to find and save people in smoke.  This can reduce the ability to reach all 

those needing assistance and move them to safety.    

3 TUNNEL HAZARDS 
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3.1 History and efforts to improve safety  

Some of the earliest tunnels were not for public transportation rather were built for freight hauling.  

Those tunnels moved freight and later passengers by horse drawn teams.  Although horses had their own 

emissions, these were not considered lethal.  Horses were replaced by coal fired steam locomotives 

pulling passenger cars on rails.  Coal fire engines create large volumes of smoke which obscures 

visibility and is high in toxic Carbon Monoxide (CO) gas.  These engines consumed oxygen to the point 

they became ineffective.  Tunnel engineers tackled these problems by creating some of the first large 

scale mechanical ventilation systems to control CO.  However, these older mechanical ventilation was 

not designed to address smoke from fires, rather internal combustion engine exhaust, notably Carbon 

Monoxide.    

New York Holland road tunnel (1927) was one of the first to seriously design and build to address the 

public safety issue of vehicle emissions (carbon monoxide) in a road tunnel.  The ‘new-fangled’ 

mechanical ventilation supplied fresh air under the length of the road deck to strategically placed vents 

along the entire tunnel length.  The ceiling also contained a full length exhaust plenum with vents 

designed to pull CO out of the road tunnel i.e. a ‘Full Transverse’ ventilation system.  CO was managed 

and public safety was enhanced. (Also, a hazardous material fire in this tunnel in 1949 tunnel resulted in 

the first use of mechanical ventilation to control smoke from a hazardous material fire.)   

This ground breaking mechanical ventilation to protect public became a new benchmark for road tunnel 

safety.  Many tunnels were built with this type of system, however this ventilation system is not 

designed to manage smoke from fires which is greater than CO.   In 2003,  the same test which 

demonstrated faster fire growth rate also demonstrated a much higher than expected heat release rate for 

ordinary combustibles in a road tunnel at over 200 MW(1) with greater smoke.  

NFPA 502 Road Tunnel, Bridges and Limited Access Highways (6), increased the minimum 

recommended design fire size and recognized fire sprinklers might be an effective way of suppressing 

road tunnel fires.  These actions improved public and responder safety.  Road tunnels which recognized 

the actual potential of large, fast fires and have installed fire sprinklers are likely the safest road tunnels 

by suppressing a fire, and stopping or reducing fire growth rate thus reducing heat and smoke and 

minimizing tunnel closure time from days to hours.  

Meanwhile, UPR had growing passenger ridership.  UPR agencies started using mechanical ventilation 

systems to provide fresh air, and later, to provide limited heating, ventilation and cooling, i.e. HVAC.  

For example the January 2015 WA D.C. fatality subway smoke incident was originally thought to be a 

fire system ventilation failure, but this ventilation system was not designed to manage fire smoke, rather 

was only an HVAC system.  

Fires like this increased the awareness of the risk of tunnel fires in US and affirmed the European 

understanding of higher probabilities of significant US UPR fires.  This was validated as the Chunnel 

was expected to have a working fire every 50 years, yet three occurred in 12 years. 

3.2  Stratification and Ventilation Flaws 

One large challenge for public safety is the mistaken assumption that smoke in a tunnel will neatly 

stratify at the ceiling, therefore allowing occupants to move to safety under the hot smoke layer. The 

belief in stratification comes from the common practice of burning diesel in test fires which produces a 

hot smoke layer at the ceiling.   



Tunnel Safety Public and Responders 

  

 

6 

 

Actual fires in vehicles and contents combust and pyrolyze at different temperatures releasing 

smoke with different buoyancies which spreads from top to bottom of a tunnel.    

Sometimes stratification can occur if enough heat is produced to entrain all the smoke into the 

thermal column. Even if stratification occurs, smoke rapidly cools, or mechanical ventilation which 

supplies air quickly mixes smoke with cooler air and destratifies smoke layer.  Smoke does not 

always stratify.  

Longitudinal ventilation (LV), i.e. moving air in a tunnel downstream of a fire is considered more 

effective than transverse ventilations.  However, there are ‘fatal flaws’ of LV in three scenarios. 1) 

for road tunnels with traffic backed up within the tunnel, a vehicle fire in stopped traffic will result 

in smoke being pushed over the downstream vehicles.  2) For rail tunnels with LV, a stopped train 

with a fire near the middle, smoke is pushed towards the fewest people, i.e. either the front or rear 

of a train. With a trainload of roughly 1000 people, approximately one half (500 people) will be 

downstream and caught in the smoke as they attempt to escape.  3) Of greatest concern is allowing 

multiple rail vehicles in the same ventilation zone, e.g. where distance between exits is long, as 

occurs in some older tunnels under rivers.  With multiple trains stopped, a fire anywhere in one of 

middle trains, could put trainloads (thousands) of people in the smoke and heat if LV is used.  But, 

not using LV would allow smoke to spread over all trains as stratification might only be effective 

for a short distance.  Longitudinal ventilation can expose people downstream to dangerous smoke/ 

heat.   

3.3 Traction Power    

Most UPR now utilize electric traction power which does not have emission problems but presents 

a new hazard i.e. electrocution.  Placing an energized rail on the ground at track rail level, means 

evacuees cannot safely move from the very narrow walkway to the track area, until power is 

deenergized.  Since deenergizing traction power can be delayed and there are no local indicators to 

identify when traction power been deenergized, the passenger are loath to walk near the third rails if 

they need to evacuate. This further increases the time needed to evacuate as evacuees stay on the 

narrow emergency walkway instead of dispersing beyond the train end.  Also, responders in many 

jurisdictions simply refuse to enter the tunnel to fight fire, perform rescue, etc., while traction power 

might be energized requiring coordination with tunnel operators and delays.   

3.4   Tunnel Collapse   

Earliest tunnels lacked the modern engineering understanding of the soils in which tunnels were 

constructed. This resulted in partial and full tunnel collapses in earlier tunnels. Even today, tunnels 

under construction have had partial or full collapses. Fortunately full collapses of operating UPR 

and road tunnels are very rare.  More likely are partial structural and systems collapse, e.g. 2012 

Sasago (Japan) road tunnel ceiling collapse where 1.2 ton panels fell along a 110 meter long 

section, resulting in 5 deaths and a fire.  In 2006 Central Artery Project (USA) a ceiling panel 

collapse killed one woman. These incidents were found to be the result of ceiling hanger failures.  

The 2006 incident sparked a US federal level regulation change in road tunnels with the 

establishment of new mandatory US road tunnel inventory and a tunnel operations maintenance and 

inspection evaluation manual (TOMIE) and program which identifies and requires repairs.  TOMIE 

is a remarkable advance in tunnels safety but does not match minimum fire system inspection 

requirements.   The legislation also created a road tunnel inventory, but fell short of establishing a 

US Center for Tunnel Safety.        

3.5 Hazardous Materials (Dangerous Goods)  
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Road tunnels routinely have hazardous materials transportation through tunnels either as cargo or simply 

as vehicle fuel.  An accidental release can be in different forms; solid, liquids and gases and can be 

immediately hazardous to life safety even in small quantities.  US states have the authority to regulate 

state highways, but limited capacity to limit interstate commerce on interstate highways, yet federal 

government does not regulate cargo in these tunnels.  Removing motorists to safety is time consuming 

and dependent on product type based on the motorist risks.  

Gaseous releases could be mitigated by fire ventilation systems moving gases out of the tunnel, but this 

could endanger people outside the tunnel.   Fire service recommendation is for hazardous gaseous release 

to initially be confined to area of origin, i.e.  by a ‘net zero’ air movement in the tunnel.  This would 

require modifying ventilation systems or designed them for this effect.         

3.5  Terrorism 

Terrorism takes many forms and tunnels provide opportunities not available on the surface, notably 

narrow enclosed spaces with high volume of people with slow egress.  This allows relatively small 

devices to impact hundreds of people.  There have been multiple terrorist attacks in tunnels, most 

commonly UPR given the possible immediate impacts and disruption of regional transportation. Gasoline 

fires, bombs, sarin gas, etc. have been used with mixed results.  Road tunnels are not immune and 

possibly makes terrorist incidents simpler by providing large quantities of regulated substances such as 

bulk fuels.   

3.6 Medical Emergencies 

Tunnels do not in themselves create medical emergencies.  The key tunnel difference is time, i.e.  time to 

identify, report and locate an accident, time for responders to arrive at a tunnel and move to the incident 

site, and time to transport patients out of the tunnel.  E.g. a surface accident might take 20-60 minutes to 

process, in a road tunnel this same accident might take 45- 120 minutes, i.e. possibly beyond the time 

when medical assistance is effective.  

In UPR tunnels, the lack of road access for emergency vehicles can add significantly to the delay as 

responders might need to either walk long distances, use ‘carts’, or establish a rescue train.  For example, 

a derailed train over a mile from a station or portal with multiple injuries might necessitate the use of  

rescue trains to allow responders to arrive at incident with necessary equipment and  move large 

numbers of injured our of the tunnel.  Rescue trains can be used to relocate injured from the tunnel and to 

a location proximate to a hospital.  This can be more expeditious than transferring patients to ambulances 

at a portal and driving through street traffic.  Logistical coordination of multiple rescue trains, high 

numbers of patients and responders is very difficult and time consuming and must be practiced.    

With train crush loads often exceeding 1000 passengers, many/most of them could be injured in a serious 

derailment.  Typical derailments present a wide array of trauma injuries and potentially fire/smoke.  

Critically injured needs immediate care therefore rapid patient access, stabilization and movement to 

hospitals is essential.   Since these patients require high numbers of responders to stabilize and transport, 

limited responder resources may result in triaging all patients and supporting only those most likely to 

survive.   

Simply moving adequate medical equipment such as backboards to in the incident scene is difficult.  

Some jurisdictions now cache responder medical equipment in tunnel stations to ensure reasonable 

equipment is readily available, however, the lack of cached responder transport equipment near tunnels 

can seriously delay emergency medical treatment. 
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Road tunnel incidents typically have fewer patients than UPR systems incidents, as they are 

usually the result of vehicle accidents or medical emergencies which involve fewer people. 

Accessing patients by driving into a tunnels seems simple, however, often the route is blocked by 

other vehicles stopped in the tunnel.  This required driving against traffic in in parallel tunnels both 

of which are challenging.  Tunnel response plans should include optimizing responder access and 

patient transport to hospitals.     

3.7 Multi Hazards  

Combining hazards can greatly magnify problems. Either a hazardous material spill, or a fire create 

severe difficulties for responders and safety of occupants. Combining a hazardous material spill/ 

gas release with a fire can dramatically increase the safety problems.  For example, some burning 

hazardous materials result in much faster growing and hotter fire which can negate mechanical 

ventilation.  Establishing and enforcing hazardous materials restrictions is important.    

4 RESPONDER SAFETY 

Emergency Responders include four major groups; fire, medical, law enforcement (LE) and tunnel 

staff.  They face extraordinary challenges to perform rescues in tunnels.  Tunnels present a different 

and unfamiliar geometry, (long, narrow) for most responders with very limited surface access, few, 

if any fire and life safety systems,  communications problems, high numbers of moving people (i.e. 

in trains and motor vehicles), sometimes with moving hazardous materials.  Tunnels often have 

large capacity ventilation systems which are not familiar to responders.  These differences 

contribute to making responder activities in tunnels difficult and more dangerous.    

 This lack of familiarity necessitates significant effort to train responders via orientations for new 

tunnels, and frequent refresher training on emergency plans, drills and tabletop exercises to 

understand systems, practice unified command, and annual full scale exercises for all shifts.  Most 

importantly the hazards which could impact responders of all types should be identified.   

Responders are typically multi-function specialists.  Firefighters not only fight fires, but perform 

rescues, treat patients, use tunnel fire and life safety systems, identify mitigage hazardous material, 

etc.  Many firefighters are trained to deal with medical emergencies, but separate medical specialists 

are also common in some areas.  

In all situations, use of live/remote cameras in tunnels, on trains, on responder vehicles can provide 

critical information to responders.  Personal cameras could be linked to displays allowing 

responders better intelligence, as could the use of drones designed for use in tunnels.  

Fire commanders can be faced with difficult decisions based on survivability profiles of tunnel 

occupants.  Should commanders send responders into space where tenability is not possible.  E.g. 

UPR passengers who have evacuated into untenable spaces may have perished.  Full scale tunnel 

test fires have demonstrated the available oxygen downstream of these fires can be as low as 10% 

which is too low to sustain life.  What is the survivability profile in that space?   

5 CONCLUSION   

Millions safely use tunnels every day.  However, there is the very real potential a catastrophic tunnel 

incident could occur today, or tomorrow.  Fortunately the odds of this happening are slim.  But when 

catastrophic fires occurs in North America as occurred in Europe, we will move through a similar process 
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of research, safety requirement upgrades and retrofits to existing tunnels.  Rather than waiting for 

catastrophe, we could concentrate on the needed additional research to have a basis for revising safety 

requirements and provide tunnel designers, operators and responders a clear understanding of the risks.  

This is more urgent as we understand hundreds of tunnels ventilation systems we ‘thought’ would 

provide safety, are undersized  which is an unrecognized risk.  Upgrading ventilation systems to match 

the modern understanding of fire sizes is extraordinarily expensive.  However, installing fire sprinklers 

could reduce the fire growth rate and size to a level where the existing ventilation systems  could be 

effective, and could dramatically reduce fire resistance in tunnels.    

Italicised safety/ research issues identified in the text and listed below.   

• 1.  There are no retroactive safety requirements in US tunnels and the US has not established 

research center(s) to address tunnel safety 

• 2.1  Emergency evacuation in rail tunnels is severely limited by exit widths and exit distances 

resulting in excessive exiting times to safety.  

• 2.1  Safety regulations were non-existent in the earliest tunnels 

• 2.1  US is behind compared to European Tunnel Safety 

• 2.1  2500 ft (762 m) tunnels are beyond reach of responder rescue teams as their air supply is 

limited.   

• 2.1  older ventilation systems (which were designed for a smaller fire) could not protect 

evacuees by ventilation alone. 

• 2.1  fire sprinklers (required in nearly all buildings) are not required in tunnels or 

underground stations 

• 3.2   tunnel fires can grow faster and release more energy than previously acknowledged. 

• 3.2  Most ventilation systems in road and rail tunnels were not designed to handle all smoke 

• 3.2  Longitudinal ventilation can expose all people downstream to dangerous smoke/ heat, 

especially as we know, Smoke does not always stratify 

• 3.4  Control hazardous gas releases by a ‘net zero’ air movement in the tunnel.   

• 3.4  TOMIE is a remarkable advance in tunnels safety but does not match minimum fire 

system inspection requirements.        

• 3.6 Tunnel distances compound the time for responders to perform rescues especially when 

distances from responder access to the incident is beyond the limits of their air supply.  

• 3.6  Lack of cached responder transport equipment near  tunnels can seriously delay 

emergency medical treatment.   

• 3.6  Tunnel response plans should include optimizing responder access and patient transport 

to hospitals.. 

• 3.6  Use of  rescue trains to save people in tunnels is difficult but necessary and is logistically 

very challenging and time consuming,  guidelines for rescue trains is needed.  

• 3.7  Establishing and enforcing hazardous materials restrictions is important     

• 4. Understanding survivability profile vs responder capability should be researched 
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ABSTRACT  

Wildland-Urban Interface (WUI) incidents are likely to become more severe and affect more 

people. incidents require a multi-domain approach to assess their impact and the effectiveness of 

response. Several of the authors recently produced a specification for a simulation framework that 

quantifies evacuation performance during WUI incidents [1]. This included inputs from three core 

domains: fire development, pedestrian performance, and vehicular traffic. The intention was for this 

framework to produce new insights by simulating evolving conditions of WUI incidents based on 

developments and interactions between the core components.  The proposed framework would also 

advance geo-spatial mapping of WUI incidents, as it would natively produce results in this format. 

The concept of dynamic vulnerability is enabled by the integrated simulation framework and the 

emergent conditions predicted. The generation of dynamic vulnerability allows users to construct 

richer incident narratives from the perspective of specific locations or sub-populations establishing 

localized capacity to cope with wildfires and to make fewer simplifying assumptions regarding 

interactions between the three core domains.  

Keywords: Wildland-Urban Interface; simulation; dynamic vulnerability; evacuation 

1 INTRODUCTION 

Large WUI (wildfire urban interface) fires are associated with severe negative consequences. These 

include community evacuation, property losses, disruption, damage to infrastructure, as well as 

evacuee and responder fatalities/injuries [2-9]. The challenge posed by wildfires is likely to become 

more complex in future events given social, physical and climatic factors. The social and physical 

geography associated with WUI communities presents a special challenge that needs to be 

addressed to ensure life safety; i.e., understanding the fire development alone is an insufficient 

predictor of the impact of the incident on nearby populated areas [10,11]. Therefore, WUI incidents 

require a multi-domain approach to assess their impact and the effectiveness of any mitigation 

efforts implemented. 

The emergency response to WUI fires includes the ability of the affected community to prepare for 

the hazards, adapt their response to the evolving conditions of the incident and eventually recovery 

actions in the aftermath of the incident. To ensure that this preparation and response is adequate, the 

effectiveness of pre-incident decisions and responder/manager decisions taken during the incident 

needs to be understood - to assess these decisions before they are put into practice.  
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A mechanism is required that can translate empirical and theoretical understanding into evidence-

based projections for use by key stakeholders. A simulation framework is suggested that can 

evaluate evacuation performance ahead of time and with relatively little cost – complementing 

current planning and educational approaches. Such a framework might be used to predict how an 

evacuation develops based on current and possible future fire conditions, given different affected 

populations and evacuation decisions and the access / availability of different resources. 

What follows is a speculative discussion building on previous work [1], outlining how the 

simulation of multiple domains enables the time-based vulnerability mapping of affected 

populations given their capacity to cope with the conditions faced.    

2 GENERAL 

Various computer simulation tools are available today that evaluate different aspects concerning 

WUI fires. These models provide evidence in support of the design and execution of community 

measures. At a minimum, three different elements of WUI fires are apparent: fire models 

(addressing wildfire propagation such as models for fire spread, smoke transport, spotting fires due 

to firebrands, etc.) [5, 12-14], pedestrian models (models representing the pedestrian evacuation 

movement and behaviours) [15,16], and traffic models (evacuation model for traffic movement) 

[17-19]. To date, the development and use of modelling tools from different areas of disaster 

response have been performed mostly independently with only limited coupling between embedded 

models. This significantly reduces their potential to enhance response in case of wildfires 

threatening urban areas and to inform decisions on the need to evacuate an area; i.e., the 

incompleteness of the coupling loses the representation of key interactions and possibly key 

influences. These limitations become all the more apparent when mapped onto a geographic 

information system (GIS) platform, where the absence of the situational context (i.e., the fire 

conditions without human response, or vice versa) deprives the user of key benchmarks by which 

the severity of the situation is assessed. Finally, numerous efforts have been made to produce results 

that can be spatially represented on GIS [11,20, 21-27]. A variety of different approaches are 

adopted in these efforts. The mapping capabilities employed are largely constrained by the 

modelling approaches used to inform them. 

Previous work developed specifications for an integrated simulation framework capable of 

estimating future wildfire evacuation conditions [for a detailed description, see 1]. The output 

describes evacuee responses given WUI fire conditions in the form of pedestrian and vehicle 

performance. The specified design includes sub-models from different subject domains known to 

influence the outcome of a WUI evacuation. These sub-models would be coupled by exchanging 

information with one another enabling agent decision-making and represented conditions to be 

sensitive to relevant external factors.   

A simplified schematic of the proposed software system design is shown in Figure 1. Information 

can be provided to the system by external information sources (databases, sensors, field reports) or 

directly from a user via a graphical user interface (GUI). This allows the generation of a scenario 

description based on input on the topography, environment, incident, demographic attributes, 

procedure / behavior, infrastructure, resources, etc. The nature of this scenario (scale, complexity, 

time constraints, required accuracy, etc.) informs the degree of model granularity that is possible. 

For instance, in real-time applications, time will be a key constraint as results need to be available 
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in sufficient time to examine them and affect the decision-making process. In planning applications, 

this time constraint may not be so pressing.  

In other applications, the results of one sub-model might be specified by a user to perform 

consequence analysis, instead of reflecting current real-world conditions. Here, the user would be 

establishing the planning impact of possible scenarios and the effectiveness of responses, rather 

than current conditions. For instance, the existence / severity of the fire might be set (reflecting a 

historical occurrence) to determine the effectiveness of a particular procedure. This might be done 

to explore specific questions or compensate for model limitations.   

 

Figure 1. Schematic of simulation framework, derived from [1]. 

The simulation framework would be able to produce simulated insights into the evolving conditions 

as an incident progresses and into the eventual outcomes produced. 

3 SUGGESTED MAPPING APPROACH 

Here, we describe the benefits of mapping dynamic vulnerability enabled by the implementation of 

the simulation framework outlined above. The term dynamic vulnerability is defined as the 

projected capacity of social agents to cope with evolving environmental conditions faced given the 

resources available [46]. It assumes that 

(1) the conditions mapped will emerge from simulated results rather than being compiled from 

high-level factors. 

(2) the conditions will be integrated within a single simulated environment and will therefore 

not require artificial assumptions to determine interactions. 

(3) the mapped results will evolve over time in line with the simulated output.  Dynamic 

vulnerability will vary across a population at any point in time and may vary for any agent 

over time as the conditions faced and decisions made change.   

The dynamic vulnerability index is a function of three modelling layers (F = fire, P = pedestrian, T 

= traffic, t = time) weighted in relation to the dynamic conditions within each layer. The index 
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changes over time to reflect evolving fire conditions. Note that the actual weights and variables will 

need to be carefully identified and calibrated.  

The simulation framework would be able to receive external information on the current situation 

and then simulate future conditions. It would do this both for the fire development and for the 

human response to it (e.g., the pedestrian and traffic conditions).  This would assess both the risk 

posed by the fire development and the capacity of those affected to respond to the incident.  The 

results from this simulated framework would co-locate current incidents, projected fire fronts, 

current traffic and pedestrian conditions, and equivalent projected conditions. The results are 

presented within the same mapping platform; however, they would already exist within the same 

simulation framework and have been generated in a coupled manner. The susceptibility of certain 

populations or infrastructure will become evident as the simulated conditions (from different 

domains) interact and evolve. 

Such simulated output could be compiled to produce a dynamic vulnerability map – reflecting the 

severity of the situation and a community’s capacity to absorb / mitigate the conditions faced as 

time progresses (see Figure 2). The contours generated in such maps indicate areas of equivalent 

vulnerability to the conditions faced, given the impact of simulated preparation, simulated fire 

conditions, and the simulated responses (e.g., capacity to get to a place of safety), in conjunction 

with the actions of the emergency responders. These contours would expand / contract to describe 

the current population and fire conditions, reflecting the dynamic simulated projections and derived 

susceptibilities. The vulnerability contours then evolve to reflect the developing simulated updates 

being provided. 

 

Figure 2. Contours representing areas of vulnerability formed from reported / calculated threat and the resilience of the 

infrastructure, fire fighter resources and capacity to evacuate. Red contours reflect ‘high’ levels of vulnerability (e.g., 

given proximity to fire), yellow contours indicate ‘moderate’ levels and green contours indicate ‘low’ levels of 

vulnerability. 

Depending on the user and intended use, the output generated would provide different insights. For 

an emergency responder, the refinement and scope of the data may be key to ensure the most 

comprehensive picture of the incident affecting resource allocation; for a member of the public, the 

information may have to inform and convince them to prepare (through demonstrating the nature 

and severity of the incident assuming that the results are presented to them by a credible source in 
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support of emergency guidance); for local government agencies it may affect land management and 

urban planning decisions. 

4 CONCLUSIONS 

The present work has reported previously developed specifications for an integrated simulation 

framework to examine WUI evacuations.  The framework involves sub-models representing the 

development of the fire and the evacuee response – whether as pedestrians or as vehicle users. 

These sub-models exchange information to ensure that the conditions affect each other to produce 

more representative outcomes. 

The proposed framework enables the representation of an incident as a function of factors from 

three different core domains (fire, pedestrian movement, and traffic movement) and builds on the 

tools and insights employed in the built environment (e.g., in performance-based design). Using an 

integrated simulation framework, the concept of vulnerability mapping may evolve in several ways: 

becoming dynamic and being based on emergent predictions. This enhancement was labelled the 

dynamic vulnerability of the population of interest.  Such an approach should allow vulnerability 

levels to emerge during the predicted response phase. This allows for a richer incident narrative to 

be constructed from the perspective of specific locations and sub-populations and makes fewer 

simplifying assumptions regarding the output needed. The framework outlined would allow such an 

dynamic vulnerability index to be visualized and overlaid on a mapping platform to locate the 

coping capacity both temporally and spatially – enabling a richer understanding of an incident’s 

impact for interest parties. 
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ABSTRACT 

Mass timber buildings are sustainable, efficient in their build and becoming a popular form of 

construction as they are a differentiator. National model building codes are being updated globally 

to allow for high-rise mass timber construction. To assist with building code changes, a number of 

compartment fire tests with mass timber have been completed, typically using cross laminated 

timber (CLT).  The mass timber compartment fire tests have shown large areas of exposed timber 

impacts fire size and duration, as the exposed timber provides an additional volume of combustible 

fuel. Understanding the compartment fire is key to determining an accurate mass timber char rate 

and depth, for structural capacity to be assessed. This becomes difficult, when the compartment fire 

is impacted by the unpredictable behaviour of CLT char fall off.  This paper provides a summary of 

the compartment fire testing undertaken, summarises trends and introduces methods for design 

solutions. The paper also provides a number of areas for further mass timber research in fire. 

1 INTRODUCTION 

Mass timber buildings are becoming a popular form of medium and high-rise construction, due their 

sustainability benefits, building efficiency and because owners and tenants like the difference of a 

timber building. Over the last seven years there has been an acceleration in national construction 

code development for high-rise mass timber buildings, with codes changing relatively rapidly. 

Significant code changes to permit mass timber construction have occurred in Australia [1], Canada 

[2] and the US [3], with continued evolution of codes that already permit mass timber in countries 

such as Germany, France, Norway and Sweden [4]. The code changes are very positive and are 

changing the way buildings are designed and built, also resulting in a series of growing pains.  

As codes start to change, researchers, designers and constructors are finding difficulties in 

determining efficient and cost-effective building solutions. When compared to traditional 

construction of steel and concrete, the engineering of mass timber buildings is more unique, driven 

by architectural design, limited by availability of compliant building solutions and a limited 

construction back-catalogue. This individuality makes timber construction less competitive, which 

is often compounded by CLT and glulam market supply issues, specifically in North America. Cost 

is a major factor in determining construction materials and many projects start with the right 

intentions of using mass timber for a sustainable solution, but inefficiencies through design and pre-

construction can result in other materials being chosen. For mass timber to be truly sustainable, 

buildings need to be built with efficient design solutions that do not over-use timber. 

This paper provides an overview of the current fire research that has directly impacted code changes 

and where there needs to be new applied research and mass timber product development so that 

high-rise mass timber buildings can move forward as a competitive construction material.  
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2 BUILDING STABILITY DURING FIRE - EXPECTED BUILDING PERFORMANCE 

OF MASS TIMBER WHEN EXPOSED TO FIRE 

2.1 Primary Structure Fire Resistance 

Building primary structural elements are required to perform to an acceptable standard during a fire 

to enable safe occupant evacuation, prevent fire spread to neighbouring buildings and for 

firefighters to conduct their search, rescue and extinguishment operations [5]. Model building 

codes, such as the International Code Council’s International Building Code (IBC) [6] provide 

guidance on the fire protection to the building and structure, based on use, number of occupants, 

area and height. Low rise buildings of up to three stories have minimal fire protection for the 

structure. Medium rise buildings are required to have a 60 minute fire resistance rating (FRR), with 

sprinkler protection and limited in area and use. High-rise buildings that are 22.9m (75ft) or more to 

the highest occupied floor, require a FRR of 120 minutes to the primary structure, sprinkler 

protection and many additional fire protection features. For high-rise buildings, the level of 

protection to the structure is increases such that collapse should be prevented in the event of a fire 

[7]. The higher fire ratings support the longer occupant evacuation time and fire department 

intervention. The intent of the fire resistance requirements is for the structure to survive the burnout 

of a severe, realistic fully developed fire, where the sprinkler protection fails with no water applied, 

firefighting intervention is not able to occur internally or externally to the building, and the building 

structure must remain structurally intact for the duration of the fully developed fire [8]. 

The IBC currently requires high-rise buildings to have non-combustible construction used for the 

primary structural elements. A high-rise building utilizing mass timber can only be approved by the 

Authority Having Jurisdiction (AHJ) through an “alternative materials, design and methods of 

construction and equipment” approach to a building permit. From 2021 the IBC will introduce two 

new categories for mass timber high-rise buildings, a significant change [3]. 

2.2 Mass Timber Compliance Fire Testing 

Where a building element is part of the primary structure and requires a FRR, “standard” fire testing 

is used to show a proven load-carrying capacity under fire exposure. Standard fire testing is carried 

out to methods such as ASTM E119 [9] or CAN/ULC-S101 [10].  By passing a standard fire test a 

manufacturer is providing AHJ’s, architects, engineers and contractors with products that are 

certified for use and meet the requirements of the applicable code.  

Engineered timber members such as glulam and laminated veneer lumber (LVL) have calculation 

methods to determine a FRR provided within codes or guides, such as the NDS [11]. Collective 

historical standard fire test data has been used to determine conservative correlations for standard 

fire exposure, using the reduced cross-section method. For CLT, standard fire testing was initially 

carried out in Europe [12, 13, 14], with additional testing in Canada [15, 16, 17]. By carrying out 

standard fire tests on panels, data has been gathered and utilised to better understand how panels 

respond to fire, which can be compared to the results of other engineered timbers, such as glulam. 

Correlations have been developed to predict the char rate and hence a FRR, for CLT panels, such as 

those in the CLT Handbook [18].  The CLT Handbook allows designers to assess the fire resistance 

of panel lay-ups that differ from those fire tested without needing to undertake additional fire 

testing, based on the pyrolysis fundamentals, but are still yet to be widely accepted by AHJ’s. 

Authorities typically still requiring a manufacturer provided fire test. The correlations for assessing 

fire resistance are appropriately conservative. The method for assessing fire resistance of CLT 

panels in North America differs from the European method [19, 20]. 
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2.3 The Reaction to Fire of CLT Panels 

When a CLT panel is exposed to the radiative heat flux of a standard fire or a fully developed 

compartment fire for a duration exceeding 60 minutes, the initial charring behaviour in the first ply 

is identical to that of sawn timber or glulam of the same density and initial moisture content. As the 

charring reaches the adhesive line, there are two possible events. Either the charring continues 

consistently through the adhesive line; or the protective char will dislodge due to lack of adhesive 

strength under heating, exposing the unburnt wood below, an effect called char fall off.  The 

behaviour of char fall off at the adhesive line when a CLT panel is exposed to fire has been referred 

to as delamination or char de-bonding [12, 13, 14, 16, 21] (see Fig. 1). When char fall off occurs, 

the heat insulating function of the char is lost. The unburnt timber below the char then becomes 

exposed to the heat of the fire and there is a rapid localized increase in the pyrolysis, and hence 

charring rate. This increased burning occurs until a new char layer is formed, which then insulates 

the timber and the normal char rate returns.  CLT panels located horizontally (underside of floors) 

are more susceptible to char fall off than panels located vertically (walls).  

 

Fig 3: CLT panel that has been fire tested and is showing char fall off 

The process of char fall off in CLT has been shown to be adhesive dependent [16, 18, 22, 23].  The 

impact of adhesives on CLT stability in fire was first investigated by Frangi [22], with testing on a 

range of polyurethane (PUR) and melamine urea formaldehyde (MUF) adhesives showing that char 

fall off only occurred in the PUR bonded CLT. Frangi concluded that CLT panel performance in 

fire is dependent on adhesive type used. Further evidence of adhesive performance impacting char 

fall off has been shown in the fire testing by Friquin [24], which showed no evidence of char fall off 

with CLT panels bonded with MUF adhesive. A comprehensive and detailed review of CLT fire 

testing and the influence of adhesives was completed by Klippel [12]. The instability at the ply 

interface discussed by Klippel and Frangi is consistent with the findings from Medina [25] and 

Aguanno [26].   The influence of adhesive type and the relatively consistent result of specific PUR 

adhesives used for CLT manufacture failing to adhere at temperatures above 200°C (390°F) is the 

major factor in char fall off.  

2.4 Mass Timber Compartment Fire Testing 

Standard fire testing of building elements provides limited information on fire performance of a 

building element. Interactions with the changing fuel and ventilation conditions are not able to be 

assessed and the standard fire curve does not represent an expected fully developed fire, with a 
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growth and decay phase. With the motivation to change building codes and provide a path for high-

rise mass timber buildings, a number of compartment fire tests, or natural fires, have been 

completed with mass timber, including exposed CLT. These include tests by ETH [27], VTT [28], 

Carleton University [25, 29], Delft University of Technology [30], University of Edinburgh [31], 

SP Norway [32], University of Queensland [33], FPRF [34], ICC [35], Tallinn University of 

Technology [36] and NRCC [37] (see Fig 2).   

 

Fig 4: CLT compartment fire from the Fire Protection Research Foundation series of tests (undertaken by National 

Research Council, Canada with RISE, Sweden, at the National Institute of Standards and Technology) 

These natural fire tests have shown that a combination of exposed surface area, configuration 

(orientation of exposed surfaces), reliability of the CLT protection and CLT susceptibility to char 

fall off can influence fire behaviour and if the compartment fire decays or not.  The tests have 

shown the additional fuel introduced by the exposed mass timber will increase the compartment 

heat release rate and duration of the fire in the highly unlikely scenario of a fully developed fire.  

2.5 Impact of Exposed CLT Surfaces and Fire Decay 

In reviewing the compartment tests completed, there are a number that have included partially 

protected CLT – those by Carleton University, University of Edinburgh, Delft University, FPRF, 

ICC, Tallinn University of Technology and NRCC. The testing has shown that the area and location 

of the exposed CLT surfaces will impact the compartment heat release rate (HRR) and HRR decay 

may be delayed or not occur if there is char fall off in the CLT.  

The key consideration for compartment fire decay is that once the all the moveable fuel (fixtures 

and fittings) within the compartment are consumed by the fire, the heat release rate starts to decay 

and there is insufficient radiation from the fire to keep the exposed CLT ignited.  This decay in the 

fire occurs even if there is available ventilation, as the fuel and subsequent radiative flux that causes 

the CLT panels to pyrolyze, has been removed. The decay in HRR will be adversely impacted by 

CLT char fall off or failure of the mass timber protection (such as fire rated gypsum board). 

If char fall off occurs in exposed CLT, unburnt timber is exposed to the fire with a resulting 

increase in burning rate at the freshly exposed timber, until a new layer of char has formed. Where 
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the extent of the char fall off is significant, the increase in burning rate can lead to more char fall off 

and result in another significant growth in HRR, termed a “second flashover” (see Fig. 3). The 

process of char fall off and fire re-growth is unpredictable and is linked directly to the compartment 

ventilation and the area of exposed CLT and has been observed in fire tests by Carleton University, 

SP Norway, University of Edinburgh, FPRF and Tallinn University of Technology.   

 

Fig 5: Regrowth of exposed CLT wall, 1 hr and 57mins through to 2hrs and 14mins into a compartment fire; from 

FPRF compartment fire test 1-5 

Where self-extinguishment occurred, there is typically a single surface exposed or limited areas of 

mass timber exposed. With a single surface exposed, radiation from the protected surfaces and 

decaying compartmenting fire is insufficient to maintain pyrolysis of the exposed surface.  Char fall 

off also had a lesser impact and reliability of CLT protection is imperative.  Ventilation conditions 

are also a factor in fire decay but have not been well quantified. 

There are cases where self-extinguishment occurred with two opposing or adjacent surfaces 

exposed. One test carried out by the University of Edinburgh did not show repeatability with fire re-

growth occurring the second time the test was carried out. A single test by the University of 

Queensland was set up with ventilation, fire load and a CLT panel with a thick outer ply to show 

that under certain specific conditions, self-extinguishment can be shown to occur, provided fire 

decay occurred before CLT delamination. These test outcomes should be used with caution, rather 

than a predictor for normal behaviour. Decay also occurred in ICC tests 2 and 3, due to the limited 

areas of exposed CLT and the relatively high ventilation. 

Fire re-growth can also occur when the mass timber protection from board products such as fire 

rated gypsum starts to fail. Board products are used to protect the mass timber from contributing to 

the compartment fire. If the board product used fails before the fire has decayed, then the unburnt 

timber will be ignited, and the compartment fire will re-grow. The specification of the board 

products to protect the mass timber is important as the timber needs to be kept below the 

temperature for charring, or it will char behind the board surface and can speed up the time to 

failure of the board product. There has been little research into the failure of gypsum board products 

used to protect CLT. Fire test data used for cavity walls with timber studs cannot be used as the 

basis for gypsum board failure [38].  



Fire Safety of Exposed Mass Timber in High-Rise Buildings Research Application, Challenges and Solutions 

  

 

22 

 

2.6 Is Fire Decay Possible with Exposed CLT? 

If HRR decay does not occur then the building structure is at risk, given that high-rise buildings are 

required to survive burn-out of a fully developed fire. The conditions for fire decay with exposed 

CLT have been the focus of recent research [19, 30, 31], which has been aimed at quantifying the 

conditions for the transition from flaming combustion, to smouldering combustion to 

extinguishment. Crielaard’s work showed that the transition from smouldering to self-

extinguishment occurred when received heat flux was below 10kW/m2, which correlates well with 

the piloted ignition of timber, at 12.5kW/m2.  

Self-extinguishment of the CLT will occur if the conditions for piloted ignition are not present. 

Thus, if the received radiation at the CLT (or other elements of mass timber) is below 10kW/m2, 

then self-extinguishment can occur. If the CLT experiences char fall off during the transition from 

flaming combustion through to smouldering combustion, then the exposed unburnt wood can result 

in fire re-growth. If CLT char fall off is eliminated or mass timber protection is appropriately 

specified and installed, then fire regrowth can be prevented, and the fire will continue to decay. 

3 MASS TIMBER COMPARTMENT FIRE TESTING – GLOBAL INFLUENCE 

The compartment testing that has occurred over the last six years has been fundamental in 

influencing code changes that allow for high-rise mass timber construction. Standard fire testing has 

shown the impact of PUR adhesives used in the manufacture of CLT, but the full impact of char fall 

off was not apparent until compartment fire tests provided conclusive evidence of the fire regrowth 

issue. The importance of these collective fire tests and the applied research completed and 

published cannot be understated in its importance, particularly with regard to demonstrating the 

impact of fire regrowth. Increased char rates due to char fall off can be accounted for in design 

correlations, but fire regrowth from char fall off cannot be predicted. The compartment tests are 

directly applicable to building construction where mass timber and exposed CLT is used. The tests 

have shown that CLT with char fall off will significantly impact the fire dynamics. The influence of 

adhesive on char fall off has resulted in the North American CLT manufacturing standard ANSI / 

APA PRG-320 [39] being revised to exclude adhesives that can lead to char fall off, from 2021. 

By identifying the issues with CLT that is susceptible to char fall off, the fire tests have also shown 

there is a potential significant benefit to be gained by carrying out large scale CLT compartment 

tests with CLT that is not susceptible to char fall off. The only tests to date with exposed CLT that 

does not exhibit char fall off have been the medium scale tests at NRCC [37]. These tests had very 

encouraging results in showing predictable fire decay. With the market demanding more mass 

timber is exposed in multi-story and high-rise buildings, the missing link are large scale CLT 

compartment tests, with CLT exposed that is not susceptible to char fall off.  

4 FIRE SAFE DESIGN OF HIGH-RISE MASS TIMBER BUILDINGS 

Mass timber compartment fire tests have shown large areas of exposed timber impacts fire size and 

duration, as the exposed timber provides an additional volume of combustible fuel [40].  If the total 

combustible fuel within the space (furniture, fixtures and exposed timber) can result in a fire that 

releases more energy than the primary structure can resist, this may result in localized failure. 

Understanding the compartment fire is key to determining accurate char rate and char depth for the 

mass timber, so structural capacity can be assessed. This becomes difficult, or impossible, when the 

compartment fire is impacted by the unpredictable behaviour of CLT char fall off.  A combination 
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of exposed surface area, configuration, reliability of CLT protection, compartment ventilation and 

CLT susceptibility for char fall off, are critical parameters that influence the predictability of the 

compartment HRR, so that structural capacity can be determined. These factors also determine 

whether a compartment fire decays, or not.   

4.1 Hazard and Consequence Based Approach to Fire Safety of High-Rise Mass Timber 

To determine appropriate fire safety for a mass timber building an approach based on height, fire 

protection and area of exposed timber can be used. First proposed by Buchanan, Frangi and Östman 

[41], and further developed by Buchanan [42], the methodology is based on examining the 

fundamentals of building height, use and area of exposed mass timber, and providing appropriate 

fire safety measures (see Fig 4). This includes combinations of active measures, fire resistance 

ratings and additional measures to improve the reliability of sprinkler protection. 

The decision-making process will be informed by the extent of mass timber that can be exposed and 

whether the CLT being used has char fall off or not. Where the CLT has char fall off, then decisions 

on protection of the CLT become very important. 

Height Low-rise Mid-rise Tall Very tall High-rise 

Storeys 1-2 3-5 6-8 9-15 >15 

Likely escape Quick escape Slow escape Assisted escape Assisted escape Difficult escape 

No sprinklers 
Local areas 

exposed 

No exposed 

wood 
Not allowed Not allowed Not allowed 

Normal 

sprinklers 

Large areas 

exposed 

Local areas 

exposed 

No exposed 

wood 

Full 

encapsulation 

Full 

encapsulation 

Special 

sprinklers 

Large areas 

exposed 

Large areas 

exposed 

Local areas 

exposed 
No exposed wood 

Full 

encapsulation 

Fig 6: Table replicated from Buchanan showing fire protection based on building height and area of mass timber 

exposed (for full description, see Buchanan) 

4.2 Compartment Model Development 

Another step in the progression of efficient engineering for the fire safety of mass timber buildings 

will be the development of correlations for compartment fire dynamics, where mass timber is 

exposed. These correlations will most likely be based on adapting current correlations or proving 

that existing models are appropriate. Determining the fire performance of exposed mass timber is 

not a new issue, but with the greater use of CLT and the desire for walls, underside of floors, or 

both to be exposed, existing models are being re-evaluated. There is a limited area of exposed 

timber that is always going to be acceptable within a compartment, as it won’t significantly impact 

the compartment fire. But there is also a limit to how much timber can be exposed before the mass 

timber significantly increases the HRR and duration of the fire.    

For an exposed mass timber structure, the fundamental basis of proving an FRR is by members 

being increased in area to resist the expected heat release rate and the fire duration (reduced area 

method [11]). But increasing the sectional area also introduces combustible fuel to the 

compartment. As designers are asked to consider large areas of mass timber, the FRR to be 

provided by the exposed load-bearing timber structure needs to be determined to include the 

combustible fuel introduced by the structure itself. Hence, an approach based on fundamental 

compartment fire dynamics needs to be used to determine the maximum amount of energy released 
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by the fully developed fire. In doing so, the energy released by the fully developed fire can be 

assessed against the capacity of the constructed building elements. A constant char rate cannot be 

used given the complexities of the compartment fire with a combustible structure. 

The predictive analysis of the compartment fire cannot be accurately and conservatively determined 

when char fall off occurs and therefore, char rate and depth cannot be determined for structural 

capacity. Until a predictive model of CLT char fall off and resultant impact on the compartment fire 

is developed, modelling compartment fire behaviour should be undertaken with an abundance of 

caution, if at all. The most appropriate solution is to utilize CLT that does not result in char fall off. 

5 WHERE TO NEXT FOR MASS TIMBER SUPPLY? AREAS FOR FURTHER 

RESEARCH AND PRODUCT TESTING 

With codes changing, high-rise mass timber buildings will be easier to construct, typically based on 

a load bearing structure with an FRR of 120 minutes. Unfortunately, when architects, engineers and 

contractors want to design and specify 120 minute rated construction, there are inefficiencies. 

Product supply gaps can be engineered around and do not prevent a building from being designed, 

approved and constructed. But the solutions are not efficient and will be over-designed, leading to 

increased construction costs, making mass timber less competitive and slowing down efficient 

construction.  There are several areas where further research is warranted and needed. 

Compartment ventilation and fire re-growth: Compartments with higher ventilation may not result 

in fire re-growth, as seen in FPRF tests [34]. Further work is needed to provide conclusive results 

on the link between ventilation factor, area of exposed CLT and regrowth. 

Glulam char rate with PUR adhesives: Many glulam manufacturers are changing from MF 

adhesives to PUR adhesives. Fire testing for glulam has not been based on the new PUR adhesives. 

The change in adhesives may have no significant change to the assumed glulam char rate, but there 

is no data to prove or disprove a change to the historical char rate. 

Beam to Column connectors: Glulam and LVL beam to column and column to column connection 

FRR’s are not well proven. Tests with connectors that contractors want to construct with and testing 

elements under actual building load conditions is needed. 

Exterior walls with load-bearing CLT: If CLT is protected behind fire rated gypsum boards, it can 

be used as an exterior wall element. Mass timber should not be exposed on a building exterior, 

given the vertical fire spread issues. There are few tests to show that CLT can be used as a load-

bearing exterior wall if detailed correctly to protect the timber and prevent vertical fire spread. 

Vertical fire spread via windows where CLT is exposed within a compartment: Fire spread via 

unprotected windows up the exterior of a building wall is a complex fire safety issue. The impact of 

exposed CLT within a compartment on flame extension and heat flux above the window has very 

limited research to date. Full-scale fire testing is required to determine flame dimensions and 

temperature for a compartment with large areas of exposed interior CLT, to understand if there are 

any differences in radiative heat flux, compared with a compartment of non-combustible structure.  

Penetration and joint fire rated seals: Globally there is a shortage of solutions for mass timber 

construction where there are edge joints that need a fire seal or penetrations through mass timber as 

part of a fire separation. This impacts buildings with FRR’s of 60, 90 and 120 minutes. 
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Mass timber protection solutions: Reliable protection solutions are needed that prevent mass timber 

from forming part of the combustible load in a compartment by preventing charring for the full 

duration of a fire. Boards and sprays are possible solutions. Specifications are needed for designers 

and AHJ’s so when mass timber is required to be protected, it stays protected and does not char. 

Compartment fire tests with non-residential fire loads: Compartment fire tests have been completed 

with fire loads representative of residential uses. The fire loads have often been very conservatively 

assessed and many tests have loads in the order 550MJ/m2. The influence of typical office fire loads 

will be an important area of further research, to confirm current modelling for fire duration periods. 

Practical definition of fire self-extinguishment: The term is regularly used in research and fire 

testing and is defined through a rate of mass loss or a critical heat flux. For building engineering, 

fires are normally defined by HRR and more work is required to link current research on CLT panel 

self-extinguishment and compartment fire size. 

6 CONCLUSIONS 

Mass timber construction is becoming more prevalent globally, as sustainable construction is seen 

as being an imperative for current and future cities. There has been a significant investment in 

research and testing to allow mass timber to be a main stream construction material and the changes 

to date have been very positive. The change in building codes that permit high-rise mass timber 

buildings has been relatively fast and solutions in research, engineering, building supply and 

construction are still being developed for efficient construction, in response to demands from 

building developers, building owners and design architects.  

Fire safety of mass timber buildings continues to grow and develop as the market demands more of 

the mass timber is exposed within high-rise buildings. The work to date to understand the impact of 

CLT char fall off has been substantial, and the work is not complete. In North America, the change 

to the CLT manufacturing standard to eliminate CLT that is susceptible to char fall off is a positive 

change that allows for greater predictability in engineering modelling and potentially towards future 

code amendments permitting more mass timber to be exposed for some high-rise buildings. 
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ABSTRACT 

The fire design of structures with Eurocodes can be achieved not only by experimental tests but also 

by tabulated data, simplified calculation methods and advanced calculation methods. Whilst the 

experimental tests and the simplified calculation methods are more dedicated to single elements, the 

advanced calculation methods can be used for single elements, parts of structure or the whole 

structure. The advanced calculation methods are in this case more accurate because they can take into 

account with the interaction between the elements subjected to fire and the surrounding structure. 

This paper aims to give an overview of the parts of Eurocodes related to fire design, the actual 

situation and the future developments for the new generation. It will be presented the different 

methods with a critical analysis about their accuracy, state of development and ways of improvement. 

The aspects foresee for the new generation of the parts of Eurocodes related to fire design are also 

presented and discussed in this paper. The limitations that will continue to exist in the fire parts are 

also discussed for a possible evolution of the Eurocodes. 

Keywords: fire, structure, design, Eurocodes, modelling 

 

1 INTRODUCTION 

The parts of Eurocodes related to fire design have started to be developed in the 90 's. At that time 

were set up committees of experts in Europe which had the responsibility to produce these parts for 

Eurocodes. These parts were a compilation of existing fire design methods and had the objective to 

harmonize the structural design in Europe. 

The documents have been developed and passed to final versions that were published as 

Euronorms over the last decades. At the moment, all parts of fire design of Eurocodes and documents 

with them related are already published: EN 1990 (2002); EN 1991-1.2 (2002); EN 1992-1.2 (2004); 

EN 1993-1.2 (2005); EN 1994-1.2 (2005); EN 1995-1.2 (2004); EN 1996-1.2 (2005); EN 1999-1.2 

(2007). In parallel with this action, the various Member States of the European Union (EU) began to 

translate these documents for their own languages and issuing them as National Standards. The 

National Annexes were also drawn up and published along with the Eurocodes. The National Annexes 

are documents, where are defined the parameters and coefficients set out in the Eurocodes that were 

left open for choice by each Member State, as well as the applicability of the Informative Annexes or 

Explanatory Parts of these documents. 

The fire design parts of the Structural Eurocodes allow different ways of verification of the fire 

resistance of structures. So the verification can be carried out for single elements, parts of structure 

or the entire structure. The verification is performed by experimental tests, usually following ISO 834 

standard fire curve, but can be performed by tabulated values, simplified or advanced calculation 

methods. While the experimental tests, tabulated data and simplified calculation methods are mainly 

for single elements, the advanced calculation methods can be used for single elements, parts of 

structures or, and here is the great advantage of these in relation to the others, to the entire structure 

(Fig. 1). 
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Most of the structural elements of different materials are nowadays tested as parts of structure, 

starting a trend in Europe to test new situations. This new way of testing allows taking into account 

the interaction between the elements and the surrounding cold structure. Some European groups have 

tried to equip their Labs with experimental means for studying parts of structure. In this we can refer 

the existing test system at the Bundesanstalt für Materialforschung -und prüfung (BAM), in Berlin, 

Germany and more recently the system built at the Centre Scientifique et Technique du Bâtiment 

(CSTB), in Marne-la-Vallée, France. 

At the moment the fire design parts of Eurocodes are in reformulation for incorporating new 

methods resulting from the research carried out in Europe in the recent years. These parts are 

belonging to the second generation of the Eurocodes which is currently in preparation. This new 

generation, in addition to the improvement of existing Eurocodes, will create two new Eurocodes, 

one on Structural Glass and another on the Assessment and Strengthening of Existing Structures. 

 

Fig. 1 – Design Procedure according to Eurocodes 

 

In this paper it will be discussed the different parts of Eurocodes for fire design of structures. It will 

be presented the different verification ways and the fire design methods of structures. It will be also 

made a critical analysis to the current methods and a discussion of the future perspectives of 

development. 

 

2 CURRENT FIRE PARTS OF EUROCODES 

2.1 Eurocode 0 (EN 1990:2002) 

The EN 1990:2002, known by many as Eurocode 0, is a standard where is presented and established 

the bases of calculation used in the different parts of the Structural Eurocodes (EN 1991-1.1:2002, 

EN 1992-1.1:2004, EN 1993-1.1:2005, EN 1994-1.1:2004, EN 1995-1.1:2004, EN 1996-1.1:2005, 

EN 1999-1.1:2007). This standard is applied across to all Eurocodes including their parts of fire 

design of structures. 

In this standard, it is indicated that the structural analysis must be based on calculating fire 

scenarios (EN 1991-1.2:2004) and should consider models of evolution of temperature in the 

structure, as well as models of mechanical behavior at high temperatures. The performance criteria, 

required for a structure subject to fire, can be verified by an analysis of the whole structure, parts of 
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structures or single elements using the calculation methods or by tabulated data or test results. The 

fire behavior of a structure should be assessed taking into account the exposure to a nominal fire or 

the parametric fire curve including respective accompanying actions. 

The structural behavior at high temperatures should be evaluated according to parts 1.2 of EN 1992 

to EN 1996 and EN 1999 using thermal and structural models. The thermal models are based on the 

assumption of a uniform or non-uniform temperature along the transversal section and longitudinal 

direction of the elements. These models can be used for an analysis of single elements or 

considering their interaction with the surrounding structure during fire exposure. 

2.2 Eurocode 1 part 1.2 (EN 1991-1.2:2002) 

The Eurocode 1 part 1.2 (EN 1991:1.2:2002) presents methods for assessing the actions in case of 

fire. In this document they are provided two types of actions. The thermal actions for an analysis in 

terms of temperature and the mechanical actions for a structural analysis. With regard to the 

mechanical actions they are represented by the combination of accidental actions. With regard to 

the thermal actions they are defined in terms of a heat flux density incident on the surface of the 

element and is composed by two terms, one due to radiation and another due to convection. 

For the characterization of the thermal actions it shall be determined the temperature of the gas in 

the vicinity of the element exposed to fire. This temperature can be calculated by the nominal fire 

curves or by natural fire models. The nominal fire curves foreseen in EN 1991-1.2 are: the 

standard fire curve (ISO 834); the external fire curve and the hydrocarbon fire curve. 

With regard to the natural fire models, they are divided in simplified fire models (parametric fire 

curves and localized fire models) and advanced fire models (models of one zone; models of two 

zones and computational fluid dynamics models (CFD)). 

2.3 Eurocode 2 part 1.2 (EN 1992-1.2:2004) 

The EN 1992-1.2:2004 indicates that the fire safety of concrete structures can be made by tabulated 

data, simplified calculation methods or advanced calculation methods. 

The application of the tabulated data method is the easiest and most intuitive way of verifying the 

fire safety of a structural member, however it is a quite conservative method. In EN 1992-1.2:2004, 

they are presented tabulated data for columns (methods A and B), simply supported and continuous 

beams, simply supported and continuous massive slabs, flat and ribbed slabs and walls with or 

without loadbearing function. 

The EN 1992-1-2:2004 presents also two simplified calculation methods for verification of the 

fire safety of concrete structures. These are the 500°C isotherm method and zone method that are 

based on reducing the concrete area to a residual that effectively contributes to the loadbearing 

capacity of the element. Both simplified calculation methods are applicable to reinforced and pre-

stressed concrete elements subjected to axial stresses, bending moments or any combination of 

those. 

2.4 Eurocode 3 part 1.2 (EN 1993-1.2:2005) 

The EN 1993-1.2:2005 is intended for verifying the fire safety of steel structures. This check is 

made by simplified or advanced calculation methods and does not exist tabulated data. The analyses 

can be made for single elements, parts of structure or the entire structure. 

The EN 1993-1.2:2005 provides a set of simplified calculation methods for verifying the strength of 

the sections. These methods are similar to those used for ambient temperature but in this case the 

yield strength of the steel is affected by a reduction coefficient dependent of the steel temperature. 

The steel temperature can be determined by a simplified method existing in EN 1993-1.2:2005 and 
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further mentioned or by an advanced calculation method. So there are methods for members in 

tension; in compression with cross sections of class 1, 2 or 3; in bending with cross sections of class 

1 and 2 or 3 in which the lateral buckling is not a relevant buckling mode; in bending with cross 

sections of class 1 and 2 or 3 in which the lateral buckling is a relevant buckling mode; in shear 

with cross sections of class 1 and 2 or 3; subjected to bending and compression with cross sections 

of class 1 and 2 or 3. 

In EN 1993-1.2:2005, it is also indicated a simplified calculation method for verifying the safety of 

a steel member by limiting its temperature. This is known as critical temperature method and is an 

extremely simple way of verification of fire safety of steel structures. The structure will be safe, in 

case of fire, if the temperature of its elements do not exceed a certain limit value calculated 

according to the type of element. 

In this Eurocode they are still presented two important methods for determining the evolution of 

temperature in protected and unprotected steel members. These methods of simple use give values 

very close to the reality, as already demonstrated in experimental tests and numerical simulations. 

The thermal properties of the fire protection materials, such as the thermal conductivity and specific 

heat, have influence on the evolution of temperatures in the section. The degree of moisture of these 

materials that obviously cause a delay in the heating of the steel section can be determined by the 

provisions of ENV 13381-4:2002. 

Finally, in what concerns to the joints, these are in general the strongest part of a structure and 

normally does not enter in collapse before the beam or the column. However, the Annex D of EN 

1993-1.2:2005, presents a methodology for calculating the fire resistance of bolted and welded steel 

joints. The methods presented are based in the ones of EN1993-1.8:2005 but taking into account the 

effect of the temperature by a reducing coefficient for the strength of the bolts in tension, shear or 

bending and for the welding. The strength of the various parts of the joint depends on their 

temperature and are calculated in a simplified way. 

2.5 Eurocode 4 part 1.2 (EN1994-1.2:2005)  

The EN 1994-1.2:2005 is dedicated to the verification of fire resistance of composite steel-concrete 

elements. This verification can be made by tabulated data, simplified calculation or advanced 

calculation methods. 

In what concerns to the tabulated data they are presented tables for composite beams comprising 

a steel beam with partial concrete encasement, composite columns made of totally encased 

steel sections, composite columns made of partially encased steel sections or composite 

columns made of concrete filled hollow sections; 

With regard to the simplified calculation methods they are presented fire design rules for 

composite slabs and beams. It is presented in Annex E a simplified method for calculating 

moments on a steel beam connected to a concrete slab.  

As regards to the shear strength of connectors it is presented a fire design method for the stud 

shear connectors. None is presented for other type of connectors. 

In Annex F it is presented a model for calculating the sagging and hogging moment resistances 

of a partially encased steel beam connected to a concrete slab and exposed to fire beneath the 

concrete slab according to the standard temperature-time curve. This is a very good model that 

has been showing good results on the design of this type of beams. 

In Annex G it is presented a model for calculating the fire resistance of composite columns 

made with partially encased steel sections, for bending around the weak axis, exposed to fire 

all around the column according to the standard temperature-time curve.  
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Finally, in Annex H it is presented a simple calculation model for concrete filled hollow sections 

exposed to fire all around the column according to the standard temperature-time curve. This 

model is considered unsafe all over Europe specially for slender columns. 

2.6 Eurocode 5 part 1.2 (EN 1995-1.2:2004) 

The timber structures are in general known as having enhanced fire resistance when compared to 

other types of structures. This happens because timber has a low heat conductivity, a large amount 

of moisture that will slow down the heating and burning will produced a charred layer that still has 

a lower thermal conductivity and with this protecting the residual cross-section of the timber 

element. The joints will be even the most critical part of timber structures in a fire, due to the type 

of connectors, the lower fire protection in the screw joints or the vitrifying of the adhesive in glued 

joints. 

The verification of fire safety in this Eurocode is made using simplified calculation or advanced 

calculation methods in the absence of tabulated data. The simplified calculation methods are 

based on the change of mechanical properties with temperature or on the reduction of the section by 

charring of the timber. The advanced calculation methods are based on the direct application of 

the concept of temperature profile and the similar concept of moisture content profile. Tracing these 

profiles in the cross section and knowing the relationship between the mechanical properties with 

the temperature and/or moisture, it is possible to determine the distribution of stiffness and strength 

in the section. 

Unlike other materials the consideration of the variation of properties with temperature is done in a 

different way. In this case they are used calculation values for the strength and stiffness properties 

of the timber in function of the temperature that depend of the quantile of 20% of the respective 

property of strength or stiffness at ambient temperature, affected by a modification coefficient for 

the fire situation. 

The timber when burning will form an outer charred layer. The thickness of this charred layer must 

be taken into account for all surfaces of timber and timber-based panels that are directly exposed to 

fire and, when appropriate, for initially fire protected surfaces where the charring of the timber 

occurs during a relevant fire exposure time. The charring depth will depend on a charring rate that 

depends on the timber spicy and density. 

This Eurocode presents two simplified calculation methods for assessing the strength. The 

method of the reduced cross-section and the method of reduced mechanical properties. The 

method of the reduced cross-section is of very simple resolution and perhaps this is why it is the 

recommended by EN1995-1.2:2004. As regards the method of reduced properties, as its name 

implies, they are reduced the strength properties of the timber. According to EN 1995-1.2:2004, this 

method should only be used for elements of resinous timber, with three or four sides exposed to fire 

for rectangular cross-sections, or with all the perimeter exposed to fire for circular cross-sections. 

The joints are important parts of timber structures in case of fire. In this part of Eurocode 5, they 

are defined the joints between elements subjected to the standard fire exposure, for fire resistances 

of not more than 60 minutes. The rules presented are valid for joints made with nails, screws, bolts, 

nail plates, fasteners and toothed plates. 

The Eurocode presents methods for protected and unprotected joints. For unprotected joints there 

are a set of tabulated data of fire resistance, according to the type of connector, but not exceeding 30 

minutes. This resistance can be increased if the height and width of the side elements are increased, 

thus increasing the distance from the connector to the sides. 

In relation to the protected joints, by timber panels, timber-based panels or gypsum-based boards, 

there are expressions for determining the time of onset of charring. 
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There are also expressions for calculating the fire resistance of joints with internal and external steel 

plates referring EN 1995-1.2:2004 for the case of joints with external steel plates, when not 

protected, they should be adopted the fire design methods of EN1993-1.2:2005, which does not 

seem a good solution. 

2.7 Eurocode 6 part 1.2 (EN1996-1.2:2005) 

The masonry structures are known to have an enhanced fire behavior when compared with those of 

other materials. The weak part is the seating joints that can be damaged in case of fire. The 

verification of the fire resistance can be made by tabulated data, mostly, a simplified calculation or 

advanced calculation methods. 

This part of the Eurocode begins by presenting the different types of walls: internal walls without 

loadbearing function; external walls without loadbearing function; internal walls with loadbearing 

and with or without partitioning functions; external walls with loadbearing and with or without 

partitioning functions. 

The tabulated data indicated in EN 1996-1.2:2005 refers to the minimum thicknesses of the 

different types of walls so that comply with certain fire resistance class. These are indicated 

according to the type of masonry and mechanical characteristics of their seating joint in cement 

mortar, mainly on the loadbearing capacity walls. 

The simplified calculation method indicated in EN 1996-1.2:2005 is very similar to the method of 

the reduced cross-section used for timber in EN 1995-1.2:2004. After considering a damaged zone, 

the residual internal core is considered for the calculation of the loadbearing capacity of the element 

as at ambient temperature according to the precepts of EN 1996-1.1:2005. 

2.8 Eurocode 9 part 1.2 (EN1999-1.2:2007) 

The EN 1999-1.2:2007 describes the principles and rules for the fire design of aluminium and its 

alloys structures. 

As defined in part 1-2 of the other structural Eurocodes, the fire design of aluminum and its alloys 

structures, can be performed by simplified calculation methods (single elements and parts of 

structure) or advanced calculation methods (single elements, parts of structure or the whole 

structure) or by experimental tests. 

In relation to the simplified calculation methods there are methods of resistance and methods for 

determining the evolution of temperatures in protected and non-protected elements. These methods 

are very similar to those considered in EN 1993-1.2:2005 for steel structures but obviously there are 

differences in the variation of the mechanical and thermal properties of the aluminum and its alloys 

with temperature. As methods of this type it exists the ones for elements in tension, bending, 

compression and compression and bending. 

3 IMPROVEMENTS AND LIMITATIONS OF THE FIRE PARTS OF EUROCODES 

The European Commission issued in 2015 a Mandate for amending the existing Eurocodes and 

extending the scope of the Structural Eurocodes (M/515). This Mandate have a duration of 5 years 

until 2020 by which time they should be submitted the final documents of the new generation of the 

Structural Eurocodes. The essential aspects that were set in response to the Mandate M/515 were: 

Reduction of the number of Determined Parameters at National Level; 

Improve the use of the Eurocodes by clarification, when necessary; simplification of calculation 

rules; limitation, when possible, to the inclusion of alternative calculation rules and; non-inclusion 

or removal of rules of reduced practical use in project. 
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Creation of two new Eurocodes, one on Structural Glass and another on Assessment and 

Strengthening of Existing Structures. 

3.1 Eurocode 1 part 1.2 (EN 1991-1.2) 

The new version of this Eurocode will have improvements in Heskestad method for calculating, in a 

localized fire, the temperatures in more points than the ones along the vertical axis of the flame. In 

the method for determining the fire load density there will be also changes in the various partial 

parameters ranging from the type of occupancy to the active measures of fire safety that are part of 

the formula. 

However, it is considered that these changes will not be enough and it should be introduced more 

values for the fire load density (Table E.4) and fire growth rates (Table E.5) for more occupancies, 

such as for industrial buildings. This would have to be achieved by a rigorous survey of the fire 

loads by use-type throughout Europe. Apart from this fact, the introduction of combustion factors 

for other materials that not only for the cellulose ones it is also very important for the determination 

of the thermal action on structures. 

3.2  Eurocode 2 part 1.2 (EN 1992-1.2) 

The concrete structures are known as having an enhanced fire behavior and this is certainly a reason 

why research in this area is still not too much. In the next generation of Eurocodes they are foreseen 

a few changes. These include new formulations for verifying the fire resistance of columns 

belonging to unbraced concrete structures. Another aspect is related to the robustness 

considering the global behavior of the structure. It will be also considered properties for the 

concrete on the cooling phase, mainly for using with the advanced calculation methods. 

Another aspect that has generated a lot of discussion at European level is the curve for the thermal 

conductivity to consider in each case. So there is a need for harmonization in Europe about this 

topic and also as regards to the thermal properties in general between Eurocodes 2 and 4. 

Nothing is foreseen about changes in the tabulated data or simplified calculation methods, however 

it is believed that in relation to the tabulated data method there should be a differentiation between 

the application to square and circular columns, namely there should be separate tables for each of 

these columns because the shape of the cross-section certainly has influence on the covering 

thickness of steel reinforcement. 

A possible abolition of the 500ºC isothermal method should be also considered since it is less 

rigorous when compared with the zone method. 

Another aspect still unclear, despite several research works that have already existed, is the spalling 

effect in concrete structures. This effect is not yet taken into account in the simplified calculation 

methods and is deficiently taken into account in the advanced calculation methods. 

The stiffness of the surrounding structure is also not yet considered in the simplified calculation 

methods and this is a parameter which influences the fire resistance. The effect of this stiffness may 

have in cases of slender structures a negative influence on the fire resistance. 

There are some studies that criticize the way of calculating the buckling length of columns in case 

of fire saying that the procedure is not on the safe side for some structures and that would be better 

to calculate this as for ambient temperature. 

The shear failure is an extremely critical factor in reinforced concrete flat slabs. This phenomenon 

will certainly be aggravated in a fire situation and surely requires more research for mitigating it 

and needs the development of new fire design methods and construction solutions. 
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3.3 Eurocode 3 part 1.2 (EN 1993-1.2) 

Most of the research is on steel structures because these when not well design have a poor fire 

behavior. So this is a type of structure still need many studies and development of new fire design 

methods. The next generation of Eurocode 3 will have a lot of changes including is parte 1.2.  

As the first time they will be provided new properties for the cooling phase. 

Another aspect is related to the buckling length of columns belonging to unbraced frames. This 

buckling length should be determined as for ambient temperature. 

It will still be introduced detailed information about geometric imperfections on the buckling 

modes and residual stresses at the materials level for being used with the advanced calculation 

methods. For the residual stresses it will be made a distinction between the hot-rolled and welded 

sections. 

Another change is the improvement of the lateral buckling curves in order to take into account the 

influence of the loading type. 

The introduction of calculation rules for stainless steel distinct of the carbon steel will be one of 

the novelties of the next generation of part 1.2 of Eurocode 3. 

New rules will be also introduced on verifying the fire resistance of slender cross sections (class 

4). 

The introduction of calculation rules for profiles of variable inertia will be also one of the 

novelties. 

The cellular beams will have the introduction of new fire design rules resulting from the research 

carried out in the last years mainly in UK. 

It should also be added in the new generation of Eurocodes, the fire behavior of high-strength 

steels. Currently the rules for verifying the fire safety set out in part 1.2 of Eurocode 3 are valid 

only for S460 steels or of inferior grade. 

The verification of the shear resistance of steel beams will be also introduced in the new 

generation of Eurocodes. 

The cold-formed steel elements will have also new fire design methods because the currently were 

based on the hot-rolled ones, using the mechanical and thermal properties of these but limiting the 

temperature to 350°C (EN1993-1.3: 2006). 

However, it is considered that there is still a trek to cross in the development of this part of 

Eurocode and changes can still be higher in the future. One of the points is with the introduction of 

the influence of the stiffness of the surrounding structure on the simplified calculation methods for 

beams and columns. The studies conducted in recent years will enable the development of new 

methods taking into account this parameter. 

The consideration of the differential heating in the fire design of steel beams and columns 

embedded on walls or slabs should be also a concern in the future. The introduction of new section 

factors for these situations is a need in part 1.2 of Eurocode 3. 

Although nowadays they are used very little welding steel profiles there still exist many cases of 

welded seams and other connections that need simplified calculation methods for their fire design. 

The development of fire design methods for welding connections is of outmost importance. 

Another parameter that can results in savings is the consideration of the catenary effect on the fire 

design of steel beams. The research that already exists allows the development of new formulations 

for taking into account with this parameter. 
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With regard to joints they have been developed in the recent past fire design methods for screwed 

and bolted joints in hot-rolled steel structures but very little still exists for welded joints and nothing 

exists for cold-formed steel joints. In this area there are a lot to do for developing new fire design 

methods. 

3.4 Eurocode 4 part 1.2 (EN1994-1.2) 

The composite steel and concrete structures are perhaps one of the best ways to take advantage of 

the materials to an enhanced fire behavior of this type of structures. The concrete works not only as 

a strength material but also as fire protection material. Due to the fact that this type of structures is 

being more and more used then research, including for fire situation, has increased. 

The new generation of this Eurocode 4 will introduce new fire design methods for composite 

beams with large openings in the web. 

Another evolution will be the consideration of the catenary effect developed in composite steel 

deck slabs that could lead to a reduction in the design and fire protection (no use) on about 60 to 

45% of the beams. 

The slim floor beams or the partially embedded beams in a slab will have also new fire design 

methods. These new methods will take into account not only the temperature distribution in the 

profile but also in the steel reinforcement being the calculation of strength dependent on this 

distribution. 

Finally, Annex H (simplified calculation model for concrete filled hollow columns exposed to 

standard fire) of EN 1994-1-2 will have new formulations and calculation rules for this type of 

structural elements. It should be noted that this method came to be criticized by different EU 

Member States considering it unsafe. 

However, it is considered that these amendments are not sufficient and Eurocode 4 in its new part 

1.2 could go further. As proposal for improving the fire design of this type of structures it can be 

mentioned the reduction of the requirements on the tabulated data methods that in some cases are 

too much on the safe and uneconomical side. 

The method for assessing the resistant moment in composite steel deck slabs should be also 

improved. Aspects that have to do with the conditions of support and effect of continuity in 

intermediate supports should be taken into account in future evolutions of the simplified calculation 

method for this type of slabs. 

Another aspect is related with the consideration of the restraining to the thermal elongation in the 

simplified calculation methods. This aspect existing in real structures can condition the fire 

performance of this type of structures. 

The phenomenon of the lateral buckling should be less likely in composite than in steel beams as 

the concrete protects the web of the beams, however the phenomenon also exists and should be 

investigated with a view to be considered in the simplified calculation methods. 

The Annex H of this part of Eurocode 4 will be revised as a result of the research carried out in the 

recent years on fire design methods of composite columns made with concrete filled hollow 

sections. It is believed that would be also important the introduction of fire design methods for 

elliptical hollow sections. 

The development of a new simplified calculation method for fire design of composite columns 

made with double-tube or double-skin steel tubular sections or hollow columns with internal steel 

cores (e.g. H or other shape steel sections) is also very important as a consequence of the increasing 

use of this type of columns. 
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The study of the buckling length in this type of columns is also important because the values now 

proposed are unsafe at high temperatures. 

This part of Eurocode 4 is still weak in simplified calculation methods for other types of shear 

connectors beyond the studs. So they are necessary fire design methods for crestbonds, perfobonds, 

among others. 

3.5 Eurocode 5 part 1.2 (EN 1995-1.2) 

The part 1.2 of Eurocode 5 is perhaps the one that most developments have had in recent years. 

Apart this, due to the complex behavior of timber in fire, due to the large amount of species that 

exist, this part of Eurocode 5 still requires more evolutions on the simplified calculation methods. 

The EN 1995-1-2 provides two simplified calculation methods (the reduced cross-section method 

and the method of the reduced properties) for fire design of timber elements. The field of 

application of the method of the reduced cross-section should be extended (for example for I 

beams, composite timber-concrete elements, etc.) while the method of the reduction of properties 

will be abandoned. 

In Annex C of EN 1995-1-2, dedicated to lightweight walls and floors whose cavities are 

completely filled with thermal insulation, the existing fire design model based on the method of 

the reduced properties should be abandoned and replaced by the method of the reduced cross-

section.  

The calculation model in Annex E, for partitioning walls and floors, is based on data taken from a 

limited number of fire resistance tests. A more general calculation model will be implemented in the 

new generation of this Eurocode. 

However, it would be necessary to do more with this Eurocode and carrying out a complete study of 

the stiffness and strength mechanical properties and thermal properties of the different timbers at 

high temperatures for being used with the simplified calculation and advanced calculation methods. 

The timber industry in the last years is very evolutionary with the development of new joints. The 

joints are a weak part of a timber structure in case of fire. Thus the development of new fire design 

methods is of utmost importance in particular with those that have outer steel plates. 

3.6 Eurocode 6 part 1.2 (EN1996-1.2) 

The part 1.2 of Eurocode 6 is maybe the less developed of all fire parts of Eurocodes. The next 

version of this part of Eurocode 6 will have developments in the simplified calculation method 

existing at Annex C. The use of recent researches should lead to improvements in the fire design 

methods for masonry structures. 

However, it would still need more such as a complete study of the mechanical and thermal 

properties of the masonries at high temperatures for being used with the simplified and advanced 

calculation methods. 

The simplified calculation method currently existing requires improvements because it is based in 

principles that are not similar for all types of masonry. 

The introduction of construction solutions for an enhanced fire behavior of masonry walls is also 

very important. 

Finally, it is important the consideration in the future of the impact strength on the fire design of 

masonry walls. 
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3.7 Eurocode 9 part 1.2 (EN1999-1.2) 

The part 1.2 of Eurocode 9 is the latest of all those developed in the current generation of 

Eurocodes. This fact can be explained by the lower use of aluminum and their alloys in 

construction. The developments in the new version of this part of Eurocode will not be too many 

and are limited to the identification of active fire protection systems that can improve the overall 

behavior of these structures. The aim is to present an updated standard that does not penalize the 

aluminum in competition with other materials. 

However, it is necessary more research in this area with a complete study of the mechanical and 

thermal properties of the aluminum and its alloys at high temperatures. These properties are very 

important for the simplified and advanced calculation methods. 

The simplified calculation methods need a lot of research for their development because they are at 

the moment very similar to those of part 1.2 of Eurocode 3. 

The calculation of the buckling length for various situations of stiffness of aluminum structures 

needs also a study because if the calculation for steel structures is considered unsafe the same is true 

for the aluminium structures. 

It is also considered essential the development of simplified calculation methods for fire design of 

joints in aluminium structures. 

4 CONCLUSIONS 

In this paper it was made a presentation of the current parts of Eurocodes regarding to fire design of 

structures: concrete, steel, composite steel and concrete, timber, masonry, aluminium and its alloys. 

This verification can be made by tabulated data, except in EN 1993-1.2:2010, EN 1995-1.2:2004 

and EN 1999-1.2:2007, simplified calculation or advanced calculation methods. 

The verification by tabulated data is the most appealing to the common designer, due to its 

simplicity, but is also the most conservative and uneconomic. The simplified calculation methods, 

as the name indicate, are of simple use, or intend to be, but nowadays to take into account the 

different types of fire phenomena on the structures, begin to be a bit complex. They are finally the 

advanced calculation methods that are more accurate, because it allows the modeling of the 

structure as a whole, but also the most complex and not available to all designers. These methods 

are associated with software capable to model structures in fire situation. 

The parts 1.2 of the Eurocodes offer nowadays a great number of tools for verifying the fire safety 

of structures, as the requirements of the fire safety regulations of buildings of the different 

countries, some of more prescriptive nature and thus more suited to the use of tabulated data or 

simplified calculation methods and others more performance-based and thus more suited to the use 

of advanced calculation methods. 

In Eurocodes, nothing is foreseen with regard to fire design of structures after earthquake. The 

history has shown that after an earthquake there quite always fires and the behavior of the structural 

elements to the fire will not be the same as originally. So it is necessary in the future the 

development of a new Part 1.2 for Eurocode 8 for fire design of structures after earthquake. 
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ABSTRACT 

The practice of fire protection engineering (FPE), or fire engineering (FE) or fire safety engineering 

(FSE) as it is otherwise known in different parts of the world, varies widely among countries. The 

lack of universal agreement on professional qualifications can create uncertainty within a market, 

result in wide variations in engineering analysis and design, and contribute to increased risk to 

public safety. To provide a global foundation for professional qualifications, the Society of Fire 

Protection Engineers (SFPE) embarked on a project to develop a set of Recommended Minimum 

Technical Competencies for Fire Protection Engineering (Core Competencies) [1]. Practitioners 

from several countries crafted a draft document that was improved by the public comment process. 

The resulting publication details the knowledge base, education, and experience needed to obtain a 

set of ‘core competencies’ that underpin the practice of fire protection engineering. 

1 INTRODUCTION 

The Society of Fire Protection Engineers (SFPE), whose mission is “to define, develop, and 

advance the use of engineering best practices; expand the scientific and technical knowledge base; 

and educate the global fire safety community, to reduce fire risk,” is the largest worldwide 

professional body of fire protection engineering and fire safety engineering practitioners. Of the 

more than 4000 members, over 1600 hold qualifications as licensed / registered Professional 

Engineers or equivalent. Such a professional credential reflects the pinnacle of recognition: an 

indication an engineer has demonstrated minimum technical competence and can be entrusted with 

the responsibility of integrating fire science into the practice of fire protection engineering. This 

requires engineers working in fire safety engineering to understand foundational skills, knowledge 

areas, and practical behaviours of the profession, while simultaneously upholding a high degree of 

professional ethics that holds paramount public safety and health. To advance the SFPE’s mission, 

and to increase the global awareness of the minimum technical competencies required to practice in 

the profession, it was deemed appropriate to develop guidance in this area. 

When embarking on this effort, the SFPE recognized that requirements governing the use of the 

term ‘engineer’ or the ability to practice ‘engineering’ varies widely around the world. In some 

countries, one can call themselves an engineer upon graduation with a university degree in 

engineering. Other countries have very specific governing regulations that specify in great detail the 

knowledge and experience required prior to legally using the term “engineer” or with respect to fire, 

the term “fire protection engineer”. In stark contrast, many parts of the world have no prescriptive 

or performance requirements governing the use of the term engineer or the knowledge and 

experience required to practice engineering, or fire protection engineering in particular. 
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The SFPE’s Core Competencies document is not intended to circumvent any jurisdiction’s authority 

or requirements around the practice of engineering, in general, or fire protection engineering, in 

particular. However, the SFPE believes that a minimum technical competency framework that 

represents the values of the Society’s membership and the profession, and that advocates for the 

profession in a way that has global applicability, has significant benefit and societal value. 

2 DEFINING COMPETENCY 

2.1.  Terminology 

Competency can be defined and interpreted in many ways. An objective of this effort was to clearly 

define technical competency within the context of an engineering profession, while balancing 

universal agreement on terminology with sufficient flexibility to enable local interpretation and 

applicability. As such, the following terms are defined for the purpose of providing clarification of 

in the context of the Core Competencies document [1]. These definitions should not be considered 

as ‘official definitions’, but rather, descriptions created to enhance contextual understanding. 

Minimum competency:  A minimum competency is the accumulation of the academic knowledge 

base and the applied experience necessary to successfully perform a certain task. 

Knowledge area:  A knowledge area is an important subject area that forms part of the overall 

knowledge base needed for a certain competency. 

Adequate knowledge base:  An adequate knowledge base is the summary of the information about a 

particular subject known by an individual; that information must be sufficient for an individual to 

be able to perform related tasks. 

Minimum knowledge:  Minimum knowledge is considered the knowledge base needed to gain a 

comprehensive understanding of a specific subject; to be able to understand how to appropriately 

apply the knowledge of that specific subject. 

Minimum qualifying experience:  This is practical experience that is indicative of growth in 

engineering competency and achievement of not less than four years, three of which shall have been 

in responsible charge of fire protection engineering work. A post graduate degree may serve in lieu 

of one year of practical experience. 

2.2.  Competency Model 

In the USA, competency for an engineering professional is defined as “a cluster of related 

knowledge, skills, and abilities that affects a major part of one’s job (a role or responsibility), that 

correlates with performance on the job, that can be measured against well accepted standards, and 

that can be improved through training, development, and experience.” [2] While different 

definitions exist in other countries, they largely embody the same principles. The competency 

model in the USA is quite detailed and comprehensive, starting with broad personal effectiveness 

competencies and core science, technology, engineering and mathematics requirements, and 

culminating with management and occupation-specific competencies [2]. Since each engineering 

discipline is different, the model has many common tiers of competency requirements, as well as an 

undefined level, Tier 5, which builds on Tiers 1-4 and is intended to be defined by specific industry 

sectors. The information presented in the SFPE Core Competencies document establishes a set of 

industry-specific criteria for the fire protection engineering profession and represents competency 

requirements for Tier 5 as specific to fire protection engineering. Fig. 1 provides a diagram that 
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illustrates the different tiers, starting with a broad learning skill set and academic preparation, and 

culminating in the fire protection engineering knowledge base that is profession specific. 

 

Fig. 1. Tiers of Knowledge in Engineering Competency Model for USA - adapted for FPE [1] 

As observed in Fig.1, the basis is academic preparation, but academic knowledge alone is 

insufficient to reach the competency referenced here. Professional experience that is diverse and 

progressive in complexity is an essential element in the development of the breadth of knowledge 

necessary to transform a student of the profession into a competent practitioner. Credit-worthy 

experience is measured by duration of time and effective depth of understanding, which is obtained 

through interactive feedback from peers, who provide new knowledge and reinforce sound 

judgement and decisions. 

3 USES OF THE CORE COMPETENCY MODEL 

It is the hope of the authors that the SFPE’s Core Competencies document can serve as an essential 

reference for organizations evaluating or relying upon the knowledge and skills of fire protection 

engineers. Organizations such as the National Council of Examiners for Engineering and Surveying 

(NCEES), which develops, administers, and scores examinations used for engineering and 

surveying licensure in the United States, provide support for, and consistency of, engineering 

competency for many recognized practices. Similar to the specifications used for NCEES testing in 

fire protection engineering [3], the recommended minimum technical competencies exemplify the 

information areas individual need to practice fire protection engineering. The minimum technical 

competencies are independent of geographic location and may serve as a basis for jurisdictions that 

lack fire protection engineering credentialing programs or prescribed minimum competencies. 

Educational institutions considering new programs related to fire protection engineering or 

reviewing current programs can align their curriculum to the SFPE Core Competencies document, 

in order to provide their students with the opportunity to gain the academic knowledge needed to 

enter the workplace and, with practice, become competent. For additional guidance on 

recommended curricula, the SFPE has model curricula for a Bachelor’s degree and Master’s degree 

in fire protection engineering and Bachelor’s degree in fire protection engineering technology 

[4][5][6]. These documents are focused on the development of a university program, whereas the 
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information herein is dedicated to achieving professional competency, which will need experience 

in the industry and may need supplemental education to reach the desired breadth of knowledge. 

The SFPE Core Competencies document can also be used by engineering degree program 

accreditation bodies to evaluate curriculum and instruction while ensuring institutions provide 

service to the fire protection engineering profession. The Accreditation Board for Engineering and 

Technology (ABET) is an example of an organization that evaluates university programs. 

Accreditation compliments this effort by ensuring those striving to become fire protection engineers 

have received the appropriate education upon completion of a fire protection engineering program. 

Practitioners are responsible to maintain their knowledge and skills up-to-date, and can reference 

these core competencies to identify technical areas where they lack knowledge and need further 

development. Employers or other organizations can use the SFPE Core Competencies document 

when evaluating employees, soliciting for professional services, or otherwise establishing 

requirements for desired competencies of fire protection engineers. As reflected in the tiered model 

[2], corporate entities and others will likely impose additional competency requirements in terms of 

management skills, capability and experience, as well as industry / occupation specific knowledge, 

for an individual to reach the level of overall professional competency. 

4 DEFINING FIRE PROTECTION ENGINEERING 

It is understood that in some countries, definitions of the practice vary, with ‘fire engineer’ or ‘fire 

safety engineer’ focusing on design strategy and analysis, ‘fire protection engineer’ focusing on 

active fire protection system design, and ‘fire prevention engineer’ focusing on passive system 

design. However, the SFPE does not make this distinction. When referring to a “fire protection 

engineer” in the document, the core competencies apply to anyone performing the defined 

functions, regardless of their professional title. To assist in clarifying the individuals who should 

meet the minimum competencies laid out in the SFPE Core Competencies document, the term fire 

protection engineer has been defined, along with expected knowledge and skill sets [1]. 

Fire Protection Engineer: A fire protection engineer is an individual, who, by formal training and 

professional experience, carries the necessary competency and skills to provide guidance and 

direction to protect life, property and environment from threats posed by fire and its effects. 

The definition above refers to a practitioner that has a university education in fire protection 

engineering (e.g. a graduate of an engineering curriculum of accepted standing) and relevant 

experience in the industry. Individuals engaged in the fire protection engineering profession, but are 

lacking this level of education and experience, should strive to reach the same knowledge base held 

by a fire protection engineer referred to in the document. To help facilitate a common understanding 

of the role of a fire protection engineer, the following roles are described. 

Fire protection engineers identify hazards, characterize risks, and design safeguards that aid in 

preventing, controlling, and mitigating the effects of fires. They have the ability to use and develop 

engineering methods and techniques related to fire safety design of buildings, industrial 

constructions, infrastructures, equipment and environment interfaces.  

It is understood that the competence carried by the fire protection engineer is used within any 

sector of the fire safety industry, such as the building industry, the oil and gas industry, the nuclear 

industry, the forestry industry, etc. A fire protection engineer is expected to identify and manage 
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complex issues independently and collaboratively. Through technical analysis the fire protection 

engineer is able to analyse, evaluate and develop various technical solutions to fire safety 

problems. Fire protection engineers have an interdisciplinary role assisting project/design teams 

(which may include but are not limited to architects, building owners and developers) in reaching 

life safety, property protection and environmental protection goals. 

In addition to understanding general engineering principles, the fire protection engineer is 

expected to understand: fire science, active fire protection, passive protection, human behaviour & 

evacuation, performance-based design, fire protection analysis, computational modelling, fire 

hazard and risk assessment, general building design, and codes and regulations. 

5 TECHNICAL KNOWLEDGE BASE AND EXPERIENTIAL COMPETENCIES 

A practitioner must understand fire protection principles and the application of these principles in 

the engineering analysis and design of fire safety measures. Only by understanding these core 

subjects will the professional achieve the minimum knowledge base considered necessary for the 

professional practice of fire protection engineering. It is considered extremely important that when 

practicing fire protection engineering one must work within the scope of one's professional and 

technical competency, as is true in any engineering discipline. Understanding one's technical and 

professional limitations is an integral part of professional ethics related to the practice of 

engineering. Such ethical standards are in place to help assure that professionals undertake and 

complete only the tasks which they are competent to perform. 

5.1  Core Technical Competencies 

As a fire protection engineer, one is often required to include and rely on the expertise and 

competency of other professionals (such as engineers in other disciplines, architects, scientists, etc.) 

as part of delivering a competent analysis / competent design (i.e., building design, infrastructure 

design, or other). The other members of a team have a similar expectation for the fire protection 

engineer. This shared expectation, that each team member is qualified and competent in their 

respective discipline, is fundamental to engineering a fire safe world. 

While the minimum technical competencies are foundationally essential, they will not generally 

translate to expertise in all those areas. Expertise in all of the areas of minimum technical 

competency is not practical, and probably not possible for an individual over the course of a 

professional life. The individual fire protection engineer will develop expertise in particular areas of 

practice and may maintain only basic understanding in other areas. 

It is understood that any individual, depending on his/her current competence and his/her specific 

area of expertise, might concentrate on only some of these core technical competencies when 

developing their expertise. However, competence in the following four (4) areas are considered to 

be core to the profession of fire protection engineering [1]:  

Fire Science: A comprehensive understanding of the underlying physical principles of fire and its 

related mechanisms, including ignition, combustion, heat transfer, fire chemistry, and fire 

dynamics. 

Human Behaviour and Evacuation: A comprehensive understanding of human behaviour and the 

principles of means of egress design. This would include the behaviour of persons during an 

emergency, tools and methods to perform egress, evacuation, and escape assessments. 
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Fire Protection Systems: A comprehensive understanding of fire mitigation, including water and 

non-water-based suppression; fire detection and alarm systems; smoke management systems; 

passive systems; fire testing and code and standard concerns. 

Fire Protection Analysis: A comprehensive understanding of the principles of technical analysis 

related to fire protection design. This would include means of identifying and quantifying fire 

related risks and hazards, design approaches, design evaluation, application of numerical methods 

and computer fire models, establishing boundary conditions, and limits of analysis and design.  

5.2 Core Technical Knowledge Areas 

For each of the core technical competencies, a number of core technical knowledge areas have been 

identified. The expectation is that the practitioner is proficient in these knowledge areas, i.e., in the 

application of science and engineering to protect the health, safety and welfare of the public along 

with protecting property from the impacts of fire. The knowledge areas can be viewed as 

descriptions of the objectives of courses needed to be taken to achieve proficiency in each specific 

topic. Table 1 reflects the core technical knowledge areas. Descriptions of the technical knowledge 

areas can be found in the SFPE Core Competencies document. [1] 

Table 1. Core Technical Knowledge Areas for Fire Protection Engineering [1] 

 Fire Science 
Human Behaviour 

and Evacuation 

Fire Protection  

Systems 
Fire Protection Analysis 

Core 

Knowledge 

Areas 

• Heat transfer 

• Fire Chemistry 

• Fire Dynamics 

• Human Behavior 

and Physiological 

Response to Fire 

• Egress and Life 

Safety Design 

Concepts 

• Passive systems 

• Active systems 

• Fire Detection and 

Alarm 

• Fire Suppression 

• Performance Based 

Design 

• Smoke Management 

• Evacuation Analysis 

• Structural Fire 

Protection 

• Risk Management 

• Numerical Methods 

and Computer Fire 

Modeling 

• Building and Fire 

Regulations & 

Standards 

6 RECOMMENDED TIME TO ATTAIN COMPETENCY 

6.1.  Learning Time 

The Core Competencies document is not designed to give specify length of study needed for these 

topics if part of a formalized education program. However, it was considered to be of utmost 

importance to show a recommended range of hours considered necessary to gain a minimum 

knowledge level for each topic. The ranges of recommended hours presented have been estimated 

based on input from the academic communities in the USA and Europe, and on the European Credit 

Transfer and Accumulation System (ECTS) [7][8][9], where credits are a standard means for 

comparing the “volume of learning based on the defined learning outcomes and their associated 

workload,” and where “workload indicates the time students typically need to complete learning 

activities (e.g. lectures, projects, practical work, self-study and examinations) required to achieve 

expected learning outcomes.” Table 2. shows a range of recommended minimum learning hours, 

which could be transformed to ECTS credits by estimating one (1) ECTS credit as 25 – 30 hours. 
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Table 2. Recommended Minimum Learning Hours for Fire Protection Engineering [1] 

Minimum 

Competency 

Fire Science Recommended 

Hours 

Human Behavior and 

Evacuation 

Recommended 

Hours 

Knowledge 

Areas 

Heat transfer 120 - 160 Human Behavior and 

Physiological Response to Fire 

80 - 120 

Fire Chemistry 7 - 120 Egress and Life Safety Design 80 - 120 

Fire Dynamics 160 - 200   

Minimum 

Competency 

Fire Protection  

Systems 

Recommended 

Hours 

Fire Protection Analysis Recommended 

Hours 

Knowledge 

Areas 

Passive systems 60 - 90 Performance Based Design 160 - 200 

Active systems 60 - 90 Smoke Management 120 - 160 

Fire Detection and Alarm 120 - 160 Evacuation Analysis 120 - 160 

Fire Suppression 120 - 160 Structural Fire Protection 120 - 160 

  Risk Management 140 – 180 

  Numerical Methods and 

Computer Fire Modeling 

160 – 200 

  Building and Fire Regulations & 

Standards 

60 – 90 

6.2.  Experience 

The hours shown in Table 2. must be seen as a proposed range of recommended hours needed to 

gain a comprehensive understanding of the knowledge area, not to reach the minimum competence 

level. To reach the minimum competence level it is necessary to add project experience. Also, 

taking a course on a specific knowledge area does not mean that an individual will be considered an 

expert or can be considered to have achieved a minimum competence level on the subject. It is the 

view of the SFPE that the development of minimum fire protection engineering competence should 

begin with completion of a curriculum at a university or educational institution of accepted 

standing.1 Following the educational foundation, a fire protection engineering practitioner should 

have practical experience that is indicative of growth in engineering competency and achievement 

of not less than four years, three of which shall have been in responsible charge of fire protection 

engineering work. A post graduate degree may serve in lieu of one year of practical experience. 

8 ETHICS 

Ethical conduct of engineers is of the utmost importance. Moral values are an imperative foundation 

for honest and open transactions, and it is only when professionals demonstrate their values in this 

way that they are able to work without partiality. Engineering ethics holds paramount interests of 

public safety, client and employer relations, and sets professional standards against which 

practitioners are held to account for their actions. The integrity of the profession depends on ethics; 

                                                           
1  Per the SFPE Qualifications Board Table, “Accepted Standing” related to engineering curriculum is defined as an 

engineering curriculum which is ABET (Accreditation Board for Engineering and Technology) accredited (USA), 

CEAB (Canadian Engineering Accreditation Board) accredited (Canada), FEANI listed (European Federation of 

National Engineering Associations), or equivalent. This also includes programs outside North America that have been 

reviewed and accepted by ECEI (Engineering Credentials Evaluation International) or WES (World Education 

Services) and found to be comparable to those accredited in the USA.  
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therefore, it is considered critical to include a brief section highlighting ethical considerations. All 

fire protection engineers are expected to read, accept, and abide by the SFPE Canons of Ethics. [10] 

9 CONCLUSIONS 

A set of minimum core technical competencies for the practice of fire protection engineering have 

been described. Knowledge areas and learning time have been overviewed. It is understood that the 

most efficient route to gain the knowledge for a foundation in fire protection engineering is through 

university study specifically in fire protection engineering. These recommended minimum technical 

competencies for fire protection engineering are not intended to replace an in-depth university 

education in fire protection engineering. University courses traditionally offer a more in-depth look 

at a particular subject due to the length of instruction and activities, such as homework and projects, 

associated with the course. In addition to classroom education, becoming competent also involves 

practicing and applying the knowledge to real world projects and receiving constructive feedback. 

However, the SFPE acknowledges that, as one of the younger engineering disciplines, fire 

protection engineers may follow different paths to reach a competent level of practice. Although it 

is important to understand that the path to minimum technical competency may vary from one 

individual to another, university programs are essential to provide a fundamental grounding in 

engineering knowledge, which every fire protection engineer should possess.  

The SFPE Core Competencies document does not prescribe the precise means and methods by 

which the identified minimum standards are obtained. University-level programs with specialized 

fire protection coursework are deliberately designed to deliver a comprehensive set of learning 

outcomes that build foundational knowledge in the recommended core competencies. Alternative 

methods for obtaining knowledge in core competencies should be carefully evaluated using the 

standards identified in this document. Regardless of how foundational knowledge is obtained, 

minimum competency can only be achieved through observed and verified professional practice. 

Aside from university education, Continuing Professional Development (CPD) is critical. CPD is 

the main method for practitioners to ensure they maintain the minimum level of competency needed 

throughout their career. CPD essentially adapts the base knowledge and skills for new needs 

evolving over time. Engineers within the fire protection industry must take the necessary steps to 

develop and maintain knowledge, skills, and expertise necessary to perform their roles successfully 

throughout their career. By participating in relevant training, professional development programs, 

and mentoring and independent research, they can remain competent through education on new 

technologies, new methodologies and improved ways of implementing fire protection engineering. 
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ABSTRACT  

An online survey regarding the global situation with fire safety engineering was conducted in late 

2016 and early 2017. The survey was distributed via social media (e.g., LinkedIn) and direct email 

distribution. The survey was published in English and Spanish languages. Overall there were more 

than 400 respondents from 41 countries, although not all respondents completed the full survey. The 

questions were wide-ranging, with an aim to obtain a sense of how fire safety engineering was 

working (or not), what types of analyses are being undertaken, whether there are sufficient numbers 

of qualified practitioners, authorities, etc., and what types of strategies might be appropriate to 

advance fire safety engineering in the future. Analysis focuses largely on countries with the highest 

number of responses. Commonalities and differences between the countries are explored. Findings 

suggest broad agreement on the need for more engineers, greater competence and more education.   

1 INTRODUCTION  

Countries around the world began transitioning from prescriptive-based to performance-based 

building regulatory systems in the 1980s [1-4]. Concurrently, the practice of fire safety engineering 

began to become more widely recognized, and frameworks for fire safety engineering and 

performance-based design for fire emerged [1,4-7]. Over the past thirty years, various research has 

been conducted around frameworks and approaches for fire safety engineering [e.g.,5-8], yet little 

research seems to have been published with respect to how practitioners and others in the market 

view the situation with fire safety engineering and performance-based design approaches in use.   

In 2016 and 2017, with support from the Australian Building Codes Board (ABCB), the technical 

research organization of the Netherlands (TNO), the New Zealand Ministry of Business, Innovation 

and Employment (MBIE), the Scottish Government, Building Standards Division (BSD), a Fulbright 

Global Scholar Award (https://www.cies.org/program/fulbright-global-scholar-award) that supported 

visits to Japan, Spain and Sweden, and Worcester Polytechnic Institute (WPI), research was 

conducted on the situation with performance-based building regulations and the situation regarding 

fire safety engineering and performance-based design for fire seven countries.  As part of this 

research, interviews were conducted with government officials, fire safety engineering practitioners, 

and other stakeholders. Brief summaries of in-country research findings are available elsewhere [9-

10].   

To supplement the in-country research, an on-line survey was developed. The aim of the on-line 

survey was to collect data regarding the situation with fire safety engineering and performance-based 

design for fire from practitioners, authorities and other stakeholders in various countries.  The survey 

was distributed via social media (e.g., LinkedIn) and direct email distribution. The aim of the 

survey was to obtain perspectives on how fire safety engineering is working (or not), what types of 

analyses are being undertaken, whether there are sufficient numbers of qualified practitioners, and 

what types of strategies or directions might be appropriate going forward.      

2 THE SURVEY AND RESPONDENTS  

The survey consisted of 46 questions. Formats included selection from pre-determined options, pre-

determined ranges, rank ordering, percentages, and free response. The survey was made available in 

https://www.cies.org/program/fulbright-global-scholar-award
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English and Spanish languages. A copy of the survey can be provided upon request. Responses were 

received from people in 41 countries. There were 404 respondents to the English survey and 44 to the 

Spanish survey. The completion rate was just under 50%, with about 200 complete surveys. A 

majority of respondents identified as fire safety engineers (n = 267, 66%) and the largest sectors 

represented were consulting (n = 207, 51%) and building engineering / engineering analysis and 

design (n = 152, 38%). The range of professional experience of the respondents (n = 398) was rather 

equally distributed: less than 10 years, 35% (n = 141); 11 – 20 years, 30% (n = 120), and 21 years or 

more, 35% (n = 139). About half of the respondents answered questions associated with performance-

based design (PBD) for fire (n = 228).  The significant majority of respondents (85%) had 20 year or 

less of experience with PBD for fire, with 66% having 15 years or less.   

3 EVALUATION OF THE DATA  

Evaluation of the data is ongoing. Until now, the evaluation has considered the following: responses 

from all participants, responses by persons within a select group of countries (for which the largest 

number of data points are available), and comparison of responses between countries. From these 

data, trends can be inferred. No detailed statistical analysis has been undertaken to this point. 

However, this is planned in the coming months. In addition, if sufficient data are available, factors 

such as differences between actor perspectives (e.g., fire safety engineer and enforcement official) 

will be explored, overall and by country. As with any data set, some responses are not considered due 

to anomalies in the responses, incomplete responses, or other. For the outcomes presented here, the 

analysis is limited to the data from complete surveys only, for a set of seven countries (n = 188 

respondents). In the future, more detailed analysis of specific questions is planned, for which only 

internal consistency is required (i.e., based on all responses to this question, the data suggest X).   

The countries selected for initial analysis and comparison and associated number of respondents are: 

Australia (n = 50), England (n = 22), New Zealand (n = 24), Scotland (n = 28), Spain (n = 19), Sweden 

(n = 10) and the United States (n = 29). It should be noted that the authors recognize that the data set 

from Sweden is small, and the data may not be statistically significant. However, it is a country of 

particular interest for the authors, so is included in the trend analysis. It should also be noted that 

some assumptions where made in categorizing the responses from England. A number of responses 

indicated ‘UK’ as the country. Since specific outreach was made to practitioners in Scotland, as 

separate from England, responses from the UK have been merged with the responses from England. 

It is understood that this introduces error into the dataset labelled England. For trend analysis, 

however, this was deemed to be acceptable.   

4 SELECTED SURVEY RESULTS  

As noted above, the survey consisted of 46 questions. It is not possible to provide detailed discussion 

around every question in this analysis. As such, the focus here is around perspectives on the general 

state of fire safety engineering for PBD, the value of existing fire safety engineering guidance, the 

competency in the market, and what is suggested to improve the situation in the future. Note that for 

each countries of focus, there is a performance-based building regulatory system in place, with the 

exception of the USA. Issues on the regulatory system can be found in [9].  

4.1 Situation with PBD for Fire  

At a general level, respondents from the countries of focus think that the situation is largely ‘good’ 

with respect to how the system is working (defined as “in terms of qualifications, competency, 

regulatory acceptance of designs, etc.”). However, it is interesting to note that in Spain, the response 

is that the situation is largely ‘bad’ (defined as “in a practical sense, there is little or no PBD”).   
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Table 1. General Sense of How Well PBD for Fire is Working   

  Very Good  Good  Bad  Very Bad  n  

Australia  10%  58%  32%  0%  50  
England  9%  55%  36%  0%  22  

New Zealand  4%  54%  33%  8%  24  
Scotland  0%  44%  56%  0%  25  

Spain  0%  16%  53%  32%  19  
Sweden  0%  90%  10%  0%  10  

USA  3%  59%  28%  10%  29  

4.2 Reasons for Applying a PBD Approach  

In Australia, New Zealand and Sweden, the highest reported reason for applying a PBD approach is 

“the ‘deemed-to-satisfy’ requirements are too restrictive / do not fit all parts of the building (i.e., 

do not address or do not permit a desired building feature / system / material).” In the USA, highest 

reported reason is “to develop solutions for difficult problems.” England, Scotland and Spain were 

split 50/50 amongst these choices. Other choices included: the building code is performance-based, 

so therefore the solution must also be, to facilitate innovative materials or methods of construction, 

the ‘deemed-to-satisfy’ requirements are too costly and unnecessary to apply to all parts of the 

building (ranked 2nd in several countries), to increase fire safety of an existing building, but not to the 

level of current ‘deemed-to-satisfy’ provisions, to optimize solutions, to address occupant 

vulnerabilities, and to address unique hazards.   

4.3 Percentage ‘Deemed-to-Satisfy’ to Fully PBD  

The highest reported use of PBD for fire, as compared with full compliance with ‘deemed-to-satisfy’ 

(DTS), occurs in Australia, New Zealand and England. Compliance with DTS, and minor deviations 

from DTS, are prevalent in Scotland, Spain, Sweden and the USA.   

 
Table 2. Percentage DTS, Full PBD, and In-Between   

  
In complete compliance 

with ‘DTS’ provisions  
Minor deviations from 

‘DTS’ provisions  
Major deviations from 

‘DTS’ provisions  
Completely / 

significantly PBD  
Australia  16.5  37.8  33.4  12.3  
England  25.3  31.8  30.3  12.7  

New Zealand  47.2  18.8  14.6  19.4  
Scotland  51.3  29.7  15.0  4.3  
Sweden  42.0  35.4  16.1  7.2  

USA  44.4  31.0  17.3  7.5  

Spain  56.6  25.4  12.9  4.4  

  

4.4 Primary Scope and Evaluation Framework of PBD   

Across all countries, the primary use of PBD was for life safety analysis and design, with all but the 

USA being over 50%. In the USA, just under 50% of PBD is for life safety, with 23% for property 

protection. The outcomes are similar with respect to the approach most often applied, with ASET < 

RSET analysis being 50% or higher in all countries. Structural fire engineering was 2nd in most.  
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4.5 Use of Risk-Informed or Risk-Based PBD Approaches   

The use of risk-informed or risk-based PBD approaches varies widely. Such approaches are rarely 

used in New Zealand, Sweden and the USA. They are most used in Australia, England and Spain. 

Existing standards and guidance on risk-informed / risk-based are largely viewed as inadequate.  
Table 3. Percentage which are Risk-Informed PBD   

  More than 75%  
Between 50% and 

75%  
Between 25% and 

50%  
Between 5% and 

25%  
Less than 5%  

Australia  14%  22%  18%  24%  20%  
England  21%  16%  32%  21%  11%  

New Zealand  4%  8%  8%  21%  58%  
Scotland  29%  29%  13%  4%  25%  
Sweden  0%  10%  30%  30%  30%  

USA  11%  14%  11%  39%  25%  
Spain  27%  13%  13%  13%  33%  

      

4.6 Primary Standards / Guidelines Used for PBD  

To understand which standards and guidelines are most often used, a select set of commonly used 

documents was presented, and respondents were asked to rank their usage. Table 4 reflects the top 

two documents by country. All countries find the existing guidance to be mostly adequate.   
Table 4. Top Two Most Used Standards or Guidelines by Country   

  BS7974  BS9999  
CIBSE 

Guidelines  
IFEG  

ISO FSE 

Standards  
NFPA 

Standards  
NZ C/VM2  

SFPE PBD 

Guide  
Australia        1        2  
England  2  1              

New Zealand        2      1    
Scotland  1  2              

Spain            1    2  
Sweden          2      1  

USA            2     

4.7 Top Needs for Additional Standards / Guidelines for PBD  

Consistent with previous responses, risk-based guidance tops the list of needed standards / guides.   

Table 5. Top Areas for Additional Standards / Guidelines  
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4.8 Are Only Qualified FSE Undertaking Fire Safety Engineering Designs  

Looking at the broader FSE environment, including and beyond PBD, there is a large concern that 

fire safety engineering designs are being undertaken by people not qualified to do so. 
 

Table 6. Are Only Qualified FSE Undertaking Fire Safety Engineering Designs  

  Australia  England  New Zealand  Scotland  Spain  Sweden  USA  

Yes  22.4%  31.8%  25.0%  39.3%  52.6%  20.0%  28.6%  
No  77.6%  68.2%  75.0%  60.7%  47.4%  80.0%  71.4%  

4.9 View of Review and Approvals Process for PBD  

With respect to the review and approvals process, the choices were structured around how well the 

PBD process is understood by all, the consistency of reviews from one authority to the next, 

consistency with resulting level of safety being delivered, and competency and ability of authorities 

to review designs. On the whole, there is about a 50-50 split. New Zealand views the situation as 

particularly good (74%) and Spain as particularly bad (83% bad or very bad).  

4.10 Percent of PBD Reviewed by Qualified FSE  

Consistent with concerns that FSE designs are not being undertaken by qualified FSEs, there is a 

concern in that significant numbers of reviews / approvals are not being made by qualified persons.  
 

Table 7. Percent of PBD Reviewed by Qualified FSE  

  More than 75%  Between 50% and 75%  Between 25% and 50%  Between 5% and 25%  

Australia  26.1%  26.1%  21.7%  26.1%  
England  15.8%  10.5%  47.4%  26.3%  

New Zealand  34.8%  43.5%  8.7%  13.0%  
Scotland  15.4%  34.6%  11.5%  38.5%  
Sweden  11.1%  33.3%  22.2%  33.3%  

USA  0.0%  39.1%  30.4%  30.4%  

4.11 Sufficient Number of Qualified / Competent FSEs in the Market  

Aligning closely with perceptions that designs and approvals are being undertaken by persons without 

FSE qualifications, all countries report a significantly lack of qualified FSE in the market.   
 

Table 8. Are There Enough Qualified FSE in Your Country  

  Australia  England  New Zealand  Scotland  Spain  Sweden  USA  

Yes  32.0%  9.1%  25.0%  14.3%  0.0%  40.0%  17.9%  
No  68.0%  90.9%  75.0%  85.7%  100.0%  60.0%  82.1%  

 

4.12 University Degree Programs  

Tied to the above perspectives and the table below, a majority of countries do not think there are 

enough university programs in FSE, with only New Zealand and Sweden reflecting that the market 

largely thinks there are enough programs.  
 

Table 9. Sufficient Number of Appropriate University Programs to Educate FSE in Your Country?  

  Australia  England  New Zealand  Scotland  Spain  Sweden  USA  

Yes  29%  15%  88%  52%  0%  90%  25%  
No  71%  85%  13%  48%  100%  10%  75%  

 

To improve the situation, respondents from Sweden and USA believes that asking professional 

organizations for more educational programs is the best alternative, while those 

from Australia recommend that the government should invest in more fire safety engineering 

programs. Respondents from England, New Zealand, Scotland and Spain do not see a singular focus. 

Instead, they would like to see a more diversity in options, including 
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legislating requirements around certification for FSE and protecting the title of ‘fire safety engineer’ 

to those who are suitably qualified.  

4.13 Professional Licensing   

There is wide variation on perspectives regarding the need for professional licencing / registration, 

and on what countries view as appropriate options in these regards. All of the countries, except USA, 

agree on that the mechanism for professional qualification or certification are inadequate in their 

respective country. As can be seen in the table below, most countries think that a legally required 

license or a professional qualification would be sufficient. There were also some free 

response answers that addressed this topic, including mandating similar requirements in all states 

(Australia) and requiring demonstration of competency gained through practice (England), 

specifically: “The requirement is correct, but the application leans heavily towards academic 

qualification. There should be additional requirement to demonstrate practical knowledge and 

experience as well as academic qualification.”  
 

Table 10. What would be your recommendation for qualification/certification/recognition of fire safety engineers?  

  Australia  England  New Zealand  Scotland  Spain  Sweden  USA  

Legally required / 

mandated  
37%  32%  67%  36%  50%  46%  14%  

Professional 

society qual.  
13%  32%  19%  52%  46%  36%  18%  

N/A  19%  8%  9%  4%  0%  9%  50%  
Other  31%  28%  5%  8%  4%  9%  18%  

 

4.14 Specialty Certification  
 

One option to assist in raising competency could be through specialist certification, for example in 

such areas as CFD modeling, evacuation modeling, and risk assessment. All countries except New 

Zealand and Sweden agree that this might help. New Zealand and Sweden are both divided 50/50, 

which offers an indication that even here this might be well accepted.  
 

Table 11. Would specialist Certification be helpful?  

 

  Australia  England  New Zealand  Scotland  Spain  Sweden  USA  

Yes  61%  82%  46%  79%  95%  50%  64%  
No  39%  18%  54%  21%  5%  50%  36%  

        

5 LIMITATIONS  

As noted, the dataset for analysis is rather limited, with just under 200 complete surveys, with a range 

of 10 to 50 respondents from the countries considered. Assumptions were made regarding responses 

from the U.K. as being largely from England (based on respondents from Scotland identifying 

separately). No assessment of statistical significance was undertaken. However, one of the 

authors has spent between time in all of the countries for which data are provided, including 

conducting face-to-face interviews with stakeholders and working with regulatory, academic and 

research institutions in each on related topics (outcomes from some of which have been published 

[12-14], as well as practicing as a fire safety engineer. As such, there is confidence that the survey 

results largely reflect the perceptions of a large number of practicing engineers in the respective 

countries in terms of the quality of the regulatory system, the qualifications of actors, and the overall 

sense of how the system is working and where beneficial change would be welcome.   
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6 DISCUSSION AND CONCLUSIONS   

Fire safety engineering, in particular performance-based design for fire, has become widely 

used. This is the case in countries with performance-based building regulations as well as in 

countries with prescriptive-based regulations. While there is a general sense that performance-based 

approaches are generally being applied in an appropriate manner, the scope of application is 

somewhat limited, and there are concerns over some aspects of design and review. There is also 

widespread concern over the lack of appropriate qualifications mechanisms and measures of 

competency.    

 

The primary use is life safety analysis and design, applying the ASET versus RSET concept, for 

major deviations from ‘deemed-to-satisfy’ (DTS) alternatives and where the DTS simply do not 

apply. The SFPE Engineering Guide to Performance-Based Fire Protection, the International Fire 

Engineering Guidelines, BSI7476, BSI9999, and the New Zealand CV/M2 are most widely used. 

Except for respondents from Spain, the market largely thinks the performance-based regulatory and 

design environment is working generally well, and that existing standards and guidelines are 

adequate, but more standards / guidelines are desired around risk-informed / risk-based fire 

engineering analysis and design, as well as on design criteria, designing for fire brigade needs, and 

defining and selecting fire scenarios are needed  

Even though respondents perceive the system as working generally well, practitioners, authorities 

and others have significant concerns about the lack of qualified practitioners for development and 

approval of such designs. In all countries, it is reported that there are not enough qualified and 

competent fire safety engineers, and there is significant concern that unqualified persons are 

undertaking and approving engineered designs.   

With respect to why there may be a lack of qualified practitioners, most countries report an 

insufficient number of university programs in FSE, the lack of specialist certification in specific 

topics such as CFD modelling, evacuation modelling, and risk assessment competency, and 

inadequate controls around limiting the practice of FSE to appropriately qualified persons.   

While the lack of legal requirements around the practice of FSE is concerning to many, there is wide 

variation on perspectives regarding the need for professional licencing / registration, and on what 

countries view as appropriate options in these regards. However, clearer means of formal recognition 

is desired. Largely, however, a legally mandated approach is desired.   

Looking to the future, finding ways to address the issues of education and knowledge of practitioners 

in all sectors of the market, increasing the level of competency for all practitioners, and implementing 

clear and robust qualification / certification systems, are seen 

as critical to facilitating proper application and review of performance-based fire safety design, and 

expansion of fire safety engineering as a ‘recognized’ discipline [11]. Some steps have been taken, 

such as the publication of the SFPE Recommended Minimum Technical Competencies for Fire 

Protection Engineering [15], but there is much more work to be done.  
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ABSTRACT 

The effectiveness of occupant response during a fire event, in particular emergency response 

functions, depends significantly on adequate emergency planning in advance of an event. In order to 

develop effective emergency response plans, it is crucial that the fire safety management personnel 

undertake an appropriate emergency planning process. Such a process can be quite complex, in 

order to simplify planning and make the process more efficient, an emergency planning 

methodology based on potential fire scenarios is proposed. This methodology allows fire safety 

management personnel to execute the planning and to evaluate its results using carefully selected 

fire scenarios, taking into account the fire risk factors arising from the building itself and the nature 

of its occupation. 

Keywords: scenario, fire, planning, response, emergencies. 

1 INTRODUCTION 

Reality has proven that the efficiency with which a particular organization or community deals with 

an emergency situation depends on how well-prepared emergency responders are in advance of an 

event, especially given the unknowns associated with any event [1]. The best way to prepare is 

through development and exercising of an emergency plan. For this reason, emergency planning 

should be formally documented, approved by the authority with jurisdiction in the building, 

adequately publicized to all the building occupants, and sufficiently exercised by all interveners. In 

some countries, such plans may be legally required, since it is recognized that the development of 

effective plans, emergency actions and appropriate training can result in less serious injuries and 

less damage to facilities [2]. 

To assist fire safety managers in the development of effective emergency response plans, a new 

methodology is proposed: Emergency Planning Based on Fire Scenarios (EPBFS). In the 

development of the EPBFS methodology, the existence of two types of emergency planning is 

considered: (i) internal emergency planning and (ii) external emergency planning. Internal 

emergency planning is the responsibility of emergency response organizations made up of building 

occupants, who must have basic education and training [3] to carry out first response activities. 

External emergency planning refers to public organizations that are made up of specifically 

educated and trained emergency response professionals (for example, firefighters) [4].  In addition, 

the development of the EPBFS methodology considers that an emergency is generally an 

unplanned, sudden event, which may result from several causes, have a variety of potential impacts, 

and have differing outcomes based on the response time and preparedness of the responders. 

Although this article examines the use of the EPBFS methodology only for emergency situations 

caused by fire, the same methodology can be used in planning the response to emergency situations 

of another nature involving other types of emergency organizations. 
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2 EMERGENCY PLANNING OVERVIEW 

Emergency response planning considers internal and external intervention. The primary purpose of 

internal fire response planning for buildings is to create an effective strategy for immediate fire 

extinguishment, and if this is not possible, to reduce as far as possible the fire impact on the 

occupants, the building and its contents. External emergency response planning is focused on 

response of emergency public services (e.g., local fire service). The complexity of emergency 

planning that is required will depend on factors such as the type of facility, the nature of the 

occupation and the risks involved [5], as well as the operational capacity of the emergency public 

services and their maximum response times. 

Irrespective of the complexity, it is essential to consider a set of basic questions, as reflected in 

Figure 1. 

 

 

 

 

 

 

 

 

 

 

 

Fig. 1- Questions to be answered by any planning process (source: authors). 

 

Specifically, the questions to be answered include: who is responsible for what actions? At what 

point in the fire (when) and from what location (where) does response action occur? Why is the 

action needed (purpose)? How should the actions/operations be undertaken, and what resources 

(personnel, equipment) are needed (who)?  

Emergency plans should be characterized by a modular organization, integrated communications, 

unified command structure, consolidated action plans, feasible control limits, pre-defined incident 

features and understandable resource management [1]. Plans should clearly define, for each 

responder, issues such as mission, roles and responsibilities, principles of action and hierarchical 

dependence in the context of emergency response. It is also important that plan clearly and 

effectively define the delegation of authority in emergency management and the authority to carry 

out the emergency actions required to control the situation and to quickly restore normal activity for 

business continuity. 
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Some of the basic aspects of emergency planning for fire are to understand the fire risk, reduce 

those risks and prepare the organization for a potential fire [6]. An important factor in achieving 

efficient fire response by organizations occupying buildings is the quality of the management 

process of these organizations in the three possible modes of operation: routine mode, training 

mode and emergency mode. As for the management of any other activity, for emergency 

management it is important that the functional levels established in the planning phase continuously 

run through all phases of the management circle. 

It is suggested that, in order to sustain an adequate emergency management process, three 

functional levels are needed: institutional (strategic), intermediate (tactical), and operational 

(technician). 

There are three temporal phases which can be considered for the emergency management process. 

First, there is the "pre-emergency" phase (planning process), in which the representatives of all 

entities or services that are part of the response to emergencies work together to develop and 

effective approach, including defining emergency management policies, organizational structure, 

resource allocation, and operational firefighting systems needed to support operations. Second is the 

"emergency" phase, which covers the duration of the emergency response – the stage at which the 

emergency plan is activated and in which the plan is executed. Third is the "post-emergency" phase, 

which involves recovery, safeguarding of assets, and business continuity operations. At this stage, 

joint meetings are also held to assess the performance of all organizations involved in emergency 

response and the planning process itself, in order to propose and validate improvement proposals. 

3 FIRE SCENARIO OVERVIEW 

In general terms, a fire scenario represents a technical description of the social expectation related 

to fire safety, which should include all potential fire elements in relation to building behavior and 

human response [7]. A fire scenario should describe the critical factors for the occurrence of fire, 

such as ignition source, nature and fuel configuration, ventilation, characteristics and location of the 

occupants and the structural conditions of the building. The National Fire Protection Association [5] 

defines fire scenario as the set of conditions relating to the development of a fire, its propagation, 

the products released, the reaction of the people and the effects of the products of combustion. The 

same source defines Design Fire Scenarios (DFS) as being a set of fire scenarios that can be 

selected for the purpose of fire safety performance evaluation of solutions in the design phase. DFS 

specify the fire conditions against which a particular proposal or technical solution is expected to 

meet the fire safety targets. In NFPA documents, eight design fire scenarios are specified [5]. 

The process of developing and using fire scenarios for analysis and decisions concerning fire safety 

assessment, the following points are critical [8]: i) the importance of collecting information about 

the conditions that are intended to be analyzed, ii) the definition of the goals of that evaluation, iii) 

selection of criteria to be applied, iv) development and selection of fire scenarios and v) study, 

selection and development of appropriate solutions. In addition, it is important to quantify design 

fire scenarios into engineering terms for use in analysis. There are many ways to accomplish this. 

According to the main standards organization of Norway [12], the design fire scenarios should 

represent typical severe fires that may occur in the specific building category. A worst credible case 

scenario is typically represented by a rapid growth rate and a high heat release rate (HRR). It is 

possible to analyze the most important events that intervene in the fire due to the HRR and the time. 
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One of the most used approaches to define HRR is the αt2 equation. It is assumed that the energy 

release rate of a fire increases proportionally with the square of time. Based on this equation, the 

following fire growth rates are used, depending on the type of building occupation: slow, medium, 

fast and ultra-fast. In this way, it is possible to analyze the main events that compete for the fire 

function to the HRR and the time.   

Using the DFS model above the concept of Emergency Responder Fire Scenario (ERFS) is 

proposed defined as “a fire scenario that specifies the fire conditions from which emergency 

planning can be carried out or whether a given technical-operational solution fire response 

(organization, structure, resources, etc.) meets fire safety goals. It is suggested that the use of ERFS 

for the purpose of planning and evaluating the response to emergencies caused by fire is as valid as 

the use of DFS for fire safety systems planning and evaluation. As with development of DFS for 

fire safety systems performance assessment, time is an important component in the development of 

ERFS for evaluating emergency intervention. Here, description of the ERFS starts from established 

burning and includes the time required for any internal response to the emergency, through the 

arrival of the public fire services within the building at the attack point [9]. 

Development of the ERFS requires considerations of, i) space-time dimension that is intended to be 

assumed for that scenario, ii) type of building occupancy and activity risk factors, iii) most probable 

sources of fire, iv) location and size of the fire under the most unfavorable conditions reasonably 

foreseeable, v) velocity of fire spreading according to the physical and chemical characteristics of 

fuels, vi) fire load, vii) conditions relating to the production and control of combustion products, 

viii) subdivision conditions, ix) immediate and remote exposures to fire, x) evacuation and rescue 

conditions and xi) installed capacity of active means of fire safety. The ERFS is a main component 

of the EPBFS approach.  

4 EMERGENCY PLANNING BASED ON FIRE SCENARIO 

There may be more than one EFRS for a building or facility. Each ERFS should present a set of 

conditions that represents a fire with an effective risk of occurrence, qualitatively or quantitatively 

determined. It is fundamental that it be developed from a justifiable cause or event and that the 

consequences represented by it correspond to the expected development of the fire in the space. For 

this reason, it is important that the EPBFS process starts with a fire risk assessment, which 

identifies the range of possible emergency fire scenarios that could occur, from which a sufficient 

number of emergency planning scenarios are selected. Selection should consider both likelihood of 

occurrence and the expected magnitude of their consequences. For example, a scenario may be 

technically possible but highly unlikely and, in this case need not be considered for emergency 

planning purposes. It is also important to note that the project fire scenarios used are reality based 

and developed in accordance with the type of occupation and in the worst conditions that are 

reasonably foreseeable [10]. 

As part of the EFRS development process, the time from ignition or established burning to 

intervention must be estimated. This can be expressed as the Established Scenario Time (EST). The 

EST must be equal to or greater than the response time guaranteed by the public fire services 

(TGFS) to the area of the building (arrival on scene and first water application). The EST can be 

represented in a timeline, as illustrated in Figure 2. In a way, this allows for comparison of the time 
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for fire development compared with emergency response in a manner similar to available safe 

egress time (ASET) versus required safe egress time (RSET) analysis for occupant evacuation. 

Fig. 2- Interactive performance information diagram 

Figure 2 shows an example of a dynamic analysis ERFS where the analysis zones (Z1, Z2 and Z3) 

and the Established Scenario Time (EST) can be verified. The Z1 allows to analyze aspects such as 

resources for immediate intervention (by any building occupants) or features for immediate fire 

extinguishing (fire extinguishers, low flow water lines, etc.) or features for evacuation. The Z2 

allows to analyze features for protection against exposures, for rescue or for first aid to victims. The 

Z3 allows to analyze aspects such as the internal organization of fire response (first and / or second 

intervention), operational structures, training needs, as well as material and human resources to be 

made available for the response to the fire scenario under analysis. 

Once all aspects of emergency planning have been effectively implemented, their performance can 

and should be assessed by an assessment process based on emergency fire scenarios. Figure 3 

presents the methodology of emergency planning based on fire scenarios. 

In the last phase of the EPBFS process, the structure shown in Figure 4 is used to determine the four 

factors of capacity and compatibility.  

Based on the process of identifying fire risk factors (1), the nature and magnitude of the ERFS are 

identified, as a function of the critical factors that integrate them (2). The TGFS and the operational 

capacity of the public fire services (3) are determined using joint training and mutual aid protocols. 

The TGFS must be determined by a sufficient number of response time test exercises to be 

performed by the public fire services of the community where the building is located. These test 

exercises shall be carried out under the most unfavorable conditions reasonably foreseeable. Taking 

into account the previous phases and using the process of dynamic analysis of selected ERFS 

(Figure 2), the nature of the missions and the levels of intervention [11] to be assigned to the 

internal emergency organization (4) are determined. 
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Fig. 3- Methodology for the use of fire scenario (source: authors) 

 

 

 

            

 

      

 

 

 

 

 

 

Fig. 4- Analysis methodology to determine resource needs for emergency response. 

Based on the results of the previous phases, obtained in the dynamic analysis of all selected ERFS, 

the operational organization and the human resources are dimensioned so that the internal fire 

response organization can fulfill the missions assigned to it and perform the levels of response that 

the magnitude of ERFS requires (5). In view of the results of the previous phase, the operational 

structure and management systems necessary to ensure safe, efficient and expeditious operation (6) 

are determined. Depending on the tasks required to perform the missions and the response levels, 

the needs of individual protection equipment are analyzed in view of the risks to which personnel 

can be exposed and of resources to respond to the selected ERFS (7). Lastly, the competences 
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necessary to fulfill the missions and the assigned levels of intervention and the operation of the 

assigned equipment are identified. According to these competences, a diagnosis of education and 

training needs is made and a training and performance evaluation program is defined (8). 

For the purpose of demonstrating the EPBF methodology, an example of ERFS is presented, which 

can be represented by fire as a function of HRR with time and the interactive performance 

information diagrams (IPID) as in Figure 2.  

Assume there is a 10-storey hotel. The ERFS is a fire on the 3rd floor. Ignition is caused by a short 

circuit in a bedside table lamp near the bed. The room is not occupied. There are smoke detectors in 

each room. There are no sprinklers. The doors have no fire rating. As reflected in Figure 2, the 

response time guaranteed by the public fire services (TGFS) to the area of initial firefighting within 

the building is considered 14 minutes. Also as seen in Figure 2, it is estimated that occupants 

outside of the room of fire origin will begin to be exposed to smoke and hot gases after 9 minutes 

(flashover in room of origin and failure of door), and the conditions in the horizontal evacuation 

route on the 3rd floor will be dangerous to occupants within 10 minutes. By the time the fire service 

arrives (TGFS), the fire will involve the room of origin, the corridor, and potentially more rooms on 

the 3rd floor (EST).   

Using the IPID, one can see that both the TGFS and the EST are 14 minutes, the fire service will 

have no hope to safeguard people on the 3rd floor, since it is expected that the fire will have spread 

outside the room of fire origin, the 3rd floor horizontal exit pathway will be untenable, and there is 

some chance that other compartments may be involved in the fire. This means that in order to 

safeguard people, the fire must be controlled earlier (reduce the EST), there needs to be efficient 

response planning in place by trained teams within the building to assist people and fight the fire, or 

the TGFS needs to be significantly reduced (from 14 minutes to perhaps 5 minutes).  

By using the EPBF methodology, it can therefore be shown how the interrelationship between the 

emergency response teams and the building fire safety systems must perform to safeguard 

occupants and property.   

5 CONCLUSIONS 

The effectiveness of internal (occupant-based) and external (public fire service) emergency response 

operations in case of fire in buildings depends significantly on adequate emergency planning. In order 

to increase the reliability and effectiveness of emergency response planning, a methodology based on 

use of emergency response fire scenarios is presented. The cluster of reasonably foreseeable 

emergency fire response scenarios is formally assumed for emergency planning purposes. Based on 

this cluster of scenarios, a resource needs analysis is carried out, using four capacity and compatibility 

factors for emergency response. It can be concluded that the EPBFS methodology has been shown to 

be simple and effective to quantitative and qualitative emergency response planning based on fire 

scenarios. 
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ABSTRACT 

Standard metrics are useful for comparing design solutions. Structural fire engineering largely relies 

on the fire resistance rating, but the latter quantifies the performance under rising temperatures only, 

and does not contemplate the capability to survive until full burnout. Here, a new metrics is 

introduced to quantify the resistance to burnout under fires with heating and cooling phases. This 

burnout resistance rating is evaluated for different structural components in concrete, steel and 

timber. For RC columns, an analysis on 74 specimens allows deriving a linear relationship between 

the burnout resistance and the fire resistance. Preliminary results for protected steel columns and 

RC beams indicate a similar trend, while timber beams seem to have a relatively lower burnout 

resistance at given fire resistance. Adoption of the burnout resistance alongside the fire resistance 

provides a more accurate picture of comparative performance for elements under real fires.   

1 INTRODUCTION 

The fire resistance rating has proven very useful for standardized, prescriptive methods in fire 

safety engineering. Yet, the absence of consideration for the decay phases of fires and their effects 

on structural behaviour is an important shortcoming. Structural components can fail during or after 

the time of maximum gas temperature, due to a number of factors that include: delayed temperature 

increase in the component sections, stress and load redistributions due to the incompatibility of 

strains and/or the interactions between components, and additional material degradation (e.g. loss of 

compressive strength in concrete, continued charring in timber). Importantly, these factors are in 

part material- and component-dependent. This means that, possibly, different structural components 

with a same fire resistance may exhibit a significantly distinct behaviour under a real fire, where 

one of them might survive until full burnout while the other one fails. This is a considerable 

difference as, in the end, two designs deemed equivalent based on the current fire resistance rating 

might lead to completely distinct outcomes at the end of a fire event. It results that the fire 

resistance alone is ill-defined to fully depict the performance of even simple (isolated) structural 

components under fire, and hence to inform on the best design solution.  

It has recently been proposed by the author to define a new metrics, the burnout resistance [1]-[2]. 

This metrics quantifies the ability of a structural component to survive throughout the entire 

duration of a fire. Therefore, the burnout resistance arguably provides a more representative and fair 

rating than the fire resistance for comparing different components, since any real fire comprises a 

decay phase. In this paper, a brief description of the new metrics is given, after which the burnout 

resistance is assessed for a variety of structural components in concrete, steel and timber.   

2 BURNOUT RESISTANCE RATING 

2.1 Definition 

For any structural component under given loads and boundary conditions, one can define the 

shortest natural fire for which the component will eventually fail, see Fig. 1, provided a definition 

of a set of ‘standardized natural fires’ is adopted where the fires can be ranked in severity. A 

convenient choice for standardized natural fires are the Eurocode parametric fires in which the 



Defining a Burnout Resistance Rating to Compare Structural components Under Real Fire 

  

 

67 

 

parameter Γ is set equal to 1. By setting Γ = 1, the heating phase of the parametric fire approximates 

the ISO 834 standard temperature-time curve, and the fire is unequivocally defined in heating and 

cooling as a function of a single variable, the duration of the heating phase (DHP, in minutes) [1]. 

By this definition, a component’s burnout resistance is the DHP of the shortest ‘standardized natural 

fire’ that the component cannot survive (Fig. 1).  

It is important to notice that the burnout resistance DHP of a member does not coincide with the 

time at which it fails. Indeed, the DHP is always smaller than the fire resistance R, due to the 

factors acting during cooling as listed in the previous section. Generally, structural collapse can 

occur several minutes or hours after the time corresponding to the DHP, and it may even occur after 

the end of the fire, when the temperature in the compartment is back to ambient.  

The burnout resistance is a standardized rating, as is the fire resistance. Therefore, it should not be 

considered as an exact time quantity but as a qualitative index for comparing the performance of 

different structural components under real fires. The burnout resistance rating is correlated with the 

ability to survive a fire until full burnout; it conceptually divides the time domain between fires that 

are short enough to be survived until burnout and fires that bring so much heat/damage that they 

will result in eventual collapse. 

       

Fig. 1. The burnout resistance (DHP) is defined as the shortest fire that a member cannot survive, as illustrated here by 

the continuous red line. To make it a standard metrics, an agreed set of natural fires must be adopted. The proposed set 

of natural fires uses the Eurocode parametric fire model where the heating phase is set similar to the ISO 834 fire.  

2.2 Method to derive the burnout resistance 

Except for the simplest elements, the analysis of a structural component under natural fire 

necessarily requires a verification in the entire time domain by a step-by-step iterative method, 

since verification in the load domain at the time of maximum gas temperature does not guarantee 

against failure at a later stage. Therefore, numerical analyses by the finite element method are used 

to assess the thermo-structural response of the components under natural fires.  

Finding the DHP of a component requires an iterative procedure, where temperature-time curves of 

increasing duration of heating phase are applied to the component until failure is observed. Each 

calculation must be run for long enough to ensure that the temperatures have returned back to 

ambient inside the sections and that no failure is going to occur. The iterative procedure with 

multiple thermo-mechanical simulation for a given component can be automatized using a simple 

script [2]. In this paper, the software SAFIR [3] developed at Liege University and Johns Hopkins 

University is used for running the simulations. 
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As the burnout resistance entails analyzing the behavior during the cooling phase, emphasis is put 

on accurate modeling of the materials properties during cooling. In particular, it must be ensured 

that properties are not recovered when they should not (e.g. concrete strength; timber properties in 

the charred layer; etc.). In the analyses, irreversible thermal and mechanical properties are 

employed where appropriate based on literature data. In addition, transient creep strain is 

incorporated explicitly in the concrete material law based on the ETC model by the author [4]. 

3 APPLICATION OF THE RATING TO STRUCTURAL COMPONENTS 

3.1 Reinforced concrete columns 

Experimental data on standard fire resistance tests of RC columns have been gathered from 74 tests 

coming from three countries. These include 39 tests conducted at the Technical University of 

Braunschweig in Germany [5], 16 tests conducted at the University of Ghent and University of 

Liege in Belgium [6], and 19 tests conducted at the National Research Council in Canada [7]. In 

each of the 74 tests, a loaded reinforced concrete column was exposed to a standard temperature-

time curve (either ISO 834 or ASTM E119) on its four sides. Parameters vary between the tests 

including the end conditions, length of the column, cross-section geometry, reinforcement ratio, 

material strengths, and magnitude and eccentricity of the load. Square and rectangular cross-

sections were tested. The experimentally obtained fire resistance is noted ‘R Test’. 

First, the 74 tests have been simulated using SAFIR. Fiber-based beam finite elements have been 

used. The material properties of Eurocode were adopted. For concrete, the explicit transient creep 

formulation [4] was used to guarantee non-recovery of the transient creep strain. Fig. 2a plots the 

computed and test data for the 74 columns. The average value of the ratio R Model / R Test is 0.95 

with a standard deviation of 0.29. The dispersion is noticeable yet in line with other computational 

studies on RC columns; it is explained mainly by inherent variability in the tests and lack of 

information about some test parameters (e.g. temperature-dependent concrete behavior). 

Secondly, the same 74 columns have been analyzed under the ‘standardized natural fire’ with 

cooling phase. The iterative computational procedure for deriving the burnout resistance was 

applied to each column considering increasing durations of the standardized natural fire until 

finding the shortest fire that could not be survived until burnout. This shortest fire has a duration of 

heating phase noted as ‘DHP’.  

Fig. 2b plots the relationship between DHP and R as computed numerically with SAFIR for the 74 

columns. By definition, the DHP is always shorter than R for a given column. The difference 

between the DHP and R increases with R. The increase in the difference (R – DHP) indicates a 

higher propensity to fail during or after the cooling phase for columns with longer fire resistance 

times. 

Interestingly, it is found that the DHP is approximately linearly proportional to R for the 

investigated RC columns [2]. A linear regression on the data of Fig. 2b yields the very simple 

formulation of Eq. 1, where the DHP can be obtained directly as a function of R: 

𝐷𝐻𝑃 = 0.72 × 𝑅 − 3.0      (in min)    Eq. 1 

Considered jointly, the couple (DHP, R) informs on the propensity of a structure to exhibit delayed 

failure. A member which metrics DHP and R are close, is unlikely to fail during or after the cooling 

phase of a fire. If such member is still standing when the fire fighters start extinguishing the fire, the 

most likely outcome is that it will survive full burnout. In contrast, structural members with a DHP 

much shorter than their fire resistance are at risk of delayed failure. Indeed, there are a potentially 

large number of fires that, while not leading to immediate collapse (i.e. the heating is less severe 
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than a duration R of the ISO fire), affect the member to such an extent that it will eventually fail 

(i.e. the heating is more severe than a duration DHP of the standardized natural fire). 

  

a) b) 

Fig. 2. a) Numerical modelling of 74 fire resistance tests on the RC columns; b) Relationship between the ratings of 

“fire resistance R” and “burnout resistance DHP” for the RC columns. 

3.2 Steel columns 

The studied steel columns are thermally insulated HEB 400 profiles in S355 exposed to fire on their 

four sides. The columns are 4 m long with a sinusoidal imperfection of amplitude L/300. They are 

simply supported at both ends and axially loaded at the top. Weak axis flexural buckling was 

prevented. Two thicknesses of insulation are used: P1 and P2 are designed to provide respectively a 

60 min and 120 min fire resistance under 50% applied load ratio. The two columns are analysed 

under four load ratios varying from 30% to 60%; in each case both the fire resistance (R) and 

burnout resistance (DHP) are evaluated. Failure occurs by buckling of the columns.  

The results are plotted in Fig. 3. It is found that the data points for the protected steel columns 

match quite well the relationship obtained for the RC columns (Eq. 1) (although a closer look 

reveals that the ratio DHP/R for P1 and P2 differs slightly from the one for the RC column). This 

result was not necessarily expected as different phenomena occur in the two types of structural 

components during cooling. At the material level, concrete exhibits a 10% additional loss of 

strength during the cooling phase, while steel recovers (most of) its strength. The thermal inertia of 

the sections are also different. Yet, it appears that the overall effect of the natural fire is similar for 

the RC and steel columns. This finding should be confirmed in further studies. 

3.3 Reinforced concrete beams 

The reinforced concrete beams, simply supported with a 6 m span, are exposed to fire on three 

sides. Two rectangular cross-section sizes are considered: 50 cm height by 22 cm width, and 41 cm 

height by 18 cm width. Both are reinforced by 3 lower bars of 20 mm diameter and 3 upper bars of 

10 mm diameter, with a concrete cover of 40 mm. The applied load is uniformly distributed on the 

beam and maintained constant during the fire. The mechanical strength of concrete and steel 

reinforcement are 30 MPa and 500 MPa, respectively. The beams were analysed under four 

different applied load values.  
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The results, plotted in Fig. 3, again suggest a relationship between burnout resistance and fire 

resistance that reasonably agrees with Eq. 1. For these RC beams exposed on three sides, it is 

expected that the main effect governing the possible failure during cooling is the delayed heat 

transfer towards the lower rebars. Further studies will seek to confirm the observed results. 

 

Fig. 3. Relationship between burnout resistance DHP and fire resistance R for different structural components. The steel 

and RC components fall approximately on a same line, while the timber beams have a lower DHP (at same R). 

3.4 Timber beams 

The timber beams are softwood timber beams, simply supported with a 4 m span, exposed to fire on 

three sides. Two rectangular cross-section sizes are considered: 40 cm height by 20 cm width, and 

60 cm height by 30 cm width. The uniformly distributed applied load is maintained constant during 

the fire. The Young’s modulus and characteristic bending strength at ambient temperature are 

11 GPa and 24 MPa, respectively. Four different applied load values were considered. 

Modelling the response of a timber component during the cooling phase is complex. Questions arise 

regarding charring and auto-extinction, thermal penetration depth, residual properties, etc. Research 

is ongoing to improve understanding of the behaviour of timber elements under real fires. Recent 

full-scale experimental research on exposed cross-laminated timber walls has indicated that the 

thermal penetration depth continued to increase for more than an hour after auto-extinction and halt 

of the charring front, which resulted in continued reduction of the structural capacity in the decay 

phase [9]. 

Here, the method of Annex B in Eurocode 5 is adopted. This method relies on numerical 

simulations based on the theory of heat transfer and evolution of the properties with temperature. It 

computes the temperature evolution in the entire cross-section; then, it applies temperature 

dependent reduction factors for the material mechanical properties. However, the evolution of 

properties with temperature is only given for standard fire exposure (as these “effective” properties 

were calibrated on standard fire resistance tests). It is assumed here that these properties are not 

recovered during cooling; they keep the value corresponding to the maximum reached temperature. 

Yet, additional data is needed on residual properties of heated, uncharred timber. Another limitation 

is the fact that these properties do not capture the additional energy possibly generated through 

member combustion during cooling (depending on time of auto-extinction). These limitations must 

be kept in mind while interpreting the results. Meanwhile, as the characterization of the burnout 
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resistance of timber members is of crucial importance, reliable models for analysing timber 

structures under natural fires are needed. 

In Fig. 3, the results for the timber beams show a trend differing from Eq. 1. A linear relationship 

between DHP and R seems again to emerge, but with a factor considerably smaller than 0.72. This 

suggests a higher propensity to delayed failure for the timber beams, compared to the other studied 

members. This is probably due to the fact that the mechanical properties of timber are affected even 

at relatively low temperature, so that the delayed heat transfer affects the strength of the section 

core. Besides, these properties have been assumed as irrecoverable. 

4 SENSITIVITY OF THE RATING TO MATERIAL PROPERTIES ASSUMPTIONS 

Since the burnout resistance (DHP) entails analysing the structural response under cooling as well, 

assumptions must be made about the reversibility of the material properties. Notably regarding the 

material strengths, it is not enough to know the retention factors at elevated temperature; the 

residual values after cooling are also required. 

The sensitivity of the DHP to the assumption for strength loss during cooling is considered here. In 

Section 3, the assumption for concrete strength was that a 10% additional loss occurs during 

cooling with respect to the retention factor at the maximum reached temperature [2]. For steel, a 

residual loss of yield strength of 0.3MPa/°C was assumed once it has been heated beyond 600°C 

(compared to the ambient strength); while the steel strength was considered as reversible where its 

temperature had not exceeded 600°C [10]. 

The sensitivity for steel was considered by re-running the simulations adopting, first, a larger 

residual loss of 1.0MPa/°C beyond 550°C, and second, no residual loss of strength. The first case 

means that steel heated to 750°C and cooled down would have a residual strength reduced by 

200 MPa, compared to the initial value. The second case means full strength recovery. Yet, analyses 

showed no influence at all of the steel strength recovery assumption on the DHP.  

For instance, the column P2 under 50% load ratio (R120) has a DHP of 84 min, irrespective of the 

steel strength recovery assumption. In all cases, this column fails after 148 min when exposed to the 

natural fire with 84 min heating phase, while it survives under the fire with 82 min heating phase. 

Looking at the heat transfer results in this protected section (Fig. 4) reveals that the time of failure 

coincides with the average time of peak steel temperature. Accordingly, the phenomenon governing 

the delayed failure here is the delayed temperature increase in the section, due to the thermal 

protection and thermal inertia, while the material behaviour in cooling plays no role.  

          

Fig. 4. (left) Temperature increase in the protected steel column section P2 under the shortest natural fire leading to 

failure (DHP 84 min). Failure occurs at time of peak steel temperature. (right) Temperature increase in a concrete 

column section under DHP fire of 58 min. At time of failure, most of the section is still heating up. 
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For the concrete members, the sensitivity to the value of the additional loss during cooling was 

checked by considering additional losses of 0%, 10% or 20% when cooling down from maximum 

temperature back to ambient. Selected simulations on columns were re-run under these three 

assumptions. For concrete, the temperature distribution in the section is not uniform and, at the time 

of failure, part of the section is in cooling (Fig. 4). The relative area of the section in cooling 

depends on the case, but generally, most of the section is still heating up when failure occurs under 

DHP fire. Therefore, for most cases no significant effect of the residual strength assumption on the 

DHP was observed. 

If we were interested in residual capacity of the columns, then the assumption on strength recovery 

would be important. But this assumption appears insignificant when we are interested in failure of 

an element during cooling (i.e. burnout resistance), for the considered cases at least. It should be 

noted that configurations different from those simulated here might lead to a different conclusion, 

for instance when considering unsymmetrical fire exposure or structural assemblies. Additional 

studies are needed to explore other typologies and boundary conditions.  

5 BURNOUT RESISTANCE OF A STRUCTURAL ASSEMBLY 

It is the author’s opinion that the prescriptive classification of structural members could rely on a 

pair of metrics (DHP, R) rather than on the fire resistance only, the two metrics providing a more 

complete picture of the structural fire response until complete burnout and, in combination, 

informing on the vulnerability to delayed structural failure. Among the factors affecting delayed 

failures, thermally-induced forces may be significant, such as tensile forces that build up in 

members and connections during cooling. For instance, load redistributions among columns 

subjected to distinct heating-cooling histories may threaten the stability of steel frames during the 

cooling phase [8]. As these effects emerge at the structural system level, the question arises whether 

the burnout resistance metrics can be used to characterize structural assemblies. It seems reasonable 

to apply the metrics to relatively simple structural systems where a post-flashover (uniform) fire is 

likely to occur, to comparatively assess systems vulnerability to cooling. Yet as the fire exposures 

and structure under consideration become more sophisticated, multiple potential failure modes can 

be observed for different fire scenarios (including non-uniform fires) [11], making it difficult to rely 

on a ‘standardized set of natural fires’. It is useful to remember here that the objective behind the 

burnout resistance is to provide a standard metrics that allows easy comparison and classification, 

and certainly not to replace performance-based assessment supported by first principles of structural 

fire engineering and advanced computational analysis.  

6 CONCLUSIONS 

• While fires’ cooling phases may affect structural stability for a number of reasons (material- 

and component-dependent), the fire resistance rating provides no insight into these effects. 

• A ‘burnout resistance’ rating has been introduced to quantify the ability of components to 

survive throughout burnout. It is defined as the shortest fire that a member cannot survive. 

• Analysis of a dataset of reinforced concrete columns heated on four sides revealed a linear 

relationship between burnout resistance and R. Preliminary results for other RC and steel 

members suggest that approximately the same relationship holds. 

• Analysis of eight data points for timber beams showed a considerably lower burnout 

resistance than for RC and steel members at given fire resistance. This result needs to be 

confirmed through additional analyses; also, more reliable data and methods for timber 

behaviour in cooling are needed. 
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ABSTRACT 

Performance-Based Fire Engineering (PBFE) is particularly applicable to tall buildings since a 

traditional prescriptive approach does not account for specific features and characteristics of tall 

structures. In this study, a PBFE approach is applied to a tall building and its potential impacts on 

the design are investigated. An example mixed-use tower is considered to investigate the PBFE 

approach through simulation of various fire scenarios and assessment of the building’s structural 

response. Parametric temperature-time curves from Eurocode 1 are used to generate compartment 

fires representing fire scenarios. Subsequent thermal and mechanical response analyses are 

performed with a finite element model of the building. The study focuses on assessing the fire 

performance at critical locations of the building such as steel trusses of a transfer level, where large 

fire scenarios may lead to global effects as a result of a local fire.  

1 INTRODUCTION 

Traditional prescriptive fire protection of structural members in a building relies on unrealistic fire 

tests at component level. For a tall building, such an approach might miss important features of the 

response of the structural system to realistic fires, including the response of special structural 

features of such buildings that could have a global impact on the response to fire. This study is an 

attempt to examine some of such features. By employing a Performance-Based Fire Engineering 

(PBFE) approach, the engineer can explore the challenges and possible benefits of assessing the 

structural performance of a specific structure under realistic fire conditions, in order to develop 

more resilient and potentially cost-effective designs. In this study, a PBFE approach is employed on 

a mixed-used tall building structure, while various fire rating assignments are explored in order to 

gain a quantitative insight of the structural performance under realistic fire conditions, as opposed 

to code-prescribed fire exposures and fire ratings.  

2 BUILDING AND FIRE SCENARIOS 

2.1 Building Description 

The process of PBFE is demonstrated through the example of a generic 50-story mixed-used tall 

building, which is representative of a common type of modern tall building design in the United 

States (Figure 1). The bottom 30 floors are office floors, with a concrete core and perimeter steel 

columns. The top 20 floors are residential floors, with a concrete core and concrete columns. The 

inner concrete columns are supported by transfer trusses at level 30. Transfer levels are commonly 

used in mixed-use tall buildings to create a transition from upper floors with large number of 

columns to lower levels which are designed to have an open plan with fewer columns.  

2.2 Fire Scenario 

The PBFE process starts with the identification of the worst-case yet realistic fire scenarios that can 

occur at the most vulnerable locations within a structure. The fire scenario considered in this study 

involves a fire event under the steel transfer trusses of the building. The occupancy of transfer 

levels is typically storage or mechanical, which have the potential to cause a fire with a large 
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amount of fuel. Such fire incidents might be deemed critical for the performance of the overall 

structure since they can potentially affect the upper parts of the structure supported by the transfer 

trusses.  

In this particular building, the transfer level comprises of several interconnected transfer trusses that 

are 4 m deep, and occupy a space of 340 m2 with a ceiling at 7 m height. It is assumed that 

combustible material such as stored items or mechanical equipment is spread over the majority of 

the space, producing a characteristic fire load density of 511 MJ/m2 and a design fire load density of 

620 MJ/m2. These values are consistent with Annex E of Eurocode 1 (EC-1) [1] for the 80% fractile 

of office occupancy (in absence of a specific occupancy related to storage spaces).  

 

Fig. 1. Building configuration and fire scenario 
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3 ANALYSIS METHOD 

3.1 Fire Simulation 

Fire simulation is the next step in the PBFE process. Among the research and design community, 

several methods are used to simulate fires, whose complexity and accuracy varies significantly; 

from the non-realistic and highly conservative prescriptive standard fire curves such as the ISO 834 

and the ASTM E-119 [8] fire curves which form the basis of fire rating tests, to fires generated from 

sophisticated computational fluid dynamic models such as NIST’s Fire Dynamics Simulator (FDS) 

[2]. This study relies on the Eurocode-1 Annex A [1] parametric fire curve method, which although 

prescriptive, takes into account specific characteristics of the compartment under examination (area 

of the compartment, area and height of ventilation openings, thermal properties of compartment 

boundaries). One of the key assumptions of this method is that during post-flashover conditions, the 

compartment temperature is fairly uniform due to the upper hot gas layer having overfilled the 

compartment almost entirely.  

Depending on the amount of ventilation available, highest compartment temperatures typically 

happen in a ventilation-controlled as opposed to fuel-controlled regime. Furthermore, between two 

fires with the same maximum compartment temperature, the ventilation-controlled fire will have the 

longer duration ([3], [4]). In this study, two EC-1 ventilation-controlled parametric fire scenarios 

with different opening factors are constructed (Figure 2). Fire Scenario 1 is defined with an opening 

factor of 0.08 which leads to a maximum average compartment temperature of approximately 

1100°C and a total fire duration of approximately one hour. This scenario can be considered as a 

very high temperature but short duration scenario. At the other end of the spectrum, Fire Scenario 2 

is defined with a lower opening factor of 0.025 that leads to a lower average compartment 

temperature of approximately 940°C but to a much longer fire duration of four hours. Alternative 

scenarios with opening factors higher than 0.1 are fuel-controlled fires with temperatures less than 

1100°C and durations less than one hour and  thus are deemed not critical. For the compartment 

boundary properties of both fire scenarios examined, lightweight concrete properties are utilized as 

a conservative assumption given the low conductivity of lightweight concrete, leading to higher 

compartment temperatures. Another conservative assumption is the application of the EC-1 

parametric fire method for a compartment height exceeding the 4 m limit of EC-1, because taller 

compartments are less likely to accumulate heat as intensely as described in EC-1.  

                           

Fig. 2. Parametric temperature-time curves from Annex A of Eurocode 1 for Fire Scenario 1 & 2. 
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3.2 Heat Transfer FE Analysis 

The fire simulation of the EC-1 parametric fire methodology is followed by sequentially coupled 

thermo-mechanical analyses in the general purpose FE analysis software Abaqus [5]. The time 

histories obtained from EC-1 are uniformly applied as convection and radiation interactions on the 

member surfaces, except at the upper chords of the trusses which are embedded in concrete. Steel 

thermal properties are modelled as temperature-dependent per Eurocode 3 [6]. The wide-flange 

sections and gusset plates at the connections are modelled with 4-node composite layered shell 

elements, which present the advantage of allowing for local failure modes (for example web 

buckling) and give flexibility to quickly change the fireproofing layer properties to achieve different 

fire ratings. 

Code-compliant fire protection design for this particular structure would require a 3-hour fire rating 

on the steel members. However in this study, three different cases of fire protection scheme are 

examined: 1-hour, 2-hour and 3-hour fire rating. The fireproofing shell thicknesses for each case are 

calculated per the applicable UL design [7]. The goal of investigating these fire protection cases is 

to gain quantitative insight into the performance of the structure under more realistic fire conditions 

than the widely-used highly conservative ASTM E-119 fire tests.  

Figure 3 illustrates the temperature time-history of an example shell element at the flange of a 

bottom truss chord for the 1-hour fire rated case, for the two EC-1 fire scenarios. It is evident that 

the fireproofing reduces the steel temperatures dramatically. In addition, Fire Scenario 2 is more 

detrimental for the structure since the steel temperatures are higher than the temperatures in Fire 

Scenario 1; even if Fire Scenario 2 displays lower peak compartment temperatures, its much longer 

duration allows for more intense heating of the steel members than Fire Scenario 1. This can be 

further explained by observing that for Fire Scenario 2 the trusses are exposed to temperatures 

above 800°C for more than 1.5 hours, while for Fire Scenario 1 the compartment temperature 

exceeds 800°C for approximately 0.5 hour. Therefore, further analysis results are only shown for 

Fire Scenario 2. The analysis duration for Fire Scenario 2 continues for an additional 8 hours 

beyond the end of the fire in order to allow for cooling of the structure.   

Figure 4a-c depicts temperature contours of the underlying steel for the 1-hour, 2-hour and 3-hour 

fire rated cases for Fire Scenario 2, at a thermal analysis time where maximum steel temperatures 

are reached for each case; the maximum temperature of the structural elements are 525°C, 394°C 

and 314°C, respectively. 
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Fig. 3. Temperature time history 1-hour of fire rated case at the bottom flange of a bottom truss chord, for a) Fire 

Scenario 1 and b) Fire Scenario 2 including the cooling phase 

 

Fig. 4. Temperature contours in Celsius for Fire Scenario 2 of underlying steel members for a) 1-hr fire rating, b) 2-hr 

fire rating, d) 3-hr fire rating. 
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3.3 Structural FE Analysis 

Subsequent structural analysis is conducted since elevated temperatures are expected to decrease the 

strength and stiffness of the steel members, as well as cause thermal stresses due to thermal 

expansion. Since the fire scenario occurs under the transfer trusses which support the upper 20 

concrete stories of the structure, it is essential to include a larger portion of the building in order to 

sufficiently evaluate the global structural response. The transfer trusses subjected to fire are 

modelled with layered shell elements, since they are expected to exhibit significant plastic behavior. 

However, the rest of the trusses as well as the upper floors of the building need less modelling detail 

and are thus modelled with beam elements. Fixed translational and rotational boundary conditions 

are utilized to simulate the rigidity of the interior concrete core. Fixity is also applied at the bottom 

of all columns. The material for the steel members is A992 with yield stress of 345 MPa and 

ultimate stress of 450 MPa at ambient temperature conditions, while temperature-dependent 

mechanical properties are defined per Eurocode 3 [6].  The model is initially subjected to gravity 

loads per the extreme event load combination of ASCE 7 [9] and subsequently subjected to the 

temperature time-histories mapped from the previous heat transfer analysis. 

The upper 20 concrete stories are modeled with columns and beams representing slab strips, with an 

elastic concrete material. In order to allow for potential slab plasticity, plastic hinges are assigned at 

both ends of each slab strip in the form of connectors which include isotropic hardening with yield 

and ultimate moment capacity calculated for each concrete slab section. To simplify the structural 

model, since the upper 20 concrete stories are identical, a 1-story frame with equivalent properties 

is used to model the effect of the upper stories. The plastic hinges assigned to those strips are also 

calculated to match the plastic behavior of the condensed concrete sections. The global model of the 

building is depicted in Figure 5. 

 

Fig. 5. Global structural analysis model 

Figure 6 illustrates the deformed shape along with vertical deformation contours, both for the 1-hour fire 

rated steel case. Since the temperatures of the truss members have reached up to 525°C, steel material has 

lost about 30% of its strength and 50% of its stiffness. Therefore, the loss of stiffness of members at the 

interior bays in combination with thermal expansion of perimeter exterior columns causes a maximum 

differential displacement of 0.11 m. This deflection includes the initial downward deflection of the trusses 

due to gravity loads, which is approximately equal to 0.015 m. The differential displacement of  0.11 m 

causes the plastic hinges of a significant number of  slab strips to activate, and thus many of them reach their 

yield moment capacity, meaning that the slabs of all the floors above have undergone significant structural 
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damage. Moreover, two truss members exhibit large out-of-plane displacements reaching a maximum of 0.10 

m. The deflections of the transfer trusses cause large deflections and overstress of the slabs at all the upper 

floors. 

 

Fig. 6. 1-hour fire rated steel case for Fire Scenario 2; deformed shape during heating along with vertical deformation of 

entire structure in meters 

For the 2-hour and 3-hour fire rated cases; steel temperatures are lower and therefore induce less 

loss of stiffness and less thermal expansion. The portion of the differential displacement due to fire 

between perimeter columns and interior bays for these cases is approximately 0.07 m and 0.05 m, 

respectively. In terms of structural damage to the slabs, a significant number of plastic hinges are 

also activated for the 2-hour and 3-hour fire rated cases. Therefore, in this case study, a fire under 

the transfer trusses does lead to damage at the upper floors.  

4 CONCLUSIONS 

In the present study, fires affecting transfer trusses for a 50-story mixed-used building are modeled 

and their impact on the performance of the structure is studied. 

The analysis results indicate the following: 

For 1-hour rated fireproofing on the transfer trusses, significant differential displacement between 

perimeter columns and interior bays is observed, as well as yielding of all of the slabs above the 

fire. This behavior indicates that the local fire scenario has a global impact on the structure. 

For 2-hour and 3-hour (code-compliant) rated fireproofing on the transfer trusses, smaller 

differential displacement is observed, however slab plasticity is still present. This highlights the fact 

that, even for code compliant designs and for fire scenarios that result in temperatures for which 

loss of steel strength has not initiated, global damage to the structure in terms of widespread 

deformation is still possible.  

Analysis results for different fireproofing schemes underline the significance of fire protection for 

both structural stability and global serviceability considerations.  

These results are limited to the geometry and member design for the specific structure and fire 

scenario considered. Additional studies including different building configurations and fire 

scenarios are required in order to generalize the observations made herein. Nonetheless, this study 
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shows the usefulness of PBFE to understand realistic response of structures to fires, including the 

effects of their unique feature on structural responses.  
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ABSTRACT 

The primary purpose of oxygen reduction systems (ORS) for fire prevention applications is to 

create an environment of sufficiently low oxygen concentration to prevent, or significantly inhibit, 

fire initiation, development and spread. Two standards are currently available that provide guidance 

on design, installation and maintenance of ORS for fire. However, the Fire Protection Research 

Foundation (FPRF) identified issues with each of these standards that warranted further study. A 

research project was commissioned to conduct a literature review, from which gaps could be 

highlighted and research needs going forward could be identified. As summarized here, the review 

addresses factors that a test method needs to address in order to obtain ignition threshold values 

(reduced oxygen levels) for the system to be effective as a fire prevention system, and the suggests 

potential performance requirements for possible alternative test method to those currently available. 

Furthermore, the review addresses reliability issues with ORS.   

1 INTRODUCTION 

The fundamental operating principle of ORS is to reduce the oxygen concentration in a 

compartment to a sufficiently low level so as to minimize the potential for ignition of a fire [1-4]. 

As described by Chiti [3], in a compartment protected by an ORS, a normobaric hypoxic 

atmosphere is continuously retained, wherein hypoxic means that the partial pressure of the oxygen 

is lower than at the sea level, and normobaric means that the barometric pressure is equal to the 

barometric pressure at the sea level. In general, ORS work by replacing a certain amount of oxygen 

molecules by the same amount nitrogen molecules to obtain this normobaric hypoxic atmosphere. 

In unoccupied spaces, ORS can function as a fire prevention system, maintaining an oxygen 

concentration that is sufficiently low to prevent ignition or established burning, or as a fire 

suppression, like other inert gas systems, such as CO2 systems provided the correct level is chosen. 

At present, there are only two standards, VdS 3527en:2007, Oxygen Reduction Systems Planning 

and Installation [5] and EN 16750:2017 E, Fixed firefighting systems - Oxygen reduction systems - 

Design, installation, planning and maintenance [6], which provide guidance on design, installation 

and maintenance of ORS for fire safety.  

It is important to note that EN 16750:2017 recently replaced British Standards Institution PAS 95, 

Hypoxic Air Fire Prevention Systems [7]. Much like BSI PAS 95 and VdS 3527en:2007, EN 

16750:2017 E provides exemplar data on minimum oxygen concentration levels for ignition of 

select materials. Furthermore, the test methods to determine ignition thresholds (oxygen levels) in 

EN 16750:2017, BSI PAS 95 and VdS 3527 are very similar and will therefore result in similar 

ignition thresholds. While EN 16750:2017 has not been investigated in detail, concerns have been 

raised with both BSI PAS 95 and VdS 3527en:2007 [8]. One concern is that the testing procedures 

specified by the standards for assessing the ignition thresholds for materials within reduced oxygen 

environments may be insufficient to cover real-scale scenarios and may as such result in oxygen 
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concentrations too high to prevent ignition in real-scale scenarios. Another concern is that both 

standards have limited guidance on the inspection, testing, and maintenance (ITM) of ORS for fire.  

Given these concerns, the Fire Protection Research Foundation (FPRF) commissioned a literature 

review with the objective to produce a report that investigates the factors that a test method needs to 

address in order to obtain ignition threshold values (reduced oxygen levels) for the system to be 

effective, suggests potential performance requirements for possible alternative test method to those 

currently available, and identifies research that is needed to fill gaps and needs [8]. The project was 

bounded by a focus on fire prevention as compared with fire protection (i.e., controlling a fire once 

it starts), with a specific aim to identify issues faced in ‘real-world’ applications of ORS for fire, 

such as reliability issues relating to inspection, testing and maintenance, component reliability and 

operational issues. The review applies to all ORS for fire, but does not address the efficacy of ORS 

in cases where ignition occurs and a fire develops in a reduced oxygen atmosphere. In addition, 

factors such as preventing further ignition or controlling / extinguishing fire in reduced oxygen 

environments was not studied and warrants further investigation. Furthermore, safety of people in 

reduced oxygen atmospheres, without protection, has also not been addressed. The project report [9] 

is available of the FPRF website. The discussion below is excerpted from the project report, with 

modifications, with permission from the FPRF. Significantly more discussion is available in the full 

report [9].  

2 WAREHOUSE STORAGE APPLICATIONS AND ORS CONCERNS 

Real world applications have often much more complexity compared to standardized and theoretical 

set-ups of the ORS. As such there might be an impact on the efficacy of the ORS. The most 

important property of an ORS is the choice of the oxygen level and the quality of the oxygen level 

in the real-world application. The test method defines the required level of oxygen, according to the 

standards, for the content of the real-world application. However, the determined oxygen level is 

only applicable for the test conditions [13] and it might not cover the real-world application with 

deviations in fuel composition, fuel configuration etc. It is important to compare the type of 

materials/product/configuration used in the test method with the actual conditions in the building 

itself. Deviations from the fuel content and configuration in the test with the real-world application 

might result in the fact that the oxygen level is too high and still allows ignition. In that case the 

efficacy of the ORS may not be reliable enough.  

Another important aspect is the determination of the oxygen level in test method compared to the 

one necessary to prevent ignition by real life ignition sources and thermal impacts. The existing test 

method(s) have a simple low heat release pre-mixed flame with high momentum. This type of 

ignition source is only one of the possible real-life ignition sources, and international 

standardization documents such as ISO 11925 Part 3 [10], list a number of other flame ignitions 

sources. Apart from those there exist also ignitions sources resulting from short circuit arcs which 

might contain a lot more energy and create higher temperatures. 

Within the facility in which the ORS is installed it is important to guarantee that the chosen level of 

oxygen is obtained in the whole facility. This puts requirements on the measurements system and 

the number and place of the measurements. While existing standards give guidance, it has not been 

clear from the study how the choices have been made with connection to real life applications [9]. 

When the oxygen level is chosen, it has to be kept constant as a function of time. Leakage as 

function of time is therefore of importance to monitor. Movement of commodity between 

compartments requires openings, which can result in leakages when open. While it might be 

possible to estimate such opening time and associated leakage during any given time period (e.g., 

total opening time and leakage volume per day) to estimate required concentration, such estimation 
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would require margins of safety to account for unintended opening, barrier failures and so forth. It 

would also require adherence to operational plans as well as maintenance of opening protectives 

(i.e., doors, dampers, shutters, etc.). Special designs might be necessary. 

There is also impact of other failure of the building envelope on the system performance (e.g., 

external fire, vehicle damage, etc.). The latter is a weakness of the system as the oxygen level will 

not be able to maintain in case some parts of the containment fails due to an intense local fire or 

explosion, that was not foreseen in the design phase, e.g. due to breaking of a window. It is also 

important that access to the facility will influence the level of oxygen due to entrance of fresh air. 

Finally, the oxygen concentration can be influenced as a function of time due the impact of general 

system degradation and/or building aging over time. 

It is critical to be able to verify a fire prevention or protection system’s operational condition and 

associated effectiveness. To be able to do this one would like to make sure that the system is 

maintained properly so that it continues to work during the conditions when the system is needed. 

Furthermore, inspections are critical to verify that the system is in operating condition (e.g. is the 

system turned on) and free of physical damage. In addition, testing is needed in order to verify the 

operational status of the system or a component thereof through physical checks.  

Impairments to fire protection/prevention systems in general is a common reason for the systems 

not being able to perform as intended. Impairments could be planned or emergency impairments 

due to some failure. Impairments in general needs to be limited in time and frequency which 

requires good system and component reliability as well as early discovery of an emergency 

impairment. Currently there is no industry practice for ITM of ORS and there is a need for such a 

standard to be developed including weekly, monthly, quarterly and annual inspections and tests as 

well as required maintenance on the system. 

A typical attribute for warehouses as compared to the general issues that affect the oxygen 

concentration is the fact that we often do not know the content of all possible products/storage in a 

warehouse and their content as a function of time. Oxygen level determination might be different. 

The products might also contain a lot of different materials and be mounted into a specific system 

which can influence the overall behavior and oxygen level due to trapped oxygen. Another 

important aspect is that the products might be in packaging which contain oxygen and this will in its 

turn affect the conditions if the packaging sealing is destroyed by the local fire and give an 

additional access of air to the fire locally which might lead to fire spread.  It is also possible that the 

first ignition item might be different from one warehouse facility to another and its should be 

investigated how this influences the required oxygen level. There should be a link to a risk analysis 

of the facility. 

The type of geometry used in warehouses can be a significant concern, especially those with large 

volumes, many openings, and rack storage. A particular concern is the ‘tightness’ of the volume, 

how it can be assessed, and how reliable this tightness is. There can be issues with movement of 

goods between spaces, ventilation systems between spaces, and permeability of the exterior 

surfaces. Although it is not particular only for warehouses, tightness is of great importance for ORS 

application and lifecycle reliability. 

The occupancy classification of warehouses can differ considerably depending on the 

commodity(ies) being stored. Some commodities are more difficult to protect than others. For ORS, 

this is indicated by the ignition threshold values. For sprinkler systems, it is indicated by the 

commodity classification and the associated sprinkler design requirement. The nature of ORS 

makes it difficult to determine different commodity classifications since different materials have 

different ignition thresholds and the driving factor for the threshold is not fully understood. It may 
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be the case that a commodity classification similar to the sprinkler system commodity classification 

may not be possible, but no research has been done apart from a comparison by Zhou et al. [11].  

3 IGNITION THRESHOLDS AND PERFORMANCE REQUIREMENTS 

Given the various issues associated with warehouse storage applications and potential impacts on 

ORS for fire efficacy, some of the most critical factors are explored in more detail.  

3.1 Test Environments and Real-World Challenges 

For most fuels, ignition and subsequent burning can be prevented when the oxygen concentration is 

less than 10% [12]. For unoccupied spaces, this is technically possible, assuming the compartment 

tightness can be maintained, and the ORS continuously operates in a reliable manner. In practice, 

however, particularly in warehouse storage applications, spaces may be occupied some of the time, 

and there will be openings in compartment boundaries for movement of goods. Design, operation 

and maintenance of the ORS should take into account openings in the compartment barriers, 

permeability of compartment barrier materials, and length of time the space may be occupied to 

assure target concentrations are maintained. Since design oxygen concentration levels of around 14-

15% is typically used for occupied spaces (see e.g. [3]), ORS efficacy as a fire prevention system 

may be reduced and ignition of ordinary combustibles may still occur at that oxygen level 

depending on the ignition source [12]. 

3.2 Test Criteria 

The performance of an ORS is dependent on the oxygen concentrations, energy and duration of the 

ignition source, and fuel characteristics. According to PAS 95:2011 [7], VdS 3527en [5] and EN 

16750:2017 E [6], different oxygen concentrations should be used depending on the material 

subject to burning [13]. In Table 1 below, different values of oxygen concentrations, below which 

burning cannot take place in the test application, are shown. 

Table 1. Oxygen concentrations below which burning cannot occur in the test [9] 

Substance VdS Ignition threshold (Vol.%) 

(Design concentration Vol%) (VdS 2007) 

Limiting Oxygen Concentration 

(LOC) (Vol%) (Xin and Khan, 2007) 

Methanol 11.0 (10.0) 11.64 

Ethanol 12.8 (11.8) 12.40 

PMMA 15.9 (14.9) 10.48 

Polyethylene HD: 16.0 (15.0) 

LD: 15.9 (14.9) 

LD: 11.39 

Corrugated Board 15.0 (14.0) 12.86 

PVC 16.9 (15.9) - 

It can be seen that the values differ quite widely; this is dependent upon the test procedure. The 

limiting oxygen concentration (LOC) was obtained by Xin and Khan [14] in the Fire Propagation 

Apparatus (FPA) with an external heat flux of 30 kW/m2 for solid fuels and with no external heat 

flux for the liquids. In Table 1, it can be seen that according to the VdS standard, a 15 % oxygen 

concentration may be applicable for several fuel types. However, the values provided by Xin and 

Khan [14] shows significantly lower concentrations are needed due to the applied external heat flux, 

which is not present in the test method in VdS 3527en. An external heat flux could be obtained, for 
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example, if an arson fire occurs where flammable liquids are used as an ignition source, or if 

materials are reradiating towards each other, as in the parallel panel test or between pallet loads in a 

rack storage arrangement [9]. 

3.3 Test Methods 

With respect to testing procedure for assessing ignition thresholds, Nilsson and van Hees [13] 

identified the following in VdS 3527 and in British Standards Institution PAS 95, Hypoxic Air Fire 

Prevention Systems [7], a forerunner to EN 16750:2017 E [6].  

The oxygen acetylene torch has a high burning velocity and results in a very local heat transfer 

causing burn through of the material and blowout of any diffusion flames on the sample 

The flame presents virtually no radiation  

The fuel configuration and reradiation between fuel packages is not taken into account 

Test criteria, procedure and ignition source are imprecise and poorly defined  

Nilsson and van Hees [13] concluded that the ignition thresholds obtained using the tests described 

in VdS 3527 and BSI PAS 95 are only valid for the tested conditions and may not represent real-

world conditions. Their conclusion is supported by Xin and Khan [14], where laboratory scale 

testing suggested that lower oxygen concentrations than those found using the VdS 3527 or BSI 

PAS 95 methods are necessary for adequate fire prevention. These conclusions have been 

reconfirmed through recent larger scale testing [11, 12, 15]. 

4 SUMMARY OF RESEARCH/DEVELOPMENT NEEDS FOR ORS FOR FIRE 

4.1 Test Methods 

The research suggests that the test methods in EN 16750:2017 and VdS 3527e:2017 may not be 

sufficient to cover real-scale scenarios and may result in oxygen concentrations too high to prevent 

ignition in the real-scale scenarios. Therefore, the following research is suggested: 

The actual test methods used in existing standards are rather limited as described. No full- or real-

scale validation has been done. Therefore, the test methods might not be sufficient for all types of 

contents in case of warehouses. Other alternatives should be studied.  

The test method in the EN and VdS standards have only one type of ignition source. This is not 

representative of reality. This type of ignition source is only one of the possible real-life ignition 

sources and international standardization documents such as ISO 11925 part 3 [10] lists a number of 

other flame ignitions sources. The goal of a test method should be to establish a challenging ignition 

source with a high enough probability of occurrence that one can consider the risk of ignition from 

unconsidered sources as very remote. To address this, other ignition sources / strengths should be 

studied and incorporated into the text method. 

As the test methods are mainly based on a small flame application, there is need for development of 

alternative test method(s) or procedure with existing test method to investigate radiative and 

electrical high energy arc ignition sources. The methods need to have much clearer and detailed test 

methodologies and criteria than currently exist. 

More data on ignition potential based on material type and storage arrangement, in different O2 

concentrations, would be helpful. In particular, fuels where oxygen is also present in the packaging, 

for example, is critically needed.  
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Data on real life scenarios with the systems are very limited. Research by Zhou et al. [11] identify 

some concerns, as does this work [9]. Both also suggests that existing standards do not address 

reliability and maintenance issues to the required extent 

Tied to (d) and (e) above, further research on required oxygen concentration is needed, i.e., what 

level should be used, for what fuels, in which applications, under what conditions. This is needed to 

support fire safety design and guidance for warehouse occupancies.  

4.2 ORS for Fire Operational and Environmental Considerations 

There is inadequate knowledge, data and guidance around ‘real-world’ environmental impacts and 

on reliability, maintainability and operability of ORS for fire operations. 

a. Research into failure rates / reliability of ORS components is needed. Based on current 

research, data are lacking on critical components, such as compressors and sensors. This 

research may use existing reliability data for components.  

b. Failure mode analysis of ORS to determine appropriate industry standard Inspection, Test and 

Maintenance (ITM) programs as well as a failure analysis of the components in order to 

determine relevant requirements for listing of systems and components (required indications, 

alarms etc.) is needed.  

a. This should include identification of critical components that need to be in operating 

conditions and establish a requirement that the operating condition is visually 

indicated and easy to inspect.  

b. Guidance is needed on what is required to verify for the ORS on a regular basis, e.g., 

available production rate of nitrogen (compare to flow test of fire pump), testing of 

alarm signals (low oxygen, loss of power, high temperature on air compressors, etc.), 

and tightness of room. Maintaining the oxygen concentration over time when the 

building is starting to leak, the frequency of opening doors, and related factors need to 

be explored. Guidance on ITM intervals is also needed.  

c. Guidance on back-up / emergency power requirement is also needed as well as 

securing electrical power in terms of cable routing, breaker sizing etc. The standard 

UL 67377 [16] provides a starting point for the work.  

c. Failure mode analysis of ORS to determine potential reasons for impairments and associated 

needs to early detect such impairments is needed. An operation safety management plan 

should be part of the guidance coming out of such research.   

d. Development of acceptance (compliance / commissioning) testing procedures is needed. 

e. An industry-standard calculation method for ORSs and required documentation for plan 

review is needed. 

f. Information on operational costs for ORSs to aid in benefit-cost decisions is needed. 

g. Research into how leakages in warehouse storage buildings, particularly those targeted for 

ORS application, increase over time, is needed.   

h. Research is needed to gain an understanding of how tightness tests can be done for large 

volume spaces. 

i. Research on back-up system needs for ORS reliability and availability is required. 

j. Interaction of ORS and active fire protection, including smoke and heating venting systems, 

and sprinkler systems, would be beneficial.  



Review of Oxygen Reduction Systems in Warehouse Storage Applications 

   

 

88 

 

k. The effect of moving a commodity into an ORS-protected space, that has previously been 

stored at ambient oxygen conditions, should be investigated. This is particularly true for 

porous materials which can absorb oxygen into void spaces, which will be released in the 

reduced oxygen environments. 

4.3 Fire Service Intervention and Other 

While the focus of this work was related to the ORS as fire prevention system, it is clear from the 

literature study that the following areas, which were deemed outside of the scope of this study, 

would benefit from further research as well. 

a. Research is needed to better understand and assess / model manual firefighting interventions, 

such as smoke and heat venting, opening doors for firefighter access, etc., on ORS 

effectiveness and reliability. 

b. Level of oxygen acceptable with respect to medical conditions of people inside an ORS 

environment 

a. Lack of medical data is an open issue – more definitive testing / assessment by medical 

professionals would seem to be warranted to answer heath effect questions.  

b. Research appears to be needed not only on medical health, but also ability to make the 

correction decisions in oxygen-reduced environment. 

c. Knowledge and data (e.g. experimental data) on the fire protection abilities of ORS, i.e., how 

much is fire spread reduced when an ignition occurs, despite the reduced oxygen level.  

a. More data on burning rates and HRR based on material and storage arrangement, in 

different O2 concentrations, would be helpful to further quantify the system benefit if 

the ignition threshold level is not met due to malfunction or impairment of the system 

b. Damage criteria to be studied and defined. 

5 SUMMARY AND CONCLUSIONS 

This study consisted of a literature study and a research gap analysis for ORS for warehouse storage 

applications. One of the major focus areas of the studies has been, but not limited to, ignition 

prevention and associated test methods. Furthermore, reliability issues have been studied. That is, 

the contents of the report apply to all ORS for fire, but the report does not address the efficacy of 

ORS in cases where ignition is not prevented and a fire develops in a reduced oxygen atmosphere. 

Factors such as preventing further ignition or controlling / extinguishing fire in reduced oxygen 

environments warrants further study. Furthermore, safety of people in reduced oxygen atmospheres, 

without protection, has also not been addressed. Potential health and safety impacts on people 

working in low oxygen environments warrants further study. 

This research revealed clearly that the test methods in EN 16750:2017 and VdS 3527 may not be 

sufficient to cover real-scale scenarios and that considerable research is needed to further develop 

the test methods through full-scale fire tests. Other ignition scenarios should also be investigated in 

real-scale and linked to small scale tests. In addition, actual products and systems should be 

investigated, and it should be determined how the oxygen level should be determined and if a 

similar approach such as commodities for sprinkler can be applied.  

The need for investigation into reliability of ORS for fire is highlighted, as is the need for research 

on how to design robust systems that are easy to inspect and maintain. Non or malfunction of the 

ORS can lead to serious fire spread and damage. Procedures need to be established to check the 

reliability and/or real-life data is needed.  
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A large number of recommendations for further research were identified with respect to ORS test 

methods, the ORS operation and its specific application, to planned and emergency interventions in 

ORS-protected spaces.    

Finally, during the study it became clear that more research is needed by health specialists to 

determine the acceptable health levels at different oxygen concentrations and work-effort 

conditions. There is also no or little data available on potential benefits or downsides should a fire 

occur despite the reduced oxygen atmosphere.  
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ABSTRACT 

The Hybrid Fire Testing (HFT) method relies on the subdivision of a studied structure into a 

numerical substructure (NS) which is modeled and a physical substructure (PS) which is tested. The 

element is tested under a thermo-mechanical loading while the effect of the surrounding structure is 

calculated using a finite element software. This paper presents the theoretical analysis, technical 

developments and experimental results carried out to install the hybrid method. The theoretical 

analysis is performed on the iterative communication sequence (of loads and displacements) 

between both substructures to ensure mechanical equilibrium at the interface. The technical choices 

to establish a communication interface between the finite element software and the test rig are 

presented. Three hybrid tests performed on a steel structure are presented to compare the measured 

behavior with the theoretical expectations.  

1 INTRODUCTION 

A great number of tests have been carried out over the last thirty years to study the fire resistance of 

structures, mainly as regards to the fire behavior of independent structural elements. These classic 

tests are often carried out with a constant load and do not assess an element within its real structural 

configuration. Hybrid Fire Tests (HFT) allow to reproduce the actions of a building on a tested 

structure by simulating the building in real time during the fire test. To do this, the building is 

divided into a Numerical Substructure (NS) (which is modeled) and a Physical Substructure (PS) 

(which is tested). 

Initially used in Japan in the 1960s, the hybrid testing method was developed in the seismic field 

fueled by technical progress of both numeric calculators and hydraulic jack regulation systems. In 

the 1990s, some of the researchers working in the seismic field pioneered the introduction of the 

hybrid method in the field of fire testing (Korzen et al., 1999 [1] followed later by Mostafaei, 2013 

[2]). Since 2016, several institutes contribute in developing HFT such as Tondini et al., 2016 [3], 

Sauca et al., 2016 [4], Schulthess et al., 2016 [5]. One of the main difficulties of the method is that 

a gap always exists between the determined equilibrium position and the “real” position during the 

test caused by the time lag (in updating the data for the simulation). This may induce convergence 

problems towards a mechanical equilibrium between both substructures. The equilibrium is defined 

by load and displacement boundary conditions at the interface between the substructures. Recent 

publications have put into light the influence of stiffness ratios between the two substructures in 

converging towards equilibrium Sauca et al., 2016 [4]. The success of HFT relies on modeling 

(calculation), testing (jack control) and interfacing (algorithms) capabilities.  

This paper presents an example of three HFT performed on a steel structure. The goal was to check 

the interface development and identify possible paths of improvements (that might have been 
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missed through preliminary theoretical analysis). This paper does not present the study of a realistic 

fire behavior of an element though HFT. First, the substructures and testing conditions are 

presented. Secondly, results from three HFT are exposed (where the PS and NS interact together). 

These results are compared to theoretical equilibrium positions during the fire (calculated from the 

PS and NS considered separately). This comparison allows to identify the phenomena that are 

linked to test methodology. 

2 TEST AND METHOD 

2.1 Studied Structure 

The studied structure and method are described extensively in the paper under submission (Pinoteau 

et al., 2018 [6]) which presents tests carried out at ambient temperature (by only simulating the fire 

in the NS). It was shown (in support to Sauca et al., 2016 [4]) that convergence towards an 

equilibrium is ensured if the stiffness ratio (kP/kN) remains lower than 1 during the test. The present 

study adds the effect of fire on the PS by performing furnace tests. 

The structure was a steel frame made of HAE120 beams and columns. The PS is a steel column 

heated on one side and loaded as a cantilever. The NS is the rest of the frame with HEA120 heated 

on all four sides (to avoid substantial thermal curvature). Mechanical equilibrium was studied at the 

interface point (top left of Fig. 1(a)) only along the horizontal direction. The two substructures 

could be considered as springs (Fig. 1(b)). The equilibrium was changing during the fire as the 

result of the variations of thermal displacements and stiffness of each spring. 

(a)  

(b)  

Fig. 1. (a) Sketch of the frame structure and (b) the spring model 

The NS was modelled in real time using the finite element software SAFIR (Franssen, 2005 [7]). 

Each modelling step was composed of a thermal calculation between time t and t+Δt followed by a 

mechanical calculation (using the thermal field obtained at t+Δt). The thermal calculation was 
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performed from the measured temperature inside the furnace (and not the theoretical ISO834-1 

curve (EN1991-1-2, 2002 [8])). This allowed to start the hybrid communication loop before 

launching the burners. 

Values of load and temperature were measured on the test sample and inputted in the simulation 

while updated displacement values are outputted from the simulation and applied on the tested 

sample. The communication loop between t and t+Δt was composed of the following steps 

(described in more details in Pinoteau et al., 2018 [6]). 

• Measure the furnace temperature θISO and load F. 

• Inject θISO and F in SAFIR, run a calculation and output a target displacement u. 

• Apply u with the hydraulic jack. 
 

2.2 Test program 

Five fire tests were carried out (presented in Tab. 1). The two first tests were static ‘traditional’ tests 

with a constant load to identify the behaviour (thermal displacement 
th

Pu  and stiffness kP) of the PS. 

The three other tests were HFT using the communication loop. The first two HFT were performed 

in identical conditions (using a time step of Δt=30s) to assess repeatability. The last HFT used a 

step of Δt=10s to assess the influence of the time step. All tests were performed using different steel 

HEA120 beams (from the same steel batch) and used the same NS 

Table 1. Test Program 

Test name Description Goal 

Static test 1 

Static test 2 

Constant load F=0 kN 

Constant load F=-2.4 kN 
Determine the behaviour of the PS (

th

Pu , kP) 

Hybrid test “a” 

Hybrid test “b” 

Hybrid test “c” 

Time step Δt=30s 

Time step Δt=30s 

Time step Δt=10s 

Assess repeatability of the hybrid method 

Assess repeatability of the hybrid method 

Assess the influence of the time step 

 

2.3 Test setup 

The tests were carried out on a small gas furnace presenting an exposed surface of 1.00.6m² to 

apply a conventional ISO834-1 heating curve (EN1991-1-2, 2002 [8]). For technical reasons, the PS 

(column) was tested horizontally, thus neglecting the effect of self-weight. The furnace was 

controlled using conventional plate thermometers positioned 10cm from the exposed surface of the 

PS. Only the lower surface of the HEA120 was exposed. The upper surface and middle section of 

the HEA120 were exposed to ambient air. This was achieved using insolation material (Fig. 2). 
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Fig. 2. Photography of the test device 

A hydraulic jack was used to apply a vertical load representing the action of the rest of the frame 

(NS substructure). The vertical displacement and load were measured at the position of the 

hydraulic jack (corresponding to the interface between the PS and NS). The connection of the jack 

with the PS allowed movements in both ways in the vertical direction and allowed horizontal 

sliding of the HEA120 (that could be induced by longitudinal thermal expansion to avoid any 

transversal force). The hydraulic jack was controlled in displacement using a PID regulation system 

connected with the computer on which ran the SAFIR simulation. 

3 RESULTS AND DISCUSSION 

3.1 Behaviour of the Physical Substructure (PS) 

During the two static tests on the PS, the evolution of displacement was measured (Fig. 3). The 

positive displacement corresponds to the PS bending towards the furnace (when the load of -2.4 kN 

is applied). The negative displacement corresponds to the PS bending outside the furnace (due to 

thermal curvature when heated on one side). 

 

Fig. 3. Measured behaviour of the Physical Substructure (
th

Pu , kP) 
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From these measurements, the evolutions of the thermal displacement 
th

Pu  and stiffness kP were 

determined (Fig. 4). The thermal displacement 
th

Pu  is equal to the displacement the PS which is not 

loaded (F=0). The stiffness was determined from the difference between the two curves. 

3.2 Behaviour of the Numerical Substructure (NS) 

For the NS, the evolutions of thermal displacement 
th

Nu  and stiffness kN were determined using 

SAFIR. Several simulations were performed on the NS frame alone by applying different constant 

loads as boundary conditions on the interface point. Outputted displacements allowed to determine 

thermal displacements and the stiffness with the same method as for the PS. 

Figure 4 presents the evolutions of thermal displacements and stiffness for the PS and the NS. The 

thermal displacements are negative corresponding to a shifting of the interface point towards the left 

on Fig. 1. For the PS, this is due to thermal bending of the column heated on only one side. For the 

NS this is due to the longitudinal thermal expansion of the horizontal beams on the frame. Since all 

HEA120 are heated on all sides in the NS, there is no substantial thermal bending. 

It can be noted that the convergence criteria on the stiffness (kP/kN<1) is no more respected after 

about 15 minutes. This leads to a none equilibrium between both substructures beyond this time. 

 

                                       (a)                                                                        (b) 

Fig. 4. (a) Stiffness and (b) thermal displacements on the PS and NS 

Knowing the values of stiffness (kP, kN) and thermal displacements (
th

Pu , 
th

Nu ), it is possible to 

analytically calculate the equilibrium position of the interface point using equations (1) and (2). The 

demonstration of these equations is presented in Pinoteau et al., 2018 [6] and is based on the spring 

model presented in Fig. 1. At equilibrium, the loads of each spring are opposite, and the 

displacements are equal. The linear behaviour law of each spring is expressed through stiffness and 

the fact that the total displacement is the sum of mechanical displacement and thermal displacement 
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3.3 Hybrid Test results 

Figure 5 presents the evolutions of load, displacement and furnace temperature measured during each 

HFT. The theoretical equilibrium values ueq and Feq calculated with equations (1) and (2) are 

compared with the measured displacements and loads. 

Furnace temperatures 

The temperatures measured by standardized thermo-plates present high repeatability among the three 

HFT. The maximal temperature differences (<50°C) between the tests are obtained during the first 

seconds of heating.  

Displacements 

The displacements are negative and decreases signifying that the equilibrium point shifts towards the 

left (Fig. 1). This is in good accordance with the negative thermal displacements of both substructures 

considered separately (presented in Fig. 4). It can be noted that between 4 and 15 minutes, the 

theoretical ueq is close to the HFT experimental displacement curves. Before 4 and after 15 minutes, 

ueq is higher. 

Loads 

Negative values of load represent the ‘pulling back’ force (towards the right on Fig. 1) from the NS 

frame on the PS. The decrease of Feq at the beginning of the test is caused by the blocking of the 

thermal displacement of the PS by the NS (which ‘holds it back’). The stabilization of Feq after about 

10 minutes is caused by the decrease of stiffness. The slight undulations around 16 minutes can be 

explained by the variations of kP determined experimentally (Fig. 4). 
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Fig. 5. Evolutions of furnace temperature, displacement and load during HFT 

It can be noted that after about 12-15 minutes the theoretical Feq is higher than the HFT experimental 

curves. This can be caused by the value (>1) of the convergence criterion (kP/kN) after 15 minutes 

presented previously (Fig. 4).  

More interestingly, a sudden decrease of load occurs during the first 2 minutes. The load then re-

establishes trajectory to join the theoretical Feq after about 5 minutes. This observation is referred to 

as the ‘overshoot’ phenomenon hereafter and is analysed through Fig. 6. 

It can be noted that the behaviour of the NS was determined using SAFIR with an ISO834-1 heating. 

Figure 5 shows that the ISO834-1 curve was above the experimental temperatures before 2 minutes 

and under the experimental temperatures between 2 and 6 minutes. Thus, the calculated 
th

Nu  and kN 

(Fig. 4) were overestimated (from 0 to 2 minutes) and underestimated (from 2 to 6 minutes).  

Assuming that the system behaviour was controlled mainly by thermal displacement (and not stiffness 

decay) during the first 6 minutes, this leads to the following remarks on equilibrium. From equation 

(1), ueq was overestimated (from 0 to 2 minutes) and underestimated (from 2 to 6 minutes). From 

equation (2), Feq was underestimated (from 0 to 2 minutes) and overestimated (from 2 to 6 minutes). 

Consequently, ueq and Feq would be closer to the experimental curves during the overshoot 

phenomena. 

3.4 Analysis 

Figure 6 presents the displacement-load diagram with the behaviour laws of both substructures. The 

reading of this diagram (presented in Pinoteau et al., 2018 [6]) presents a visual alternative for 

identifying equilibrium points and the system convergence. 

The linear behaviour laws of the PS (FP(uP) in red) and the NS (-FN(uN) in blue) are represented every 

minute to clarify reading. Initially, both lines pass by the origin (0; 0). As the fire develops, the lines 

are shifted towards the left (negative thermal displacements) and their slope decreases (decrease of 

stiffness). At each time, the intersection of the lines represents the equilibrium point. This point is 

never reached perfectly since it moves with time while the communication loop lags behind. As an 

example, the path of the substructure interaction is represented in a black line with 2 iterations per 

minute (Δt=30s) and assumes that the behavior law shifts every minute. This path is established from 

the communication loop presented in part 2. 

 (i) The load FP is measured on the PS and applied on the NS at 1 minute 

-3,0

-2,5

-2,0

-1,5

-1,0

-0,5

0,0

0,5

0 5 10 15 20 25 30

L
o

a
d

 (
k

N
)

Time (min)

Theoretical equilbrium

Hybrid test "a": Δt=30s

Hybrid test "b": Δt=30s

Hybrid test "c": Δt=10s

Overshoot

Possible loss of 

convergence

 
( )th thP N

eq N P

P N

k k
F u u

k k
= −

+



Development of Hybrid Fire Testing by Numerical and Experimental Subdivision 

  

 

99 

 

 (ii) The NS calculates a displacement uN and applies it to the PS  

 (iii) The load FP is measured on the PS and applied on the NS 

 (iv) The NS calculates a displacement uN and applies it to the PS associated to 2 minutes 

(which has shifted due to thermal expansion and stiffness loss). 

 

Fig. 6. HFT path towards equilibrium on the displacement-load diagram 

The path presents an ideal situation in which the behaviour laws of both substructures are 

synchronized. In reality, the information (temperature and load) transferred to the NS is late in 

comparison to the constantly evolving PS. While the calculation is carried out on SAFIR, the PS has 

heated, and the equilibrium conditions have changed. Furthermore, in this study, the temporary text 

files used to transfer the information from the test analog signals were stored in the iteration loop for 

another time step. This creates a lag of the NS which outputs out of date data. At the beginning of the 

test SAFIR does not receive initial thermal perturbations (which present a high rate). Thus, the jack 

remains at a zero displacement. Since the PS is blocked while heating, the reaction load shoots up. 

After about 2 minutes, the displacements start (figure 5) which progressively allows the load to reach 

the theoretical equilibrium value. The HFT “c” performed with a shorter time step Δt=10s, allows the 

displacement to start earlier and the load to regain equilibrium faster causing an overshoot of lower 

amplitude. 

4 CONCLUSIONS 

In the long term, HFT present a promising alternative in evaluating the fire behavior of structural 

elements in an environment closer to reality than traditional testing methods, without carrying out 

delicate, expensive or even impossible full-scale tests. 

The study presented aimed at evaluating the feasibility of a HFT on simplified structures as a 

milestone in the development of the method. The following conclusions have been drawn: 

• The convergence criterion based on the stiffness ratio (established in previous publications 

Sauca et al., 2016 [4], Pinoteau et al., 2018[6]) has been confirmed. 
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• An overshoot phenomenon may occur due to the non-synchronized action of both 

substructures. This leads to substantial loads when the thermal expansion rate is high. 

• The communication loop allows the system to re-establish equilibrium after the overshoot. 

• Smaller time steps (Δt) limit the amplitude and shorten the overshoot phenomenon. 

• Apart the overshoot and convergence loss, the HFT follows accurately the expected 

equilibrium point. 

From the identification of the overshoot, two paths of development spring to mind to reduce the delay 

of the NS. First, the number and duration of time steps required to bring the information can be 

reduced. Secondly, forward extrapolation may be performed to predict the entry data of the NS in 

advance. This allows to input up-to-date information in the NS (before the PS has reached the state) 

to ensure synchronicity. Even if the extrapolated data is misestimated, it has been shown that the 

system can regain equilibrium after an overshoot. Some forward prediction methods have been 

developed in the field of seismic hybrid tests and may be adapted for HFT. 
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ABSTRACT 

This paper investigates the behaviour of bolted web-flange splice connections in fire. The results 

from two full-scale furnace tests which are part of a series of tests being conducted on spliced 

connections to understand their structural response in fire are reported herein. Preliminary results 

show that bolt shear failure is the dominant failure mode for these connections. Using FE analysis, 

the relative ultimate capacities of the splices and the connected beam were varied from 0.5 to 1.1 to 

cover a realistic range of partial strength and full-strength connections with a goal to understanding 

the implications for fire resistance. The results did not reveal any significant change in the fire 

resistance times. The wider implication of this is that full advantage can be taken of the benefits of 

partial strength connections without compromising the fire resistance of steel moment frames.   

1 INTRODUCTION 

The behaviour of steel connections in fire continues to attract attention due to their crucial role in the 

resistance of structural steel frames to failure. Previous research has focused mainly on beam to 

column connections and only very scarce data [1] – [4]  on the behaviour of beam to beam connections 

at elevated temperatures exist in the literature. Bolted web-flange spliced connections have wide 

applications in construction with their use often dictated by factors such as material limitations, 

transportation constraints, the need to alter a section size due to strength variation along a beam span 

etc. They are a common feature in column-tree steel frames, bridges and industrial constructions.   

Whereas, this class of connections has been traditionally designed in buildings to be at least of equal 

capacity to the connected beams, semi-rigid partial-strength splices have been shown to offer many 

advantages over full-strength splices, like preventing the development of large moments in steel 

frames by acting as buffers, enhancing damping and vibration periods in frames etc. [5]. However, 

there is a lack of information on the degree to which bolted connection strength affects the resistance 

of steel I-beams in fire. Experimental testing and numerical analysis have been conducted on spliced 

connections to provide some reasonable insight on this as well as their general behaviour in fire. 

Results from two of the specimens tested as part of an ongoing study are presented. Details of the 

testing methodologies and numerical simulations are provided in the subsequent sections.  

2 EXPERIMENTAL TESTING 

2.1 Test set-up & methodology 

Two S355 UB203X102x23kg I-beams with central splices were tested. Although connections are 

not placed at locations of high moment forces in practice, it was convenient in this instance to do this 

because of the failure modes being investigated. Both specimens had similar geometries. Each 

specimen had a total length of 2m with a clear span of 1.75m. The web and flange splices had 

thicknesses of 6mm and 10mm respectively and were fastened to the beams with grade 8.8 M16 

structural bolts installed in 18mm holes. Further details are provided in Fig. 1. Type K Cromel-Almel 
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thermocouples were installed at 13 locations to capture the temperature distributions within each 

specimen during the test as shown in Fig.2 with readings taken at 3 seconds intervals.  

 

                                         

Fig. 1. a) Elevation. b) Sectional view 

                                         

                                      

Fig. 2.  Thermocouple locations. 

The load was applied with a single cylinder Enerpac hand-operated hydraulic pump. A 100 kN load 

cell positioned between the ram and the beam measured the applied loading while a custom-made 

loading pad was placed between the load cell and the specimen to transfer the load to the later.    

Load ratios of 0.4 and 0.6 which are representative of realistic loadings on structures in practice [6], 

were applied via a 3-point loading arrangement as shown in Fig.3. The load ratio describes the 

percentage of the load applied during the test in relation to the beam’s ultimate plastic capacity under 

ambient conditions. A transient testing approach in which the required load is applied incrementally, 

followed by heating to failure was implemented. This method closely mimics the actual loading 

sequence of a real structure subjected to an accidental fire. Failure is governed by the conventional 

criteria of deflection and deflection rate limits of span/20 and L2/9000d respectively with the latter 

applicable as from L/30 deflection [7]. For each case, the mechanical loading was applied in 10% 

increments up to the full test load followed by a 10 minutes stabilisation period prior to applying the 

thermal load.  Two linear variable differential transformers (LVDTs) were installed adjacent to the 

loading ram to measure the deflection of each specimen as per Fig.3. The LVDTs were placed at 

a) 
b) 
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about 120mm distance from the loading ram and their readings were averaged to obtain the deflection 

at midspan over the test duration. The specimens were heated on three sides from the bottom flanges 

and the web with five burners in a furnace with an internal compartment of 1500mm x 1500mm x 

1500mm and two custom-made demountable concrete roof covers. The concrete covers provided 

lateral restraint to the beam top flange and were positioned with sufficient clearance to prevent 

interference with the deflection of the beam during the test. The top flanges were covered with 

ceramic fibre blanket to prevent any damage to the instrumentation from escaping hot gases. The 

furnace was programmed to follow the standard ISO 834 curve. The specimens were simply 

supported, and the final set up in the furnace is presented in Fig. 4.  

 

    

Fig.3 a) Loading details, b) Instrumentation 

 

Fig.4 Specimen setup 

3 NUMERICAL SIMULATIONS 

3.1 Methodology    

Three-dimensional models were created to simulate the behaviour of the beam as observed in the 

experiments. While solid elements are computationally expensive, they provide the closest 

approximation to real life structural behaviour. All the simulations were run in Abaqus standard which 

implements an implicit integration scheme in solving for the displacement fields. While Abaqus 

explicit has been used in the past for similar problems [2], it is more difficult to ascertain the accuracy 

of results obtained in this way. Temperature fields were defined for the 13 temperature domains 

shown in Fig. 2. The complex geometries in the model were meshed with the reduced integration 

eight-node brick elements C3D8R with hourglass control activated to prevent loss of stiffness in the 

elements, while the sections with more simple profiles were meshed with the incompatible mode 

eight-node brick element C3D8I which is generally recommended for bending dominated problems, 

a) 
b) 
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[8]. The C3D8I elements can produce results in bending problems that are comparable to quadratic 

elements at significantly lower computational cost and it has been shown that a mesh with a single 

C3D8I element through a beam in bending can produce results that are within reasonably close range 

of the theoretical value if significant mesh distortions are absent in the model. [9]. A very refined 

mesh was used for the bolt and holes.  

                                 

Fig. 5 a) FE Model 

To reduce the computational resources required, half of the model was created along the longitudinal 

axis as shown in Fig. 5. An obvious implication of this simplification is the assumption of similarity 

between the bolt nuts and the bolt heads, enabling the former to be discarded in the model. This 

assumption is of no consequence to the integrity of the results because the bolts at those locations are 

in a pure shear working mechanism, hence, replacing the nuts with the bolt heads in the numerical 

model will have no significant influence on the structural behaviour of the system. Such an 

assumption would be inadmissible if the bolts were under pure tensile stresses where the additional 

length of the bolt on the nut side provides an added flexibility to the system since thread stripping 

could contribute to the ductility of the system before failure [8]. It is worth mentioning that although 

the model is geometrically symmetrical in both axes, a quarter model was not used because of the 

non-symmetry in temperature distribution along the longitudinal axis as observed from the 

thermocouple readings. 

Contact interactions were defined for all the relevant surfaces. For the normal directions, a hard 

contact algorithm was implemented via the non-linear penalty enforcement method, an approach 

which allows a little penetration between surfaces in contact without compromising the accuracy of 

the results. It avoids the numerical difficulties often associated with the large contact forces arising 

from the default ‘no penetration’ enforcement method. For the tangential interactions, a penalty 

method with a friction coefficient of 0.1 was defined. Damping was applied to the contact pairs 

involving the bolts and plates to prevent numerical difficulties arising from rigid body movement due 

to the initial gaps between the bolt shanks and the bolt holes in the webs and flanges. A damping 

scaling factor of 0.01 chosen via trial and error, provided sufficient stability to the model without 

changing the physics of the problem. This was easily verified by checking that the ratio of the 
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damping dissipation energies to the internal energies of the specimen was below 5% for all the 

simulations as recommended by Abaqus [9]. 

3.2 Materials properties  

The material properties for the beams and plates obtained from coupon tests conducted on four 

samples cut from the beam flange and web are given as follows, young’s modulus – 196 GPa, yield 

strength – 408 MPa and ultimate strength – 516 MPa. Nominal yield and ultimate strength values of 

640 MPa and 800 MPa were adopted [10] for the bolts with a young’s modulus value of 210 GPa.  

The elevated temperature stress-strain curve and material degradation factors for the beams and bolts 

are as per the Eurocode [11]. A constant coefficient of thermal expansion of 1.2 E-5 ° C-1 was applied.   

4 RESULTS AND DISCUSSIONS 

4.1 Observations    

The temperature histories of both specimens are shown in Fig. 6. A common trend can be observed 

for both cases where the highest and lowest temperatures occurred in the bottom flanges and the top 

bolts respectively. The temperature distribution is largely non-uniform due to the thermal protection 

applied to the top flange of both specimens.   

Temperature and displacement curves from the test and FE simulations are presented in Fig.7 and 

Fig.8.  The plots show a good agreement between the experimental and numerical results. The 

deflection profile in both curves follow a gradually increasing slope in the initial phase of the heating 

and as the materials degraded further, there was an appreciable increase in the rate of deflection until 

failure occurred.  

A momentary loss of stiffness associated with a sudden increase in deflection was observed in 

specimen 1 at about 500 ˚C due to premature shearing of some of the bottom flange bolts caused by 

unequal load distribution while the beam was deforming. It is often the case that the transition from 

frictional resistance to bearing resistance is non-uniform for these connections because of the 

difficulty in achieving a perfect alignment of the bolts in the holes at the start of the experiment. Once 

the load was redistributed, it stabilised at a deflection of about 40mm and continued to resist the 

applied loading until runaway deflection was observed.  

The critical temperature and failure time from the graph are 640 ˚C and 23 minutes respectively. The 

corresponding values for the FE analyses of 660 ˚C and 24.5 minutes as observed from the plots are 

reasonably close to the test results. Loading was stopped at 26 minutes at a deflection of 91mm, 

following a rapid loss of strength to prevent damage to the furnace.  

A closer agreement between the experimental and numerical results can be seen in specimen 2 where 

as expected, failure occurred at a higher critical temperature of about 725˚ ˚C and a failure time of 

32.5 minutes, due to the smaller load ratio. A slightly lower critical temperature and failure time of 

720 ˚C and 32 minutes can be observed for the FE model in Fig.8.  

Bolt shear failure was observed in both specimens at the end of the tests. Fig.9 shows a picture of 

specimen 2 at the end of the test and the corresponding FE contour plot from the simulations. 
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Fig.6 a) Specimen 1 temperature history plot.          b) Specimen 2 temperature history plot 

    

Fig.7 a) S1 Bottom flange temperature vs midspan deflection plot.  b) S1 midspan deflection plot 

      

Fig.8 a) S2 Bottom flange temperature vs midspan deflection plot. b) S2 midspan deflection plot 
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The FE model reasonably replicated the failure profile of the specimens as shown in Fig. 9 below.    

      

 

Fig.9 a) Failed specimen 2.  b) Specimen 2 von mises stress plot.  

 

4.2 Effect of Splice strength on beam behaviour.   

The validated FE model was used to investigate the influence of splice connection strength on the 

behaviour of the beam in fire. The geometry and span of the tested beam were not altered in the 

numerical model however, the load was applied at an offset from the centre to ensure a uniform shear 

in the connection. A load ratio of 0.6 was used for all the cases and the main variable investigated 

was the flange thickness which governs the splice moment capacity. Splice strength ratios (SR), of 

0.5, 0.7 and 1.1 corresponding to flange thicknesses of 6mm, 8.5mm and 13mm were investigated 

and the results are presented in Fig. 10.  

  

 

Fig.10 a) Temperature vs displacement plot. b) Midspan deflection plot 
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governs in connections with thick splice plates like 0.7 SR and 1.1 SR as evident from the results in 

the FEA. This is an undesirable failure mode because of its abrupt nature as compared to the more 

ductile failure mode observed in the 0.5 SR case. It appears from the above that, adopting a strong-

bolt weak-plate approach in connections such as this will guarantee the formation of plastic hinges in 

the connection which would in turn prevent large forces and moments from developing at the column 

faces in column-tree frame construction for instance where splice connections are located on stub 

beams welded to the columns.  

5 CONCLUSIONS 

Fire tests have been conducted on two I-beams with web-flange splice connections to understand their 

behaviour when exposed to elevated temperatures. The results from the experimental tests were used 

to validate finite element models for the purposes of investigating the effect of connection strength 

on the overall response of the beam assembly in fire. The following conclusions can be drawn from 

this study.   

• The use of semi-rigid partial strength connections does not necessarily reduce the fire 

resistance of the connected beams in moment frames.  

• The observed dominant failure mode for both connections in the experiment was bolt shear. 

The plate splices were generally intact and very little bearing deformation was observed. The 

same trend was observed with the numerical models except for the 0.5 SR case where bearing 

failure occurred in the bottom flange splice.  

• The use of a weak-bolt strong plate combination for splice connections could prevent a ductile 

failure from happening since bolt shear failure is bound to occur.    

• The effect of other parameters like end restraints, bolt size etc, on fire resistance, will be 

subsequently investigated numerically. 

REFERENCES 

[1] Yahyai, M., & Rezaeian, A. (2016). Behavior of beams in bolted column-tree frames at elevated 

temperature. Fire and Materials, 40(3), pp 482–497. 

[2] Hirashima, T., Taib M., Wong B., Burgess I. (2012). The behaviour of steel beams with moment-

resisting beam-splice connections in fire, 7th International Conference on Structures in Fire, Zurich 

Switzerland, 12-15 June 2012, pp 125–134. 

[3] Taib M., Hirashima, B. Wong, and I. Burgess, Burgess I. (2012). A component-based model for 

moment-resisting beam splice connections with high-strength bolts at elevated temperature, 7th International 

Conference on Structures in Fire, Zurich Switzerland, 12-15 June 2012, pp 135-144. 

[4] Eslami M., Kodur V., Rezaeian A. (2018). Behavior of Steel Column-Trees under Fire Conditions. 

Journal of Structural Engineering. 144 (9) pp 04018135-1-15. 

[5] Astaneh A. (1998). Seismic design of steel column-tree moment-resisting frames. Structural Steel 

Education Council, Steel TIPS Report. p 8. 

[6] Buchanan, A. H. (2002). Structural design for fire safety.  

[7] European Committee for Standardization. (1987). BS 476-20. Fire Tests on Building Materials and 

Structure, Part 20: Method for Determination of the Fire Resistance of Elements of Construction, Brussels, 

Belgium. 

 [8] Bursi, O. S., & Jaspart, J. P. (1997). Benchmarks for finite element modelling of bolted steel 

connections. Journal of Constructional Steel Research, 43(1–3), pp 17–42 

[9] ABAQUS (2017). Abaqus analysis user’s guide, Dassault Systems. 



An Experimental and Numerical Study on the Behaviour of Splice Connections at Elevated Temperatures 

  

 

109 

 

[10] CEN. (2013). BS EN ISO 898-1 Mechanical properties of fasteners made of carbon steel and alloy 

steel Part 1 : Bolts , screws and studs with specified property classes - Coarse thread and fine pitch thread. 

London, UK. 

[11] CEN. (2005). BS EN 1993-1-2:2005 Eurocode 3. Design of steel structures. General rules. Structural 

fire design. London, UK

  



Buckling Analysis of Steel Columns Strengthened by Prestressed CFRP at Room Temperature and Exposed to Fire 

   

 

110 

 

BUCKLING ANALYSIS OF STEEL COLUMNS STRENGTHENED BY PRESTRESSED 

CFRP AT ROOM TEMPERATURE AND EXPOSED TO FIRE 

 
1Lili Hu, 1Peng Feng, 2Elyas Ghafoori, 3Mario Fontana 

1Key Laboratory of Civil Engineering Safety and Durability of China Education Ministry, Beijing, China 
2Empa, Swiss Federal Laboratories for Materials Science and Technology, Duebendorf, Switzerland 

3Institutue of Structural Engineering, ETH Zurich, Zurich, Switzerland 

ABSTRACT 

Carbon fiber reinforced polymer (CFRP) has been proven to be effective for strengthening of steel 

structures. Due to the rapid degradation of the steel and polymer materials with an increasing 

temperature, the fire safety is of significant concern. In this paper, the efficiency of strengthening 

steel column by prestressed (PS) CFRP is studied at room temperature and exposed to fire. At room 

temperature, the test and the finite element method (FEM) results show that the weak axis buckling 

load can be increased to the strong axis buckling load. This study also presents a coupled thermo-

mechanical FE analysis for the specimens exposed to fire. The results show that to reach an 

adequate fire resistance time, the CFRP and the steel need to be protected. With a preload of 50% 

design load (Pd), the fire exposure time of the strengthened specimen can be extended to more than 

80 minutes. Thus, the strengthening method is effective at room temperature and under fire 

exposure with protection.  

1 INTRODUCTION 

Many accidents have occurred due to the buckling of columns in structures. Avoiding the overall 

buckling of steel columns is an important concern in the design of steel structures. FRPs have been 

widely employed for strengthening steel structures, especially CFRPs, due to their excellent 

properties of high strength and light weight. In 1963, prestressed stayed columns were proposed by 

Chu and Berge [1]. Subsequently, they were shown to be very efficient, with the buckling loads 

increasing to several times those of pure steel columns [2, 3]. It is noted that applying CFRPs rather 

than steel wires in this system offers some benefits [4]. In addition, it has been shown that 

prestressed CFRP strips can enhance the buckling behavior of the steel beams substantially [5, 6]. 

However, there are only very limited studies on their application on steel columns. Therefore, in 

this paper, the performance of the steel columns strengthened with prestressed CFRP strips is 

studied. As civil structures can be subjected to fire exposures, the effect of elevated temperatures on 

the retrofitted columns will be numerically investigated in this paper. The finite element modelling 

(FEM) has been conducted on thermal transfer analysis and mechanical analysis. The pure steel 

columns and strengthened steel columns are preloaded and then exposed to fire. The relationships 

of the time and the lateral displacement at room temperature and exposed to fire are obtained. Based 

on it, the buckling behaviors are obtained. 

2 CONCEPT OF STEEL COLUMN STRENGTHENED BY PS CFRP 

As shown in Fig. 1, a steel column strengthened by PS CFRP strips is mainly composed of three 

parts: (1) an I-section steel column; (2) two CFRP strips, which will be prestressed; (3) a PS system, 

which includes two anchorages and two PS chairs or saddles. The implementation method is as 

follows: CFRP strips are placed along the length of a steel column, with the two ends anchored by 

anchorages. Then, the CFRPs are stretched at the mid-span of the steel column by the PS chairs [4]. 

file:///C:/Users/fire1/Dropbox/Final%20papers/268-Buckiling%20Analysis%20of%20Steel%20Columns%20Strengthened%20by%20Prestressed%20CFRP%20at%20Room%20Temperature%20and%20Exposed%20to%20Fire.doc%23_ENREF_1
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Fig. 1. Schematic diagram of the steel columns strengthened by PS CFRP strips [4] 
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Fig. 2. Mechanical system 

As shown in Fig. 2, the steel columns strengthened by PS CFRPs form a self-balanced system. 

When al and ar are increased by the PS chairs, the CFRPs are stretched with the prestress value Tl 

and Tr (the corresponding force are Tl
F and Tr

F) from the left and the right side, respectively. At the 

same time, the steel column is subjected to a compressive force of Py. If the column has lateral 

deformation towards right under compression, Tl
F decreases and Tr

F increases, and the difference of 

them form a transverse force Px at the mid-span. In summary, the PS CFRPs introduce two forces 

(i.e., Px and Py) to the steel column, where Px equals to (Tr
F-Tl

F)sinq and Py equals to (Tr
F+Tl

F)cosq. 

It is seen that Px provides an effective lateral support to resist buckling although Py can be 

disadvantageous. Thus, when a suitable prestress value is applied, the combination of Px and Py will 

give the self-balanced system greater stiffness compared to the pure steel column; thus, the buckling 

behavior can be improved [4]. 
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3 BEHAVIOR AT ROOM TEMPERATURE 

3.1 Experimental results 

Table 1. Details of specimens 

Specimen λ strengthening method Lb (mm) T (MPa) 
a 

(mm) 

I140 

series 

I140-U 140 - 2218 - - 

I140-S 140 by anchoring CFRP 2220 0 0 

I140-PS 140 by anchoring PS CFRP 2224 302 70 

Table 2. Sizes of the steel and CFRP sections 

width of the 

steel section bs 

height of steel 

section hs 

thickness of 

steel flange tsf 

thickness of 

steel web tsw 

CFRP 

width bf 

CFRP 

thickness tf 

70 mm 114 mm 5 mm 5 mm 50 mm 3 mm 

0 20 40 60 80 100 120 140 160
0

50

100

150

200

250

F
or

ce
 (

kN
)

Lateral displacement at the midspan (mm)

258 kN

150%

Euler load: PE=p2EsIs/ Lb
2=118 kN

Design load (GB50017-2003): 93 kN

 I140-U

 I140-S
I140-PS

113 kN

103 kN Design load (EN 1993): 99 kN

bs

h
s

tsw

t s
f

Steel

b
f

CFRP

tf

CFRP

 

Fig. 3. Typical force and lateral displacement curves 

At room temperature, axial compression tests were conducted, and the details of the specimens are 

shown in Table 1. In total, there are three types (i.e., U, S, PS).  is the design slenderness and the 

real slenderness is 145; Lb is the buckling length; a is the distance between the CFRP and the web 

of the steel column at the mid-span. For the steel material, the average values of the yield point (fy), 

the ultimate strength (fu), the elastic modulus (Es) are 682 MPa, 765 MPa and 206 GPa, 

respectively. For the CFRP strips, the average values of the elastic modulus (ECFRP) and the ultimate 

strength (fu,CFRP) are 171 GPa and 2450 MPa, respectively. In addition, the sizes of the steel and 

CFRP sections are shown in Table 2 and Fig. 3.The experimental results are shown in Fig. 3, and 

based on it the buckling load refers to the maximum point of the force and lateral displacement 

curve. For I140-PS, the buckling load is 258 kN, which has been improved 150% compared to the 

control specimen I140-U (i.e., 103 kN) [4], and is larger than the design load (i.e., 163 kN) and the 

Euler load of the strong axis (i.e., 193 kN) of I140-U according to Eurocode 3 [7].  
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3.2 FEM results 
 

 

Fig. 4. Geometric model and boundary conditions 
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Fig. 5. a) Comparison of FEM and experimental results; b) Force and lateral displacement curves with different 

prestress values T in Table 3 

Compression buckling analysis was performed using the ANSYS software package [8]. The 

geometric model, related parameters and boundary conditions are shown in Fig. 4, and they are 

based on the real experiment as stated in Part 3.1. The steel column was meshed using solid element 

SOLID45 and the CFRP was modelled using element LINK10. The PS chair is simplified as a rigid 

component. First, an eigenvalue buckling analysis was conducted to obtain the first-order buckling 

mode; then, the initial imperfection was added to the original specimen to update the finite element 

model. Finally, a nonlinear buckling analysis was conducted using the arc length method. The 

element refining has been checked in Ref. [4]. The accuracy is verified, as shown in Fig. 5 (a). 
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Table 3. Ultimate buckling loads with different prestress values  

case No. a (mm)  T  (MPa)   T 
F (kN) Pxl=Pxr (kN) Py (kN) Pxl/Py  Pu,s (kN) Pu,s/Pu,pure 

1 90 504  76  6.71 150.60 4.46% 283.6 2.75 

2 60 223 33 1.98 66.78 2.97% 206.8 2.00 

3 30 52 8 0.23 15.59 1.49% 122.2 1.19 

4 10 1 0.2 0.00 0.30 0.50% 114.9 1.12 

To analyse the relationship of the prestress value T and the ultimate buckling load Pu,s for the 

strengthened specimens, the following analysis was performed based I140-PS with only changing a 

and T. In Table 3, T is the prestress value; TF is the prestress force; Pxl, Pxr, Py correspond to Fig. 2; 

Pu,pure is the ultimate buckling loading of I140-U. As shown in Fig. 5 (b) and Table 3. Without 

considering the fire, the optimal prestress value of CFRP is the maximum prestress value achieved 

by the PS chair. Especially, Pu,s is influenced by the value of Pxl/Py. When Pxl/Py (=Pxr/Py) is above 

0.50%, the strengthening system works safely; and when Pxl/Py is above 2.97%, the value of 

Pu,s/Pu,pure is above 2.00, and the strengthening efficiency is considered to be pronounced.  

4 BEHAVIOR UNDER FIRE 

As civil structures may have degradations at the elevated temperature due to a possible fire 

exposure, the high temperature behavior of the critical load-carrying elements is of great 

importance. Therefore, in this section, the elevated temperature behavior of the steel columns 

strengthened with PS CFRP will be investigated. 

Firstly, the thermal transfer analysis is conducted to obtain the time-dependent temperature 

distribution. Then, the mechanical analysis is to apply a preload and then the thermal boundary 

conditions to the specimen. Specifically, the steel column is applied the preload of 50%Pd (51.5 kN) 

at room temperature. Then the temperature of the gas around the steel columns is increased 

according to time-temperature-curve ISO 843. This situation appears when the pure steel column is 

under a service load of 50%Pd, and the service load needs improving, so the PS CFRP is applied. 

After the reinforcement, if the fire starts, the preload is still 50%Pd.  

4.1 Thermal transfer analysis 

0 50 100 150 200 250 300
0

100

200

300

400

500

600

T
e
m

p
er

a
tu

re
 (

o
C

)

Time (s)

 
 

 

 

ISO 834 curve

CFRP

Interior and surface 
of steel column at mid-span

 
0 1000 2000 3000 4000 5000 6000

0

100

200

300

400

500

600

700

800

900

1000

 
 
 

 

T
e
m

p
er

a
tu

re
 (

o
C

)

Time (s)

Modified ISO curve with 
insulation

ISO 834 curve
CFRP

Interior and surface 
of steel column at mid-span

 

Fig. 6. Relationship of time and temperature: a) without protection; b) with protection 



Buckling Analysis of Steel Columns Strengthened by Prestressed CFRP at Room Temperature and Exposed to Fire 

   

 

115 

 

Thermal properties of the steel and the CFRP were described by the thermal conductivity a, the 

specific heat Ca, the unit mass (i.e. the density) a and the coefficient of thermal expansion (CTE). 

For steel, a is set as a constant of the value at 20oC (53.335 W/m.K); For temperatures a from 

20oC to 600 oC, Ca is calculated by Eq. (1); a is set as 7850 kg/m3 and CTE is set as 1.4×10-5/K [9]. 

For the CFRP, a in the longitudinal direction is set as 50 W/m.K and a is set as 1600kg/m3 [10]; Ca 

is set as 1300J/kg.K [11] and CTE is set as -0.09×10−6/K [12].   

Ca = 425+0.773×qa-1.69×10-3×qa
2+2.22×10-6×qa

3 (J/kg.K) (1) 

The geometric model is the same as that in Fig. 4. For the steel column, 3-D thermal element 

SOLID69 was adopted, which is a corresponding element in thermal analysis to SOLID45 in 

structural analysis. For the CFRP, the temperature distribution is obtained by element SHELL 57 in 

thermal analysis and then it will be imposed to element LINK10 modelling the CFRP in the 

mechanical analysis [8]. For the boundary conditions, the thermal convection and thermal radiation 

are applied to all the nodes of the exposed surfaces of the steel column and the CFRP [12]. The 

standard temperature-time curve (ISO 834) is given by: qg = 20 + 345lg (8t+1), where qg is the gas 

temperature in the fire compartment and t is the time. The coefficient of heat transfer by convection 

c is 25 [W/m2.K] for all structures. The Stephan Boltzmann constant is 5.67  10-8 W/m2K4. The 

emissivity related to the steel surface is equal to 0.7 for carbon steel [9], which is assumed to be the 

same for the CFRP. The results are shown in Fig. 6. Without protection, the temperature increases 

relatively fast and almost linear because the section factor for the unprotected steel member is large. 

With protection (i.e. insulation of a 2mm-thickness intumescent coating [13-15]) of the CFRP and 

the steel, the speed of the temperature significantly slows down. In addition, the temperature of the 

CFRP increases faster than the steel because it has a smaller section factor compared to that of the 

steel. In addition, as the thickness of the anchorage is highest, the temperature of the anchorage 

system will be lower than that of CFRP, so the anchorage is not expected to fail before the failure of 

the CFRP and the steel column.   

4.2 Mechanical analysis 
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Fig. 7. a) Stress-strain curves of steel; b) Stress-strain curves of CFRP at different temperatures 

A simplified model based on Eurocode 3 [9] is used for the material properties of the steel under 

high temperature; and the material properties of the CFRP under high temperature are based on Ref. 

[10], as shown in Fig. 7. The geometric model and the boundary conditions are the same as that in 
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Fig. 4. For the loading, firstly 50%Pd of the I140-U is applied. Then, the thermal boundary 

conditions are imposed as the time increases until the buckling happens.   

Firstly, four specimens without protection are analyzed. Among them, I140-PS-0, I140-PS-60, 

I140-PS-270 have the same value of a but different values of T as 0 MPa, 60 MPa, 270 MPa. The 

result without protection is shown in Fig. 8. I140-PS series (i.e., I140-PS-0, I140-PS-60, I140-PS-

270) have a 32% to 34% longer fire resistance time than that of I140-U. Fig. 9 shows the reason 

behind, that is, because the CFRP has a negative CTE, , the prestress value of CFRP increases with 

the increasing temperature at the beginning. After around 150s, due to the decrase of the CFRP 

stiffness under the high temperature and the large lateral defection of the steel column, the stresses 

of CFRP decrease, but they are both above zero when the buckling happens. It means CFRPs are 

tight and effective during the whole process, supporting the steel column and delaying the buckling. 

Comparing I140-PS-0, I140-PS-60 and I140-PS-270, which have almost the same fire resistance 

time, it is found that it is not necessary to apply a very large prestress value.  

However, if the specimen is expected to resist under fire for a much longer time, it is necessary to 

protect the steel and the CFRP. The result with protection is shown in Fig. 10. It is seen that with a 

good protection I140-PS-0 has a fire resistance time as 86.25 minutes, which extends the time 25 

minutes of I140-U 3.45 times. 
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Fig. 8. Time and lateral displacement of the steel column at mid-span without protection 
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 Fig. 9. Relationship of CFRP stress and time without protection: a) I140-PS-0; b) I140-PS-60; c) I140-PS-270 
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Fig. 10. Time and lateral displacement of the steel column at mid-span with protection 

5 CONCLUSIONS AND OUTLOOKS 

The following conclusions can be drawn:  

(1) At room temperature, test results show that the strong axis buckling resistance is about the weak 

axis, achieved by the PS CFRP strengthening. FEM results show that the strengthening system 

works safely when Pxl/Py is above 0.50% and works efficiently when Pxl/Py is above 2.97%. 

(2) For design of the strengthend specimen with unprotected CFRP, a CFRP prestress value a little 

bit lower than the target value is recommned if the Pu,s will not be decreased too much. This is 

because the stress of the unprotected CFRP increases fast in the beginning of the fire due to its 

negative CTE. While for the specimens with protected CFRP, it is recommned to choose the target 

CFRP prestress value becaue the insulation makes the CFRP prestress increasing not siginificant.   

(3) If the specimen is expected to resist under fire for more than 30 minutes, the protection of the 

steel column and the CFRP is important. The protection not only helps to slow down the 

degradation of the steel and the CFRP, and the increasing of the CFRP prestress, but also helps to 

guarantee the effciency of the anchorage and to aviod the smoke problem of CFRP.  

(4) The strengthening method is effective at room temperature and exposed to fire with a good 

protection of the steel and the CFRP. 

In the future, instead of the CFRP, iron-based shape memory alloy (Fe-SMA), which has a good 

elevated temperature behavior, could be used for prestressed-strengthening of steel structures under 

fire. In addtion, the application of the coating on the thin PS CFRP needs further studies. 
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ABSTRACT  

With the advent of performance based design within the domain of structural fire safety, there 

is a need for an increased level of confidence in properties of construction materials. As test data 

depict a significant scatter in temperature dependent material strengths of steel and 

concrete, systematic quantification of this variability is important for application within performance 

based fire engineering. The objective of this research is to examine different stochastic models to 

quantify uncertainty in steel and concrete strengths at elevated temperature. Based upon a collection 

of experimental data from literature, different probabilistic models are proposed for the retention 

factors of steel yield strength and concrete compressive strength, which are then compared based 

on application to the structural fire performance of columns under fire. This research improves 

understanding of effects of model choice for material uncertainties on the structural fire response.  

1 INTRODUCTION  

When designing structures to resist high temperature loads, it is important for structural engineers to 

capture the inherent uncertainty in properties exhibited by construction materials when exposed to 

heat. Both steel and concrete have been experimentally observed to show a dispersal in the value of 

their respective structural strengths, both at room temperature (commonly taken to be at 

20⁰C),  but most significantly at elevated temperatures. This scatter in temperature dependent 

strength values can induce unexpected values of critical temperature, time to failure, or maximum 

capacities, affecting structural reliability under fire hazards. The structural fire engineering 

community is now increasingly adopting the concepts of risk and reliability to support performance 

based design approaches. These concepts are central to the realization of complex buildings, where 

reliance on precedent is insufficient, and an adequate level of safety must be explicitly demonstrated. 

However, probabilistic evaluation of structures in fire requires the availability of well-established sets 

of material models to capture the above-mentioned uncertainty in inputs over a range of 

temperatures. These models are currently missing from design practices.  

In this study, different probabilistic material models are presented for the yield strength of steel and 

compressive strength of concrete in a manner that: a) captures the effect of data scatter at different 

values of temperature, and b) is efficiently applicable within finite element computations. A step-

wise approach is taken where first the sources of data variability are characterized into probabilistic 

functions, and then the structural response is analyzed in a stochastic manner, including uncertainty 

in strength retention factors to calculate distributions of failure time or temperature. For this purpose, 

data collection included experimentally obtained values from numerous different elevated 

temperature material tests reported by researchers over the past few decades. 

This is further explained in the subsequent section. These datasets cover a temperature range of 

20°C to 1030°C for steel and 17°C to 864°C for concrete. The datasets are grouped at different 

temperature intervals in order to conduct various statistical analyses to investigate ‘goodness of 

fit’ for different distribution functions, such as the lognormal distribution, etc. Alternatively, 

continuous probabilistic functions using a Bayesian-based formulation are fit to these datasets as 

well. Then, using the developed probabilistic models, different case studies are conducted 
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where the fire performance of columns are analyzed using Monte Carlo simulations. For the steel 

case study, failure temperature is evaluated using the provisions in Eurocode 3 (or EC3) for column 

buckling at high temperature [1]. For the concrete case study, structural fire performance of a 

reinforced concrete (RC) column is investigated through finite element modeling of the thermal-

mechanical response. The continuity in reliability appraisals during transition from normal to elevated 

temperature design is also discussed.  

2 HIGH TEMPERATURE TEST DATA FOR STEEL AND CONCRETE  

Within civil engineering literature, the yield strength of steel is commonly reported as that defined 

by the 0.2% strain offset method, denoted as  Fy . To facilitate modeling of material strength 

functions, the retained strength at any particular temperature, T  is normalized with respect to the 

value measured at ambient conditions and presented as a dimensionless retention 

factor,  ky,T   However, for the purpose of structural design under fire, the EC3 high 

temperature steel material model reports retention factors for yield strength calculated for 2% 

strain, represented within this paper as  ky,  2%,T . Test data pertaining to both these definitions has been 

included in this research. A total of 764 experimental data points for  ky,T  and 387 data points 

for  ky,  2%,T  were obtained from a 2011 study on various different types of standardized steel 

elements conducted by the National Institute of Standards and Technology (NIST) [2]. This test data 

is plotted in Fig. 1a and 1b, along with the EC3 steel material model for elevated temperatures. It is 

noteworthy that the retained yield strength at strain equal to 2% has been normalized by the room-

temperature value of 0.2% offset yield strength, which reflects the effect of strain hardening that 

would prevail at lower temperatures.  

Concrete, on the other hand, is a highly versatile construction material that can be classified based on 

aggregate type and characteristic strength in compression. For the purposes of this study, variability 

in concrete compressive strength under high temperatures is assessed from test data limited to normal 

strength concrete, with siliceous aggregate. Note that here normal strength concrete is categorized as 

that having value of characteristic compressive strength less than 50 MPa. A total of 242 data 

points have been included in this study from 24 different tests [3-11]. The 

compressive strength retention factor at elevated temperature for concrete, kc,T  was defined as 

the measured compressive strength of concrete at elevated temperature,  fc,T  divided by the mean 

value of measured strength at ambient, fcm,20. High strength concrete, and concretes made with 

calcareous aggregate are also widely used in the construction industry, but variations 

in their temperature dependent mechanical properties are a subject of later research.   

2.1 Variability at room temperature vs. elevated temperatures  

Spread in test data for the 0.2% offset steel  Fy  can be observed as fairly even around unity 

for  ky,T  at 20°C. The variability at ambient temperature for structural 

reliability has been previously established and is retained as such within this research, assuming a 

lognormal distribution with the mean as the characteristic value plus two standard 

deviations  (Fym,20=Fyk,20+2σ) and coefficient of variation of 0.07 [12]. For  ky,  2%,T , there is a 

significant scatter in the dataset even at 20⁰C accounting for strain hardening at lower 

temperature. The variability at ambient temperature is therefore explicitly reflected within the 

dataset. It can be seen from Fig. 1 and Fig. 3 that strength retention factors for both 0.2% and 2% 

offset models,  ky,T  and  ky, 2%,T  show similar trends at elevated temperatures, as the effect of strain 

hardening starts to disappear at temperatures above 500°C.  

For siliceous concrete, there is a wide variation in data depicting the measured room 

temperature compressive strengths (fc,20 ranging from 25 MPa to 55 MPa), and also for 

different concrete mixes, curing methods, etc. The variability at ambient temperature can be defined 

as a lognormal distribution with mean as the characteristic value at ambient plus two standard 
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deviations (fcm,20=fck,20+2σ) and coefficient of variation in a range from 0.05 to 0.18, depending 

on the production procedure [12].    

2.2 Data Grouping  

In order to efficiently post-process raw test data into stochastic material models, it is necessary to 

capture variations at different values of temperature. Therefore, available data was discretized 

into subgroups at temperature intervals of 50°C, and data points within the range of ±10°C from 

specified temperature value were included in each group. Any particular dataset thus grouped was 

discarded if the total number of points in the dataset were less than or equal to 5. In this manner, 20 

temperature groups for retention factors for  ky,T  (ranging from 20°C to 1030°C), and 16 groups 

for  ky, 2%,T  (from 20°C to 800°C) were respectively defined. Similarly, 10 data temperature groups 

were created from test data available for siliceous concrete between the range of 20°C to 800°C.  

3 PROBABILISTIC MODELING USING GROUPED DATA  

Thirteen probability density functions were fit to the materials test data within the above-mentioned 

temperature groups. These included continuous functions such as the Beta44 (Beta function bounded 

by 3 × standard deviation), Gamma, Normal, Lognormal, Logistic, Loglogistic, Inverse Gaussian, t 

Location-scale and the Extreme Value functions. Other distributions included 

the Nakagami, Rician, Bimbaum-Saunders, and the two-parameter Weibull probability 

distribution function. These distributions were compared temperature by temperature with 

quantitative methods and the final selection was made based on best model fit and the ease 

of application in analyses.  

3.1 Selection of optimal distribution functions  

The corrected Akaike information criterion (AICc) was used to get an unbiased estimate 

of ‘goodness of fit’ for the considered candidate distributions. This method compares the above-

mentioned thirteen distributions and provides an estimate of each function’s quality relative to the 

others. The distribution function with the lowest mean AICc value represented 

the greatest model quality [13]. For the datasets considered in this research, the Beta distribution 

for  kc,T , Gamma for  ky,T , and the Rician distribution for  ky,2%,T  gave the lowest mean value across 

the different temperature groups of the AICc. However, a lack of closed form formulation for 

the cumulative distribution function of each of these leads to complex computational 

processes. Keeping in mind optimal utility and application during stochastic evaluation of structural 

response, the lognormal function was selected for both steel models 

representing  ky,T  and  ky,2%,T, and the Weibull function was selected to represent the concrete 

dataset, respectively. The mean AICc values for these selected distributions are within 1% of the 

lowest mean value of the AICcs.  

3.2 Statistical models  

The parameters for the lognormal distribution were estimated for each temperature group 

individually, and subsequently generalized by fitting a regression curve. The final fitted equations 

for input parameters of the lognormal distribution for  ky,T  are:  

𝜇𝑙𝑛(𝑇) = −1.45 × 10
−9 × 𝑇3 − 1.78 × 10−6 × 𝑇2 − 2.5 × 10−5 × 𝑇 + 1.19 × 10−2                   (1)   

𝜎𝑙𝑛(𝑇) = 1.895 × 10
−7 × 𝑇2 + 1.15 × 10−4 × 𝑇 + 5.62 × 10−2                                                        (2)   

And for ky,2%,T, the lognormal fit gives the following equations:  

𝜇𝑙𝑛(𝑇) = −6.89 × 10
−9 × 𝑇3 + 1.84 × 10−6 × 𝑇2 − 8.39 × 10−5 × 𝑇 + 1.48 × 10−1                (3)   

𝜎𝑙𝑛(𝑇) = 2.41 × 10
−7 × 𝑇2 + 1.07 × 10−4 × 𝑇 + 9.77 × 10−2                                                           (4)   

where  𝜇, 𝜎  are temperature dependent parameters of the lognormal distribution.   

It should be noted here that for 𝑘𝑦 𝑇 data, a mean value of 1.0 and coefficient of variation equal to 0.07 

were manually imposed on the model for 𝑇 = 20°𝐶. Fig. 1 shows the lognormal models in 

comparison with EC3 models and measured data. The EC3 model in Fig. 1a is based on 0.2% offset 
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strain when constructing the full stress-strain curve using EC3 guidelines, while the EC3 model 

in Fig. 1b shows retention factors prescribed by the code for yield strength at 2% strain.  

 

 

 

 
(a)  (b)  

Fig. 1 Strength retention factors vs. temperature, based on lognormal fit for a) 𝑘𝑦 𝑇, and b) 𝑘𝑦 2% 𝑇  
  

For siliceous concrete, in order to maintain consistency within the probabilistic model at ambient and 

elevated temperatures, a Weibull distribution is fitted to approximately match the average lognormal 

distribution with mean of 1.0 and coefficient of variation ranging from 0.05 to 0.18. This Weibull 

distribution data point is included in the regression as an evaluation at room temperature, 

i.e. 𝑘𝑐 20. Final fitted equations for the Weibull distribution parameters are as follows:  

𝜆(𝑇) = −8.434 × 10−7 × 𝑇2 − 4.089 × 10−4 × 𝑇 + 1.059                                                                  (5) 

𝑘(𝑇) =
9.735

0.923+1.978×10−3×𝑇
                                                                                                                               (6)  

where   𝜆, 𝑘 are the scale and shape parameters for the Weibull distribution.  

Fig. 2 shows the 0.5 quantile and one standard deviation envelope for 𝑘𝑐 𝑇  calculated per the Weibull 

distribution and compared to the values provided by the Eurocode 2 (EC2) [14].  

  
Fig. 2 Strength retention factors vs. temperature for 𝑘𝑐 𝑇 based on the Weibull distribution  

4 PROBABILISTIC MODELING USING CONTINUOUS LOGISTIC FUNCTION  

Further to the above-mentioned probabilistic approaches, continuous logistic functions are also 

considered for the stochastic models for steel and concrete retention strength. For steel data, a 

Bayesian approach with the EC3 steel model as a deterministic basis is applied to the 𝑘𝑦 2% 𝑇 data  

to arrive at a logistic distribution, first presented in [15]. The 0.5 quantile value of 𝑘𝑦 2% 𝑇 is 

presented in Fig. 3a and is compared with the EC3 retention factors. The formulation is given in 

Eq. (7): 
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𝑘𝑦 2% 𝑇 = 1.7 ×
exp[𝑙𝑜𝑔𝑖𝑡(�̂�𝑦 2% 𝑇

∗ )+0.412−0.81×10−3×𝑇+0.58×10−6×𝑇1.9+0.43× ]

exp[𝑙𝑜𝑔𝑖𝑡(�̂�𝑦 2% 𝑇
∗ )+0.412−0.81×10−3×𝑇+0.58×10−6×𝑇1.9+0.43× ]+1

                                       (7)   

where 𝑙𝑜𝑔𝑖𝑡(�̂�𝑦 2% 𝑇
∗ ) is equal to ln (

�̂�𝑦 2% 𝑇
∗

1−�̂�𝑦 2% 𝑇
∗ ), 

�̂�𝑦 2% 𝑇
∗   is equal to 

�̂�𝑦 2% 𝑇+10
−6

1.7
, 

�̂�𝑦 2% 𝑇  is the temperature-specific retention factor as provided by the EC3, and 

휀  is the standard normal distribution. 

Taking a similar approach, a continuous logistic function (with no deterministic base) was fitted to 

the siliceous concrete data set for 𝑘𝑐 𝑇. Eq. (8) presents the probabilistic model where the modeling 

error is calibrated as 0.45 × 휀, and 휀 represents the standard normal distribution. 

𝑘𝑐 𝑇 = 1.4 ×
𝑒𝑥𝑝[0.8892−0.6319×10−3×𝑇−3.295×10−6×𝑇2+0.45× ]

𝑒𝑥𝑝[0.8892−0.6319×10−3×𝑇−3.295×10−6×𝑇2+0.45× ]+1
                                                               (8)  

Strength retention factors calculated using the above approach for siliceous concrete are presented 

in Fig. 3b below. 

  

(a) (b) 

Fig. 3 Strength retention factors vs. temperature based on a continuous logistic fit for a) steel 𝑘𝑦 2% 𝑇, and b) 

siliceous concrete 𝑘𝑐 𝑇  

 

5 CASE STUDIES  

Next, the probabilistic thermo-structural response of fire-exposed columns was evaluated using the 

established stochastic models for steel and concrete retention factors. A failure limit state was pre-

defined for each of the steel and concrete columns considered. Then, Monte Carlo simulations were 

run to evaluate the reliability of these columns under elevated temperatures, and a probability of 

failure, 𝑝𝑓 was determined for 2000 simulations for the steel column and 5000 simulations for the 

reinforced concrete column. 
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5.1 Steel column from One Meridian Plaza  

For steel, the failure limit state function is considered as buckling of the column at high 

temperature. The temperature at failure is obtained as that where the value of applied thermal loads 

and service compression loads becomes equal to the column capacity i.e., the utility ratio equals to 

unity. An unprotected steel perimeter column from the One Meridian Plaza with a wide flange 

column cross section W14×311 is considered [16]. A pin connection is considered at column ends, 

and the total effective length of the column is 3.56 m. An applied load of 0.25 𝐹𝑦𝑘 20𝐴𝑠 (𝐴𝑠 is the 

cross-sectional area of steel column) is assumed. Here, the characteristic yield strength of 

steel, 𝐹𝑦𝑘 20 is taken as 250 MPa, making the mean 𝐹𝑦𝑚 20 equal to 290.7 MPa. The EC3 

formulation is used to calculate the temperature-specific column capacity. A total of 2000 Monte 

Carlo simulations are run for each of the lognormal functions for 𝑘𝑦 𝑇 and 𝑘𝑦 2% 𝑇 respectively, and 

also for the EC3-based continuous logistic function for 𝑘𝑦 2% 𝑇. Fragility curves for the steel column 

failure temperature are developed for each of the candidate models, as presented in Fig. 4.  

5.2 Reinforced concrete column from a five-story office building  

For evaluating a probability of failure for a siliceous concrete RC member, a column section with 

cross-sectional dimensions 450 mm×450 mm was considered. This column is extracted from a 5-

story office building, and has a total considered length equal to 3.87 m. The column cross-section is 

reinforced with 12 longitudinal rebars of 25.2 mm diameter (M25). The compressive load value 

applied to the column is taken equal to 50% 𝑓𝑐𝑘 20𝐴𝑐 (𝐴𝑐 is the area of the column section), and 

thermal load is provided by applying the ASTM E119 fire exposure [17] on all four sides of the 

column. The above-mentioned Weibull and logistic distributions are used to capture the uncertainty 

within the concrete strength retention factor as is required to assess column fragility. The finite 

element software SAFIR [18] is used to perform thermo-mechanical analysis of the column and 

quantify the failure time of the column when it loses its load-bearing capacity under fire. This is the 

load-bearing (mechanical) fire resistance, and is considered as the failure limit state function for the 

RC column in this study. In total, 5000 Monte Carlo simulations are run for each of the probabilistic 

models. The percentage failure obtained is depicted in Fig. 5. 
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Fig. 4 Fragility curves for steel column with a) different considered models for retention factor b) logarithmic axis 

percentage failure 

 

  
(a) (b) 

Fig. 5 Fragility curves for RC column with a) different considered models for retention factor b) logarithmic axis 

percentage failure 

6 DISCUSSION AND CONCLUSIONS  

The results of case studies in Fig. 4 and Fig. 5 show minor differences in fragilities obtained for the 

failure temperature and time of steel and RC columns when uncertainty in strength retention factors 

are captured using different modeling approaches. If the target probability of failure is considered 

within 1% to 10%, the maximum difference in failure temperature of steel is 17 °C and the maximum 

difference in the time to failure of concrete column is approximately 16 minutes. In case of steel, it 

should be noted that the failure temperature for the column under study is above 550°C, for which 

the effect of strain hardening (2% versus 0.2% offset models) is not significant.   

It can be argued that, for the case studies considered in this study, the effect of model choice on the 

results at elevated temperatures is negligible. In order to quantify uncertainty in strength retention 

factors of steel and concrete at elevated temperatures, two approaches were considered. First, 

probabilistic models based on distribution fits to groups of data at different temperature were 

investigated. This approach led to selection of lognormal and Weibull distributions for steel and 

concrete, respectively. The second approach applied a continuous fit to the data using a logistic 

function that included the model error. In both approaches, efficiency and ease of application of 

models in finite element computation process were considered. This study will be expanded in future 

to investigate the effect of model choice on a number of case studies, including models for calcareous 

concrete, to generalize the results.  
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ABSTRACT 

Using modern software, there is the possibility of evaluating the structural response in fire 

conditions, conducting advanced thermo-mechanical analyses and taking into account the thermal-

induced indirect actions that may arise in the event of fire. These effects may affect the internal 

stresses of the structural members compared to the normal temperature conditions. Sometimes these 

advanced analyses are complicated arising significant computational burden, so a simplified method 

aimed to simulate or interpret the interaction between the adjacent members of the structure and to 

evaluate such thermal-induced stresses in case of fire, would be useful. In order to perform 

simplified but realistic analyses on steel members, in this paper, a non-linear procedure, based on 

analytical expressions, is proposed. 

1 INTRODUCTION 

The evaluation of the mechanical response of structures under fire requires to consider the complex 

mechanical and geometric non-linear behaviour in the presence of high temperatures.  

One of the main aspects to analyse is the mechanical non-linearity of the materials; indeed, as 

temperatures increase, the strength and stiffness of the structural materials tend to degrade. In order 

to take into account this degradation for steel, Eurocode 3 [1] provides the values of the reduction 

factors of stiffness kE,ϑ and yield strength ky,ϑ as a function of temperature. At the same time, the 

increase of temperatures generates thermal expansion and curvature in the structural members, that, 

if prevented by the restraints, can cause additional stresses and internal forces. However, these 

stresses are directly related to the mechanical properties of the materials, as they can’t exceed the 

structure capacity. In addition, there is a direct link between the mechanical and geometric non-

linearities, due to the second-order effects, which for example arise in beams due to the axial force 

induced by thermal expansion and the large displacements under fire.Based on experimental results 

on axially restrained steel beams under fire, a “new” collapse mechanism appeared and it was 

confirmed by mechanical simulations [2]: the catenary action. The structural large deflection 

behaviour, combined with high temperatures, can modify the structural scheme. Indeed, if the 

flexural stiffness of the beam tends to zero, the load is no longer absorbed by bending and the 

tensile stress balances the load. In this case, the structural collapse can occur if the tensile capacity 

is reached. Several researchers proposed simplified analysis method in order to take into account 

the catenary action in steel beams at elevated temperatures. 

In the current scientific literature there are some simplified methods to evaluate the mechanical or 

geometric non-linearities of simple structures subject to fire; only few methods take into account 

both non-linearities. Wang et al. ([3],[4]) describe the results of a numerical investigation of the 

large deflection behaviour of steel beam, providing a discussion on practical implications of using 

catenary action in steel beams as a means of eliminating fire protection [2].  Usmani et al. ([7],[2]) 

present theoretical descriptions of the key phenomena that govern the behaviour of composite 

framed structures in fire. 
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Since the structural fire analyses can be very complex, the Eurocodes ([1],[8]) allow to decompose 

each structure into simpler substructures, making possible to carry out accurate structural analyses 

on remarkable static schemes, but in a quick use way.  

In this paper the structural response of steel beams under fire is investigated and a simplified 

method is proposed, which allows to analyse the structural response of steel beam under fire, 

varying the load level and the restraint conditions. Although the proposed method is simple to 

apply, being based on some analytical expressions, it allows to take into account geometric and 

mechanical non-linearities and the real collapse mechanism such as the catenary action. 

2 PROPOSED SIMPLYFIED METHOD 

Applying a thermal action, the structure is deformed according to the temperatures in the cross-

sections. Considering the beam of Fig. 1, restrained by translational and rotational end springs with 

stiffness kt and kr , which replace the stiffness of the members adjacent to the beam, these restraints 

counteract the imposed thermal action, generating additional stresses which can be evaluated using 

compatibility equations. 

 

Fig. 1. Steel beam under non-uniform temperature distribution 

The uniform component of the thermal path generates an axial compressive force on the beam, 

given by the following formula within the elastic behaviour: 

t 

E A α Δ
N  

E A
1 2

k l






=

+

 

  

(1)                

where: 

Eϑ  is the average Young’s modulus of the steel, degrading with temperature; 

A   is the cross section’s area; 

α    is the coefficient of linear thermal expansion of the steel; 

Δϑ = ϑm−20°, is the difference between the average temperature in the cross- section and the 

ambient temperature. 

It results: 

t k = 
  

rigid restraint to translation: N  E A α Δ =
 

t k 0=
 

absence of restraint to translation: N  0.=  

Similarly the rotation end restraints oppose to the thermal curvature, generating an hogging bending 

moment on the beam, provided by the following formula within the elastic behaviour: 
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E I χ
M  

E I
1 2

k l

 



=

+

 

  

(2)                

where: 

 
inf sup

-  χ α
h

−
=

 
 

is the thermal curvature;  

I   is the second moment of area of the cross section. 

It results: 

r k = 
  

rigid restraint to rotation: M E  I χ ;  =
 

r k 0=
 

absence of restraint to rotation: M 0.=  

However, these thermal-induced internal forces on the beam have to consider the non-linear 

mechanical properties of the materials, not exceeding their capacity. In the proposed method, a 

simplified elastic–plastic stress-strain relationship for steel at elevated temperatures is considered as 

shown in Fig. 2. 

 

 

Fig. 2. Simplified elastic–plastic stress-strain relationship for steel at elevated temperatures. 

2.1 Thermal analysis 

In the proposed method, a generic fire curve may be considered and the steel beam is subjected to 

the adopted fire curve for an observation period T. Assuming n=
T

Δt
 , the generic instant of time is: 

           it i  Δt    with i 0, , n =  =       (3)                

The beam cross-section is divided in “m” fibres and the j-th fiber is characterized by the following 

properties: 

yj : distance of the j-th fiber from the centroid of the cross-section [mm]; 
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sj : thickness of the j-th fiber [mm]; 

bj : width of the j-th fiber [mm]; 

Aj : area of the j-th fiber [mm2]. 

The thermal analysis provides the evaluation of the temperature ϑi j of each fiber and, therefore, the 

Young’s modulus and yield strength reduction factors kE,ϑ and ky,ϑ can be calculated, using the 

expressions  proposed in EN1993-1-2 [1]. 

2.2 Simply supported beam (axially fixed at both ends) 

It is considered first of all a simply supported steel beam (horizontal displacements prevented), 

subjected to a uniformly distributed load “q” and with. For each time step, the stress distribution in 

the midspan section can be calculated using the Navier’s elastic formulation: 

( ) ( )i 1 i 1

eli, j j m,i E, ,i m,i 1 E, ,i 1

N M
σ y α E 20  k   20 k

A I
  − −

− −
 = + + −  − −  

 

 

(4)                

The stresses are limited to the yield strength fy ϑi j
: 

 

 

i, j eli, j y, i, j eli, j

i, j eli, j y, i, j eli, j

σ min σ ;f           σ 0 

σ max σ ; f       σ 0





= 

= − 




  

 

(5)                

If the yield strength is exceeded in the j-th fiber, an imbalance between the applied stress state, 

which is elastic, and the reactive one, which is plastic, arises: 

i, j eli, j y, i, j Δσ σ f = −
 

(6)                

This unbalanced stress, integrated on all the yielded fibers, generates a plastic axial force and a 

bending moment, which are redistributed in the still elastic part of the section, characterized by area 

Ael i , center of gravity yGel i and inertia Iel i variables with ti: 

pl,i Pi, j P j

j

ΔN  Δσ  A= 
 

 (7)                

pl,i Pi, j P j P j

j

 ΔM  Δσ  A   y= 
                   

 (8)                

el,i eli, j

j

A  A= 
 

 (9)                

el j,i jel,ij

Gel,i

el j,ij

 A y
y

 A
=




 

(10)                
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( )el ,i

3
2jel,i j

el,i jel,i jel,i Gel,i

j

b h
I A    y y

12
= + −

 

(11) 

So, the actual stresses are: 

i, j y, i, j eli, j eli, j y, i, j

i, j eli, j eli, j eli, j eli, j y, i, j

σ f                      if          σ 0      and    σ f

σ  σ  Δσ       if          σ 0      and   σ f

 



=  


= +    

(12)                

i, j y, i, j eli, j eli, j y, i, j

i, j eli, j eli, j eli, j eli, j y, i, j

σ f                      if          σ 0      and    σ f

σ  σ  Δσ         if          σ 0      and   σ f

 



= −   −


= +   −  

(13)                

in which: 

( )pl,i pl,i

eli, j jel,i Gel,i

el,i el,i

 ΔN  ΔM
Δσ   y y

A I
= + −

 

(14)                

After evaluating the agent stress state, the axial force can be evaluated as follows: 

i j i, j

j

N A  σ= 
 

(15)                

In order to take into account, the second-order effect, that can modify the bending moment, the 

midspan deflection at time ti may be evaluated with the following expression 

i m,i ,i N,iv  (v  v  v )= + +
 

(16)                

In eq. (16) the term vm i is the deflection induced by the bending moment 

2

m,i mech,i

5
v χ l

48
=

 

(17)                

and 

- 
i,sup i,inf

mech,  i

ε ε
χ

h

−
=

 

is the mechanical curvature;  (18)                

- 

( )

( )

( )

i,el,sup inf

i,sup inf

,i,sup inf

σ
ε  

E


=

 

is the mechanical strain.   (19)                

The term vϑ i in (16) is the thermal deflection: 

2

,i

,i

 χ  l
v

8



 =
 

(20)                

being ,i the thermal curvature. 

The term vN i in (16) is the deflection induced by the second-order effects: 
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2

i i 1

N,i

,i

(N v ) l
v

8 E I

−=

 

(21)                

The large deflections, combined with the high temperatures in the cross-sections, which leads to a 

significant decrease of the flexural stiffness, may involve the activation of the “catenary action”. 

The structural scheme changes, passing from a beam to a cable configuration. In this case the failure 

is due to tension and not to bending. In order to evaluate the development of this effect, which arise 

in the presence of large displacements, a midspan deflection control is necessary. In the proposed 

method it is assumed that the catenary action happens when the following condition is verified: 

i   

i

 v 1 
n

l 20
= 

 

(22)                

The expressions (15) and (16) can be modified to take into account the catenary action: 

i j i, j i

j

N A  σ T= −
 

(23)                

Considering the load ratio μ0 =
Efi d

 Rfi d 0
  in fire condition, we can write: 

2
2

i i 1

i 1

ql
T 1 16 n

8 v
−

−

= +

 

(24)                

2
E, ,i2

i i 1

i 0

kql 1
v 1 16 n   1

8 T 10 2 μ



−

 
= + + 

−   

(25)                

where: 

- Ti  is the tension force in the catenary; 

- vi   is the midspan deflection. 

The midspan bending moment can be evaluated, as the sum of the first- and the second-order 

bending moments, induced by the increase of both the axial force and the midspan deflection: 

2
I II

i i i i

ql
M M M N  v

8
= + = +

 

(26)                

2.3 Double-fixed beam (axially and rotational fixed at both ends) 

In this case the steel beam is axially and rotationally restrained at both ends. As in the previous 

case, the stress state is evaluated at the midspan section. However, also the effects of the rotational 

restraints to the thermal curvature have to be taken into account in this case. Therefore, the eq. (4) 

will be modified in the following expression, in which the last term takes into account the 

constraints effect: 

( ) ( )i 1 i 1

eli, j j m,i E, ,i m,i 1 E, ,i 1 ,i j

N M
σ y α E 20  k   20 k χ E  y

A I
    − −

− −
 = + + −  − −  + 

 

(27)                

The stress distribution and the axial force are evaluated following the steps from (5) to (15) of the 

previous paragraph. 
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The midspan deflection is evaluated with the following expression: 

i m,i N,iv  (v  v )= +
 

(28)                

In the Eq. (28) the term vm i is the deflection induced by the bending moment, where the term χ
mech,i

 

is evaluable with Eq. (18):  

2

m,i mech,i

3
v χ l

48
=

 

(29)                

2

i i 1

N,i

,i

N v  l
 v

4 E I

−=

 

(30)                

Therefore, the midspan bending moment is evaluated as follows: 

2
I II

i i ,i i i

l ql
M   M M  M N  v χ E  I

2 24
  

 
= + + = + − 

   

(31)                

Because of the statically indeterminate structural scheme, if the midspan bending moment is equal 

to the resistant one, the structure does not collapse. It determines a midspan plastic hinge which 

leads to a bending moment redistribution on the ends of the beam. 

The structural scheme can be analysed as a couple of cantilever connected to each other by a plastic 

hinge. Definite ti =  ti∗ the time when the midspan bending moment equals the resistant one, the 

midspan deflection is evaluated with the following equation: 

*i ii
v  v  Δv= +

 
(32)                

in which Δvi is the deflection’s increase due to the structural scheme’s modification: 

*

4

i

E, ,i E, ,i

ql 1 1
Δv

64 E I k k 

 
 = −
 
   

(33)                

The end section’s stress state is estimated with the following equation, where the already calculated 

value of Ni (Eq. (15)) is used: 

0i

eli, j j ,i j

MN
σ y χ E  y

A I
 = + +

 

(34)                

We then proceed to the stress redistribution phase, following the steps from (5) to (14). 

The end section bending moment is then evaluated as the sum of each fiber’s contribution: 

i j i, j j

j

M A  σ y= 
 

(35)                

2.4 Validation against FEM numerical simulation 

With the aim of validate the simplified proposed method, the comparison between the results 

obtained applying the simplified method and the results provided by a FEM model carried out using 

SAFIR 2016 [9] is reported in the following, with reference to a 6m long IPE300 steel beam with 
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different boundary conditions and subjected to standard fire ISO834 curve. Fig. 3 and Fig. 4 show 

the curves of axial force, bending moments and midspan deflection vs fire exposure time, reported 

varying the load ratio μ0: the results obtained applying the proposed method are generally in a good 

agreement with the FEM ones, both in terms of failure time and type of attained collapse. In 

particular, in the simply supported beam, the collapse occurs due to tensile force. The compressive 

axial force (see Fig. 3a)) increases up to a maximum value, according to the applied load; at the 

same time, the midspan bending moment (see Fig. 3b)) increases, due to the second-order effects. 

However, the bending moment remains lower than the bending capacity and tends to zero as a result 

of development of the catenary action, which occurs in large displacements. The trend of the 

midspan deflection (see Fig. 3c)) follows three distinct phases. In the first phase, the displacements 

are elastic because the steel has not yielded yet; after that the beam plasticization occurs, with a 

considerable increase in deformability; the last phase represents the midspan deflection trend due to 

the catenary action. 

 

 

a) 

 

b) 

 

c) 

Fig. 3. Comparison between results of FEM model (SAFIR 2016) and simplified method for a simply supported beam 

a) Midspan axial force; b) Midspan bending moment; c) Midspan deflection 

In the fully axially and rotationally restrained beam, the failure does not happen due to tension, but 

because the bending capacity is reached. In the midspan section, after a first phase in which the 

bending moment (Fig. 4b)) tends to decrease due to thermal effect, the second-order effects 

develop, which increase the bending moment until the formation of the midspan plastic hinge. At 

the end beam section (Fig. 4c)), after the first phase in which the bending moment tends to increase 

due to the thermal curvature, the second-order effects develop. When the midspan plastic hinge is 

formed, the bending moment redistributes and the effect of the thermal curvature becomes 

predominant again.  

The collapse of the beam occurs when two plastic hinges at the ends of the beam are formed too and 

no equilibrium configuration is reached.  
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 a)  b) 

 

 c)  d)  

Fig. 4. Comparison between results of FEM model (SAFIR 2016) and simplified method. for a beam fixed at both ends. 

a) Midspan axial force; b) Midspan bending moment; c) End bending moment; d) Midspan deflection. 

3 CONCLUSIONS 

In this paper a simplified method to evaluate and interpret the effects of fire on steel structural 

members is proposed.  

The validation of this method is carried out for different restraint conditions and different load level, 

through the comparison with a FEM model. The results provided by the simplified method with 

reference to some relevant examples are in a good agreement with the FEM model, in terms of 

failure time, forces and displacements values vs exposure time and type of attained collapse, 

allowing to use the proposed method and reducing the computational burden. 

The application of the simplified method to some examples allows also some interesting remarks: 

The material mechanical properties influence the value of thermal-induced internal forces and limit 

their development. Indeed, the stress level check verifying the fibers’ yielding and the evaluation of 

the stress and internal force redistribution are necessary. 
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Fixing the fire curve and the geometric and mechanical properties, the indirect actions due to 

prevented thermal expansion and curvature depend on the restraints and load level. 

The large deflections and the thermal-induced axial forces generates second-order effects that have 

to be considered in the structural analysis. 

The restraint conditions influence the collapse mechanism of the structure: for the simply supported 

beam the collapse occurs due to tension, developing the “catenary action”, while for the double-

fixed beam the flexural collapse occurs. This aspect involves a different structural capacity as a 

different collapse time. Indeed, for the same load level, if the catenary effect has the possibility to 

develop completely, the collapse time is greater. 

The proposed method can be also applied to steel members extracted from framed or truss 

structures in order to estimate the possible fire collapse modes of complex structures or interpret 

and check in a simple way the results of fire analyses performed through advanced thermo-

mechanical analyses on wide structures. The restraint conditions may be simulated by introducing 

translational and rotational springs having appropriate stiffness variable with temperature. 
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ABSTRACT 

Light gauge steel frame (LSF) walls made of steel studs and lined with gypsum plasterboards are 

commonly used as load bearing walls in buildings. Previous studies conducted on LSF walls were 

based on walls exposed to fire on one side, and design rules were developed assuming a non-

uniform temperature distribution across the stud cross-section. However, fire on both sides of the 

walls is a possible event in buildings, where fires are not contained within a single compartment. In 

this event, LSF walls are exposed to fire on both sides with a time lag. Numerical studies were 

conducted in this research on LSF walls exposed to fire on one side only and both sides. The 

plasterboard and stud temperatures were obtained from thermal finite element models, which were 

then used in structural finite element models to determine the load ratio versus failure time curves. 

This papers presents the results and evaluates the effects of fire on both sides. 

1 INTRODUCTION 

Light gauge steel frame wall (LSF) systems made of cold-formed steel studs and lined with gypsum 

plasterboards are used as load bearing walls in low- and mid-rise buildings. Generally, lipped 

channel studs are used as studs and unlipped channel sections as tracks. Under fire conditions, cold-

formed thin-walled steel stud sections heat up quickly resulting in fast reduction to their strength 

and stiffness. Therefore they are commonly used in structural wall systems with plasterboard and 

insulation materials as fire protecting wall lining materials on both sides of steel studs (Fig. 1).  

 

Fig. 1. LSF wall 

In general, LSF walls are exposed to fire on one side. The fire resistance rating of load bearing LSF 

wall is determined based on the standard time-temperature curve given in ISO 834 [1] on one side. 

The studs heated from one side will develop a temperature gradient across the stud cross-section 

(i.e. hot and cold flanges in channel studs) and tend to bow towards the fire source due to 

differential thermal expansion of steel studs. Further this temperature distribution will induce non-

uniform distribution of strength and stiffness within the steel stud cross-section. Therefore the studs 
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subject to axial compression loads at ambient temperature will become beam-columns due to the 

additional bending action when exposed to fire on one side. Many experimental and numerical 

studies have been undertaken to investigate the fire performance of LSF walls exposed to fire on 

one side and suitable design rules have been developed [2-7]. However, in modern mid-rise 

apartments, where room sizes are less than 3 m by 3 m, fires in one compartment can move to 

another through openings (door, vent, false ceiling, etc.) and ignite the combustibles present in 

other compartments. These fires will burn for a longer period of time than the fires contained within 

a compartment. The fire duration is mostly governed by the presence of fuel loads and ventilation 

when active fire protections are not in place. This is called the travelling fires and discussed by 

many researchers [8-10], similar to that used in bridge design where the live load combinations are 

considered to represent the vehicular movement along the bridge. Travelling fires have been 

observed in large compartment fires where they burn locally and consume the fuel loads available, 

move across the floor plates and burn for longer durations [8-13]. In a compartment, if the fire 

spreads through an opening and the adjoining compartment starts to burn, then the wall that 

separates these compartments is subjected to fires on both sides. However, there could be a time lag 

between these fires. In one compartment the fire could be in the growth/decay phase, while it is in 

the flashover/growth phase in another. In these situations the particular wall experiences fires on 

both sides, i.e. higher temperatures on both sides, causing both flanges of the studs to rise with time. 

In LSF walls exposed to fire on one side, only one flange of the stud heats up quickly and conducts 

heat to the other flange through conduction heat transfer mode. Thus LSF walls exposed to fires on 

both sides will have a different non-uniform temperature distribution across the stud than what was 

observed in LSF walls exposed to fire on one side.  

A study of four-story steel moment resisting frame exposed to travelling fires revealed that 

structural collapse occurred under 25% of fire size (based on exposed frame and fire intensity and 

duration) travelling along the frame, while no collapse occurred during 12.5%, 50% and 100% fire 

[14]. It also highlighted that the steel frame temperatures were higher for the 25% fire size than for 

100% of fire. This contradicts with the traditional belief that 100% fire on one side is more severe 

than all other fire scenarios [14]. Fire size is mainly dependent on the fire spread rate, heat release 

rate and the structural element location along the fire path, and studies are in progress in 

determining the fire model/size for various compartments incorporating different parameters that 

influence the size of travelling fires. The current building regulations and standard codes of practice 

do not address the travelling fire concept, and fires burning in multiple compartments with or 

without a time lag. The current practice is suitable only for small enclosed fires. However, fires are 

expected to travel along the floor in a compartment and move quickly. More studies are to be 

conducted in mid-rise cold-formed steel buildings, where fires could spread easily from one 

compartment to another due to the presence of higher fuel loads and reduced thermal mass in walls 

compared to conventional masonry walls. 

Past studies on LSF walls exposed to fires have shown that stud failures are mostly governed by 

their hot flange temperatures. Gunalan and Mahendran [6] proposed simplified design equations for 

stud hot flange temperatures as a function of load ratio (applied load in fire to ambient temperature 

stud capacity) for a range of wall configurations. Different wall configurations will have dissimilar 

temperature distributions across the stud cross-section and a sole equation for load ratio versus stud 

hot flange temperature was not possible, as the cold-flange stud temperatures also slightly influence 

the stud failures [6]. When LSF walls are exposed to fire on both sides, the temperature distribution 

across the studs will be different to that of LSF walls exposed to fire on one side. Further depending 

on the time lag and fire duration, the non-uniform temperature distribution across the studs will 

shift towards a uniform temperature distribution. This means reduced thermal bowing and neutral 

axis shift and thus the axial compression capacity of the stud will not be the same due to reduced 

bending action. This study focuses on LSF walls exposed to fire on both sides and investigates the 
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fire resistance of two wall configurations, single and double 16 mm thick gypsum plasterboards 

lined LSF walls exposed to fire on both sides. Time lags of 15 and 30 min were assumed in this 

numerical study, where the initially unexposed side was exposed to fire with a time lag of 15 and 30 

min following a standard fire exposure on one side. Standard fire curve was used as the fire curve 

for ease of comparison. Numerical study included both thermal and structural finite element 

analyses. Thermal finite element analyses were conducted to obtain the plasterboard and stud time-

temperature curves while structural analyses were conducted to determine the load bearing capacity 

of 3 m LSF wall panels in fire. The stud failure times and temperatures were obtained and 

compared. This paper presents the details of this numerical study on LSF walls exposed to fire on 

both sides and the results.  

2 THERMAL FINITE ELEMENT ANALYSIS 

Abaqus CAE was used for the thermal Finite Element (FE) analysis of stud walls lined with 

gypsum plasterboards. Heat transfer analyses assume that the thermal response is not influenced by 

the mechanical behaviour of wall panel. Thus plasterboard and stud temperatures across and along 

the LSF wall were obtained by only conducting thermal FE analyses. Thermal FE models were 

developed with two studs and gypsum plasterboard linings as shown in Fig. 2 [15]. LSF walls were 

modelled using 8-node linear heat transfer brick elements DC3D8: diffusion (D) continuum (C) 

three-dimensional (3D) eight node (8) heat transfer. The heat transfer modes of conduction, 

convection and radiation were considered in the form of appropriate boundary conditions and 

material property values.  

A mesh density of 20 mm along the surface and 4 mm through thickness were selected for gypsum 

plasterboard. A mesh density of 10 mm was selected for the 90x35x8x1.15 mm lipped channel 

studs. Mesh densities of LSF wall components were selected based on the mesh sensitivity analyses 

conducted by Rusthi et al. [15] for similar LSF wall configurations. Tie constraints were used to 

ensure heat transfer in both directions; plasterboard to stud hot flange (fire side) and stud cold 

flange to plasterboard (ambient side) and between the plasterboards in two layers of plasterboard 

lined LSF walls. This will simply constrain the temperatures at corresponding points of an interface 

to have the same value with gap conductance equals to 1, where heat is exchanged between the 

surfaces. Elevated temperature material properties of LSF wall components such as specific heat, 

thermal conductivity and relative density were obtained from [15]. The convective heat transfer 

coefficients of 25 and 10 W/m2.oC were assigned to fire exposed and ambient surfaces of gypsum 

plasterboards based on literature and standards [15]. The radiation heat transfer coefficient 

(emissivity) of 0.9 was assigned to the fire exposed and ambient plasterboard surfaces. Further, 

closed cavity radiation was used for the heat transfer through cavity and an emissivity coefficient of 

0.9 was assigned to the cavity facing surfaces. Stefan Blotzmann constant of 5.67 x 10-8 W/m2.oC 

was assigned to the thermal FE model to obtain the radiation heat transfer. Transient heat transfer 

analysis was performed with standard fire curve as amplitude. This was assigned to the fire exposed 

surface of the plasterboard as boundary condition for all the models, while it was assigned to the 

ambient surface with a time lag of 15 and 30 min for both side fire exposed FE models. Figs. 3 and 

4 show the plasterboard and stud time-temperature curves obtained for both single and double 

plasterboard lined LSF walls exposed to standard fire curve on one side, and both sides with time 

lags of 15 and 30 min. 
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Fig. 2. Thermal finite element model of LSF wall 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.3  Plasterboard and stud time-temperature curves for single plasterboard lined LSF wall a) and b) exposed on one 

side, c) and d) exposed on both sides with t=15 min lag and e) and f) exposed on both sides with t=30 min lag 
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Fig. 4. Stud time-temperature curves for double plasterboards lined LSF wall a) exposed on one side, b) 

exposed on both sides with t=15 min lag c) exposed on both sides with t=30 min lag 

As seen in Fig. 3, in the initial stages of the fire the wall lining delays the temperature rise in all LSF 

walls and both plasterboard and stud temperatures across the wall are nearly the same during this time 

period. Figs. 3 (a) and (b) show the time-temperature curves of LSF walls exposed to fire on one 

side, where a unique pattern of temperature profile can be seen. The fire side surfaces are hotter than 

the ambient side plasterboard and stud surfaces. Stud hot flange (HF) temperature is always higher 

than the web and cold flange (CF) temperatures. For LSF walls exposed to fire on both sides, the 

ambient plasterboard surface temperatures rapidly increased after 15 and 30 min, due to the standard 

fire exposure on the ambient side surface as well. Thus both cavity facing surface temperatures (Fire 

Pb1-Cav and Cav-Amb Pb2) merged together after ~ 35 and 55 min of fire exposure. This can be 

seen in stud HF and CF temperatures as well (Figs. 3 (d) and (f)). Thus the non-uniform temperature 

distribution seen in stud HF and CF temperatures in LSF walls exposed to fire on one side does not 

exist for fire on both sides after 35 and 55 min, and the stud HF and CF temperatures are nearly the 

same after this time period. However, web (mid-point) temperatures are 10-40oC less than the stud 

HF and CF temperatures for the entire duration. Similar pattern also exists in double plasterboards 

lined LSF walls, where after ~ 72 and 85 min, the stud HF and CF temperatures are the same while 

the web (mid-point) temperatures are lower than the stud HF and CF temperatures. This creates two 

temperature gradients across the stud section, one being from HF to web (mid-point) and another 

from web (mid-point) to CF. This is different to that of LSF walls exposed to fire on one side with a 

single temperature gradient from HF to CF across the stud used in finite element analyses and design 

of LSF walls. 
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3 STRUCTURAL FINITE ELEMENT ANALYSIS 

A structural finite element analysis based study was undertaken for 3 m long studs in LSF wall 

panels with appropriate loading and boundary conditions. Lipped channel section of 

90x35x8x1.15mm thick G550 steel was used in Abaqus FE analyses. The shell element type S4R 

with 4 mm x 4 mm mesh size and boundary conditions were used to model the stud based on 

previous FE studies used for similar conditions [16]. The stud temperatures obtained from thermal 

finite element analyses were used in this study, and the mechanical properties at elevated 

temperatures were based on [17]. Transient state FE analyses were conducted where the stud was 

subjected to a predetermined axial compression load and then the stud temperatures were increased 

until failure. The applied axial compression load was based on the load ratios from 0.2 to 0.7. Fig. 5 

shows the load ratio versus stud failure times (FRL) of LSF walls exposed to fire on one side and 

both sides obtained from structural FE analyses and Fig. 6 shows the stud failure temperatures.  

 

 

Fig. 5. Load ratio versus time curves a) single plasterboard b) double plasterboards lined walls 
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Fig. 6. Stud hot flange temperature versus load ratio curves a) stud hot flange and b) cold flange temperature of single 

plasterboard lined walls and c) stud hot flange and d) cold flange temperature of double plasterboard lined walls  

As seen in Fig. 5, LSF walls exposed to fire on both sides structurally failed much earlier than the 

LSF walls exposed to fire on one side only. For instance, for a load ratio of 0.2, single plasterboard 

lined wall exposed to fire on both sides with 15 and 30 min time lags failed at 42 and 52 min 

respectively, whereas it was 77 min for LSF wall exposed to fire on one side only  

(Figs 5(a)). Similarly they were 95 and 103 min versus 149 min for double plasterboards lined 

walls (Figs 5(b)). This is because, the lower the load ratio, the fire duration is longer and studs will 

be exposed to higher temperatures. Thus LSF walls exposed to fire on both sides will heat up 

quickly and stud temperatures increase rapidly than in LSF walls exposed to fire on one side. This 

shows the importance of incorporating fire exposure on both sides in the design. However, for load 

ratios of 0.5 and above, the stud failure times are nearly the same or only a small difference was 

observed. As the studs subjected to higher axial compression loads fail at much lower temperatures, 

the presence of gypsum plasterboard on both sides of the studs delays the stud temperature rise until 

it dehydrates and calcination occurs in fire. Thus LSF walls subjected to higher load ratios and 

exposed to fires from one side or both sides have nearly the same stud failure times.  

Fig. 6 shows the stud hot and cold flange temperatures at failure. It shows that studs exposed to fire 

on one side always have lower stud hot flange (HF) and cold flange (CF) temperatures than studs 

exposed to fire on both sides, and the difference in HF and CF temperatures is also high. This is 

because as the walls are exposed to fire on one side, it generates higher thermal gradient across the 

studs resulting in thermal bowing, neutral axis shift, eccentric loading and higher second order 

deflections due to bending. Thus studs in LSF walls exposed to fire on one side failed at lower stud 
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HF temperatures than those exposed to fire on both sides. Studs in LSF walls exposed to fire on 

both sides will have a near uniform temperature across the stud cross-section with time, and it 

results in less contribution from bending action. As a result the stud HF temperatures in single 

plasterboard lined walls exposed to fire on both sides are significantly high for the load ratios in the 

range of 0.3 to 0.5, where a difference of about 100oC was noticed (Fig. 6(a)). The difference is 

only about 50oC in double plasterboard lined walls (Fig. 6(b)). This is due to the presence of an 

additional layer of gypsum plasterboard that delayed the stud temperature rise. This temperature 

difference is not noticed in load ratios less than 0.2 and above 0.6, since with lower loads and 

associated longer fire duration, the stud temperature distribution across the cross-section will 

become nearly uniform even in walls exposed to fire on one side. At higher load ratios, gypsum 

plasterboard delays the stud temperature rise and thus the stud HF temperatures are the same for 

walls exposed to fire on one side and both sides.   

4 CONCLUSIONS 

This paper has presented the details of finite element studies conducted on LSF walls exposed to 

fire on both sides. Thermal finite element analysis showed that with fire duration the cavity facing 

plasterboard surface temperatures merged together in walls exposed to fire on both sides, and heat 

the studs from both sides. This resulted in nearly the same stud hot and cold flange temperatures. 

Therefore the stud temperature distribution does not exhibit a linear reduction from hot flange to 

cold flange as observed in walls exposed to fire on one side. In walls exposed to fire on both sides 

two temperature gradients were observed, from hot flange to web (mid-point) and web (mid-point) 

to cold flange. Thus studs will not experience the thermal bowing, neutral axis shift and second 

order effects and bending action observed in walls exposed to fire on one side. Hence studs are able 

to sustain higher hot flange temperatures as shown by structural finite element analyses and 

simplified design equations developed for one side fire exposure are not suitable for both side fire 

exposure. However, the failure of LSF wall studs occurs much earlier when exposed to fire on both 

sides for load ratios less than about 0.5. This study has highlighted the importance of considering 

LSF walls exposed to fire on both sides in the building regulations and design standards. Research 

is in progress in verifying the applicability of existing fire design rules for LSF walls exposed to fire 

on both sides.  

ACKNOWLEDGMENTS 

The authors would like to thank Australian Research Council and Queensland University of 

Technology (QUT) for providing the necessary facilities and financial support to conduct this study. 

REFERENCES 

[1]  ISO 834-1, Fire Resistance Tests – Elements of Buildings Construction – Part-1 General requirement, 

International Organization for Standardization, Switzerland, 1999. 

[2] Alfawakhiri F. (1999). Fire resistance of load bearing steel-stud walls protected with gypsum board: 

A Review, Fire Technology 35(4): 308-335. 

[3]  Feng M., Wang Y.C. (2005). An analysis of the structural behaviour of axially loaded full-scale cold-

formed thin-walled steel structural panels under fire conditions, Thin-Walled Structures 43, 291-332. 

[5]  Kodur. V.K.R., Sultan M.A. (2006). Factors influencing fire resistance of load bearing steel stud walls, 

Fire Technology 42: 5-26. 

[6] Gunalan S., Mahendran M. (2014). Fire peformance of cold-fromed steel wall panels and prediction 

of their fire resistance rating, Fire Safety Journal 64: 61-80. 



Behaviour of LSF Walls Exposed to Fire on Both Sides 

   

 

145 

 

[7] Ariyanayagam A.D., Mahendran M. (2012). Fire Tests of Load Bearing Steel Stud Walls Exposed to 

Real Building Fires, 7th Int. Conference on Structures in Fire, 6-8 June, Switzerland, pp. 105-114. 

[8] Law A., Stern-Gottfried J., Gillie M, Rein G. (2011). The Influence of travelling fires on a concrete 

frame, Engineering Structures 33(5): 1635-1642 

[9] Rackauskaite E., Hamel C., Law A., Rein, G. (2015). Improved formulation of travelling fires and 

application to concrete and steel structures, Structures 3: 250-260 

[10] Dai x., Welch S., Usmani, A. (2017). A critical review of travelling fire scenarios for performance-

based structural engineering, Fire Safety Journal 91: 568-578. 

[11] Torero J.L., Mjadlani A.H., Empis A., Cowlard A. (2014). Revisting the compartement fire, In the 11th 

International Symposium on Fire Safety Science, pp. 28-45 

[12] Hidalgo J.P., Cowlard A., Empis A., Maluk C., Majdalani A.H., Kahrann S., Hilditch R., Krajcovic 

M., Torero J.L. (2017). An experimental study of full-scale open floor plan enclosure fires, Fire Safety Journal 

89: 22-40. 

[13] Rush D., Lange D., Maclean J., Rackauskaite E. (2016). Modelling ther thermal and structural 

performance of a concrete column exposed to a travelling fire – Tisova fire test, In Proceedings of the 9th 

International conference on structures in fire, pp. 110-118.  

[14] Rezvani F.H., Behnam B., Ronagh H., Jeffers, A.E. (2015). Effect of travelling fire on structural response 

of a generic steel fire protected moment resisting frame, International Conference on Performance-based and 

Life-cycle Structural Engineering, Brisbane, Australia.  

[15] Rusthi M.I., Keerthan P., Mahendran M., Ariyanayagam A.D. (2010). Investigating the fire performance 

of LSF wall systems using 3-D finite element analyses, J. Struct. Fire Engineering. 8 (4): 354–376 

[16] Ariyanayagam A.D., Mahendran, M. (2018). Fire performance of load bearing LSF wall systems made 

of low strength steel studs, Thin-Walled Structures 130: 487-504.            

[17] Dolamune Kankanamge N., Mahendran M. (2010) Mechanical properties of cold-formed steels at 

Elevated temperatures, Thin-Walled Structures 49: 26–44.                           

 

  



Fire Resistance of Slim Floor Beams, From Experimental Work to Simple Fire Design Methods 

   

 

146 

 

FIRE RESISTANCE OF SLIM FLOOR BEAMS, FROM EXPERIMENTAL WORK TO 

SIMPLE FIRE DESIGN METHODS 

 

Naveed Alam1, Ali Nadjai1, Faris Ali1, Francois Hanus2, Olivier Vassart2 
1 Fire Safety Engineering and Technology (FireSERT), Ulster University, Belfast, UK 

2  ArcelorMittal Global R&D, Esch-sur-Alzette, Luxembourg 

 

 

ABSTRACT 

Response of the slim floor beams at elevated temperatures has fascinated various researchers and 

several investigations have been conducted to understand and analyse their behaviour in fire. The 

results obtained from the previous investigations have shown that these beams offer a higher fire 

resistance in comparison with the traditional steel-concrete composite beams. Although several 

investigations have been conducted to analyse the response of slim floors in fire, limited attempts 

have been made to devise simple fire design methods. This study is initiated to devise simple fire 

design methods for slim floor beams. An experimental investigation is initially conducted to 

analyse the response of slim floor beams in fire while the response exhibited during the test is 

replicated through numerical modelling. The validated numerical modelling method is later used to 

conduct a parametric study to investigate the response of slim floor beams under different degrees 

of utilizations. Using the results from the parametric study, simple fire design methods are devised 

by establishing a relationship between the degree of utilization and their fire resistance. The 

proposed fire design method is the state-of-the-art and will serve as a design tool for future use. The 

proposed fire design method will contribute to the current database of knowledge and will reduce 

the current fire protection requirements and associated finances in addition to providing a better 

understanding on the behaviour of slim floor beams exposed to elevated temperatures.  

1 INTRODUCTION 

During the last quarter of the 20th century, the use of slim floor systems gained popularity in the 

Nordic countries as they offer numerous advantages over the traditional steel-concrete composite 

beams [1]. Although the slim floor technology has recently gained admiration, the art of shallow 

floor construction is being used since the 1790s as the filler joist type of shallow floor systems were 

frequently used [2]. The slim floor technology was introduced in the United Kingdom (UK) during 

the 1990s [3]. Since their introduction, various designs of these floors are now used by the 

construction industry. Amongst these various design types, slim floor beams (SFBs) are very 

common as they offer longer spans and are easy to fabricate using the existing steel sections and 

plates [3]. Like the other forms of slim floor systems, SFBs offer various benefits including a flat 

soffit, ease of installation of the hydraulic and electric services and a reduced floor depth. During 

the floor construction, most part of the steel section is encased within the concrete with only the 

welded steel plate being exposed. The encased concrete between the flanges contributes towards the 

second moment of area of SFBs and induces a partial encasement keeping the steel section 

protected from direct exposure to fire. As a result, low temperatures are maintained in most parts of 

the steel section. Hence, SFBs have an inherent fire resistance of around 60 minutes [4] [5]. The 

combination of SFBs with the metal decking reduces the construction time and eliminates any 

requirements of the formwork [5]. Several investigations have been previously conducted to analyse 

the response of slim floor systems in fire. These previous studies include the experimental 

investigations [6], [7], the numerical investigations [8], [9], [10], as well as the simple equations to 

estimate temperature distributions across their sections [11]. Although simple equations, to estimate 

the temperature distributions across the slim floors, have been previously established, any empirical 
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solutions to estimate their fire resistance have not yet been proposed. The simple design solutions to 

estimate the fire resistance of SFBs can either be in terms of a relationship between their degree of 

utilization and their fire resistance time or in terms of a relationship between their degree of 

utilization and critical temperatures as proposed in the Eurocodes, BS EN-1993-1-2 [12] 

1.1 Aims and objectives 

The aim of this investigation is to study the response of SFBs in fire and to devise simple fire 

design methods for future use. To achieve this aim, an experimental investigation has been 

conducted to understand and analyse the response of SFBs in fire while the numerical modelling 

has been conducted to examine the influence of different degrees of utilization on their response. 

Results from the numerical modelling are used to establish a relationship between the degree of 

utilization of SFBs and their fire resistance. This relationship will be used by engineers as a design 

tool to estimate the fire resistance of SFBs in future. 

2 EXPERIMENTAL INVESTIGATION 

During the experimental investigation, a fire test was conducted on a SFB assembly consisting of a 

fabricated steel section and a steel-concrete composite floor. The total width of the test assembly 

was 1000 mm while its length was 5000 mm as shown in Fig. 1 (a). The beam was fabricated using 

a HEA-180 steel section and by welding a steel plate, 350 mm wide and 15 mm thick, along its 

bottom flange. Both steel beam and the welded plate were manufactured using grade S355 

structural steel. The depth of the steel section was 195 mm while the total depth of the SFB 

assembly including the composite slab was 245 mm. The composite floor of the test assembly was 

constructed using MD-50 steel decking and normal weight concrete with a target strength of 30 

N/mm2 at 28 days. Concrete cubes were prepared to measure the moisture content as well as to 

perform the compression strength tests. The concrete slab above the top flange was reinforced using 

A-142 steel mesh. The outer edges of the SFB assembly consisted of plain steel sheets as shown in 

Fig. 1 (b). These steel sheets served as a permanent formwork and remained a part of the SFB 

assembly during the casting of concrete and during the fire tests. The test assembly was positioned 

on the furnace frame in such a way that the distance between the end supports was 4500 mm as 

shown in Fig. 1 (a). 

Detailed instrumentation was conducted to record the temperatures and deflections of the SFB 

assembly. The thermal data was recorded using five thermocouples provided in the steel plate, the 

bottom flange, the steel web and the top flange of the steel beam section as shown in Fig. 1 (c). The 

structural response of the SFB assembly was monitored using Linear Variable Differential 

Transformer (LVDTs) provided along its span, including LVDT-1, which was positioned in the 

middle of the test assembly, at span/2.   

The external loads on the test assembly were applied at two positions, 1750 mm from the edges as 

shown in Fig. 1 (a). These loads were applied using hydraulic rams resting on the spreader beams 

positioned on top of the finished concrete surface of the composite slab. During the test, the SFB 

assembly was first loaded by applying the external loads. The maximum load applied on the test 

assembly represented a degree of utilization of 0.55 of the steel beam section. The maximum 

applied load was maintained for 30 minutes before exposing the SFB assembly to elevated 

temperatures. The heating conditions during the test were in accordance with the standard 

temperature-time curve, ISO-834.   

The recorded temperatures across the steel section, and the average temperatures in the furnace, 

recorded during the test, are shown in Fig. 1 (d). The average temperatures of the furnace were in 

accordance with the standard time-temperature curve while a significant thermal gradient was 

observed across the section of the SFB assembly. The maximum temperatures were recorded on the 



Fire Resistance of Slim Floor Beams, From Experimental Work to Simple Fire Design Methods 

   

 

148 

 

welded steel plate while the minimum temperatures were recorded on the top flange. A substantial 

temperature difference was observed between the welded steel plate at thermocouple position 1 and 

on the bottom flange at thermocouple position 2 as seen in Fig. 1 (d). A similar observation has 

been made in a previous investigation conducted by the authors [13]. It was also observed that with 

increase in distance from the bottom flange, the magnitude of the recorded temperatures on the steel 

web decreases. This is evident from the temperatures recorded at thermocouple positions 3 and 4 

shown in Fig. 1 (d). 

  

 

  

(a)  

 

(b)  
 

(c)  

 

(d)  

 

(e)  

Fig. 1. a) Test arrangement; b) preparation of test assembly; (c) instrumentation detail at section AA´; (d) Thermal test 

data; (f) recorded mid-span deflection 

 

A´ 

A 

 
(a)  

 

 



Fire Resistance of Slim Floor Beams, From Experimental Work to Simple Fire Design Methods 

   

 

149 

 

The structural response of SFB assembly was analysed in terms of the maximum recorded mid-span 

deflection and the maximum rate of the mid-span deflection as proposed in the British Standards, 

BS 476-20 [14]. The test assembly offered a fire resistance of 77 minutes before reaching the 

recommended limits related to the maximum rate of deflection [14]. The recorded rate of deflection 

at failure was 9.20 mm/min which was higher than the maximum permissible value of 9.18 mm/min 

for the tested SFB assembly. Hence the SFB assembly offered a fire resistance of 77 minutes under 

a degree of utilization of 0.55. 

The Eurocodes, EN-19931-2 [12], propose the fire resistance of the structural members in terms of 

critical temperatures corresponding to their degree of utilization. Considering the recommendations 

of the Eurocodes [12], the critical temperature at failure for a 0.55 degree of utilization is 570.5°C. 

During the test, the maximum temperatures recorded on the exposed welded steel plate were 

570.5°C after 33 minutes of fire exposure. According to Eurocodes [12], the SFB assembly offered 

a fire resistance of 33 minutes. The recorded mid-span deflection for the SFB assembly after 33 

minutes of fire exposure was only 82 mm. The SFB assembly continued to support the external 

loads for a much longer duration of fire until the rate of mid-span deflection increased after 77 

minutes. These results show that the recommendations given in the Eurocodes [12] provide highly 

conservative results when adopted for SFBs. Although these recommendations may give 

conservative results for SFBs, they may provide more accurate results for other forms of structural 

steel work. 

3 NUMERICAL MODELLING 

Numerical modelling for the SFB assembly was conducted using ABAQUS [15]. Most of the 

previous numerical investigations conducted on the response of slim floor systems in fire [16] 

address the asymmetric slim floor beams (ASBs). The numerical modelling method adopted during 

this study is similar to the method proposed in the earlier publications by the authors [13] [17]. 

During the numerical modelling, full scale model for the span between the supports of the SFB 

assembly was developed. The numerical model was 4500 mm long and 245 mm deep while its 

width was 1000 mm. The thermal properties of concrete and structural steel were taken from the 

Eurocodes [18] [19], while the mechanical properties of the materials during the numerical 

modelling were taken from the results obtained during the laboratory tests conducted at Ulster 

University. The two-phase method proposed earlier by the authors [13] [17] was used to analyse the 

response of the SFB assembly in fire. During the first phase of the numerical modelling, the SFB 

assembly was exposed to the recorded furnace temperatures and thermal contours were obtained. 

The heat transfer across the air-gap between the bottom flange and the steel plate was modelled via 

cavity radiation. The second phase of the numerical modelling consisted of two steps. During the 

first step, the external loads were applied while in the later step, the SFB assembly was heated using 

the thermal contours obtained during the first phase. Further details related the numerical modelling 

can be found in the publications listed in the references [13] [17]. 

The results from the numerical modelling for the SFB assembly are presented in Fig 2. The results 

from the thermal part of the modelling are in very good agreement with the recorded test data for all 

thermocouple positions as shown in Fig 2 (b). Similar to the test, a significant thermal gradient is 

seen across the section and the temperature differences between the welded steel plate and the 

bottom flange are also high. The results from the thermo-mechanical part of the analysis are 

presented in terms of the mid-span deflection in Fig 2 (c). The mid-span deflection, predicted using 

the numerical modelling, is in close agreement with the test data. In addition, the deflected shape of 

the SFB assembly at failure is also shown in Fig 2 (a). 

The results from the numerical modelling and their resemblance with the test data shows that the 

response of SFBs can be predicted using the proposed numerical modelling method. In the 
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following sections, the validated method is used to conduct a parametric study to investigate the 

response of SFBs under various degrees of utilizations. 

 

(a)  

 

(b)  

 

(c)  

Fig. 2.  a) Deflected shape of SFB assembly from numerical modelling; b) test data vs numerical results, the thermal 

response; b) test data vs numerical modelling, the mid-span deflection 

4 PARAMETRIC STUDIES 

To study the influence of the degree of utilization on the response of SFBs in fire, a parametric 

study was conducted using the numerical modelling method described above. During the parametric 

study, seven analyses were conducted. The heating conditions during the sensitivity studies were in 

accordance with the standard time-temperature curve while the degree of utilization of the SFB 

assembly was kept different in each case. For the first case, a lower value of the degree of 

utilization, 0.2, was used while for the final case, a higher value of 0.8 was used as given in Table 1. 

The fire resistance offered by the SFB assembly was analysed using the deflection-based limits 

from the British Standards [14]. 
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Table 1. Results from the sensitivity study 

S# 
Degree of 
utilization  

Fire resistance 
(minutes) 

Maximum steel temperature 
at failure (°C) 

1 0.20 233 1103 

2 0.30 143 1012 

3 0.40 96 922 

4 0.50 76 867 

5 0.60 63 813 

6 0.70 56 771 

7 0.80 49 734 

The SFB assembly offered a fire resistance of 233 minutes under 0.20 degree of utilization while 

the same under 0.8 degree of utilization was 49 minutes. The fire resistance offered by the SFB 

assembly under various degrees of utilizations is given in Table 1. In addition to the fire resistance, 

the maximum temperatures predicted on the welded steel plate of the beam section at failure are 

also provided in Table 1.  

5 SIMPLE DESIGN METHODS 

The results obtained from the parametric studies show that for lower degrees of utilizations, the fire 

resistance offered by the SFBs is higher as compared to that obtained for higher degrees of 

utilizations. As mentioned in section 2, the recommendations related to critical temperatures 

provided in Eurocodes [12] produce highly conservative results when applied to SFBs. Hence, 

using the results given in Table 1, a relationship is established between the degree of utilization (μ0) 

and the fire resistance (t) of the SFBs and is presented in Fig 3. The quantity along the horizontal 

axis in Fig 3 is the degree of utilization (μ0) while that along the vertical axis is the fire resistance in 

terms of time (t). The relationship between μ0 and t can be expressed in terms of a polynomial with 

order four as given in Eq. (1). This relationship provides a more accurate fire design approach for 

SFBs. It should be realised that the relationship presented in Eq. (1) is only applicable when the fire 

exposure conditions are in accordance with the standard time-temperature curve. 

 

Fig. 3. Relationship between the degree of utilization and fire resistance of the SFB assembly 

t = 2214.5 (μ0)4 – 6244.8 (μ0)3+ 6598(μ0)2 – 3166.9 (μ0) + 650.21   (1) 
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Where; 

t = time (mins) 

μ0 = degree of utilization 

The estimated fire resistance offered by the SFB assembly in terms of time in minutes 

corresponding to the respective degrees of utilizations using Eq. (1) is given in Table 2. The 

minimum value of the degree of utilization is set at 0.22 while the maximum value is set at 0.8. The 

fire resistance is given for 0.02 intervals of the degree of utilization which is similar to the approach 

used to produce Table 4.1 of the Eurocodes [12]. Further, the range of μ0 between 0.22 and 0.8 is 

also kept similar to that given in the Eurocodes [12]. 

Table 2. Fire resistance of SFB assembly under various degrees of utilizations 

μ0 t (min) μ0 t (min) μ0 t (min) 

0.22 211 0.42 90 0.62 62 

0.24 191 0.44 85 0.64 60 

0.26 173 0.46 80 0.66 59 

0.28 157 0.48 77 0.68 57 

0.30 143 0.50 74 0.70 56 

0.32 131 0.52 71 0.72 54 

0.34 120 0.54 69 0.74 53 

0.36 111 0.56 67 0.76 51 

0.38 103 0.58 65 0.78 50 

0.40 96 0.60 63 0.80 49 

The results provided in Table 2 can be used to estimate the response of the SFBs in fire under 

various degrees of utilizations. The results presented in Table 2 are more accurate as compared to 

the ones proposed in the Eurocodes [12]. These results show that the SFBs offer a higher fire 

resistance as compared to traditional steel-concrete composite beams. Such a response of SFBs can 

be attributed to the partial concrete encasement which imparts a significant thermal gradient across 

the section. The encased parts of the SFBs remain at low temperatures and retain their strength and 

stiffness, as a result, they continue to support the external loads even in longer durations of fire 

exposure.  

6 CONCLUSIONS AND RECOMMENDED FUTURE WORK 

This research presents the results of an experimental and numerical investigation conducted to study 

the response of SFBs in fire. The data obtained from the experimental investigation has shown that 

the SFBs offer a higher fire resistance due the partial concrete encasement of the steel section. The 

concrete encasement protects the steel section from direct exposure to heat, as a result, a higher 

thermal gradient is observed across the steel section. The tested SFB assembly offered a fire 

resistance of 77 minutes before reaching the deflection-based failure limits. The deflection-based 

fire resistance offered by the SFB assembly is significantly higher than the critical temperature-
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based fire resistance recommended in the Eurocodes. The numerical modelling used to predict the 

response of SFB was able to replicate their response in fire. The method was later used to analyse 

the response of SFBs under different degrees of utilization. It was found that the fire resistance 

offered by the SFBs decreases with the increase in their degree of utilization. Results from the 

parametric study were used to develop a relationship between the degree of utilization of SFBs and 

their fire resistance. The proposed relationship was used to estimate the fire resistance of SFBs 

under degrees of utilization in the range of 0.22 to 0.8. The results presented in this research can be 

used to conduct the fire design of SFBs exposed to standard fires. 

The authors of this research are currently working on developing simple relationships between the 

degree of utilization of various slim floor systems and the critical temperatures as proposed in the 

Eurocodes. 
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ABSTRACT 

The global behaviour of a small-scale steel structure subjected to a compartment fire scenario is 

assessed in a consolidated fire analysis (CFA). CFA allows for integration of physically tested 

components into a thermo-mechanical finite element model in such a way that the physically tested 

components constitute a part of finite element model. With full-scale specimen, the method 

promises to produce results equivalent to full-scale fire tests at significantly lower costs. A CFA 

framework is introduced that enables the first analysis of the non-linear dynamic load redistribution 

process of a structure in response to fire by means of interchanging static and pseudo-dynamic 

solution procedures. A comparison of successful CFA results and a finite element analysis of the 

test is presented. The comparison indicates that thermal creep influences CFA markedly and that a 

real-time framework is needed to capture thermal creep in dynamic analysis.  

1 INTRODUCTION 

To assess the global behaviour of structures in fire, recent research efforts aim to develop coupled 

experimental-numerical testing methods. In hybrid fire tests or consolidated fire analyses (CFA), 

the investigated structure is partitioned into a simulated numerical substructure (NS) and an 

experimentally tested physical substructure (PS). A computational-experimental framework 

consolidates the NS and PS to one interacting structural model that can be subjected to thermal and 

mechanical loads. CFA promises to give insights into the global response of structures to fire that 

are equivalent to large-scale fire experiments. 

Advanced dynamic hybrid simulation frameworks can simulate the mechanical response of 

structures to earthquakes by means of implicit and explicit dynamic solution procedures in real-

time, faster than real-time or slower than real-time (pseudo-dynamic). The NS and the load scenario 

are modelled in a finite element (FE) software. In course of an analysis, the FE solver accesses the 

PS similar to a finite element. In the experimental setup, loads or displacements are imposed 

automatically to the PS and the corresponding deformations or reactions are fed back to the solver. 

CFA is an adoption of the hybrid simulation method. In addition to the mechanical degrees of 

freedom (DOF), a CFA framework allows to control the temperature of the PS. To date, only few 

CFA frameworks have been proposed (e.g. [1-5]). In these reported CFA, structures that deform 

slowly in response to fire were analysed, which facilitated new developments. Also, except for [4], 

who used a dynamic solution procedure, only static solution procedures were selected in the 

frameworks. However, thermally induced stability problems or single bolt failures in connections 

can lead to temporary dynamic behaviour, without leading to global failure of the structure. To 

improve the understanding of the global behaviour in fire, it is therefore desirable to simulate the 

dynamic load redistribution that follows the failure of a single structural component.  

For that reason, a framework that was developed for CFA of tensile steel elements at ETH [5], has 

been extended to analyse the dynamic response of a steel structure to fire [6]. The extended CFA 

framework incorporates Abaqus/Standard 6.11 as FE software and unifies the advantages of static 

and dynamic solution procedures. The paper introduces the framework and presents results of a 
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CFA of the dynamic load redistribution of a steel structure due to thermal buckling. The results 

agree well with the results of an FE-analysis. A reasonable explanation for the remaining deviations 

is presented. The comparison of numerical and experimental results allows concluding that CFA 

enables to capture the structural behaviour well. The presented extensions of the CFA framework 

represent a valid approach and the repeatability of CFA promises to enable cost efficient parameter 

studies. 

2 CONSOLIDATED FIRE ANALYSIS FRAMEWORK 

In a CFA, to capture dynamic effects correctly, incremental dynamic solution procedures must be 

applied. However, to profit from the robustness of static solution procedures for analysis of the 

usually slow thermal deformations, a multi-solver approach is proposed. The multi-solver approach 

in the presented framework enables CFA with an incremental static solution procedure and with an 

implicit dynamic solution procedure that both use Newton’s method for iteration in the increments. 

According to the requirements from the structural response, the developed framework automatically 

selects the solution procedure, based on predefined thresholds. 

2.1 Control Architecture 

 

Fig. 1. Schematic overview of the CFA framework control architecture, the middleware and the communication 

interfaces. 

Fig. 1 displays a schematic overview of the control architecture, the communication channels and 

the hardware components in the framework. The servo-control-loop is the innermost loop for 

control of the mechanical DOF. It consists of the PID controller that adjusts the crosshead position 

of a Zwick Roell 1484 AllroundLine universal testing machine (UTM). The controller is connected 

via a serial interface (COM) to the predictor-loop that consists of a customised control software 

provided by the UTM manufacturer and that runs on a separate computer. The software facilitates 

the coupling of the UTM and the middleware. The predictor-loop is connected via COM to the 

integrator-loop. This outermost control loop consists of a computer that runs the FE-software 

Abaqus/Standard 6.11 and the newly developed middleware that manages the CFA. The FE 

software and middleware communicate with each other over a TCP port. The three aforementioned 

control loops form a three-loop control architecture, as established in dynamic hybrid simulation. In 

addition to this traditional three-loop architecture, a temperature-control-loop is connected to the 

integrator-loop, also via COM. It consists of three PID controllers that control the heating coils of a 

Könn STE-12 HR/350 electrical split-tube furnace. 



Consolidated Fire Analysis a Coupled Experimental and Numerical Framework for the Analysis of Steel Structures 

Subjected to Fire 

   

 

157 

 

The developed CFA framework enables simultaneous control of thermal and kinematical DOF in 

the PS by means of the furnace and UTM, respectively. However, whereas the software that runs 

the predictor-loop enables to use the UTM inherent PID control system, it also represents the 

bottleneck in the presented control framework as it limits the control signal frequency to about 

10 Hz. Consequently, in the presented application, only the static procedure can be performed in 

real-time, whereas the dynamic procedure is run pseudo-dynamically, 500 times slower than real-

time. 

2.2 Solution Process and Middleware 

The middleware developed by [5] was extended to handle static and dynamic solution procedures in 

a CFA. In the middleware, the control of the CFA is distributed to four independent processes 

(Fig. 1) that are best introduced by means of a numerical solution procedure. First, note that a direct 

FE solver starts each static or dynamic solution increment by enforcing the prescribed boundary 

conditions (e.g. temperature) to all elements, including the PS. Subsequently, the solver iteratively 

finds the solution of the incremental equilibrium equation, given the imposed incremental boundary 

conditions. 

During the solution process, a user-defined element (UEL) represents the PS in the Abaqus model 

and communicates with the main server process of the middleware. Each time, the UEL (and thus 

the PS) is called, target temperatures ϑtarget and trial displacements utrial are sent from the UEL to the 

main server. The main server returns force feedback Ffbk of the PS corresponding to the current 

ϑtarget and utrial. The main server stores the temperature commands in a shared-memory with the 

temperature server. The temperature server generates continuous temperature control signals ϑctrl for 

the furnace controller and provides current specimen temperatures ϑdaq to the main server through 

shared memory. In each new increment, the main server only allows to start the mechanical 

iteration procedure, when the incremental target temperature (i.e. an incremental boundary 

condition) is reached in the specimen.  
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Fig. 2. a) Dimensions of steel specimen and roller bearings; b) close-up of installed steel specimen; c) schematic 

overview of universal testing machine (UTM) and furnace; d) UTM with furnace 

In a static solution procedure, each iterative trial displacement that is larger than a threshold of 

1.5 μm is imposed to the PS by adjustment of the crosshead position. The displacement control 

server forwards the trial displacement as control signal uctrl to the UTM computer and waits for the 

static force feedback Fdaq,static. Fdaq,static is returned to the main server, where it is used to extrapolate 

the force in the PS according to the procedure proposed in [5]. If the mentioned threshold is not 

reached, the crosshead remains still and the force response is extrapolated from the previous 

displacement. For all extrapolations of forces, the initial stiffness of the PS is used. 

In an implicit dynamic solution procedure, the main server stores all utrial to the shared memory 

with the displacement control server as well. However, in the dynamic procedure, the displacement 

control server numerically interpolates a second order polynomial that describes the crosshead 

position based on the four latest converged displacements and corresponding times. The polynomial 

coefficients and a time reference are sent to the UTM control computer for signal generation. 

Simultaneously, the data acquisition server numerically fits two second order polynomials through 

the 10 latest displacement udaq,dyn and force Fdaq,dyn readings and corresponding acquisition times. 

Utilising these two polynomials, the force feedback Ffbk that corresponds to utrial is obtained without 

physical iterations on the PS, employing the iteration strategy presented by [7]. More information 

about the implementation of the developed middleware and the control sequences is given in [6]. 

2.3 Experimental Setup and Physical Substructure  

Fig. 2 gives an overview over the experimental setup used to apply and measure loads on the PS. 

Fig. 2a displays the dimensions of the used steel specimen and the heat resistant circular bearings. 

The buckling length of the specimen equals Lb = 180 mm and is given by the distance between the 

centres of the two bearings. Two loading rams allow imposing axial loads on the steel specimen 
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inside the heating chamber of the furnace (see Fig. 2c). When buckling occurs, the specimen rolls 

sideways (Fig. 2b), while the circular bearings ensure vertical load imposition on the two pinned 

ends. Because the trial displacements are imposed by adjusting the crosshead position, the PS 

consists not only of the steel specimen, but also of the temperature resistant loading rams and 

bearings, which is indicated in Fig. 2c. A load cell at the upper end of the load frame measures the 

specimen force. The photography in Fig. 2d shows how the electrical furnace and UTM are 

arranged in the laboratory. 

Two K-type thermocouples fixated by steel clamps at the upper and lower parts of the specimen 

(Fig. 2a) are used to measure the specimen temperature. An N-type thermocouple introduced 

through the furnace mantle measures the air temperature in the centre of the heating chamber.  

3 CASE STUDY 

 

Fig. 3. a) Steel building with compartment fire; b) investigated substructure; c) simplified model of investigated 

substructure; d) mechanical and thermal load protocols, respectively; e) expected force distribution over time of column 

and beam 

3.1 Problem Statement 

By means of the developed CFA framework, the behaviour of the exposed part of a steel structure 

in a compartment fire scenario is analysed (Fig. 3a) in small-scale. The dimensions of the 

simplified structure illustrated in Fig. 3b, are selected according to the limitations provided by the 

UTM (Fig. 2a). The upper storey loads are imposed as a concentrated force above the analysed 

column. The column with nominal buckling resistance of Nb,fi,t,Rd = 11,546 N at the beginning of 

fire, is loaded to a factor of utilisation in the case of fire of μfi = 0.51 (Fsys = 5,890 N). In dynamic 

analysis, a lumped mass of m = 600 kg provides inertia at the load imposition point. It corresponds 

to Fsys divided by the gravitational constant. A dashpot (c = 16,720 N s m-1) provides ξ = 5% of 

critical viscous damping at ambient temperature to simulate structural damping. The beam is 

simplified as linear elastic spring (Fig 3c) providing a beam to column stiffness ratio of 5%. The 

thermal and mechanical load protocols displayed in Fig. 3d simplify a realistic scenario: In a 

construction phase up to t1, the structure is gradually loaded to Fsys at ambient temperature. 

Subsequently, the column temperature is linearly increased at a rate of 15°C min-1, whereas the 

beam remains at ambient temperature.  

Fig. 3e shows the expected distribution of Fsys to beam and column in course of the analysis. In the 

construction phase, the load is shared according to the stiffness distribution. During the temperature 

increase, the column expands thermally but is restrained by the beam. Because of material 



Consolidated Fire Analysis a Coupled Experimental and Numerical Framework for the Analysis of Steel Structures 

Subjected to Fire 

   

 

160 

 

degradation and the increased load due to axial restraint, the column eventually buckles. 

Consequently, the load redistributes according to the remaining bearing capacity of the buckled 

column and the deflected beam. The redistribution process is expected to be dynamic. 

3.2 Physical Substructure and FE-Model of Physical Substructure 

 

Fig. 4. a) FE-Model of the investigated structure; b) experimentally derived stress-strain relationships of the specimen 

material at different temperatures; c) experimentally derived thermal expansion strains 

In the CFA, the PS consists of the loading rams and the steel specimen as denoted in Fig. 2c. Before 

the start of the CFA, the stiffness of the PS representing the column was experimentally determined 

as kcol = 44.21 kN mm-1 and the imperfection of the steel specimen was measured as e0 = 0.01 mm. 

For verification of the CFA results, the CFA is replicated by the FE model illustrated in Fig. 4a. 

Euler-Bernoulli beam elements and a truss element represent the steel specimen and loading rams, 

respectively. 

The beam elements have different lengths of 4 mm (column center) to 20 mm (upper and lower 

ends) to reduce longitudinal oscillation-modes in the simulation, while still accurately capturing the 

plastic hinge. The measured geometric imperfection is enforced to the numerical specimen, in the 

shape of the lowest elastic buckling mode. The material properties of the utilised steel were derived 

by three tensile material tests at 20°C and two tests each at 400°C (creep becomes relevant [8]), 

525°C and 650°C (maximum temperature for loading rams) using the setup and procedure of [9]. 

All material tests were performed with a constant strain-rate of 0.5%/min. Fig. 4b shows the 

resulting mean data that were used as tabular input for the temperature dependent elasto-plastic 

material model in Abaqus. The thermal expansion law was derived during the heating phase of the 

tensile tests and is plotted against the primary axis in Fig. 4c. It correlates well with the thermal 

expansion model proposed in Eurocode. The loading rams and the crosshead are modelled by a 2-

node truss element with a constant axial stiffness of kmachine = 84.53 kN/mm that was determined at 

ambient temperature in [6]. Preliminary measurements of the thermal expansion of the loading rams 

are used to generate an expansion law for the truss element, which is plotted against the secondary 

axis in Fig. 4c. 

4 RESULTS AND DISCUSSION 

Fig. 5 presents the summarised results of the FE-analysis and the CFA. The envelope in the upper 

left corner of Fig. 5a is derived from isothermal buckling tests of the FE-model of the PS (see 
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Fig. 4a) as follows: First, the model of the PS (specimen and loading rams) is heated and left to 

expand freely. Next, at the test temperatures, a displacement controlled buckling test of the 

specimen is performed. In Fig. 5a, the numerical buckling tests at 525°C and 650°C are shown with 

thin dotted lines and their respective free thermal elongations are indicated. The said envelope 

connects the maxima of these curves. A load state above the envelope is not possible and any load 

state on the envelop leads to global buckling of the PS. 

According to the load protocol, the structure is loaded with Fsys at ambient temperature in t1 = 100 s, 

as can be seen in the force time-histories in Fig. 5b. Points A in Fig. 5 mark the end of this analysis 

step. The load is distributed to the beam and column according to the initial stiffness distributions. 

Next, the temperature ramp is started. Consequently, the column expands and the axial load 

increases due to the restraint provided by the beam. Because the beam and column remain in 

equilibrium with the imposed load, the load path of the column (Fig. 5a) is bound to a straight line 

with gradient -kbeam during the expansion and Fbeam + Fcol = Fsys. In the FE-model, global buckling 

occurs at 588°C, exactly when the load path of the column reaches the envelope (points B in 

Fig. 5). In the CFA, the PS buckles at 534.5°C. 

Once the buckling load is reached, the column resistance decreases with increasing deflection u 

(softening behaviour with negative tangent stiffness) and the combined resistance of beam and 

column is temporarily lower than the imposed load Fbeam + Fcol < Fsys.. The system becomes a 

statically instable mechanism: the mass accelerates, damping and inertia forces develop and the 

column deforms plastically. In the FE-model, the load path of the PS follows exactly the pushdown 

curve of the PS at 561°C during buckling, until the restoring forces stop the plastic deformation and 

the mass diminishingly oscillates about a new equilibrium point (point C). The CFA shows a lower 

buckling resistance, but a significantly higher resistance during the buckling process. Thus, less 

kinetic energy develops and the amplitudes of the oscillations after buckling remain smaller. In the 

FE analysis, after the load transition, the mass oscillates on a nearly linear curve in Fig. 5a, which 

represents the reduced post buckling stiffness of the column. In the CFA, a continuing degradation 

of the column resistance during the oscillations is observed. Once the oscillations stop, the column 

gradually softens due to the increasing temperature and the load redistributes to the beam in a slow 

process. 

In the CFA, to explain the higher resistance of the PS during buckling (i.e. between points B and C) 

compared to the FE analysis, the way of the derivation of the material properties gives an 

indication. The tensile tests were performed at a constant strain rate of 0.5% min-1. However, 

according to the FE-analysis, the buckling process takes place in less than a second. The maximum 

strain rates of two section points marked in Fig. 4a are visualised in Fig. 5d that shows the history 

of total strains. Strain rates of up to 38% s-1 develop in the plastic hinge. In the CFA, because the 

dynamic step was performed 500 times slower than real-time, strain rates of up to 4.56% min-1 were 

to be measured during buckling, which is about 9 times faster than the material input data. [8] 

showed that mild steel at temperatures above 400°C provides a significantly higher resistance in the 

plastic state at higher strain rates, presumably due to creep and relaxation. Also, in accordance with 

the conclusions drawn by [10] about the behaviour of restraint steel beams subjected to fire, creep 

buckling would explain the lower buckling load of the specimen. 
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Fig. 5. Analysis results of FE-analysis and of CFA: a) force time-histories; b) force-displacement diagram; c) time-

history of axial strains in denoted section points; d) temperature-deflection curves 

Fig. 5c displays the deflections against the temperatures. The predicted and measured behaviour is 

similar up to the buckling temperatures that differ by 26.5°C. After buckling, i.e. after point C, in 

the CFA, the deformations of the PS instantly increase with increasing temperatures, whereas in the 

FE analysis, they remain constant. This follows from the mass overshooting the static equilibrium 

position by Δudyn in the FE-simulation (Fig. 5a). Consequently, after the oscillations, the simulated 

column remains in an elastically unloaded state and provides a positive stiffness. Because the 

temperature continuously increases, the column material degrades further. However, simultaneously 

thermal expansion increases the column length, which results in a nearly constant beam deflection 

until the column once more reaches a plastic state. This behaviour is not observed in the CFA, 

because the dynamic overshoot is practically zero due to the higher column resistance during 

buckling.  

The comparison of results indicates that the developed CFA framework is suitable for analysis of 

the highly non-linear load redistribution process of a restraint steel column that buckles due to a 

compartment fire. The results of both methods show a similar characteristic structural behaviour of 

the investigated system. High temperature creep is a possible explanation for the small deviations 

between the FE analysis and CFA results. However, to capture thermal creep correctly in fast 

processes, a real-time dynamic CFA framework must be developed. For that purpose, the 

mechanical control of the CFA framework should be built, according to state of the art dynamic 

hybrid simulation frameworks. 
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5 SUMMARY, CONCLUSIONS AND OUTLOOK 

In recent years, several consolidated fire analyses (CFA) revealed the potential of the hybrid 

simulation method in fire safety engineering to gain better understanding of the global structural 

response to fire. A CFA framework with an extended three-loop architecture that allows to perform 

static and pseudo-dynamic CFA with Abaqus/Standard 6.11 is introduced. The temperature 

transient, non-linear dynamic load redistribution process of a small-scale steel structure in a 

compartment fire scenario is assessed successfully with the developed CFA framework and the 

following conclusions are drawn: 

• A finite element (FE) model with experimentally derived material properties of the physical 

substructure (PS) of the small-scale steel structure delivers results that are similar to the CFA 

results. 

• The comparison of results of the CFA and the FE-model indicates that the CFA captures 

thermal creep effects that are not covered by the material input data of the FE-model. High 

temperature creep effects are a probable reason for the deviations of the obtained results. 

• To capture the effect of thermal creep on the dynamic global response of a steel building to 

fire, a CFA framework that is capable to control a furnace and actuators in real-time during the 

fast deformations of an experimental substructure in the moment of buckling or local failure is 

needed. 

The development of a real-time CFA framework will be covered in a future research project. 

REFERENCES 

[1] Kiel M. (1989). Entwicklung einer intelligenten Prüfmaschine für brandbeanspruchte Gesamttragwerke. 

Braunschweiger Brandschutz-Tage 1989, Braunschweig, Germany, 6-7 September 1989, pp 51–62. 

[2] Korzen M., Magonette G., Buchet Ph. (1999). Mechanical Loading of Columns in Fire Tests by Means 

of the Substructuring Method. Journal of Applied Mathematics and Mechanics 79 (1999). 617–618 pp. 

[3] Mostafaei H. (2013). Hybrid fire testing for assessing performance of structures in fire—Application. 

Fire Safety Journal 56 (2013). doi:10.1016/j.firesaf.2012.12.003, 30–38 pp. 

[4] Whyte C., Mackie K., Stojadinovic B. (2016). Hybrid Simulation of Thermomechanical Structural 

Response. Journal of Structural Engineering (2016). doi:10.1061/(ASCE)ST.1943-541X.0001346. 

[5] Schulthess P., Neuenschwander M., Knobloch M., Fontana M. (2015). Consolidated Fire Testing - A 

Framework for Thermo-Mechanical Modelling. Coupled Problems, Venice, Italy, 18-20 Mai 2015, 8 pp. 

[6] Grolimund R. (tbp 2019). A Consolidated Fire Analysis Framework for Steel Columns in Fire. Doctoral 

Thesis, NR…,ETH Zurich, Switzerland. –  to be published 2019 

[7] Mosqueda G., Ahmadizadeh M. (2009). Implicit Numerical Integration in Hybrid Simulation with 

Iteration Strategy for Experimental Substructures. American Control Conference, St. Louis, USA, 10-12 

June 2009, 6 pp.  

[8] Knobloch M., Pauli J., Fontana M. (2013). Influence of the strain-rate on the mechanical properties of 

mild carbon steel at elevated temperatures. Materials & Design 49 (2013). doi: 

10.1016/j.matdes.2013.01.021, 553–565 pp. 

[9] Neuenschwander M., Knobloch M., Fontana M. (2017). Elevated temperature mechanical properties of 

solid section structural steel. Construction and Building Materials 149 (2017). 

doi:10.1016/j.conbuildmat.2017.05.124, 186–201 pp. 

[10] Kodur V., Dwaikat M. (2010). Effect of high temperature creep on the fire response of restrained steel 

beams. Materials and Structures 43 (2010). doi:10.1617/s11527-010-9583-y, 1327–1341 pp.



Fire Resistanc of Light Gauge Steel Framed Walls in Different Wallboards 

   

 

 

 

FIRE PERFORMANCE OF LIGHT GAUGE STEEL FRAMED WALLS LINED WITH 

DIFFERENT WALLBOARDS 

 

Sayilacksha Gnanachelvam, Anthony Ariyanayagam and Mahen Mahendran* 

Queensland University of Technology (QUT), Brisbane, Australia  

 

 

 

ABSTRACT 

The use of light gauge steel framed (LSF) walls has increased recently, especially in low and mid-

rise building constructions. Their fire performance has gained significant attention due to many 

recent fire hazards. Wallboards used in these LSF walls shield the internal steel frame from adverse 

effects caused by fires. Although different types of wallboards are used for this purpose, their 

performance in fire remains largely unknown. This paper investigates the fire performance of 

magnesium sulphate, gypsum plasterboard, magnesium oxide and calcium silicate boards in LSF 

walls. A series of standard fire tests was conducted on non-load bearing LSF walls lined with these 

four types of wallboards. Experimental results are presented in the form of time-temperature 

profiles and fire resistance ratings. Overall, significant variations in fire performance were observed 

for these LSF walls.  

1 INTRODUCTION 

Light gauge steel framed (LSF) wall systems are widely used as load bearing or non-load bearing 

elements in the construction industry. They are made of cold-formed steel (CFS) studs and lined 

with different types of wallboards. Fire safety has become one of the most important parameters in 

building design due to recent fire incidents such as Dubai 75-storey apartment block fire in 2016, 

London Grenfell tower fire in 2017, Bur Dubai building fire in 2018 and Melbourne apartment 

complex fire in 2019. In Australia, building elements should have specific fire resistance as required 

by the National Construction Code (NCC). Fire resistance of load bearing elements is measured 

under three failure criteria, structural adequacy, integrity and insulation, whereas it is measured 

under two criteria, integrity and insulation, for non-load bearing elements [1]. Structural adequacy 

is the ability of an element to withstand the required load whereas integrity is the ability to resist 

flames and hot gases from fire side to ambient side in a fire. Insulation failure is the ability of the 

ambient side to maintain the temperature below a specified limit, which is 140 °C on average or 180 

°C at any point (maximum temperature of the ambient side) above the room temperature.  

Failures of steel studs are caused in load bearing LSF walls exposed to fire, due to the reduction in 

mechanical properties of CFS studs at elevated temperatures [2]. These structural failures are 

delayed by wallboards as they act as fire protective layers and delay the temperature rise in studs. 

Fire rated gypsum plasterboards are commonly used as wallboards in LSF wall systems. Pure 

Gypsum, known as Calcium sulphate di-hydrate (CaSO4· 2H2O), consists of Calcium sulphate with 

4–5% of free water and 15– 18% of chemically bound water by weight [3, 4]. Many researchers 

have studied the fire performance of different LSF wall systems lined with gypsum plasterboards 

[5-7]. However, different types of wallboards are introduced and used in building construction due 

to their improved physical and thermal properties for impact resistance, acoustic and sound 

insulation, moisture resistance, lightweight and cost-effectiveness. Wallboards such as calcium 

silicate board, magnesium oxide board, phase change material added plasterboards, fibre cement 

board and magnesium sulphate board are some of them. Fire performance of LSF walls lined with 
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calcium silicate board, magnesium oxide board and phase change material added plasterboards 

incorporated LSF wall systems has been investigated and the results are presented in [8-10].   

Magnesium oxide boards are currently replaced by magnesium sulphate boards, because of their 

observed lower fire performance and severe cracking caused by a higher mass loss at elevated 

temperatures [10]. Recently, calcium silicate board lining is increasingly used in LSF wall systems 

because of its improved physical and thermal properties [8, 11]. Also, the fire performance of many 

wallboards available in the market is unknown even though they are being used in LSF wall 

systems. In this study, the commonly used gypsum plasterboard, magnesium sulphate board, 

magnesium oxide board and calcium silicate board were selected as wallboards for LSF wall 

systems. Standard fire tests of non-load bearing walls lined with gypsum plasterboard and 

magnesium sulphate board were conducted and the results were compared with those available for 

calcium silicate board and magnesium sulphate board. The time-temperature profiles and 

insulation/integrity based failure times of all the LSF wall systems were measured and compared to 

identify the best performing LSF wall system. This paper presents the details of the above-

mentioned fire test series and the results.  

2 EXPERIMENTAL STUDIES 

2.1 Test description  

Standard fire tests were conducted for two non-load bearing LSF wall systems made of gypsum 

plasterboards and magnesium sulphate boards of 1.4 m width and 1.2 m height to study their fire 

performance according to AS 1530.4 [1]. LSF wall systems lined with these two types of boards 

were used in the tests with single layer of wallboard lining on both sides (see Fig. 7). Standard fire 

test results of magnesium oxide board and calcium silicate board lined LSF wall systems were 

obtained from Rusthi et al. [10] and Ariyanayagam and Mahendran [8], respectively. Details of the 

wallboards considered in this study are listed in Table 1.  

 

Fig. 7. LSF wall system lined with single layer of board 

Table 1. Test specimen details 

Test no Wallboard type 

Wallboard 

thickness 

(mm) 

Test details 

1 Gypsum plasterboard 16 This study  

2 Magnesium sulphate board 10 This study 

3 Magnesium oxide board 10 Rusthi et al. [10] 

4 Calcium silicate board 20 Ariyanayagam and Mahendran [8] 

Thermocouple wires were attached to the test panels on fire side, fire side cavity, stud hot flange, 

stud cold flange, ambient side cavity and ambient side at three heights. They were then connected to 

a data logger to record the time-temperature profiles during the tests. Standard fire tests of 1.4 m x 

1.2 m LSF wall panels were conducted in a gas furnace (Fig. 2). The external gas supply to the 

furnace was terminated when the ambient side temperature reached the limiting average or 

maximum insulation failure temperature or when an integrity failure was observed. 
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2.2 Experimental observations 

Various observations were made during the standard fire test of each LSF wall system, such as 

water drops, discolouration and cracks on the ambient side, etc. Initial smoke was seen in the 

plasterboard fire test, which was due to the burning of the paper. Water drops were also seen due to 

dehydration. Discolouration was seen on the ambient side of the plasterboard without any cracks 

(see Fig. 8(a)). Discolouration and severe cracks were seen on the ambient side of the LSF wall 

panel lined with magnesium sulphate board. Cracks were mostly observed at screw locations as 

shown in Fig. 8(b). This might have occurred due to the restraint provided by screws after 

considerable shrinkage and mass loss of magnesium sulphate board.  

a) b) 

Fig. 8. a) Discolouration on the ambient side gypsum plasterboard; b) Discolouration and cracks on the ambient side 

magnesium sulphate board, after the fire tests 

a) b) 

Fig. 9. a) Discolouration of the ambient side calcium silicate board; b) Vertical joint crack on the ambient side of 

magnesium oxide board, after the fire tests 

No cracks were seen on the ambient side of the LSF wall lined with calcium silicate boards. There 

was no significant discolouration on the ambient side wallboard other than at the board joint as 

shown in Fig. 9(a). Water vapour was seen in the initial stages of the fire test of magnesium oxide 

board lined LSF wall. Water dripping from the test panel was also seen and this was due to the 

condensation of evaporated water from the test panel. Discolouration was seen on the ambient side 

along the vertical stud joints, which developed vertical joint cracks as shown in Fig. 9(b).  

2.3 Experimental results 

2.3.1 Test-1 – Gypsum plasterboard lined LSF wall 

Fig. 10 (a) shows the average time-temperature profiles for Test panel-1 with single layer of 

gypsum plasterboard on both sides. Fire side temperature agreed well with the standard fire curve 
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with a maximum deviation of 20 °C, which is well below the acceptable limit specified in AS 

1530.4 [1]. Initially, the temperatures of all plasterboard surfaces were maintained at a constant 

value, which is less than 100 °C for a certain period of time, due to the dehydration process. Time 

taken to reach 100 °C was 10, 22 and 65 min for Fire side cavity, Ambient side cavity, and Ambient 

side, respectively. This observation is similar to that in Ariyanayagam and Mahendran [8]. Sudden 

increments were observed in the plasterboard temperatures after the dehydration process. However, 

the gradient of the temperature of the cavity surfaces reduced after 60 min and the difference 

between the two cavity surface temperatures was constant until the end of the test. The maximum 

fire side temperature of 1050 °C was achieved at 143 min. Insulation failure was observed at 82 min 

when the average ambient side temperature exceeded the limit of 168 °C, where the initial 

temperature was 28 °C.   However, the test was continued until 140 min.  Fig. 10(b) shows the 

average time-temperature profiles of hot and cold flanges (HF, CF) of studs. The maximum HF 

temperature was of 650 °C at 143 min while the maximum difference between HF and CF 

temperatures was 160 °C at 40 min.  

a)  b) 

Fig. 10. a) Average gypsum plasterboard temperatures; b) Average stud (HF & CF) temperatures of Test-1 

2.3.2 Test-2 – Magnesium sulphate board lined LSF wall 

Fig. 11(a) shows the average time-temperature profiles for Test panel-2 lined with single layer of 

magnesium sulphate board on both sides. Fire side temperature of the test agreed with the standard 

fire curve within the limit specified in AS 1530.4 [1]. Temperatures of all the board surfaces 

showed continuous increments from the beginning to the end of the test and no temperature plateaus 

were observed in this test. The maximum fire side temperature of 850 °C was achieved at 44 min. 

Insulation failure was observed at 42 min when the average ambient side temperature exceeded the 

limit of 160 °C, where the initial temperature was 20 °C. The test was terminated at 44 min. Fig. 

11(b) shows the average HF and CF time-temperature profiles of studs in Test panel-2. The 

maximum HF temperature of 550 °C was reached at 44 min while the maximum difference between 

HF and CF temperatures was 160 °C at 31 min.  
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 a) b) 

Fig. 11. a) Average magnesium sulphate board temperatures; b) Average stud (HF & CF) temperatures of Test-2 

2.3.3 Test-3 – Magnesium oxide board lined LSF wall [10] 

Fig. 12(a) shows the average time-temperature profiles for Test panel-3 lined with single layer of 

magnesium oxide board on both sides. Fire side temperature of the test agreed well with the 

standard fire curve within the limit specified in AS 1530.4 [1]. Initially, the temperatures on both 

sides of the ambient side magnesium oxide board layer were maintained at a constant value, which 

is less than 100 °C for a certain period of time. The maximum fire side temperature of 870 °C was 

reached at 35 min. The test was terminated at 35 min due to integrity failure. This was due to the 

widening of vertical cracks on the ambient side magnesium oxide board due to shrinkage and 

bowing.  Fig. 12(b) shows the average HF and CF time-temperature profiles of studs in Test panel-

3. The maximum HF temperature of 470 °C was achieved at 37 min while the maximum difference 

between HF and CF temperatures was 135 °C at 22 min.  

a) b) 

Fig. 12. a) Average magnesium oxide board temperatures; b) Average stud (HF & CF) temperatures of Test-3  

2.3.4 Test-4 – calcium Silicate board lined LSF wall [8] 

Fig. 13(a) shows the average time-temperature profiles for Test panel-4 lined with single layer of 

calcium silicate board on both sides. Fire side temperature of the test had a maximum deviation of 

50 °C from the standard fire curve, which is within the acceptable limit specified in AS 1530.4 [1]. 

Initially, the temperatures across the calcium silicate wall system were maintained at a constant 

value, which is below 100 °C for a 30 min period due to the dehydration process. This is supported 

by the water drops seen along the board edges. Sudden increments were observed in board 

temperatures (Fire side cavity and Ambient side cavity) after the dehydration process. However, the 

gradient of the cavity surface temperatures reduced after 80 min and continued to have constant 

difference until the end of the test. The maximum fireside temperature of 1000 °C was achieved at 
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140 min. Insulation failure was observed at 113 min when one of the thermocouples on the ambient 

side recorded the maximum temperature of 204 °C, where the initial temperature was 24 °C. 

However, the test was continued until 160 min.  Fig. 13(b) shows the average HF and CF time-

temperature profiles of studs. The maximum HF temperature was 600 °C at 160 min while the 

maximum difference was 150 °C at 60 min. 

a) b) 

Fig. 13. a) Average calcium silicate board temperatures; b) Average stud (HF & CF) temperatures of Test-4  

3 DISCUSSION 

Table 2 provides a summary of fire test results in terms of failure times (fire resistance ratings based 

on insulation or integrity criterion) and hot flange temperatures after 30 min and at failure. Standard 

fire test results revealed that LSF wall lined with 20 mm calcium silicate board and 16 mm gypsum 

plasterboard exhibited some similar behavioural characteristics in fire, but the former provided 

higher fire resistance, partly due to higher thickness. The dehydration process in both calcium 

silicate board and gypsum plasterboard helps to maintain lower temperatures across the wall for a 

significant time period, which increases the wall’s fire resistance. Further, no cracks were 

seen/visible on the ambient side of these wallboards attached to LSF walls. This might be due to 

their thickness and fibrous materials added.  However, gypsum plasterboards exhibited 

discolouration on the ambient side plasterboards, whereas it was not visible in calcium silicate 

boards.  

In contrast, LSF walls lined with 10 mm magnesium sulphate and magnesium oxide boards 

exhibited severe cracking with discolouration on the ambient side. Cracks were mostly observed at 

screw locations for magnesium sulphate board, whereas it was seen at the vertical board joints for 

magnesium oxide board. These cracks occurred due to the restraints provided by screws after 

shrinkage and heavy mass loss. As seen in Table.2, these two boards performed poorly despite 

higher expectations of their fire resistance ratings using such thinner boards, considered to be 

equivalent to the other thicker boards. The fire resistance ratings of non-load bearing LSF walls 

lined with magnesium sulphate and magnesium oxide boards can only be 30 min whereas those 

lined with gypsum plasterboard and calcium silicate board can be 60 and 90 min, respectively.  

Table 2. Summary of fire test results 

Test 

no 
Wallboard type 

Failure 

times 

(min) 

Hot flange 

temperatures at 

Failure (°C) 

Hot flange 

temperatures at 30 

min (°C)  

Failure time in 

min 

 (Stud HF at 500 

°C) 

1 Gypsum plasterboard 82 530 330 62 
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2 
Magnesium sulphate 

board 
42 535 400 38 

3 
Magnesium oxide 

board 
35 450 400 <40 

4 Calcium silicate board 113 520 105 102 

Although load bearing tests were not conducted in this study, past research has shown that the 

critical parameter for the fire resistance of LSF walls is the hot flange temperature of studs. From 

the measured hot flange temperatures in Figs. 4(b) to 7(b) and assuming a hot flange failure 

temperature of 500 °C for a load ratio of 0.4, structural integrity based fire resistance ratings of 

tested walls can be approximately predicted [12] and the results are given in Table 2. These 

predictions also show that load bearing magnesium sulphate and magnesium oxide board lined 

walls will have reduced fire resistance ratings compared to walls lined with other two boards. It is 

to be noted that two of the tests in this study were based on small scale panels and thus their results 

could have been slightly overestimated due to higher thermal bowing deformations.  

4 CONCLUSIONS 

This paper has presented the details and results of standard fire tests of non-load bearing LSF wall 

systems lined with four types of wallboards, gypsum plasterboard, magnesium sulphate board, 

magnesium oxide board and calcium silicate board. Fire resistance was determined based on 

insulation or integrity failure criterion. Findings from these standard fire tests are as follows.  

• LSF wall lined with 20 mm thick calcium silicate board gave the highest fire resistance of 

113 min under standard fire conditions based on insulation failure criterion. 

• Fire resistance of 16 mm thick gypsum plasterboard lined LSF wall (82 min) was higher than 

that of walls lined with magnesium sulphate board and magnesium oxide board. 

• Fire resistance of 10 mm magnesium sulphate board lined LSF wall was higher than that of 

LSF wall lined with magnesium oxide board of the same thickness. Unlike other boards, 

magnesium oxide board lined wall failed under integrity criterion.  

• Severe cracks were seen on the ambient sides of LSF walls lined with magnesium sulphate 

boards and magnesium oxide boards, whereas no cracks were seen on the ambient sides of 

calcium silicate board and gypsum plasterboard lined LSF walls.  

Structural adequacy based failure times were predicted based on the limiting hot flange 

temperatures, which showed that they are the lowest for magnesium sulphate board and magnesium 

oxide board lined LSF walls. The highest failure time is for calcium silicate board lined LSF wall.  
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ABSTRACT 

Composite dowels are commonly used to ensure longitudinal shear in composite steel-concrete 

girders. While the shear capacity of composite dowels has been thoroughly investigated at room 

temperature, the influence of elevated temperatures on the shear capacity of composite dowel has 

not been quantified. To close this gap of knowledge, within a German research project a series of 

push-out tests have been performed to determine the shear capacity of composite dowels at elevated 

temperatures. 

This paper presents experimental investigations on the shear capacity of composite dowels in 

clothoidal shape at room and elevated temperatures. The objective is to evaluate the influence of 

elevated temperatures on the shear capacity of composite dowels. The test results and the analysis 

of the local bearing mechanisms allow to justify the shear force-slip relation of the composite 

dowels. 

1 INTRODUCTION 

In a German research project, a composite slab system has been developed considering 

sustainability and economic efficiency. This integrated and sustainable composite slab system, 

called InaDeck, consists of a prestressed concrete slab, an unprotected, bisected hot rolled I-profile 

with composite dowels either in puzzle or clothoidal shape, and removable floor panels on the top 

of the I-profile (see Fig. 1). Within several research projects in Germany [1-3], the load-bearing 

behaviour of the slab system was investigated in fire conditions using the ISO standard fire curve 

and a natural fire scenario. 

Composite dowels are special shear connectors and guarantee the bond (shear force) between an I-

section and a concrete slab. In comparison to other shear connectors, the composite dowels are 

more economical due to the manufacturing process and have a higher shear capacity. To describe 

the load-bearing behaviour of the slab system in case of fire within numerical simulations, 

knowledge about the temperature-dependent shear capacity as well as the failure mechanism of the 

composite dowels is required [1]. Therefore, a number of push-out tests according to EN 1994-1-1 

Annex B [4] have been performed to determine the temperature-dependent shear capacity of the 

composite dowels. 

This paper presents the experimental investigations on the shear capacity of composite dowels in 

clothoidal shape. The specimens were heated homogenously to three temperature levels (200 °C, 

350 °C and 500 °C) and the shear capacity of the composite dowels was determined. Besides the 

effect of elevated temperatures on the shear force-slip relation of the composite dowels, the 

influence of different arrangements of the reinforcement on the shear capacity of the composite 

dowels was investigated.  
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Fig. 1. Overview of the innovative composite slab system InaDeck with composite dowels in clothoidal shape 

2 PAST AND PRESENT RESEARCH ACTIVITIES 

As aforementioned, the bond between the I-section and concrete slab of the slab system InaDeck is 

ensured by composite dowels either in clothoidal or puzzle shape. Composite dowels are a type of 

shear connectors, which are not comprised by the regulation of EN 1994-1-1 [4]. Hence, a number 

of studies of e.g. Heinemeyer (2011) [5] and Claßen (2016) [6] have been performed to identify the 

shear force-slip behaviour and the shear capacity of composite dowels. The dimensions and 

different shapes of the dowels are regulated by the German approval for composite dowels [7]. 

Within this approval, the arrangement of the reinforcement of the composite dowel is defined (see 

Fig. 2) as well as the determination of the decisive shear capacity of the composite dowel at room 

temperature. The composite dowel is reinforced with 1. bottom reinforcement (reinforcement of 

composite dowel), and 2. upper reinforcement. The upper reinforcement is arranged above in the 

centre line of each steel dowel. In each recess of the composite dowel are two rebars named as 

reinforcement of the concrete dowel (see Fig. 2).  

 

Fig. 2. Composite dowel in clothoidal shape with the arrangement of the reinforcement and characteristic dimensions 

The investigations on the shear capacity of composite dowels of e.g. Heinemeyer (2011) [5] and 

Claßen (2016) [6] have been performed at room temperature. These experimental investigations 

analysed the shear force-slip behaviour of the dowels as well as the failure mechanisms. 

Additionally, the failure mechanism of the composite dowel can be derived by the shear force-slip 

relation. However, the experimental investigations of [5] and [6] observed primary and secondary 

failure mechanisms of the composite dowels. The secondary failure mechanism is characterised by 

a local failure respectively crushing of concrete in front of the dowel caused by high contact strains 

between the surface of the composite dowel and the concrete in the recess of the composite dowel. 

This secondary failure mechanism is not critical for the shear capacity of the composite dowel and 

the shear force increases until a primary failure mechanism occurs. The primary failure mechanisms 
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are a steel failure (see Fig. 3a)), a concrete pry-out failure (see Fig. 3b)), and a shear failure of the 

concrete. Mainly steel or concrete pry-out failure occurs because the reinforcement of the composite 

dowel avoids a shear failure of the concrete. Characteristic for the steel failure is a ductile behaviour 

of the shear force-slip relation in comparison to the concrete pry-out failure. The ductile behaviour 

results from the plastic behaviour of the steel dowel. Whereas the concrete pry-out failure occurs 

with a concrete failure cone and is a brittle failure (see Fig. 3b)).  

 

Fig. 3. Qualitative characteristic curves of the composite dowels with: a) Steel failure; b) Concrete pry-out failure; 

according to [5] 

3 EXPERIMENTAL PROGRAM 

3.1 Test set-up 

A series of push-out tests have been performed to determine the temperature-dependent shear 

capacity of the composite dowels in clothoidal shape. To perform the push-out tests, a test set-up 

was designed and manufactured to ascertain the shear capacity of the composite dowels at room and 

elevated temperature with the same test set-up (Fig. 4a)). Basically, the test set-up consists of the 

supporting structure, the specimen, the electric furnace, and the hydraulic cylinder. The specimens 

were heated in an electric furnace until the appropriate homogeneous temperature field was reached. 

The contours of the electric furnace are shown in Fig. 4a). The load was applied on the top end of 

the specimen’s I-section outside of the electric furnace.  

3.2 Test procedure 

The test procedure to determine the shear capacity of the composite dowels at room and elevated 

temperature is according to Annex B of EN 1994-1-1 [4]. The procedure of the experimental 

investigations is divided into three parts: 1. pre-loading, 2. heating (only at elevated temperatures), 

and 3. loading until failure of the specimen (see Fig. 4b)). As failure criteria, a reduction of 20 % of 

the maximum shear capacity was used for the specimen according to EN 1994-1-1 [4]. At room 

temperature, first the specimens are dynamically loaded with 25 cycles and afterwards loaded until 

failure occurs respectively the failure criteria of EN 1994-1-1 [4] was reached. By analogy to the 

specimens at room temperature, the specimens at elevated temperature are dynamically loaded with 

25 cycles. The heating phase of the specimen subsequently initiates after the pre-loading of the 

specimen. The unstressed specimens (push-out tests) at elevated temperature are heated in the 

furnace until the reference temperature was reached. After reaching the reference temperature, the 

shear capacity was determined while the specimens remained in the furnace to ensure the 

temperature of the specimen during the loading until failure. The test procedure to determine the 

shear capacity is shown in Fig. 4b). 
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a) b) 

Fig. 4. a) Test set-up of the push-out tests; b) Procedure of the push-out tests according to EN 1994-1-1 Annex B [4] 

3.3 Test specimens 

Detailed investigation on the shear capacity of composite dowels in clothoidal shape have been 

performed with a series of push-out tests. The dimensions of the specimens are in correlation with 

the dimensions of the slab system InaDeck (see Fig. 1 and Fig. 5). The push-out specimens have a 

scale factor of 1:1. The structure of the push-out specimens is symmetric and the specimens 

consisted of a hot rolled I-section IPE220 and a reinforced concrete slab with a thickness of 

100 mm. The composite dowels were in clothoidal shape with a longitudinal distance ex of 100 mm 

(see Fig. 5). 

a) b) c) 

Fig. 5. Different views of the specimen: a) Side view; b) Top view; c) Isometry 

During the heating phase, the temperatures inside the specimens were measured with thermocouples 

of type K. The specimens were heated until a homogeneous temperature field of 200 °C, 350 °C, or 

500 °C was reached. The shear capacity of the composite dowels were determined at room 

temperature (RT) and high temperatures (HT) of 200 °C, 350 °C, or 500 °C. The push-out tests at 

room temperature serve as reference to assess the influence of temperature on the shear capacity of 
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the composite dowels (see Table 3). Besides the influence of the temperature, the main parameters 

of the experimental investigations on the shear capacity are the influence of the upper reinforcement 

and the number of rebars within the recess of the composite dowel (see Table 3). The series PO-V1 

represent the reinforcement layout of the slab system InaDeck. With the series PO-V2 the influence 

of the reinforcement on the multiaxial stress state is investigated, in series PO-V3 the influence of 

the rebars within the recess of the composite dowel is analysed. The specimen’s parameters of the 

push-out tests are presented in Table 3. A comprehensive description of the test set-up, the setup of 

the specimens, the material properties, and the arrangement of the thermocouples is given in [3]. 

Table 3. Specimen’s parameters of the push-out tests at room temperature (RT) and elevated temperatures (HT)  

Series 

Longitudinal 

distance ex 
θRef 

No. of 

tests 

Reinforcement hc/ 

hd/ 

cD 

Reinforcement 

of composite dowel 

Upper reinforce- 

ment 

Longitudinal 

reinforcement 

[mm] [°C] [-] [mm] [mm] [mm] [mm] 

PO-V1 

(reference) 
100 

RT 2 
2 x Ø8 Ø8 Ø10 

100/ 

40/ 

30/ 

HT 6 

PO-V2 100 
RT 1 

2 x Ø8 - Ø10 
HT 5 

PO-V3 100 
RT 2 

1 x Ø8 Ø8 Ø10 
HT 6 

4 RESULTS OF THE EXPERIMENTAL INVESTIGATIONS 

4.1 Room temperature 

The behaviour of composite dowels in shear is characterised by the shear-force slip relation. As a 

result of the shear-force slip relation the load-bearing behaviour of the composite dowels can be 

analysed and the failure mechanism can be derived.  

At first, the push-out tests at room temperature were performed to determine the shear capacity and 

the shear force-slip relation of the composite dowel as reference value for the push-out tests at 

elevated temperature. The shear force-slip relation represents the relative displacement of the steel 

dowel to the concrete slab of the specimen.  

The shear force-slip relation of the three push-out series at room temperature is shown in Fig. 6a). 

The main emphasis of the experimental investigations was to determine the influence of the upper 

reinforcement and the number of rebars within the recess of the composite dowel. Due to the ductile 

behaviour and large displacements of the shear force-slip relation of each push-out series steel 

failure of the composite dowel can be concluded. In addition, the three aforementioned 

characteristics of the shear force-slip relation are identifiable. After the pre-loading of the 

specimens the shear force-slip relation has a linear branch followed by a non-linear branch until the 

maximum shear force is reached (see Fig. 6a)). The shear force-slip relation after the maximum 

shear capacity of the composite dowel is characterised by the post failure branch until failure of the 

composite dowel occurs. The upper reinforcement has no significant influence on the shear capacity 

or the shear force-slip relation of the composite dowel (see Fig. 6a)). Whereas the number of rebars 
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within the recess of the composite dowel has a significant influence on the shear capacity of the 

composite dowel. The maximum shear capacity of the composite dowel with one rebar within the 

recess of the composite dowels is reduced by 25 kN to 175 kN compared to 200 kN with two rebars 

in the recess. 

To verify the failure mechanism and to analyse the local bearing behaviour of the composite dowel, 

the specimens were separated along the composite dowels. Within these investigations centre cuts 

along the composite dowels were conducted (see Fig. 6b) and c)) to assess the local bearing 

mechanisms of the composite dowel. The detailed investigations confirmed a steel failure of the 

composite dowel as failure mechanism (see Fig. 6b)). However, besides the primary failure 

mechanism the secondary failure mechanism of crushed concrete in the recess of the composite 

dowel occurred (see Fig. 6c)). With increasing the load, the contact pressure between the front 

surface of the dowel and the concrete increases until the maximum strain of the concrete is reached. 

At this particular point of exceeding the compressive strains of the concrete, the concrete in front of 

the dowel crushes (see Fig. 6c)). This failure mechanism is evoked by the high steel strength in 

combination with the thin web of the I-section, which is resulting in a high contact pressure. The 

contact pressure exceeds the ultimate concrete strength and therefore the concrete fails. 

Nevertheless, the load increases on a non-linear branch until the maximum shear capacity. Due to 

this process, the composite dowel respectively the steel dowel deforms plastically because the base 

point of the dowel (see Fig. 6b)) gets in contact with the reinforcement of the composite dowel. 

With increasing load and deformation, a bending of the dowel occurs (see Fig. 6b)). Due to the 

bending of the dowel a concrete failure cone appears. Subsequently, the multiaxial stress state fails 

and the load decreases (displacement increases) until the failure criteria is fulfilled.  

a) 

b) 

c) 

Fig. 6. a) Comparison of the shear force-slip relation of the specimen at room temperature; b) Local analyses of the 

bearing behaviour of the steel dowel at 20 °C (series PO-V1); c) Local analyses of the bearing behaviour of the concrete 

at 20 °C (series PO-V1)  

4.2 Elevated temperatures 

Besides the experimental investigations at room temperature, push-out tests at elevated temperature 

have been performed to determine the shear capacity of the composite dowels. Based on the shear 

force-slip relations of the specimens at each reference temperature a steel failure of the composite 

dowel can be deduced (see Fig. 7a)). Consequently, a change of primary failure mechanism of the 
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composite dowels with increasing temperature did not occur. As well as at room temperature, the 

influence of the upper reinforcement on the shear capacity of the composite dowel is neglectable 

(see Fig. 7a)). Moreover, the number of rebars within the recess of the composite dowel has an 

influence on the shear capacity. The difference in the maximum shear capacity of 25 kN and the 

shear force-slip behaviour between the reference series and the specimen with one rebar in the 

recess is identical at room temperature and until a specimen temperature of 350 °C (see Fig. 12). 

With increasing temperature, the influence of the number of rebars on the shear capacity in the 

recess decreases. At a temperature of 500 °C the shear capacity is almost identical (see Fig. 7a)). 

For the specimens at elevated temperature, centre cuts along the composite dowel of the specimens 

were performed. The specimens of each reference temperature show the secondary and primary 

failure mechanisms compared to the specimens at room temperature. Nevertheless, the local bearing 

mechanism of the composite dowel differs slightly from the behaviour at room temperature. The 

differences are that the steel dowel completely shears off (primary failure, see Fig. 7b)) and the area 

of crushed concrete is significantly smaller (secondary failure, see Fig. 7c)). 

a) 

b) 

c) 

Fig. 7. a) Comparison of the shear force-slip relation of the specimens at elevated temperatures; b) Local analyses of the 

bearing behaviour of the steel dowel at 500 °C (series PO-V1); c) Local analyses of the bearing behaviour of the 

concrete at 500 °C (series PO-V1) 

500 °C 

200 °C 
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4.3 Influence of temperature 

Finally, the shear capacity of the push-out series at each reference temperature is compared (see 

Fig. 12). The shear capacity at temperatures of 200 °C and 350 °C of the specimen without the 

upper reinforcement is smaller compared to the reference series with the upper reinforcement. This 

difference is attributable to the multiaxial stress state, which is not caused by the upper 

reinforcement. With an increasing temperature of the specimen (temperature of 500 °C) the 

influence of the upper reinforcement on the shear capacity decreases and the shear capacity is 

almost identical. In comparison, the number of rebars influences the shear capacity of the composite 

dowel. The difference in the shear capacity between the reference series and the push-out series 

with one rebar in the recess of the 

composite dowel amounts 

approximately 25 kN at room 

temperature. This difference in the 

shear capacity remains unchanged 

until a temperature of 350 °C. 

With increasing temperature of the 

composite dowel the difference of 

the shear capacity decreases. The 

shear capacity of the composite 

dowel with two (reference series) 

or one (push-out series 3) rebar in 

the recess of the composite dowel 

is almost the same (see Fig. 12). 

At a temperature of 350 °C the 

reduction in the shear capacity is mere 10 to 15 %, while a sizeable reduction occurs at higher 

temperature (500 °C). The shear capacity at a temperature of 500 °C of the composite dowel is 

reduced by 30 to 35 %. With an increase of the temperature of 150 °C (from 350 °C to 500 °C) the 

reduction of the shear capacity is doubled. 

5 CONCLUSIONS 

The longitudinal shear resistance is crucial for composite beams at room temperature as well as in 

fire conditions. The influence of elevated temperature on the shear capacity and behaviour of shear 

connectors the composite dowels in clothoidal shape is not investigated yet. Within this paper, 

experimental investigations (push-out tests) on the shear capacity of composite dowels at room and 

elevated temperatures are presented. The shear capacity of the composite dowels were determined 

besides room temperature at a homogenously temperature field of 200 °C, 350 °C, and 500 °C. 

Besides the influence of the temperature on the shear capacity, the influence of the upper 

reinforcement and numbers of rebars in recess of the composite dowel was investigated. 

With the performed push-out tests, the shear capacity of the composite dowel at each reference 

temperature was determined. At room temperature steel failure of the composite dowel occurred. 

However, with increasing temperature of the composite dowel a change of the primary failure 

mechanism did not occur. The shear capacity is reduced up to a temperature of 350 °C of 

approximately 10 to 15 %. With increasing temperature, the shear capacity decreases and the shear 

capacity is reduced by approximately 30 to 35 % at a temperature of 500 °C. The influence of the 

numbers of rebars within the recess of the composite dowels is decreasing with increasing 

temperature and the shear capacity at 500 °C is almost identical.  
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ABSTRACT 

A new cold-formed steel (CFS) structures system which adopted new composite wall, floor system 

and so on instead of conventional ones was proposed to make the development of CFS structures 

from low-rise to mid-rise building. In order to investigate the fire performance of the new CFS 

structure, a new full-scale CFS structure with plan size of 7.2m×7.2m and height of 3m was 

constructed for fire experiment. It was divided into 4 compartments, one of which was evenly 

distributed timber as fired-compartment and the other three were non-fired compartments. The 

detail process of fire development was recorded in this paper. And the experimental phenomenon, 

failure mode of the structure and varieties of gas and structure temperature were detail analyzed. 

1 INTRODUCTION 

The cold-formed steel (CFS) structures consist of walls, floor systems and other connective 

components. With rapid construction, light weight, high strength and excellent seismic 

performance, CFS structures have been widely built in North America, Europe, Australia and other 

regions. 

In order to investigate the fire resistance of CFS structures, many components such as composite 

walls and floors were tested in fire furnace. Sultan and Lougheed[1]presented the results of 22 full-

scale and 49 small-scale fire resistance tests conducted at the National Fire Laboratory on insulated 

and non-insulated full-scale gypsum board protected wall assemblies. Feng[1]presented the results of 

6 tests on loaded full-scale cold-formed thin-walled steel walls exposed to the standard fire 

condition on one side. A detailed experimental study of 14 full-scale steel stud wall assemblies was 

conducted in Kodur's[2] research. Both single row and double rows steel stud configurations with 

installation of gypsum board on each of the exposed and unexposed sides, and with and without 

insulation in the cavity, were considered in the experimental program. Sultan[3] presented and 

discussed the results of 40 full-scale wall fire resistance tests conducted at the National Research 

Council of Canada in accordance with ULC-S101/ASTM E119 standard fire exposure. A new CFS 

wall system based on a composite panel in which the insulation was sandwiched between two 

panels instead of cavity insulation was proposed in Kolarkar's[4] research. In Gunalan's[7]research, 

11 full scale tests were conducted on conventional load bearing steel stud walls with and without 

cavity insulation, and the new composite panel system to study their thermal and structural 

performance under standard fire conditions. A few studies have been performed on the thermal and 

mechanical performance of CFS floor systems under fire conditions. For instance, Sultan[14][15] 

summarized the results of fire resistance tests on 16 full-scale CFS floor assemblies that consisted 

of plywood or steel decks with concrete to players as the subfloors and one or two layers of fire-

resistant gypsum plasterboard as the ceiling finishes. Sakumoto[16] reported the results of fire tests 

of CFS walls and floor ceiling systems.  

Overall structural fire tests were necessary to carry out because the interaction between components 

of structural system could not be shown in the component furnace tests. From 1996 to 2003, BRE 

(Building Research Establishment)[9-11] conducted seven actual fire tests on the Cardington test 

building (Fig. 1).  Fire performance of the restrained beam, plane frame and composite slab were 

studied. Meanwhile, the indoor fire test (under closed doors and windows), the test in a large fire 

zone and the actual fire test in the normal office were also studied. French CTICM et al.[12] 

https://www.sciencedirect.com/topics/engineering/full-scale
https://www.sciencedirect.com/topics/engineering/structural-panels
https://www.sciencedirect.com/topics/engineering/fire-condition
https://www.sciencedirect.com/topics/engineering/fire-condition
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conducted three actual fire tests on a steel frame-combined floor open-air parking lot in Vernon. L. 

Pyl et al.[13] reported a three-dimensional cold-formed steel portal frame fire test (Fig. 2). 

 

 

Fig. 1 Cardington fire model  Fig. 2 Cold-formed thin-walled steel portal frame 

To extend the use of CFS structures from low-rise to mid-rise buildings, a new type of cold-formed 

steel structure system-cold-formed steel framed composite shear wall systems-with good seismic 

performance was proposed in Ye’s[17] research. The cold-formed steel framed composite shear wall 

systems adopted new composite walls and floor assemblies whose fire resistance had been 

investigated in literature [6][7] and [18] respectively. In order to explore the fire resistance of this 

new structural system, a full-scale single-story building was conducted. The detail process of fire 

development was recorded in this paper. And the experimental phenomenon, failure mode of the 

structure and varieties of gas and structure temperature were detail analyzed. 

2  INTRODUCTION TO FULL SCALE FIRE TEST BUILDING 

2.1  Dimension of the frame 

A 7.2m×7.2m single-storey cold-formed steel structure of the height of 3.0m was constructed, 

asshown in Fig. 3. A fired-compartment of 3.6 m×3.6 m was chosen to stack wood cribs equably 

(Fig. 3). Non-fired compartment R2,R3,R4 and fired-compartment R1were connected with each other 

by door(Fig. 4). Vertical loads were applied to the structure according to a design load of 2.0 

kN/m2.  
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Fig. 3Layout of the tested CFS building(mm) 
Fig. 4 Wood cribs with a weight of 55 kg/m2 for a fire 

load density of935MJ/m2 and fire ignition using gasoline 

New composite walls developed by the authors’ research group with composite panels in which the 

insulation is sandwiched between two panels are applied for interior walls WB,WC (Fig. 5) and 

exterior walls WA,WD (Fig. 6). Non-fire compartments R2-R4 adopt conventional CFS walls lined 

with single-layer plasterboard (Fig.7). The sizes of the wall stud channel section are shown in (Fig. 

9(a)). Construction of new floor assemblies which adopted plasterboards as ceiling finishes and 

autoclaved lightweight concrete (ALC) boards covered with concrete as slab floor is shown in Fig. 

8.The joist section sizes are shown in (Fig. 9(b)). 

Plasterboard

Aluminum silicate wool

Plasterboard

Plasterboard

Plasterboard

Aluminum silicate wool

Channel section stud C140

 

Aluminum silicate wool
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Channel section stud C140

 

Fig. 5New composite interior walls Fig. 6New composite exterior wall 
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Channel section stud C140

 

Lightweight concrete

ALC board
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Channel section stud C240

 
Fig. 7 Conventional CFS walls lined with single-

plasterboard 
Fig. 8 Construction of floor assemblies 

 

  

（a）C140 Channel section stud (mm) （b）C240 Channel section joist (mm) 

Fig. 9 Channel section sizes 

2.2 Measurement Setup 

Type K thermocouples for the higher temperature range were used to record the structure and 

gas temperatures. Circles in Fig. 10 showed the position of the thermocouple trees. At each 

location, three thermocouples were placed to measure the gas temperatures along the height of the 

compartment. Take thermocouple tree 1RT1 (Fig.11) as an example, 1RT1-0.5 measured the gas 

temperature at 50cm height from the ground, 1RT1-1.38 represented the gas temperature at height 

of 1.38m and 1RT1-2.26 was arranged 50cm away from the ceiling. The 3RT1-3RT5 

thermocouples trees were inside the fired-compartment, while 3RT6-3RT7thermocouples trees 

measured the gas temperature in R2 non-fired compartment and 3RT8-3RT9 recorded the gas 

temperature of R3 non-fired compartment. 
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Fig. 10 Position of the thermocouple trees Fig. 11 Thermocouple trees 

 

The layout of thermocouples in the structural members is shown in Fig. 12. A plurality of 

thermocouple groups were arranged in the four walls of the fired-compartment (Fig. 12). Each 

thermocouple group was generally composed of two thermocouple clusters which recorded the heat 

transfer of the same position, such as 3W1 and 3W2 (Fig. 12).3W1 recorded the temperature 

transfer of section which was consisted of keel steel stud and panels, whereas 3W2 recorded the 

temperature transfer of section with cavity and panels. Except for 3W9 and 3W10,measuring points 

of the thermocouple clusters were all located at 1.38m elevation. 3W9 thermocouple cluster was at 

2.26m height and the 3W10 thermocouple cluster was at 0.5m height. Both 3W9 and 3W10 

thermocouple clusters were located at the same stud with the 3W7. The purpose was to measure the 

temperature difference at different heights of the same stud. 

3W8

3W7(3W9,3W10)

3W53W6

3W13W2
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A B

3

2

Fire
compartment

Window
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3w2-4
3w2-5
3w2-6
3w2-7

3w1and 3w2 A m b e i n t
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F i r e  s i d e

 
3W1-1

Number of  wall

Thermocouple

Number of  wall

Thermocouple  group
Representative letter of  wall

Thermocouple

Number of  fire stucture  

Fig. 12 Layout of thermocouples in the cross section of walls 

 

3  TEST PROCESS 

Gasoline in oil box was ignited at 11:28 on April 4, 2018. Due to poor ventilation, no flame was 

observed after about 7 minutes. At 11:46, the fire loads were re-ignited (Fig. 13). After a few minutes, 

fired-compartment R1 space was filled with smoke without obvious flames meaning entered the 
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smoldering stage (Fig. 14). At 67 minutes, obvious cracks at window glass (Fig. 15) indicated fresh 

air entered the fire room resulting in continued developed fire. At 78 minutes, part of the floor ceiling 

plasterboards fell off. Part of the flames escaped outside the window(Fig. 16) after 86 minutes, 

predicting fire spreading to the adjacent storeys and buildings. The glass fell off 89 minutes past 

ignition and the gypsum boards on the floor all fell off after 95 minutes. The window completely 

burned out with fire complete development (Fig. 17) after 112 minutes. The fire was difficult to 

control in 119 minutes, and then the fire was extinguished (Fig. 18). 

  
Fig. 13 Ignition Fig. 14Smoldering stage 

  

Fig. 15 Obvious cracking of window glass Fig.16 Flame escaped out of the compartment 

  
Fig.17 Complete development of the fire Fig.18 Extinguishment of the fire 

 

4 FAILURE MODE ANALYSIS 

4.1  Overall behavior of the structure 

The overall damage undergone by the structure is shown in Figure 19. The window was completely 

destroyed during the fire. The black carbonized solid residue around the window hole on the outer 

ALC boards indicated that the flame had been out of the compartment which means fire spreading 
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to the adjacent buildings. A long crack on concrete surface of floor system appeared between fired 

compartment and the non-fire compartment(Fig. 20). The reason for the above phenomenon is that 

the joists of fired-compartment directly subjected to fire on account of the fallen off of the ceiling 

plasterboards occurred expansion deformation resulted in different vertical displacements between 

fired-compartment and the non-fire compartment. 

4.2 Detailed behavior of composite walls 

Without completely fallen off, the outside plasterboards on fire side had completely lost its 

insulation in fired-compartment (Fig. 21). The inside plasterboards and the aluminum wool between 

the two plasterboards maintained integrity and heat insulation. Due to the entire enclosed of fire 

compartment during the fire test, the smoke could not spread to other non-fired compartments. 

Hence, there was no damage to the plasterboard in non-fired compartments(Fig. 22). 

  
Fig. 21 Breakdown of panels in fire-compartment Fig. 22 Panels in fire-compartment 

5 TEST RESULTS OF TEMPERATURE RISE 

In general, the measured gas time-temperature curve(Fig. 23) was different from ISO 834 

standard fire. The fire experienced a long growth period of about 67 minutes with temperatures 

below 300℃, compared to 500℃of ISO fire at 3 minutes. After67 minutes, the fire entered a period 

of rapid development due to the entry of fresh air resulted from the breakage of the window glass. 

And the temperature rose to 500℃. After that, time-temperature curve presented a platform that 

maintained at 500℃ and continued to 112 minutes when the window was completely destroyed. 

And then, the fire entered its development period with a rapid temperature rise. The gas temperature 

reached its maximum value of about 800℃ (Fig. 23). The gas time-temperature curves of the fired-

compartment were approximate along the height. 

The temperature in the compartments devoid of fire load (R2 and R3) were lower than fired-

compartment (Fig. 23-Fig.24). The maximum temperature in R2 compartment was about 80 ℃, 

whereas the maximum temperature in R3 compartment was lower than 40℃. The highest 

temperature for room R1, R2 and R3 were all recorded by the thermocouples at 2.26m height. The 

value of thermocouple 3RT2-0.5 was similar with 3RT2-1.38 which was different from 3RT2-2.26 

  
Fig. 19 Overalldamage of the structure Fig.20 Crack on the concrete roof surface 

Fired- 

compartment 

Non-fired 

compartment 

ALC boards 
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showed that there was an obvious temperature layer in R2 compartment. In contrast with R2 

compartment, R3 compartment appeared temperature diversity of the three thermocouples 3RT3-

0.5, 3RT3-1.38 and 3RT3-2.26. 

Fig. 26 showed the distribution of temperature on the outer wall section of the fired-

compartment. 3WA-1-3WA-7 was in turn arranged from the ambient side to fire side of the outer 

wall(Fig. 12). Suddenly increment in temperature of 3WA-6 at 117 minutes indicated that the 

plasterboards on fire side lost theirs heat insulation. The temperature difference between 3WA-5 

and 3WA-4 showed that the inner filling of aluminum wool had not fallen.  
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Fig. 23 Temperature rise curve along the height of fire 

compartment R1 

Fig. 24 Temperature rise curve along the height of non-fire 

compartment R2 
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Fig. 25 Temperature rise curve along the height of non-fire 

compartment R3 

Fig. 26 Temperature rise curve along the cross section of 

composite wall 

 

6  CONCLUSION  

This paper analyze the performance of a new full scale 7.2 m×7.2m cold-formed structure under 

natural fire conditions. A fired-compartment of 3.6 m×3.6 m is chosen to evenly stack wood cribs. 

The fire performance of an innovative cold-formed structure is presented and discussed. The 

following conclusions can be drawn: 

(1)The steel joists on the floor assemblies were directly exposed to fire resulting in uneven vertical 

displacement between fired-compartment and non-fired compartment duo to the falling off of 

ceiling plasterboard. That uneven vertical displacement produced large cracks in the floor caused 

the collapse of the structure 
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(2)In the compartment provided with fire load, the plasterboards on fire side lost their insulation. 

However, the sandwiched filling aluminum wool had not lost the heat insulation without falling off 

indicating the superior fire resistance of the composite walls. 

(3)The measured gas time-temperature curve was different from ISO 834 standard fire. After 

accumulated process of heat in the space field, the fire was fully developed with the maximum 

temperature 800℃. The maximum temperature in real fire were higher than 800℃ because the test 

fire was extinguished in advance in consideration of safety. 
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ABSTRACT 

The actual Eurocode design procedures to assess the structural reliability in case of fire permit a 

whole scope of methodologies. On the one hand, the code allows to simply combine design rules 

with member analysis through tabulated data or via simple calculation models. On the other hand, 

complex performance-based design approaches are proposed, which’s results are unique and highly 

dependent on the boundary conditions. There are then all the other methodologies laying in between 

those two extreme options offering many advantages. For instance, the effects of thermal expansion 

can be incorporated, the applicability of the methods is more general, and the final verifications can 

still be considered as simple. For single storey steel portal frames, the verifications can be 

simplified to the consideration of some critical sections instead of the whole structure. The present 

paper proposes a methodology to verify the integrity of single storey steel portal frames after real 

fire exposures, based on the force-based method.  

1 INTRODUCTION 

Since finite element model (FEM-) based tools are widely available, and rather easy to use, they 

became the favourite tools for practical applications. The displacement-based method also has the 

big advantage to be straightforward and does not generally require any engineering judgement. In 

the frame of manual calculations however, the displacement-based method is inapplicable as the 

generated output rapidly becomes difficult to manage, and therefore to analyse. For simple statically 

indeterminate structures, as presented in Figure 14, there exist however the force-based method 

(FBM) or sometimes also called flexibility method. Recent literature is mostly dedicated to 

machinery development and seismic applications [1], structural application are rare to find [2].  

 

 

 

Figure 14. Typical portal frame of an industrial steel building (different column types in this example) 

x 

y 

Concrete slab 
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Depending on the degree of indeterminacy, it is possible to directly calculate the set of internal 

forces and moments at a limited number of locations. Of course, some engineering expertise is 

needed beforehand to select the critical forces which will cause the failure mode. It should be noted 

that, in case of fire, the degree of indeterminacy can be higher than at ambient temperature, this is 

due to the possible presence of concrete floor slabs that blocks the horizontal movements and 

rotations at the bottom level. And, this is of course only valid if the considered column passes 

through this concrete slab down to a lower level. For rather simple structures, as the one presented 

in Figure 14, the critical sections can easily be based on the engineer’s expertise, but could also be 

deduced from a FEM analysis until failure (subjected to a standard fire). For example, two failure 

modes of such a portal frame are shown in Figure 15, they were obtained using the thermal-

structural programme SAFIR® [3]. Failure is clearly initiated by plastic hinges occurring at the 

foundation level and at midspan, which become the critical sections. 

a) 

 

b) 

Figure 15. Failure modes due to a) uniform heating; b) heating of the left column and the beam 

This paper focusses on real fires under low temperatures so that the structural response of the frame 

remains in the linear-elastic domain and with a failure mode in the plane of the frame. The 

presented method is therefore suitable for the evaluation of steel structures which are only subjected 

to local fires or for the assessment of structures which survived a real fire. The portal frame 

displacements stay in its plane which is only possible if the columns and beam are sufficiently 

supported by girders or steeldeck. The scope of this paper is limited to bending and instability 

phenomena are disregarded. It is our intention to propose a method allowing a quick but accurate 

structural assessment based on a limited amount of information, of structures that survived a local 

fire. 

To illustrate the possibilities and limitations of the proposed calculation model based on the FBM, a 

case-study is developed in section 4. A portal frame is chosen which respects, under ambient 

conditions, the usual code requirements. A fixed uniformly distributed load p (including the own 

structure weight) of 2.3 kN/m was applied on the roofbeam. It is assumed that the horizontal wind 

load (which may be reduced by a factor Ψfi) can be neglected. European IPE330 profiles made of 

S235 are considered. They are heated on four sides; no shadow factor is considered and the 

reductions of the yield strength as well as Young’s modulus due to the temperature are based on [4].  

2 REAL FIRE VERSUS NOMINAL FIRE 

2.1 Nominal fire limitations 

Nominal fires, such as the ISO834 standard fire, are widely used because they have the advantage 

that the outcome of the analysis can be compared in a quantitative way. In many countries, 

regulations are prescribing (and sometimes even by law) the use of this type of fires (see Figure 16, 
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solid lines). By using nominal fires, the designed structures perform similarly i.e. up to the same 

safety level as they withstand the same duration of a nominal fire. A great number of experiments 

on elements resulted in relatively simple design equations and even tabulated database simplifying 

the design. However, in case of statically indeterminate structures, the effect of the thermal 

expansion is generally not included, which may result in unconservative design situation. It is 

nowadays a common practice to assess structures in case of fire, with a time dependent uniform 

heating over its length. Only the latest versions of for example SAFIR® also allows the use of local 

fires or temperature development curves resulting from computational fluid dynamic simulations 

[5]. 

2.2 Design procedures 

When real fires are considered, their effects are often only local ones. With a limited number of 

users in the building and a rather limited amount of fire load, it is often useless to design for a 

complete flash-over, which is the case for the nominal fire prescribed by ISO834. But if badly 

located as next to a column, the influence of a local fire can generate important displacement and/or 

forces in the whole structure, which must then be carefully checked if not collapsed. In this case, we 

are outside the application of the codified methods and a third-party verification is needed. If this 

could be based on safe and simple models, precious time would be saved resulting in economic 

benefits for all parties. By way of simplification, a real fire can be modelled as a combination of an 

ISO834 fire applied on a column (local fire), a beam (in a hot smoke layer for a two-zone model) or 

the combination of both (to increase accuracy in temperature distribution following [6]), see the 

dashed line in Figure 16. 

 

Figure 16. Design procedures following [6] 

In practice, for a great deal of applications, the use of an uniform temperature over the length of the 

member will result in accurate results and the effect of elongations can be captured. In the next 

paragraphs, a uniform temperature over the member will also be presumed therefore no bending 

moments due to a difference in temperature along the height of a member will be generated. For 

unprotected steel profiles, this assumption is reasonable. The proposed method can be seen as a 

“Simple calculation model” as in Figure 16.  
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2.3 Procedures for the assessment of existing structures 

Sometimes we’re dealing with an existing structure which survived a fire, but, despite all 

regulations, it is still quite hard to investigate its influence on the reliability of the structure. In this 

case, there is a number of uncertainties and a quick assessment would be helpful to investigate 

several scenarios. Most of the time, only a range of smoke temperatures can be assumed through 

observations of cable insulation, roof lights, zinc layers, lead or aluminium elements, or any other 

damaged or melted materials. Presently, plastic design is not of interest since the structure still has 

to fulfil his function after the fire. Validation up to a limited smoke temperature of about 600°C is 

needed, otherwise we would be dealing with (partial) failure. 

3 SIMPLIFIED FORCE-BASED METHOD FOR A PORTAL FRAME 

3.1 Force-based method 

With the force base method, the distribution of the internal forces Xj of a statically indeterminate 

structure can be assessed taking into account the effects of external forces, temperature, settlements, 

prestressing, etc. In this paper, we will limit ourselves to the effect of the temperature only, an 

elastic response and Euler-Bernoulli beams. The unknown forces Xj are obtained based on the 

compatibility equations, and the deformations and flexibility matrix are needed. 

3.2 Deformations 

Based on the principles of virtual work, the deformations Dj of a system submitted to a uniformly 

distributed load p are provided by Eq. (1) for internal moments and normal forces (neglecting shear) 

part and by Eq. (2) for the temperature part without considering the curvature due to non-uniform 

heating of the cross-section. If, in Eq. (2), the elongation is written as ΔL/L instead of using the 

thermal expansion coefficient α and a temperature difference Δθ, we have:  

𝐷𝑗 0 = ∫
𝑀𝑝∙𝑀𝑗̅̅ ̅̅

𝐸∙𝐼𝑧
𝑑𝑥

𝐿

0
+ ∫

𝑁𝑝∙𝑁𝑗̅̅̅̅

𝐸∙𝐴
𝑑𝑥

𝐿

0
  (1) 

𝐷𝑡 = ∫ 𝑁�̅� ∙ 𝛼 ∙ ∆휃 ∙ 𝑑𝑥 = ∫ 𝑁�̅� ∙
∆𝐿

𝐿
∙ 𝑑𝑥

𝐿

0
= 𝐷𝑡 𝑓𝑖

𝐿

0
   (2) 

where Dj,0 is the displacement at the location j for an isostatic system (rotation in rad.), 

 L is the integration domain, it includes the whole length of all elements (m), 

 Mp/Np Moment/Normal force due to a uniformly distributed load p in N/m (Nm), 

 Mj/Nj  Moment/Normal force due to a unit displacement at the location j (Nm), 

 E Young’s modulus depending on the temperature of the element θ (N/m²), 

Iz Second moment of area of the cross-section, the subscripts cL (column Left), b 

(beam) and cR (column right) are used, see Figure 14 (m4), 

A Area of the cross-section, with the same subscripts (m²), 

DL/L Thermal elongation depending on the temperature of the element θ (-). 

For a portal frame as depicted in Figure 14, the sum of Eqs (1) and (2) is provided in Eqs (3) to (5) 

for the rotations at the nodes (1), (3) and the relative rotation at node (2). 

𝐷1 0 + 𝐷1 𝑡 =
𝑝𝐿²𝐻

24
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−

𝐿3

8∙𝐸𝑏∙𝐴𝑏∙𝐻
3 −

1

𝐸𝐶𝑅∙𝐴𝑐𝑅
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)𝑐𝐿

𝐻

𝐿
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∆𝐿

𝐿
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𝐿
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∆𝐿
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𝐻

𝐿
) (3) 
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𝐷2 𝑟𝑒𝑙 0 + 𝐷2 𝑡 =
𝑝𝐿²𝐻
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3.3 Flexibility matrix 

Without the numerical derivation of all flexibility components, Eqs (6) to (11) provide the different 

elements to compose the flexibility matrix, with the meaning of the symbols given in Figure 14 and 

Eq (1). 
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𝐿
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𝐻
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1
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) (6) 
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3.4 Methodology 

In the case of this portal frame, the 3 moments M1, M2 and M3 at the node locations or critical 

sections can be obtained by the use of the matrix equation Eq. (12). It can be solved at any time for 

a known steel temperature calculated for example according to [4] section 4.2.5.1, for unprotected 

internal steelwork. 

{

𝑀1

𝑀2

𝑀3

} = [

𝑓
11

𝑓
12

𝑓
13

𝑓
21

𝑓
22

𝑓
23

𝑓
31

𝑓
32

𝑓
33

]

−1

∙ {

−𝐷10 − D1 𝑡
−𝐷20 − D2 𝑡
−𝐷30 − D3 𝑡

} (12) 

After finding the moments, the result should be compared to the bending moment capacity of the 

section at the given temperature MRd,θ,fi out of [4], see Eq. (13). Plastic redistribution of the forces 

can be assumed, as it is allowed in Annex E of [7]. 

𝑀𝑅𝑑 𝜃 𝑓𝑖 = 𝑘𝑦 𝜃
𝑊𝑛𝑒𝑡𝑓𝑦

𝛾𝑀 𝑓𝑖
   (13) 

where MRd,θ,fi is the moment resistance of the gross cross-section in case of fire (Nm), 

 ky,θ is the reduction factor for the yield strength at a temperature θ (-), 

Wnet Section modulus, Wpl for class 1 and 2, Wel for class 3 and Weff for class 4 sections 

(m³), 

 fy Yield or 0.2% proof strength at 20°C (N/m²), 

 γM,fi Material safety factor in case of fire (-). 
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To obtain an estimation of the failure moment, a unity check formulation, provided in Eq. 14, can 

be used. It uses the favourable effects of a possible moment redistribution.  

𝑈𝑛𝑖𝑡𝑦 𝑐ℎ𝑒𝑐𝑘 = 𝑀𝐴𝑋 {(
|𝑀1|

𝑀𝑅𝑑 𝜃 𝑓𝑖 1
+

|𝑀3|

𝑀𝑅𝑑 𝜃 𝑓𝑖 3
)
1

2
| (

|(𝑀4+𝑀5)/2|

𝑀𝑅𝑑 𝜃 𝑓𝑖 4
+

|𝑀2|

𝑀𝑅𝑑 𝜃 𝑓𝑖 2
)
1

2
}   (14) 

4 VERIFICATION 

Several scenarios of fire load based on the temperature development provided in ISO834 will be 

presented in the following sections, the obtained FBM results after 5, 10, 7.6, 10, 15, 20 minutes 

and at failure time (solid lines) will be compared with the results of the same cases using SAFIR® 

(dashed lines). To 7.6 minutes corresponds a steel temperature of 400°C at which the yield strength 

starts to decrease. In all figures, the grey dotted line with its index “EB limit” indicates until when 

the Euler-Bernoulli hypotheses is valid (i.e. when the deflection is lower than h/2). 

Once the flexibility components (Eqs. (6) to (11)) are included in a calculation sheet, Eq. (12) can 

be solved for several times or temperatures. 

4.1 Complete structure subjected to an ISO834 fire 

In this simulation all profiles are heated according to the ISO834 curve, or a fully developed fire. In 

Figure 17 a), the temperature development is provided but this will be not be repeated in the other 

graphs. It can been seen that the mid-span moments M2, FEM and M2,FBM (see Figure 14, node 

numbers in between brackets can be found in Figure 14) are very similar which is also the case for 

the averaged value of the beam-to-column nodes (M4 and M5), calculated as pL²/8, see section 1 for 

symbols. For the moment at the foundation level of the column, denoted M1 and M3, a deviation 

occurs around 7 minutes and reaches the maximum moment capacity after 10 minutes or about 

500°C steel temperature Ta. This has no influence on the beam moments but after 17.5 minutes or 

Ta = 690°C, the deflection Dy becomes bigger than h/2 which is seen as the limit of the simplified 

method. 

 

a) 

 

b) 

Figure 17. Comparison of results a) MEd and MRd,fi in function of Ta, b) FEM-to-FBM ratio in beam + UC 

A comparison between the beam moment sum (|𝑀4| + |𝑀5|)/2 + |𝑀3| (FEM-to-FBM ratio) with 

redistribution is presented in Figure 17 b). The unity check (UC) following Eq. (14) is also 

provided. A reasonable estimation of the failure time is given when the UC becomes higher than 

1.0. These results will be further discussed in section 5.5.   
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4.2 Single column subjected to an ISO834 fire 

This is a typical load case that occurs when a column is subjected to a local fire, therefore only the 

column is heated following the standard fire ISO834. Figure 18 shows that very good agreement is 

obtained at all locations and at any time. Deformations stays limited till the end of the simulations, 

so the Euler-Bernoulli hypotheses stays valid in this case.  Geometrical imperfections are not 

included in both models reason why buckling doesn’t occur in the column. 

 

a) 

 

b) 

Figure 18. Comparison of results a) MEd and MRd,fi; b) FEM-to-FBM ratio in beam + UC 

4.3 Beam subjected to an ISO834 fire 

This situation occurs when the beam is subjected to the influence of a hot smoke layer. Figure 19 

provides the comparison showing that, till 10 minutes or 508°C steel temperature, and at all 

locations very good agreement is obtained and even further as can be seen on Figure 19 b) showing 

the FEM-to-FBM ratio.  After 16 minutes or Ta = 670°C, the deflection Dy is higher than h/2. 

 

a) 

 

b) 

Figure 19. Comparison of results a) MEd and MRd,fi; b) FEM-to-FBM ratio in beam + UC 

4.4 Single column and beam subjected to an ISO834 fire 

In the final stage of a fire, the structure can be influenced by a local fire next to the column and a 

beam engulfed in a smoke layer, the corresponding results are given in Figure 20.  
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a) 

 

b) 

Figure 20. Comparison of results a) MEd and MRd,fi; b) FEM-to-FBM ratio in beam + UC 

Quite good similarity is achieved although, at the foundation level, only till 5 minutes (where the 

steel and smoke temperature Ta equal 260°C and 576°C respectively). Based on the FEM-to-FBM 

ratio in the beam, very good agreement is obtained up to 20 minutes (Ta = 725°C). After 16 minutes 

or Ta = 670°C, the Euler-Bernoulli approximation for the deflection is strictly no longer valid, the 

failure mode is shown in Figure 15 b). 

4.5 Discussion 

As explained in section 189, the simplified method is proposed for real fire applications during 

which relatively low temperatures are observed i.e. structures which survived a fire.  The most 

important advantages are the CPU-time which is lower than 1 second, which makes the verification 

of multiple scenario’s and sensibility analysis possible, an accurate simulation for the beam forces 

and a conservative prediction of the failure time. All those elements, are summarized in  

Table 4.  Our concern is given to the beam since the column ends, at foundation level, are most of 

the time not heated (excepted for the single column heating scenario) so in order of occurrence it is 

for practical reasons unlikely to occur at this location. 

Table 4 Summary of results 

Fire load case CPU-time (min) 

Accurate simulation 

time (min) & steel 

temperature (°C) 

Failure time FEM 

(min) 

Failure time FBM 

(min) 

All profiles §5.1 4 15 & θa = 653°C 20.5 15.2 

Single column §5.2 1 >25 & θa = 756°C >120 53.2 

Roof beam §5.3 2 15 & θa = 653 °C >120 26.9 

Column + beam §5.4 5 >20 & θa = 725°C 23.4 12.3 

5 CONCLUSIONS 

The present paper describes a simplified method based on the force-based method (FBM) for 

structures which survived a fire. The proposed method is promising and could fill up the gap of 

simple calculation models.  
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The best agreement could be achieved for local fires with a limited influence on a single column. 

Here, the method performs well till steel temperatures up to 750°C. Furthermore, it is shown that 

the FBM is a valuable simplified calculation model which can be used in cases where the steel 

temperature stays limited till about 650 °C and localized fire as it is mostly the case for the 

assessment of structures which survived a fire. Only for a fully developed fire the method reaches 

his limits at 400°C. However, in combination with moment redistribution, a good agreement could 

be obtained even up to quite high deflections and the highest temperatures (≥ 650 C) in all kind of 

applications.  

The method will be checked in the near future for several influencing factors as the section’s height-

to-span ratio, the second moment of area of each element included in the frame, natural fires, …  
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ABSTRACT 

Composite materials play a central role in the evolution of construction materials (e.g. Fiber 

Reinforced Polymer - FRP) and structural typologies. Although these materials have excellent 

mechanical behaviour at room temperature, they can take affect the structural response at high 

temperature. When the temperature exceeds the glass transition temperature, the polymeric matrix 

that surrounds the fibres is unable to transfer stresses. The authors investigated the behaviour of the 

Glass FRP reinforced concrete (GFRP-RC) members exposed to fire, through a 3D FEM model 

validated on experimental tests performed on statically determined GFRP-RC slabs exposed to 

Standard fire curve. This paper shows the effect of redundant boundaries condition, as well as 

number and length of the spans. The results showed that in redundant static scheme fire scenarios 

significantly affect the stresses in the structural members analysed with the numerical model. 

1 INTRODUCTION 

In recent decades the civil engineering industry has focused its attention to the development and use 

of innovative materials, with the aim to overcome some problems concerning the "traditional" 

building materials and in order to extend the actual service life of the structures. Use of fibres 

reinforced polymer (FRP) bars or grids instead of traditional steel reinforcements is an interesting 

application. The choice of FRP bars is primarily favoured by the high corrosion resistance but also 

by high strength-to-weight ratio, as well as possible high stiffness-to-weight ratio, degree of 

chemical inertia and fatigue tolerance. Nevertheless, there are also disadvantages such as the 

vulnerability at high temperatures due to the degradation of the resin. Indeed, the bar is unable to 

transfer shear stress between the individual fibres and to the surrounding concrete, once it achieves 

the glass transition temperature.  

The authors have investigated the behaviour of Glass FRP RC slabs exposed to Standard fire 

(ISO834 curve) with a FEM model validated on experimental results (Bilotta et al. (2019) [1]). In 

this paper, we show the results obtained with different static schemes, studied to analyse the 

redundant restraint effect in fire condition. Indeed, it is known that there is a variation of the 

stresses and the structural response changes, if thermal expansion is prevented.  

The modelled slabs were designed according to CNR DT 203/2006 [2]. The design of RC members 

reinforced with FRP rebars is governed by service condition, due to the low value of the Glass 

FRP’s young modulus. Generally, the design of RC members strengthened with FRP rebars starts 

from SLS (Serviceability Limit State), because if service condition checks (i.e. deformability and 

stress level) are satisfied probably also ULS (Ultimate Limit State) checks are satisfied. 

2 THERMO-MECHANICAL MODELS FOR THE MATERIALS 

The concrete thermal properties have been simulated with the relationships provided by EN1992-1-

2 [3]. In particular, a correction of the specific heat between 100 °C and 200 °C has been assumed 

to take in account the latent heat of the water evaporation. As concern the FRP, the specific heat and 

thermal conductivity relationships provided by Bai et al. (2007) [4] for GFRP bars were assumed. 
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The coefficient of linear thermal expansion of the GFRP has been set equal to 6.0∙10-06 [C°-1], 

according to fib 2007 [5]. 

Compressive behaviour of concrete C25/30 has been assumed according to the stress-strain 

relationship provided by EN1992-1-2 for calcareous aggregate, while the tensile behaviour has been 

defined according to the model provided in Belarbi & Hsu (1994) [6] with the factors provided by 

EN1992-1-2 [3] for strength and stiffness reduction at high temperature.  

The mechanical behaviour of GFRP bar in tension has been assumed linear-elastic up to the failure. 

To take into account the reduction of stiffness and strength as temperature increases, a reduction 

coefficient has been defined, according to E. McIntyre et al. (2014, [7]). It is worth noting that the 

experimental results in E. McIntyre et al. (2014) [7] were obtained by tests carried out on GFRP 

bars with 12mm diameter. The strength reduction law obtained by interpolating those experimental 

results has been also used to model the behaviour in fire of rebars with different diameters. About 

that, composites materials consisting of fibre and polymeric matrix are characterised by shear lag 

effect, which implies a reduction of strength with the increase of bar diameter. This shear lag effect 

should be less significant at high temperature, because the resin is no more effective. For this 

reason, the use of the coefficients proposed in [7] for bars with diameter greater than 12mm is 

probably conservative, if the resistance at ambient is reduced to take into account the shear lag 

effect.  

Fig. 1 shows the stress–strain law for concrete in compression and tension (Fig.1 a,b) and GFRP 

(Fig1 c) varying the temperature. As concerns the GFRP rebars in compression, the strength at 

ambient temperature is low and it is usually neglected in the design of GFRP-RC members 

(according to CNR DT 203/2006 [2]). At high temperatures the compressive strength vanishes, due 

to transition from solid to rubbery state of the polymeric matrix when glass transition temperature is 

achieved. To take in account this and to overcome numerical convergence problem in the model, 

the compressive behaviour of GFRP is assumed the same of surrounding concrete. 

   

Fig. 1. Strain – stress constitutive laws for concrete (a,b) and GFRP (c) 

3 GEOMETRY, STATIC SCHEME AND LOAD 

A slab exposed to fire from below exhibits a thermal gradient along the cross section and high 

compression stresses arises in the structural member, supposed of homogeneous material, if there 

are longitudinal translation restraints. Moreover, rotational restraints generate hogging bending 

moments. To investigate the structural behaviour of these members in flexure, the authors have 

built some FEM models in Abaqus/Standard [8] based on the thermo-mechanical model validated 

in Bilotta et al. (2019) [1], which takes into account the above mentioned non-linear thermo-

mechanical behaviour of the materials and the large displacements. Fig. 2 shows the static schemes 
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and the fire scenarios analysed through the FEM model. For each geometrical configuration (i.e. S1, 

S2, S3 and S4) two different boundary conditions have been analysed: free and prevented 

longitudinal expansion, named “free” and “fixed” in the label, respectively. In particular S1 is a 

simply supported slab with a 4000mm long span and exposed to fire from below. The scheme S2 is 

equal to S1, but it has a longer span (5000mm). The scheme S3 is a continuous slab with two spans, 

each of which has the same length of scheme S1 (i.e. 4000mm); in this scheme both spans are 

exposed to fire from below (“FF” in the label). The scheme S4 is equal to S3 but only one span is 

exposed to fire (“F” in the label). The names of the analyses are summarised in Table 1. 

S1 

 

S2 

 

S3 

 

S4 

 

Fig. 2. Static schemes and fire scenario 

a)  b)  

Fig. 3. Cross sections of the slabs 

The cross section of S1, S3 and S4 is 200 mm height and reinforced with 6Φ16 and 6Φ13 per meter, 

on the bottom and top side, respectively (see Fig. 3a). The slab S2 is 250mm high, so that the ratio 

L/h =20 is the same of S1 slab, and it is reinforced with 8Φ9 and 8Φ16 per meter on top and bottom 

side respectively (see Fig. 3b). Note that the higher bar area at the bottom is due to the 

serviceability limit state checks. The slabs have been designed for the same load level , i.e. fire load 

level 휂𝑓𝑖 =
𝐸𝑑 𝑓𝑖

𝐸𝑑
=

𝐺𝑘+𝜓𝑓𝑖𝑄𝑘1

𝛾𝐺𝐺𝑘+𝛾𝑄 1𝑄𝑘 1
≅ 0.65 and degree of utilization 𝜇𝑓𝑖 = 𝑀𝐸𝑑 𝑓𝑖/𝑀𝑅𝑑 ≅ 0.4.  

The constant and uniformly distributed load is calculated with semi-permanent load combination, 

according to NTC 2018 [9] In particular, in addition to structural weight Gk1, the permanent non-

structural load Gk2 and the accidental load Qk were imposed respectively equal to 4kN/m2 and 2.5 

kN/m2, according to code for buildings destined for traffic areas and parking of lightweight 

vehicles. The concrete cover is 40mm. The slabs S1 and S2 were designed according to CNR DT 
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203/2006 [2], by neglecting the compressive contribution of GFRP rebar. As expected, the design 

was governed by the verifications against the SLS. For direct comparisons the slabs S3 and S4 have 

the same cross section and length of the slab S1: the check on deflection is certainly fulfilled and 

negative bending resistance on central support was verified with the top reinforcement (i.e. 6Φ13 

per meter). 

To consider that the ends of the slabs are not directly exposed to fire because they are embedded in 

the beams supporting them, an adiabatic zone was defined at the constrained zone. This unexposed 

zone allows to ensure a cold anchoring length of rebars [10]. 

The numerical simulation consisted of two stages: Stage 1, uniformly distributed load and Stage 2, 

exposure to the ISO 834 standard curve from below up to 120 minutes, with constant load. 

Table 1. Analyses labels 

Scheme 
 Free longitudinal 

expansion  

 Prevented longitudinal 

expansion  

S1  4m_free  4m_fix 

S2  5m_free  5m_fix 

S3  4m+4m_free_FF  4m+4m_fix_FF 

S4  4m+4m_free_F  4m+4m_fix_F 

4 RESULTS OF THE NUMERICAL ANALYSES 

Table 2 summarizes the results obtained by numerical analyses: exposure time at failure, maximum 

displacement and the ratio 𝜎𝜃/𝜎 𝜃𝑚𝑎𝑥 between the tensile stress and tensile strength in bottom rebar 

at failure or at 120min if failure did not occur. 𝜎 𝜃𝑚𝑎𝑥 considers the strength reduction due to the 

temperature. No coefficient is listed if the bar is in compression. The statically-determinate slabs 

designed with the same load level (i.e. 4m_free and 5m_free) have the same time and kind of 

failure: after about 90 minutes of exposure to standard fire curve the GFRP strength, dependent on 

temperature, is achieved in bottom rebars. When longitudinal expansion was prevented (i.e. fixed), 

compression stresses arise in each cross section due to redundant restraints. Fig. 4 shows the 

comparison between the stresses map in 4m_free and 4_fix scheme: the black zone indicates the 

part of the compressed slab. The resultant force of these stresses produces a negative bending 

moment due to its eccentricity with respect to the centroid of the cross section, but this effect seems 

localized. The slabs 4m_fix and 5m_fix have shown the failure at 90 and 116 minutes respectively, 

but the failure mode should still be investigated. The continuous slabs (i.e. S3 and S4) didn’t show 

the failure within 120 minutes of exposure to ISO834 fire curve. 

Table 2. Analyses result 

Analysis label Time of failure vmax [mm] σθ/σθ,max 

4m_fix 90 51 0.3 

4m_free 92 84 1.0 

5m_fix 116 61 0.7 

5m_free 95 97 1.0 

4m+4m_fix_FF >120 11 - 

4m+4m_free_FF >120 46 0.37 
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4m+4m_fix_F >120 11 - 

4m+4m_free_F >120 50 0.39 

Fig. 5 shows the curves time-displacement for each slab obtained by numerical analyses 

respectively for slab with one (i.e. S1 and S2) and two (i.e. S3 and S4) spans. Fig. 5a shows that the 

slab with a 5m long span (continuous line) is more deformable than the 4m slab (dashed line), 

having the same L/h ratio but different equivalent inertia and length. On the other hand, the slabs 

4m_fix and 5m_fix show quite similar displacements up to failure of the first one, because the 

normal forces reduce the cracking of the slab, and the un-cracked cross section of the 5m slab is 

stiffer than the 4m slab. It is evident that preventing longitudinal thermal expansion reduce vertical 

displacements. As concerns the continuous slabs (i.e. S3 and S4 in Fig. 5b), the continuous static 

scheme strongly reduces the displacements and there is no failure until 120 minutes. The effect of 

normal force is confirmed significant in reducing the displacement. Fig. 6 shows the deformed 

shape of continuous slabs at 0 minutes (i.e. semi–permanent load applied), 30 and 60 minutes of 

exposure to fire. 

0 minutes 

  

30 minutes 

  

60 minutes 

  

Fig. 4. Stresses comparison between 4m_free and 4m_fix 
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a)   b)   

Fig. 5. Time – displacement curve 

a) 4m+4m_free_FF 

 

 

b) 4m+4m_free_F 

 

 

c) 4m+4m_fix_FF 

 

 

d) 4m+4m_fix_F 

 

 

Fig. 6. Deformed shape of the slabs (S3 and S4) 

Fig. 7 and Fig. 8 show the bending moment diagrams for each slab at 0, 30 and 60 minutes of 

exposure to fire. Fig. 7a,b show that the bending moments are constant in the isostatic slabs , while 

Fig. 7c,d show the increasing positive bending moment as the exposure time increases when 

longitudinal expansion is prevented, although there are not redundant rotation restraints. This is due 

to the second order effects: the compression normal force that arises as a result of prevented thermal 

expansion induces a secondary moment. This secondary bending moment can be calculated, in a 

geometrical non-linear analysis, by multiplying the normal force value by vertical displacement. 

The increment of bending moment due to second order effects is very high. For example, for the 

4m_fix scheme the bending moment arises from about 20kNm at ambient temperature to about 
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56kNm after 60 minutes of exposure to the ISO834 fire curve. Note that the increment of bending 

moment is accompanied by an increase of resistance according to moment-axial force domain that 

ensure the material compatibility.  

Fig. 8 shows that with redundant rotation restraints there is an additive hogging bending moment 

due to the thermal curvature induced by the temperature gradient along the height of the slab. This 

hogging bending moment, increasing along the temperature, is maximum on central support; if 

redistribution due to cracking is possible the bending moment can increase, but less quickly. Since 

it is in the field of great displacements, there may be effects of the second order: also in this case, 

when longitudinal thermal expansion is prevented, there is an additive positive bending moment 

due to normal force in the cross section. It is important to highlight that when only one span was 

exposed to fire there is a strong increment of negative bending moment also on the not-exposed 

span (see Fig. 8d), balanced in the exposed span by the second-order effects, which can lead to 

different failure modes with respect to the case of fire on both spans. Therefore, the stresses in the 

structural members are strongly influenced by the specific fire scenario. 

4m_free 

 

 

5m_free 

 

 

4m_fix 

 

  

5m_fix 

 

  

Fig. 7. Bending moment versus exposure time – simply supported beams 
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4m+4m_free_FF 

 

4m+4m_free_F 

 

4m+4m_fix_FF 

 

4m+4m_fix_F 

 

Fig. 8. Bending moment diagrams versus exposure time – continuous beams 

5 CONCLUSIONS 

Numerical analyses on simply supported and continuous GFRP-RC slabs, in the conditions of free 

or prevented thermal expansions, showed how much boundary conditions affect the structural 

members response in fire. The slabs designed with the same value of load level and different span 

length collapse at similar time of exposure to standard ISO834 fire curve, due to failure of GFRP 

rebars when thermal expansion is not constrained. For longitudinal expansion constrained, high 

compression stresses arise in the slab and the failure mode of the slab changes. Therefore, the 

isostatic scheme generally used in the design step (i.e. free thermal expansion) could be very 

conservative for estimating slab displacements and bearing capacity of GFRP-RC slabs. Moreover, 

the continuous scheme is undoubtedly advantageous for reducing the slab displacements, which are 

significantly lower than those of the isostatic scheme also in the case of fire exposure. Nevertheless, 

it is necessary to pay attention to the additional forces and stresses that arise due to thermal 

curvature, which depend on the specific fire scenario. 
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ABSTRACT 

Glass Fibre reinforced polymer (GFRP) reinforcing bars have demonstrated outstanding 

characteristics to assure a desirable long-term performance of reinforced concrete structures. 

However, the fire performance of GFRP reinforced concrete is still a concern. Recent research 

contributions have provided substantial information regarding the properties of GFRP bars at high 

temperatures. This study adopted a modified pullout test method at which 350 mm long cylindrical 

GFRP reinforced concrete specimens are tested after reaching a desired temperature in the GFRP to 

the concrete interface. The #4 (13 mm in diameter) sand-coated GFRP bars are used in the 

specimens. The high capacity heating tapes are wrapped around the concrete cylinders to heat them. 

Although the standard pullout tests (i.e., 150 to 200 mm cubes) with a short embedment length have 

shown a significant reduction in the bond strength of GFRP bars, they do not fully demonstrate the 

effects of embedment length on the remaining bond strength. This study investigates the remaining 

bond strength of the specimens at high temperatures up to 300 °C. Early research by the co-authors 

has shown that the GFRP bars have lost 83% of their original bond strength at 200 °C. These long 

pullout specimens will determine if an additional embedment length provides cumulative bond 

strength over the embedded length of the GFRP bars and as such provides enhanced fire resistance 

for GFRP reinforced concrete elements. Five specimens were already tested which showed a little 

contribution of longer embedment in providing additional bond strength at high temperatures.  

1 INTRODUCTION 

The outstanding characteristics of FRP materials such as corrosion resistance, high strength-to-

weight ratio, and low thermal conductivity have made them a competitive alternative to steel bars as 

internal reinforcement in many structures. Different investigations indicated the important 

characteristics and differences of FRP reinforcing bars and steel reinforcement [1-3]. One of the 

important concerns in the application of FRP is the bond interaction between FRP and concrete at 

high temperatures. There have been some investigations into the bond deterioration of FRP 

reinforcing bars and concrete. 

 Katz et al. [1] performed several pullout tests on the four types of GFRP bars of 12.7 mm 

diameter with various types of surface treatment as well as steel bars of 12 mm. The embedment 

length of steel or GFRP bars in concrete was 5d (60 mm), where d is the bar diameter, and the 

specimens were heated up to 250C. While the bond strength of GFRP bars at room temperature is 

6 to 37% higher than steel reinforcement, steel bars showed better performance at high temperature. 

The reduction of bond strength in steel bars was 38% at 200C, while it was very significant 

(around 80%) in GFRP bars below 200C especially close to the glass transition temperature (Tg). 

At 200 °C, the bond strength reduction of GFRP bars was approximately 90%, but it was 34% for 

steel bars. The results showed the reduction of bond stiffness in GFRP and steel reinforcing bars are 

almost similar. Therefore, it is concluded that the surface properties of the reinforcing bars play an 

important role in bond strength and stiffness performance of reinforcement. 
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Rosa et al. [2] studied the bond strength of sand-coated GFRP bars at temperatures up to 140C. 

The diameter of the GFRP bars was 10 mm and two different scenarios were considered for the 

embedment length. The standard embedment length equal to 50 mm (5d) and a long 90 mm 

embedment length (9d) in order to analyze the impact of embedment length on the bond strength of 

GFRP bars and concrete. The results showed that the failure of specimens happened due to the 

pullout of the GFRP bars in both cases. It was observed that the adhesion between the surface 

treatment of GFRP bars (e.g., sand coating or ribs) and bar’s core play an important role in the bond 

strength of GFRP bars and concrete at room and elevated temperatures. It was reported that the 

bond strength reduced by 29% at 60C and 80% to 90% at 100C and 140C, respectively. Also, the 

results presented the same bond strength reductions for two different embedment lengths at 

different temperatures. Therefore, it is concluded that the bond strength between GFRP bars and 

concrete is significantly affected by increasing the temperature, especially close to the glass 

transition temperature of GFRP bars. 

 Hajiloo et al. [3] tested 104 pullout specimens at high temperatures to analyze the bond 

performance of GFRP bars. For covering a wide variety of products in the market, three different 

types of GFRP bars with different surfaces such as sand-coated (GA), two helically wound braids of 

fibres (GB) and ribbed surface (GC) with 16-mm nominal diameter have been used. The tests have 

been performed under steady-state and transient temperatures. It is concluded that the bond strength 

of GFRP bars and concrete is impacted at high temperature; for example, the reduction of bond 

strength of GA bars at 75C was 31%. Bond strength reduction is more significant when the 

temperature was close and above the Tg, which was 74% at 135C and 89% at 200C. 

In recent years, there has been increased interest in the bond strength of GFRP bars and concrete at 

high temperature due to the susceptibility of GFRP bars in a severe fire, especially after the Tg. 

Because after Tg, the high temperature degrades the properties of the GFRP bars, and it reduces the 

bond capacity of GFRP reinforcing bars. However, the number of investigations on the impact of 

embedment length on the bond behavior of GFRP bars and concrete at elevated temperatures are 

very limited. Consequently, after studying different cases [1-2] and as Hajiloo et al. [3] 

recommended, there is a need for further investigation on the effect of long embedment length of 

GFRP bars at high temperature using methods other than standard pullout tests. Therefore, the 

innovative approach with the embedment length of 350 mm has been designed for this 

investigation. 

2 EXPERIMENTAL PROGRAM 

2.1 Materials 

In this section, the details of the materials such as the mechanical properties of GA reinforcement 

and concrete mix have been discussed.  

2.1.1 GFRP Reinforcing Bars 

In this study, one type of GFRP bar is used and denoted as GA. It has a coarse sand coating surface 

and the mechanical properties are represented in Table 5. The nominal diameter of the GFRP bar 

was 13 mm (#4) and the measured actual diameter was measured by a digital caliper (15.5 mm). 

The Tg value of GA bar is 118.3 C that was reported by the manufacturer. 
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Table 5. Manufactural mechanical properties of GA bar 

Property Unit GA 

Nominal diameter 

Measured sand-coated actual diameter 

Nominal cross-sectional area 

Actual cross-sectional area 

Average tested tensile strength 

Nominal modulus of elasticity 

Ultimate elongation 

Fibre content (by weight) 

Glass transition temperature 

(mm) 

(mm) 

(mm2) 

(mm2) 

(MPa) 

(MPa) 

(%) 

(%) 

(C) 

13 

15.5 

126.7 

197 

1,760 

69,600 

2.5 

84.1 

118.3 (DSC) 

2.1.2 Concrete 

Normal strength concrete has been used for this experiment. The compressive strength of concrete 

just before the pullout test began was around 31 MPa after 4 months and one concrete mix was used 

for this investigation, as shown in Table 6. 

Table 6. Concrete Mix 

Material Weight (kg/m3) 

Cement 

Water 

Coarse aggregate 

Sand 

Total 

350 

195 

1,060 

735 

2,340 

The specimens were stored in a lab environment with an average temperature of 20C and the first 

pullout test was performed after 4 months of fabrication. 

2.2 Specimen Preparation 

CSA S806 [4] recommends an embedment length of 4d where (d is the nominal diameter of the bar). 

However, since the aim of this research is to analyze the effect of long embedment length of GFRP 

bars, concrete cylinders of 100 mm diameter and 350 mm embedment length were prepared. GA 

reinforcing bars were placed in the middle of the concrete cylinders. A small dummy steel rod was 

used in each specimen to accommodate the internal thermocouples perpendicular to the bar’s 

surface. The dummy rod was placed 25 mm from the bar’s surface to minimize any disturbance to 

the concrete-bar interface (Fig. 9-a). Therefore, 3 thermocouples attached in the middle of 3 

different segments for measuring the temperature in different zones along the concrete cylinders, as 

highlighted in Fig. 9 (c). For the fabrication of the cylinders, the concrete was placed in 3 layers of 

almost equal thickness, and each layer was vibrated and tapped 25 times with a 16-mm-diameter 

rod. After 24 hours, the specimens were removed from the forms and stored indoors for 4 months. 
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The future goal of this experimental investigation is to study the effect of gradient temperature on 

the bonding of GFRP bars and concrete. For this purpose, there have been considered 3 various 

segments with the internal thermocouples along the concrete cylinders of each specimen. 

    

(a)      (b)   (c) 

Fig. 9. Specimens preparation. a) details of each specimen, b) the stand for casting the specimens, c) specimen’s sketch 

2.3 Test Setup and Test Plan 

To perform the modified pullout tests, an Instron SATEC (Norwood, Massachusetts) testing 

machine along with 3 heating tapes and controllers for heating the specimens have been used. The 

high-capacity heating wires were wrapped around the concrete cylinder of each specimen in three 

equal lengths. They were controlled by three different heating controllers as shown in Fig. 10, and 

they were insulated within a heating jacket. The application of three various heating tapes has two 

main reasons. One of which was that the available furnace interior allowed 150-mm specimens and 

smaller. Also, analyzing the bond behaviour of GFRP bars and concrete at the gradient temperature. 

Therefore, there is a need to use different heating tapes in order to have various temperature along 

the specimen. The designed heating jacket consists of steel wire net, aluminum foil, and fiberglass 

insulation has been used for thermal insulation. 

Fig. 10 shows the details of the test setup and the Instron SATEC testing machine. There have been 

2 steel plates (fixtures) with a thickness of 50-mm and grooved cuts through the centre line to 

accommodate the specimens for the pullout tests. The free end of the GFRP bar placed in a steel 

pipe as a sleeve, as shown in Fig. 9 (c), which distributes the load over the designed length of the 

bar and prevents failure in the anchor. The gap between GFRP bar and steel sleeve was filled with 

the expansive grout. CSA S806 [4] recommends the displacement rate of the load applied to the 

steel sleeve for pullout test should not be greater than 1.27 mm/min. Therefore, the displacement 

rate of 1.0 mm/min has been used for these experiments. A 25-mm linear variable differential 

transformer (LVDT) sensor has been used and placed beneath the GFRP bar in order to measure the 

slip, as shown in Fig. 10. 
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Fig. 10. Test setup (Instron SATEC testing machine) 

2.4 Heat distribution in concrete specimens 

Considering the novelty and different variables of this approach, various trial tests have been 

performed in order to find the heating regimes and performance of the heating tapes for the real 

tests. For heat distribution purpose in concrete specimens, 3 heating tapes have been wrapped 

around the specimens. 3 thermocouples placed in three different zones measured the concrete-to-bar 

interface temperature during the tests. 

Fig. 11 shows the results of one trial test with the target temperature of 160 °C. The continuous blue 

line marked as Seg. 1, represented the surface temperature of GFRP bar inside of the concrete in 

segment 1. The other 2 curves show the surface temperature of GFRP bar in the other 2 segments of 

the concrete cylinder. According to the results, the 3 heating tapes increased the temperature along 

the specimen uniformly and the concrete-to-bar interface temperature reached the desired 

temperature in 120 min and remained almost constant after that time. Based on the results, different 

temperatures such as 160, 180, 200, 250, 300 °C have been chosen for the current experimental 

tests. 
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Fig. 11. Heating regime 

3 EXPERIMENTAL RESULTS  

Based on literature review [1-3], it became clear that there is a need to study the bond behavior of 

GFRP reinforcing bars and concrete in case of gradient temperature. Table 7 shows the test matrix 

of the underway experimental tests. The total number of 49 specimens were cast and it has been 

tried to allocate at least two samples for each temperature set. The experimental tests study the 

effects of various levels of heat intensity on the bond strength when the temperatures rise uniformly 

over the entire embedment length. The second and very critical part of this study is to quantify the 

effects of gradient temperatures over the embedment length. The tests are conducted under steady-

state and transient temperature protocols.  

Table 7. Test matrix of ongoing experiments 

Segments #1 (°C) #2 (°C) #3 (°C) 

 

Constant Temperature 

 

 

20 

60 

80 

100 

140 

160 

180 

200 

250 

300 

20 

60 

80 

100 

140 

160 

180 

200 

250 

300 

20 

60 

80 

100 

140 

160 

180 

200 

250 

300 

Gradient Temperature 

300 

300 

300 

300 

300 

250 

250 

200 

200 
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The early results of 5 specimens are presented in this paper. Fig. 12 shows the results of 5 

specimens and test is undergoing for lower temperature such as 60, 80, 100, 140 °C. Early results of 

5 specimens at high temperatures showed a significant reduction in the pullout capacity of the 

specimens at high temperature. For instance, the pullout capacity was significantly reduced from 

46.6 kN to 12.2 kN by increasing temperature from 160 to 300 °C.  

 

Fig. 12. Steady-state test results 

4 CONCLUSIONS 

This paper presents an ongoing experimental study on the effects of embedment length on the bond 

strength of GFRP reinforcing bars at a high temperature. The preliminary results showed a 

significant reduction in bond strength with increasing temperature and little contributions by 

increased embedment length. More importantly, the effects of gradient temperature over the 

embedment length will be tested subsequently. The research is continuing, and the results will be 

used in developing design guidelines for the overall behaviour of GFRP reinforced concrete 

elements in a fire. 
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ABSTRACT 

In our work we analysed the bond strength of bonded anchors placed in thermally-damaged rein-

forced concrete. Our primary goal was to assist the strengthening work of reinforced concrete 

structural elements damaged in fire events. For the tests, 8 mm diameter threaded rods fastened with 

epoxy and vinyl-ester hybrid adhesive were used, with an embedment depth of 50 mm. Thermal 

loading of concrete specimens occurred in three stages (200, 300, 400 ℃), with respect to the 

embedment depth. 

1 INTRODUCTION 

1.1 Concrete at elevated temperature 

Hardened concrete is a composite material that consists mainly of two components: aggregate and 

cement stone. During increase of temperature both materials undergo some physical and chemical 

changes. 

 At higher temperatures strength properties deteriorate. Properties of concrete cannot be 

gained back after cooling down, because high temperatures cause irreversible changes in the 

structure of concrete that can cause deterioration and finally failure.  

 Failure of concrete at high temperatures (fire loads) has two main origins [1]: chemical 

changes in the components of concrete and spalling of concrete cover. 

Strength of concrete at high temperatures mainly depends on the following [2]: type of cement, type 

of aggregate, water-cement ratio, aggregate-cement ratio, initial moisture content, way of 

temperature loading.  

In the following we shortly summarize the most important physical and chemical changes in 

concrete subjected to high temperatures: 

 Around 100 °C decrease of mass is caused by evaporation of water from the macro pores. 

Decomposition of ettringite (3CaOAl2O3•3CaSO4•32H2O) takes place between 50 °C and 110 °C 

[3]. Around 200 °C further dehydration occurs that causes decrease of mass. Water content (water-

cement ratio), type of cement and age of concrete affect the amount of evaporated pore water and 

chemically bonded water. Initial moisture content can have significant effect on the loss of mass 

especially in case of light-weight concretes. Above 250-300 °C further decrease of mass cannot be 

detected.  

 Between 450 °C and 550 °C decomposition of not carbonated portlandite occurs (Ca(OH)2 

→ CaO + H2O↑). This process leads to an endothermic peak and consequently to further loss of 

mass [4]. Dehydration of portlandite causes the most significant loss of strength in concrete [5]. 

 In case of conventional concretes α to β quartz inversion takes place at 573 °C with a 

smaller endothermic peak. This quartz inversion causes 5-7% volume increase [6], that leads to 
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significant deterioration of concrete. Above this temperature concrete has no significant load 

bearing capacity.  

 At 700 °C CSH (calcium-silicate-hydrate) compound decompose with water output that 

courses further volume increase and loss of strength [7].  

 Due to the physical and chemical changes in concrete strength properties also change.  

Other source of concrete failure in case of fire is spalling, that has two main reasons: 

1. increased pore pressure causes spalling of the surface layer of concrete. 

2. the exposed zone cannot bear further stresses caused by heat expansion therefore it 

cracks an crushes [8]. 

1.2 Anchorage in concrete 

Several post-installed anchors are available with different methods of load-transfer. The 

commercially available fastenings can transfer the load to the host material via the following 

mechanisms: mechanical interlock, friction or bond. Furthermore, the most recent techniques use 

combined bond and friction (e.g. bonded expansion anchors). In case of expansion anchors, the load 

is transferred by friction. Generally, an expansion sleeve is expanded by an exact displacement or 

torque applied on the anchor head during the installation process. Chemical fastenings are anchored 

by bond. Bonded anchors can be divided into two subgroups: capsule or injection systems. The 

bond material can be either organic, inorganic or a mixture of them. In this case the loads are 

transferred from the steel (normally a threaded rod, rebar) into the bonding material and are 

anchored by bond between the bonding material and the sides of the drilled holes. The load bearing 

capacity of bonded anchors with the same embedment depth depends on the type of the resin. [9]. 

Load bearing of fastenings can be determined by taking the minimum of ultimate loads 

corresponding to different failure modes. In case of tensioned anchors steel failure, concrete cone 

failure, pull-out failure and splitting can occur (Fig. 1) [9]. 

 
Fig. 1. Failure modes of anchors 

Steel failure depends on the tensile strength of the steel rod. Steel capacity can be calculated from 

the ultimate steel strength and the cross-sectional area. 

Splitting failure is caused by reaching the critical edge-spacing distances. Load bearing capacity can 

be influenced by distances from edges and by spacing distances; these effects can be taken into 

account by reduction factors. 

Pull-out failure has to be discussed separately for bonded and expansion anchors. Pull-out failure of 

mortar bonded anchors means bond failure between mortar and concrete, while pull-out failure 

excluding mortar means bond failure between the steel fastening and the bonding material. The 

bond strength depends on the certain product, but its value is included in the corresponding 

approvals. 
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Ultimate load that corresponds to pull-out failure can be calculated as: 

               

(1) 

where: d is the anchor bolt diameter [mm] 

hef  is the embedment depth [mm] 

τu is the bond strength [MPa] 

Concrete cone failure can be calculated by the C-C Method (Concrete Capacity Method) [10]. The 

method is based on laboratory tests and numerical calculation: 

      

               

(2) 

where: k is the factor that depends on the type of the anchor 

hef  is the embedment depth [mm] 

fc is the concrete compressive strength [N/mm2] 

fct is the concrete tensile strength [N/mm2] 

 In Eq. (2), hef
2 corresponds to the failure surface and 1/hef

0.5 takes into account the size effect 

[11]. New result of this method is that it assumes a cone angle of 35° compared to former methods 

that used 45° [12]. Nowadays several design guides and standards suggest this method  

[13-15].  

Based on already published papers and test results, behaviour of anchors installed in 

concretes subjected to high temperatures can be examined by different methods. In the most general 

case the whole connection is subjected to heat load, which means that the steel anchor, the concrete 

base material (together with the glue if applied) are subjected to high temperatures at the same time. 

In this case temperature of steel anchors increase faster, therefore they conduct heat to their 

proximate environment, which leads to faster degradation of the concrete or of the glue [16]. During 

testing of bonded anchors at high temperatures heating is applied together with a certain tensile 

force [17], because in this case sensitivity of the glue to high temperatures typically causes failure 

of the glue and pull out failure of the connection [18]. 

Other method is to install the anchors into thermally damaged concrete that is previously 

subjected to heat loading. This method is typical in case of strengthening of buildings after fire 

damage. In this case: 

− the anchor does not conduct extra heat to the concrete structure, 

− the connection is not subjected to high temperatures therefore strength of the steel anchor and 

of the glue is not decreased by increased temperature.  

In the literature concerning this second test method, tests of undercut anchors as post-installed 

anchors used in thermally damaged concretes are documented only. Based on the results resistance 

of these anchors highly depended on the embedment depth, as much higher resistance could be 

measured if the head of the anchors was installed in slightly damaged or undamaged concrete 

layers. Calculations showed that the C-C method did not give correct results neither if residual 
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strength at the embedment depth was applied nor if mean value of the strength at the surface and at 

the embedment depth was used [19]. 

Out main aim was to examine the behaviour of anchors installed in thermally damaged concretes, 

and to extend this field of research to the examination of bonded anchors. 

2 EXPERIMENTAL STUDY 

In our experiments, we analysed the bond strength of anchors placed in thermally damaged 

reinforced concrete as a function of thermal load. In the tests carried out earlier, undercut fasteners 

were used. These studies did not address the behaviour of other types of fasteners, and that is why 

we used bonded anchors in our investigations to test the load bearing capacity of the bonded 

connection and its damage. 

During the experiment, the specimens were exposed to fire load on one side until they reached the 

desired temperature, then they were allowed to cool down at laboratory temperature (20 ℃). The 

day after the fire load, typically after 24 hours, when the specimens had been cooled down, the 

fasteners were installed in the thermally damaged specimens. In order to allow the cross-linking of 

the adhesive, loading of the fasteners took place after further 24 hours. 

2.1 Tested anchors 

During our tests two different types of bonded anchors were used, one type with epoxy resin, and 

on type with vinyl-ester hybrid bonding material.  

Proper mixing of high performance epoxy resin glues is ensured by special mixing rods. The bond 

is stress-free; therefore it can be applied in case of small edge distances and spacing. Consistency of 

the epoxy resin is higher than that of other glues therefore it can enter to the pores and can reach an 

adequate depth before hardening, resulting in higher amount of load transmission by adhesion. 

Average bond strength of the glue (τu) is 27 MPa (determined on the basis of confined tension test 

results in non-cracked normal concrete). 

Vinyl-ester hybrid is a combined glue, that includes organic (vinyl-ester) and inorganic (cement) 

compounds. The glue is universal, it can be used for all kinds of building materials and loading 

types. The bond is stress-free; therefore it can be applied in case of small edge distances and 

spacing. The consistency of it is more granular than that of the epoxy resin and this property also 

remains after hardening. Its characteristic bond strength (τu) is 21 MPa (determined on the basis of 

confined tension test results in non-cracked normal concrete). 

During our tests with bonded anchors, size M8 and grade 10.9 threaded rods were applied. The high 

tensile strength of the rod prevented steel failure therefore cone failure of concrete could be 

examined. Applied embedment depth was 50 mm in each case. 

2.2 Concrete mixture 

Composition of the examined concrete mixture is given in the Table 1. 
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Table 1. The concrete mixture 

Materials Type 
Density 

[kg/m3] 

Volume 

[l/m3] 

Aggregate 

0/4 mm 833 315 

4/8 mm 463 175 

8/16 mm 556 210 

SUM 1852 700 

Cement CEM I 42,5 N 290 93.5 

Water  196 196 

Superplasticiser  0.58 0.58 

Air  - 10 

SUM  2338 1000 

The specimens were held under water for 7 days and then kept at laboratory temperature (20 °C) for 

additional 21 days. The dimensions of concrete specimens for pull-out tests were 300x300x150 

mm. This geometry corresponds to the prescribed parameters of the ETAG 001 [15]. In case of this 

geometry the probability of splitting is very low. 

Compressive strength properties were tested on additional 3 cubes of 150x150x150 mm. Uniaxial 

compressive strength tests were carried out on concrete cubes 28 days after casting. Regarding 

concrete, the results were evaluated in accordance with EN 12390 -3:2009 [20]. The mean value of 

the compressive strength for the mixture was fc = 49.77 N/mm2. 

2.3 Thermal loading 

In laboratory tests, the concrete specimens were exposed to thermal load on one side. An electric 

furnace was used for thermal loading, with a heat-up curve shown on Fig. 2. Based on the measured 

data, the curve of the furnace is different from the standard fire curve according to ISO 834-1 [21], 

therefore the experiment cannot be called a standard test. However, the heating curve of the furnace 

remained unchanged even after several checks, so it was well suited for the comparison of the 

specimens with varying degrees of thermal load, as well as for the preparation of a possible future 

standard test. 

Thermal loading of the specimens was carried out in three different thermal steps measured at the 

embedment depth: 200, 300, 400 °C (Table 2). 

Table 2. Test matrix. 

 

Test Time [min] 
Temperature at the 

embedment depth [°C] 
Specimens 

[piece] 

Test 0 0 20 3 

Test 1 120 200 3 

Test 2 190 300 3 

Test 3 370 400 3 
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The arrangement for the thermal loading test is shown on Fig. 3. Temperature was measured in the 

embedment depth by a thermocouple, which had been placed from the “cold” side of the specimen 

through an inspection hole (Ø 6 mm). Fig. 3. shows that the specimen is gradually warmed, with a 

significantly slower tendency than the furnace. In the specimen, after reaching 100 ℃, the 

temperature increases for a short time, then water in the concrete vaporizes and starts flowing out 

from the concrete. The temperature does not rise because the heat energy is entirely devoted to the 

change of state of the water. After evaporation pore water, temperature of the specimen continues to 

increase. 

 
Fig. 2. Temperature increase as a function of time 

 
Fig. 3. Arrangement of heating for the specimen 

We did not observe spalling of the concrete in any of the specimens during the test. This may be 

due to the fact that water vapour generated in the concrete was not accumulated in the specimen due 

to the dimension of the specimen and the arrangement of the measurement, as no moisture barrier 

was created. The vapour was able to flow out freely though the test hole made for temperature 

measurement and the sides of the specimen. Therefore, the results of the test can be used only in 

cases where spalling does not occur in the reinforced concrete structure during the fire. 

2.4 Pull-out test 

Our confined test setup is shown in Fig. 4. The loading device was a displacement-controlled test 

apparatus, which allowed the recording of residual stress after the failure. This setup enabled only 

the pull-out failure mode. The measurement setup was capable to measure, record and show the 

applied load and related displacement of the anchor in real-time. The perpendicular pin-joints 

ensured the centrality of the acting force. Two electronic transducers measured the displacement, 

while three additional independent displacement transducers were used to record the deformation of 

the surface. The load was measured by a calibrated load cell. The tests were carried out in 

accordance with the instructions given in ETAG 001 Annex A [15]. 
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Fig. 4. Arrangement of pull-out test 

3 RESULTS OF EXPERIMENTS 

Fig.5 shows the resistance values measured during the pull-out tests as a function of the maximum 

temperature load. In case of the reference tests (Test 0) with epoxy resin steel failure occurred in all 

the three cases, therefore the results shown in Fig. 5. are values calculated by Eq (1) using the 

preciously measured τu = 27 MPa bond strength. In case of vinyl-ester hybrid glue the reference test 

specimens failed by pull-out failure caused by failure of the glue. In other cases pull-out failure 

occurred by combined failure of the bond material and of the concrete. 

 
Fig. 5. Relationship between the tensile resistance and the temperature at 

the embedment depth (some points cover each other) 

 

 
 

 

 

Fig. 6. Typical combined pull-out failure 

In case of combined pull-out failure, in the upper zone of the embedment, the concrete is 

deteriorated significantly and therefore it is not capable to transfer the loads and consequently it is 

pulled out together with the bonded threaded rod. In the deeper zones the glue fails, as bond 

between the glue and the concrete is quasi-perfect. A typical combined pull-out failure can be seen 

in Fig. 6. 

Fig. 7 shows the relative resistance values (reference values correspond to the tests without 

temperature load (at 20 °C) as a function of the temperature load in case of the two tested glues. 
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The results show that the resistance values decrease as the maximum temperature increases, bonded 

anchors in thermally-damaged concretes cannot bear the same load as in case of normal concretes. 

 
Fig. 7. Relationship between the relative residual resistance and the temperature in the embedment depth  

(each point is the mean value of 3 results) 

The tendency of decreasing is similar in case of the two glues at lower temperatures, difference is 

only visible above 300°C (Test 3), when the epoxy resin shows more intense decrease in relative 

strength than the vinyl-ester.  

 Decrease of the resistance of bonded anchors can be explained by the combined pull-out 

failure, that is the combined failure of the glue and of the concrete. The upper zone of the concrete 

that has suffered more severe damages due to the temperature load cannot transfer the loads. 

Therefore tension is not transferred along the total embedment depth, only along a part of it. This 

phenomenon shows that in case of thermally-damaged concretes not the total embedment depth can 

be taken into account during the calculation of the resistance.  

4 CONCLUSIONS 

In our work we analyzed the bond strength capacity of bonded anchors placed in thermally-

damaged reinforced concrete. Our primary goal was to assist the reinforcement work of reinforced 

concrete structural members damaged in fire events. 

During the investigation we found no delamination (spalling) of the concrete in any of the 

specimens, so the results of the test can be used only in cases where spalling does not occur in the 

reinforced concrete structure during fire. 

In case of the reference tests (Test 0) with epoxy resin steel failure occurred in all the three cases. In 

case of vinyl-ester hybrid glue the reference test specimens failed by pull-out failure caused by 

failure of the glue. In other cases pull-out failure occurred by combined failure of the bond material 

and of the concrete. In case of combined pull-out failure, in the upper zone of the embedment, the 

concrete is deteriorated significantly and therefore it is not capable to transfer the loads and 

consequently it is pulled out together with the bonded threaded rod. In the deeper zones the glue 

fails, as bond between the glue and the concrete is quasi-perfect. 

The results show that the resistance values decrease as the maximum temperature increases, bonded 

anchors in thermally-damaged concretes cannot bear the same load as in case of normal concretes. 

The tendency of decreasing is similar in case of the two glues at lower temperatures, difference is 

only visible above 300°C (Test 3), when the epoxy resin shows more intense decrease in relative 

strength than the vinyl-ester.  
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ABSTRACT 

In this paper, a great number of experimental results of the fire resistance of concrete filled steel 

tubular columns (CFST) is to be presented, for four different cross-sections, and for different values 

of the main parameters involved in the fire resistance: The slenderness, and the rotational and axial 

stiffness are variables that have been taken, with different values, in order to evaluate their 

influence in the fire resistance of the columns. 

Results to be presented in this study are the evolution of the restraint forces during the event of fire, 

the evolution of the axial and lateral displacements and also the stiffness of the columns during the 

fire. The stiffness of the surrounding structure is the main parameter to be analysed in the present 

study. This experimental programme was conceived and developed to provide data for new 

simplified design methods for this type of columns. 

Keywords: fire, hollow column, experimental, thermal restraining 

1 INTRODUCTION 

Concrete filled steel tubular (CFST) columns are increasingly assuming a greater role in civil 

construction. Concrete filling offers an attractive practical solution for providing fire protection to 

steel hollow columns without any external protection. The fire resistance of concrete-filled steel 

hollow columns may be between 50 and 100 minutes, depending on the type of concrete filling 

(plain concrete, bar-reinforced concrete or steel fibre-reinforced concrete) [1]. This type of columns 

has the particularity of the steel tube first expands more than the concrete core, due to the higher 

temperature and thermal expansion coefficient of the steel, which sustains the serviceability load 

applied to the column. In the latter stages the steel tube starts to buckle locally, due to the 

degradation of the mechanical properties at high temperatures and consequent loss of loadbearing 

capacity, transferring this way the load to the concrete core. Finally, when the concrete core loses 

its strength, the column as a whole buckle [2]. 

2 EXPERIMENTAL TESTS 

2.1 Test Set-up 

The experimental set-up is viewed in Figure 1. A three-dimensional (3D) frame was built, that 

allowed positioning the testing columns in the centre and thus simulating the surrounding structure 

to the column. With this experimental set-up different axial restraint, ka could be imposed by the 

surrounding structure on the CFST columns, by positioning the peripheral columns at different 

distances of the centre. Two values of this stiffness are considered, a higher value of 110 kN/mm 

(hka) and a lower one corresponding to 30 kN/mm (lka) are considered in this work. The system is 

also composed by a two-dimensional (2D) frame, in which a hydraulic jack was positioned, to apply 

the serviceability loads to the columns.  



Influence of Pull-Out Fire Test Conditions on the Thermal Distribution and the Prediction of Load-Bearing Capacity of 

Bonded Anchors 

 227 

227 

 

 

Fig. 1. General views of the test set-up  

The columns were placed in the centre of the 3D restraining frame and tested with semi-rigid 

support conditions. The columns had at each end a steel plate S355 that fitted directly to the 3D 

restraining frame (semi-rigid support conditions) or to the pinned support (pin-ended support 

condition). The connection of the column to the supports have been done in both cases by four M24 

steel grade 8.8 bolts.  

Additionally, above the specimen a 3MN compression load cell was placed to monitor the axial 

restraining forces generated in the CFST columns during the test. The thermal action was applied 

by a vertical modular electric furnace programmed to reproduce the ISO 834 standard fire curve 

(ISO 834-1 1999).  

2.2 Tested columns 

A great number of experiments on the behaviour of concrete filled circular (CC), square (SC), 

rectangular (RC) and elliptical (EC) hollow columns at high temperatures, was carried out under 

this experimental program. The specimens were full-scale columns made of hollow steel profiles 

completely filled with reinforced concrete (Fig. 2), with the mentioned steel cross-sections. All 

reinforcing bars used in the test specimens were of S500 structural steel and all specimens presented 

a similar concrete of C25/30 class with calcareous aggregates, according to EN 1992-1-1:2004. In 

addition, all steel profiles were 3.15 m tall of S355 grade (with a nominal yield strength of 355 MPa 

and a tensile strength of 510 MPa), according to EN 1993-1-1:2004. Another important point to 

note is that about five days after concrete casting, the moisture content of the concrete was about 

4.5%, according to the procedure described in EN 1097-5:2009. This parameter was measured as 

soon as possible because the water loss from the concrete inside the steel tubes was too limited. 

 

Fig. 2. Scheme of the cross-sections of the tested columns 

The following table (Table 1) presents the characteristics of the columns and the calculation of the 

serviceability loads for the tests carried out. In the last columns of the table, the axial and rotational 
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adimensional stiffness, are also presented. In this paper the columns were tested with axial stiffness 

of 110 kN/mm and 30 kN/mm. This stiffness is referenced in the figures by hka and lka. As the 

main objective of the paper is to analyse the effect of the surrounding stiffness on the behaviour of 

the columns at high temperatures, only results for the case of semi-rigid support conditions (SR) are 

shown. However, these tests are part of a bigger experimental programme. 

Table 1. Tested columns [mm] 

Test reference 

A 

(mm2) 

Am / V 

(m-1) 

̅  

 𝒑𝒍 𝑹𝒅 

(kN) 

 𝒄𝒓 

(kN) 

 𝒃 𝑹𝒅 

(kN) 

 𝟎 

(kN) 

 𝒂/ka,c 

 𝒓/ 

( 𝒓+kr,c) 

CC194-hka-sr 29468 20.7 0.58 2178 7097 1956 587 0.19 0.95 

RC250-hka-sr 37500 21.3 0.63 3436 9258 3016 905 0.13 0.94 

SC150-hka-sr 22500 26.7 0.65 2043 5158 1776 533 0.22 0.96 

EC320-hka-sr 40212 19.8 0.69 4118 9216 3248 974 0.11 0.94 

CC194-lka-sr 29468 20.7 0.58 2178 7097 1956 587 0.05 0.93 

RC250-lka-sr 37500 21.3 0.63 3436 9258 3016 905 0.04 0.92 

SC150-lka-sr 22500 26.7 0.65 2043 5158 1776 533 0.06 0.95 

EC320-lka-sr 40212 19.8 0.69 4118 9216 3248 974 0.03 0.92 

Table 2. Geometric characteristics of the specimens 

Test reference 
d 

(mm) 

b 

(mm) 

t 

(mm) 

fy 

(MPa) 

fc 

(MPa) 
rebars 

 s 

(%) 
d / t d / b 

CC194 193.7 - - - 8.0 365 33 412 1.9 24.2 - - - 

SC150 150.0 150.0 8.0 410 33 412 2.6 18.8 1.0 

RC250 250.0 150.0 10.0 420 33 416 2.7 25.0 1.7 

EC320 320.0 160.0 12.5 375 33 420 4.2 25.6 2.0 

 

The largest circular and square columns had eight longitudinal rebars, four of which were 16 mm in 

diameter (416) and the other four were 10 mm (410). The narrowest column had four 

longitudinal rebars of 12 mm in diameter (412). On the other hand, the largest rectangular column 

had six longitudinal rebars, four of which of 16 mm in diameter (416) and the others of 10 mm 

(210), whereas the narrowest rectangular column had four longitudinal rebars of 16 mm in 

diameter (416). For the elliptical columns were used 4 rebars of 10 mm in diameter (410). 

Note that these longitudinal rebars were chosen for this study in order to have similar longitudinal 

reinforcement ratios between columns with the same geometric shape. As well as that the widest 

rebars were placed at the corners of the cross-sections and the others in the middle, as shown in 

Figure 2 and Table 2. 
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For each test column, 8-mm diameter stirrups (spaced 150 mm apart until about 800 mm from end-

supports and 200 mm in central part) were used. The distance between longitudinal rebars axes and 

the inner surface of steel tube walls was approximately 30 mm in all cases 

3 RESULTS 

3.1 Axial restraint forces and axial displacements 

In Figure 3, the results for the circular column CC-194 show no major differences in terms of fire 

resistance between the two values of stiffness, neither for the relative axial forces nor for the 

vertical displacements. 

 

 

 

 

 

 

a)                                                                                              b)  

Fig. 3. Column CC194-sr  a)  Relative Axial Restraint Force      b)  Axial Displacements  

In Figure 4, the results for the elliptical column EC-320 show important differences between the 

two values of stiffness, but only in terms of the maximum axial restraining forces observed. For the 

high value of stiffness, the restraining forces achieved 200% the initial axial force. In both 

situations, the columns experienced a soft decay of the relative restraint forces. This post-buckling 

behavior is important in terms of the analysis of the global behavior of the whole structure. It is 

very different the behavior of a structure with columns suffering an instantaneous loss of resistance 

than with columns suffering smooth a decay of the load bearing capacity. 

 

 

 

 

a)                                                                                          b)  

Fig. 4. Column EC320-sr  a)  Relative Axial Restraint Force      b)  Axial Displacements 

In Figure 5, the results for the rectangular column RC-250 are presented. Despite of the small 

difference in the critical times, with higher resistance presented by the low stiffness, the column in a 

stiffener frame experiences much greater restraint forces and more abrupt decay of axial resistance. 
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a)                                                                                          b)  

Fig. 5. Column RC250-sr  a)  Relative Axial Restraint Force      b)  Axial Displacements 

In Figure 6, the results for the square columns SC150, show negligible differences on the critical 

times for both situations.  

In general, it can be said that in columns with regular cross-sections, with two similar buckling 

axes, it is not observed any major influence of the stiffness of the surrounding structure. On the 

other hand, columns with two distinct buckling axes, the ones with higher stiffness of the 

surrounding structure, showed abrupt buckling that occurs around the weak buckling axis.   

 

 

 

 

 

 

a)                                                                                          b)  

Fig. 6. Column SC150-sr  a)  Relative Axial Restraint Force      b)  Axial Displacements 

3.2 Stiffness of the system 

Figures 7 to 10, depict the stiffness of the set, composed by the column and the surrounding frame, 

for the different types of columns.  

In Figure 7, for the circular column CC194, the stiffness for the case of the high stiffness was 111.4 

kN/mm, and for the case of the low stiffness was 31.5 kN/mm. 
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a)                                                                                          b)  

Fig. 7. Stiffness of column CC194-sr for a) hka and b) lka 

In Figure 8, for the elliptical column EC320, the stiffness for the case of the high stiffness was 

112.7 kN/mm, and for the case of the low stiffness 29.5 kN/mm.  

 

 

 

 

 

a)                                                                                          b)  

Fig. 8. Stiffness of column EC320-sr for a) hka and b) lka 

 

 

 

 

 

a)                                                                           b)  

Fig. 9. Stiffness of column RC250-sr for a) hka and b) lka 

In Figure 9, for the rectangular column RC250, the values of the stiffness were: 113.5 kN/mm for 

higher stiffness, and 34.7 kN/mm for the lower stiffness. 

In Figure 10, the lowest values observed were for the square columns: 105.0 kN/mm for the higher 

stiffness, and 31.1 kN/mm for the lower stiffness. 

As expected, in all cases the global stiffness was always higher for the case of the high stiffness 

frame condition. 
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a)                                                                                          b)  

Fig. 10. Stiffness of column SC150-sr for a) hka and b) lka   

3.3 Deformed shapes of the columns and pictures 

Figures 11 to 14 depict the photographs and the deformed shapes of the columns, in the end of the 

tests, meaning, in the moment considered the collapse of the element. The deformed shapes are 

drawn around minor and major axis, for each column, elliptical, circular, rectangular and square, for 

the case of low stiffness. In general, as expected, greater deflections were observed for deflections 

around minor axis, and for double-symmetric cross-sections no important differences were noticed.  

Figure 11 depicts the deformed shapes on the circular columns CC194. Both graphs were plotted 

for the critical times of 35 minutes, equal for both end conditions. 

Figure 12 depicts the deformed shapes on the elliptical columns EC320. It must be stated that these 

deformed shapes were plotted for critical time of 42 minutes. 

Figure 13 depicts the deformed shapes on the rectangular columns RC250. In this case a strange 

result was obtained. The column presented a greater deflection around major axis. This result was 

not expectable at all, and may be explained by the strong local buckling observed in this case, or 

initial imperfections. 

In Figure 14, the deformed shapes on the square columns SC150 are depicted. In this case, as 

observed in the circular column, no major differences were observed in the deflections around 

minor and major axis. 

 

 

 

 

 

 

 

 

 

 

 
 

 

a)                                  b)                         c)                             

 Fig. 11. Lateral deflections for column CC194-lka: a) photograph; b) sr-y axis; c) sr-x axis 
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a)                                  b)                         c)                             

Fig. 12. Lateral deflections for column EC320-lka: a) photograph; b) sr-y axis; c) sr-x axis 

 

 

 

 

 

 

 

 

 

a)                                  b)                         c)                             

Fig. 13. Lateral deflections for column RC250-lka: a) photograph; b) sr-y axis; c) sr-x axis 
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a)                                  b)                         c)                             

Fig. 14. Lateral deflections for column SC250-lka: a) photograph; b) sr-y axis; c) sr-x axis 

4 CONCLUSIONS 

The main purpose of this research was to provide data for assessing the fire resistance of the 

concrete filled hollow columns. The adoption of elliptical columns, as the ones used in the present 

study is very interesting from the aesthetic point of view. However, as they have two well-defined 

buckling axes sudden collapse around the weak axis, is a possibility to be assessed, as observed in 

the present study. 

Comparing the rectangular with the square columns, the first ones presented a greater fire 

resistance, despite the fact that they were tested with a bigger cross-section.  

Comparing the elliptical with the circular columns, the elliptical presented greater fire resistance 

because semi-rigid boundary conditions were considered.  

The quantitative results of this research project are valuable to provide data for future numerical 

studies with focus on parametric analysis of the behaviour of these solutions under fire conditions. 
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ABSTRACT 

Until this day, the applied method for the evaluation of bonded anchors directly exposed to fire 

subjected to tensile loads is inspired from the existing method for mechanical anchors (without 

resin). This method only covers steel failure mode, whereas the literature has shown that pull-out 

failure is more frequent in fire situations. Thus, there is a need to extend the current qualification 

methods. 

This experimental study deals with the influence of different test parameters to establish a pull-out 

characterization procedure for bonded anchor systems under fire. Pull-out fire tests were conducted 

following the current guidelines under a standard ISO 834 fire followed by unloaded fire 

investigation tests with different configurations for anchors in a building. This paper quantifies the 

accuracy of the load prediction using a resistance integration method based on temperature profiles 

associated to this type of anchors, which are directly exposed to fire. 

1 INTRODUCTION 

Adhesive resins are commonly used in the field of building for bonding anchors in concrete. This 

bonding technique insures better performances at ambient temperature compared to other anchor 

systems such as mechanical anchors or cast-in anchors. The bond presents a capacity at ambient 

temperature, which is equal or superior to concrete cone or steel failure allowing them to be used 

for many structural purposes, retrofitting, and renovation works. This type of anchors can be 

bonded using polyester, vinylester and epoxy resins [1]. Studies at service temperature by means of 

pull-out tests have shown that bonded anchors present higher failure bond strength than mechanical 

anchors [2].  

Research has shown that mortars have a high sensitivity to the increase of temperature which affects 

their material properties such as elastic modulus, flexural strength and decreases their strength [2]. 

Studies on polymer adhesive joints for a temperature range from -60 °C to 200 °C have shown that 

the deformability of these adhesives is high whereas their load bearing capacity is low at high 

temperatures [3]. The properties of the resin are strongly product dependent and depend on its 

quantity in the structural bearing element [4]. Many researchers consider the glass transition as an 

indicator of durability of polymers [5]. Epoxy mortars are more temperature sensitive than other 

polymeric mortars [6]. 

In order to establish the bond strength vs. fire exposure time relationship, the guidelines of design 

and assessment of the structural integrity of anchors defined in EOTA TR 048 [7] have to be 

followed. This technical report covers the evaluation of mechanical anchors for different failure 

modes. Many failure modes are possible for bonded anchors under tensile loads (concrete failure, 

steel failure, combined failure…). The pull-out assessment of bonded anchors under fire is not 
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covered by this technical report. Only steel failure mode is mentioned for bonded anchors. It has 

been shown that steel resistance could be greater than bond resistance at high temperatures. 

Furthermore, there exists a good simplified method for the design of post-installed rebars at high 

temperatures whereas no guideline exists for bonded anchors under fire. 

The resistance integration method presented promising results in the work of Pinoteau et al. on the 

pull-out of PIRs (post-installed rebars) at high temperatures [8-10]. The resistance integration 

method has shown good accordance between experimental and numerical determination of pull-out 

capacity of bonded anchors exposed to fire [11]. This method establishes a relationship between 

bond strength and temperature based on temperature profiles along the anchor depth of the anchor. 

The anchor is then divided into segments which are given a certain resistance in function of 

temperature using tests on PIRs at high temperatures described in EAD 330087-00-0601 [12]. 

A combination of different types of fire tests and numerical simulations was conducted on bonded 

anchor systems under fire by the university of Kaiserslautern [13]. This project demonstrated that 

the technical report EOTA TR 020 [14] which was integrated in [7] contains no regulations for the 

experimental evaluation of chemical anchor systems. Furthermore, the existing guidelines for fire 

tests on bonded anchors are unclear till this day. 

Many parameters may influence the accuracy of bond strength prediction of bonded anchors under 

fire. Indeed, an anchor may exist in different conditions and configurations inside a building. In 

order to precisely calculate bond strength vs. fire exposure time relationship by the resistance 

integration, a good knowledge of temperature profiles along the anchor depth of the anchor must be 

insured. 

In this paper, pull-out fire tests were conducted using the existing evaluation method of bonded 

anchors under tensile loads under ISO 834 fire [7]. The influence of the following parameters on the 

precision of the estimated bond strength was highlighted: 

• Anchor diameter. 

• Concrete bearing element thickness. 

• Existence of a fixture on the anchor. 

• Insulation around the fixture. 

2 EXPERIMENTAL STUDY 

The fire tests were conducted at the fire resistance laboratory, CSTB. The results for anchor 

configurations with different conditions under one sided fire exposure are presented. 

2.1 Experimental furnace and used loading system 

Fig. 21 shows the loading system and furnace used for fire tests. Bonded anchors were installed on 

the exposed surface. Concrete elements consist of concrete beams of 230 mm of width and 1500 

mm of length. Some bonded anchors were equipped with thermocouples to measure temperature 

profiles along the embedment depth. The temperature inside the furnace was controlled to follow 

the ISO 834 fire curve. The dimensions of the furnace were: 1.4 m of length, 1 m of width and 1.05 

of height. Three bonded anchors were loaded using a loading system. The loading system applied a 

downward mechanical constant load on a system of metallic tubes surrounding the concrete beam. 

Tube dimensions were: 40 mm x 40 mm. Anchors were facing the inside of the furnace and. 

Fixtures were connected to the anchors transferring the applied load from the tubes. Fixture 

dimensions in EOTA TR 048 [7] were adopted for fixtures. Loads were applied since the beginning 

of tests. 
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Fig. 21. View A, B, and photo showing the gas furnace and the loading system. 

In order to insure a one dimensional heat transfer inside concrete beams and along bonded anchors, 

beams were insulated using glass wool (50 mm thickness) on lateral faces. Bonded anchors were 

fastened using a polymer based resin. In order to avoid influencing bond surface between the resin 

and the steel of the rod, no thermocouples were placed on loaded anchors. This would result in a 

decrease of adherence between resin and steel leading to a false estimation of bond strength. In 

order to measure temperature profiles along loaded anchors without influencing their strength, 

another identical unloaded bonded anchor was installed in the same beam. At least 4 thermocouples 

were placed on unloaded bonded anchors. Unloaded anchors were installed in a position where they 

would be exposed to the same homogenous fire inside the furnace without interacting mechanically 

with loaded anchors. Thus, a choice of 150 mm distance was taken between loaded (centered above 

the furnace) and unloaded anchors. 

As recommended in the technical report TR 048 [7], fixtures and tension members were insulated. 

Insulating material was put in place to protect steel from reaching failure before the pull-out of the 

anchor.

2.2 Experimental results 

Three loaded pull-out tests were conducted following the configuration in EOTA TR 048 [7] with 

insulated fixtures attached to anchors, whereas unloaded anchors were directly exposed to the same 

homogenous fire inside the furnace. Loaded and unloaded anchors were subjected to the same 

homogeneous fire inside the furnace. Therefore, unloaded anchors are supposed to emulate the 
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same temperature profiles along the loaded anchors. The three anchors were installed in beams of 

180 mm thickness. Table 2 shows the details of these tests. 

Table 8. Details of loaded pull-out fire tests 

Fire type Test n° 

Bond geometry Beam dimensions (m) Load 
Experimenta

l failure time 

Predicted 

failure time 

𝜙 (mm) heff (mm) N° of TC 
Length × width × 

thickness  
(kN) (min) (min) 

IS
O

 8
3

4
 1 12 110 8 1.5 × 0.23 × 0.18 9 29 28 

2 12 110 4 1.5 × 0.23 × 0.18 1.8 60 48 

3 8 70 4 1.5 × 0.23 × 0.18 0.75 75 96 

Where : 𝜙 is anchor diameter, heff is embedment depth of anchors. 

Table 8 shows that for high load levels, predicted failure time is more accurate than for low load 

levels. This could be linked to the fact that, for low load levels, failure is reached for temperatures 

at which the adhesive resin has minimal resistance due to the degradation of its mechanical 

properties. It is also supposed that the difference obtained for low level loads is large due to the 

poor knowledge of temperature profiles. The hypothesis that loaded and unloaded anchors have 

similar temperature profiles leads to uncertain results for the prediction of failure time. Therefore, 

further investigation was conducted on unloaded anchors to determine the influence of the loading 

system on thermal distribution and the precision on the prediction method. 

The adhesive resin presents a bond stress up to 25 MPa at ambient temperature for threaded rods 

with diameters below 16 mm. Resin properties at high temperatures according to EAD 330087-00-

0601 [10] are presented in Fig. 22. 

 

Fig. 22. Bond stress vs. Temperature relationship of the used polymer resin 

Conducted thermal investigation tests are summarized in Table 9. Some tests were conducted 

several times for repeatability purposes. Details are presented in the following sections. 

Table 9. Details of thermal investigation fire tests 

Fire type Test n° 
Test 

configuration 

Bond geometry Concrete element dimensions (m) 

∅ (mm) heff (mm) Length × width × thickness 

IS
O

 8
3

4
 

4 1 8 60 1.2 × 0.45 × 0.10 

5 1 12 60 1.2 × 0.45 × 0.10 

6 1 16 60 1.2 × 0.45 × 0.10 

7 2 8 70 1.5 × 0.23 × 0.15 

8 2 8 70 1.5 × 0.23 × 0.18 
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9 2 8 70 1.5 × 0.23 × 0.30 

10 2 12 110 1.5 × 0.23 × 0.18 

11 2 12 110 1.5 × 0.23 × 0.18 

12 3 12 110 1.5 × 0.23 × 0.30 

The first studied parameter was anchor diameter. Three anchors with different diameters were tested 

(8 mm, 12 mm and 16 mm) with an embedment depth of 60 mm in a slab with the following 

dimensions: 1,2 m × 0,45 m × 100 mm. Cast-in thermocouples were installed along the thickness of 

the slab. Anchors were directly exposed to fire with no fixture or insulation. 

Fig. 23 shows temperature profiles for different fire exposure durations (15, 30, 60 and 90 min). 

This comparison shows that a bigger diameter gives a slightly higher temperature at the same point 

of observation. The difference of temperature profiles between different diameters increases with 

fire exposure duration. It also decreases towards the bottom (less hot part) of the embedment depth. 

 

Fig. 23. Comparison between temperature profiles of three different anchor diameters 

In order to quantify the influence of this slight difference, the resistance integration method was 

applied on the three diameters. For an applied load of 0.75 kN (same as loaded anchor n°3), the 

predicted failure times for anchors were: 51 min for the M8 rod, 64 min for the M12 rod and 43 min 

for the M16 rod. The fact that a higher diameter does not necessarily lead to faster failure due to 

higher thermal profile could mean that for a given stress applied on the anchor, there is an optimal 

diameter/anchor depth ratio that corresponds to the best load bearing capacity vs. fire exposure time 

curve. 

The second studied parameter was the thickness of the concrete beam. Indeed, the change of 

boundary conditions of the thermal diffusion may influence temperature profiles of anchors. In 

order to assess the influence of this parameter, two different beam thicknesses were tested (180 mm 

and 300 mm) with M8 bonded rods installed with a 70 mm anchor depth. Fig. 24 shows a 

comparison between temperature profiles of the two cases. A thinner beam leads to higher 

temperatures at the same point of observation. This difference decreases towards the bottom of the 

anchor. The difference near the exposed surface is slightly larger than at the bottom of the anchor 

due to heat transfer conditions. The exposed part of anchors is subjected to convection and radiation 

of hot gases inside the furnace (which are hard to control during repeated fire tests). The difference 

between both cases is not significant and supposed to be in the dispersion margin of fire tests. 

Numerical simulation of this case could give almost identical temperature profiles. Further 

investigation is needed. 
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The resistance integration method was used to assess the influence of this parameter on the 

predicted failure time. For an applied load of 0.75 kN on the anchor (same as loaded anchor n°3), 

the following failure times were predicted: 75 min for the 180 mm beam and 71 min for the 300 

mm beam. This small difference is most likely negligible for higher load levels as well. 

The third studied parameter was the influence of the existence of a fixture on anchors. The current 

guidelines in EOTA TR 048 [7] represent only fixtures with details. Due to the absence of 

requirements, an anchor inside a building may be exposed to fire without metal plates attached to it. 

This causes thermal transfer via the rod directly. In order to assess the influence of this parameter, 3 

beams with 2 bonded anchors without fixtures in each and 6 beams with two bonded anchors with 

fixtures in each were tested. 

 

Fig. 24. Comparison between temperature profiles vs. Embedment depth for two anchors in different beam thicknesses. 

Fig. 25 shows temperature profiles for different fire exposure durations for M12 bonded anchors 

with and without fixtures. A slight difference is observed between the two cases. This difference 

decreases after 90 min of fire exposure. This is caused by the homogenization of fixture temperature 

with furnace temperature. The fixture interferes with the thermal transfer mode and limits it to 

conduction. Without the fixture, thermal transfer is mostly done by radiation. 

 

Fig. 25. Comparison between temperature profiles vs. Embedment depth for anchors with/without the fixture. 
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In order to assess the influence of this parameter on the predicted load bearing capacity, the 

resistance integration method was applied. For an applied load of 1.8 kN (same as loaded anchor 

n°2), the predicted failure times for anchors were: 74 min for the rod without the fixture and 80 min 

for the rod with the fixture. However, for a load of 9 kN (same as loaded anchor n°1) the predicted 

failure times were: 27 min for the rod without the fixture and 28 min for the rod with the fixture. 

The influence of this parameter on the prediction of failure time is negligible. However, the small 

difference could be attributed to several factors. Thermally, the metallic fixture acts as a thermal 

sink at the beginning of fire exposure, then steel temperature homogenizes with furnace 

temperature. In addition, in terms of failure load prediction, resin properties according to EAD 

330087-00-0601 [10] in Fig. 22 present a slight variation of failure temperature for relatively high 

load levels. However, for low load levels (failure temperatures above 150°C), the slightest load 

variation could lead to a much higher or much lower failure temperature for this fitting curve. 

Hence, it is important to apply a constant mechanical loading with very minimal load variation 

during testing. 

The forth studied parameter was thermal insulation around the fixture as required in the technical 

report EOTA TR 048 [7]. In order to study the influence of this parameter, four beams with 300 

mm thickness with 2 bonded M12 anchors per beam were tested. Fig. 26 shows the insulation of 

beams for fire tests. 

    

Fig. 26. Insulation of the fixtures and the lateral sides of beams (view B). 

The results presented in Fig. 27 show a significant reduction in temperature profiles for insulated 

fixtures, compared to non-insulated fixtures. 

 

Fig. 27. Comparison between temperature profiles for insulated and non-insulated fixtures 
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In order to assess the influence of this difference in temperature profiles, the resistance integration 

method was used to predict failure time. For an applied load of 9 kN (same as loaded anchor n°1), 

the predicted failure times were: 28 min for non-insulated fixtures, and 69 min for insulated 

fixtures. For an applied load of 1.8 kN (same as loaded anchor n°2), the predicted failure times 

were: 80 min for non-insulated fixtures, and 160 min for insulated fixtures. This means that 

insulation delays failure significantly for high and low load levels. 

3 CONCLUSION 

This paper aimed to highlight the influence of testing conditions described in the existing guidelines 

for evaluating the pull-out strength of bonded anchors in concrete under fire. A series of tests were 

conducted to investigate the following parameters: anchor diameter, concrete element thickness, 

existence of fixtures on anchors and insulation around fixtures. Testing derived the following 

conclusions: 

• A larger anchor diameter results in higher temperature profiles but not necessarily faster 

failure because of the increase of bond surface around the rod. 

• Concrete element thickness and fixtures attached to anchors have very minimal influence on 

the predicted bond resistance and failure time. 

• Insulation around fixtures significantly decreases temperature profiles along the embedment 

depth of the anchor. Insulation prevents thermal exchange between the anchor and the 

fixture on one side and fire on the other side. This limits the thermal diffusion to the 

concrete element and delays the degradation of the bond. 

This paper recommends to take into account the intended configuration for the anchor in the design 

procedure. The boundary conditions must consider whether the metallic fixture transferring loads to 

the anchor is directly exposed to fire or insulated. Further numerical investigations are advised to 

confirm the thermal results presented in this paper. 
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ABSTRACT 

Thanks to the improvement in mechanical and adhesion properties of polymer resins, Post-Installed 

Rebars (PIRs) are increasingly used in bridges and building constructions. However, some incidents 

occurred in the last 20 years have shown the vulnerability of PIRs in a fire situation.  

Recent studies carried out between 2011 and 2017 have shown that a stress redistribution occurs 

along PIRs in a fire situation. These studies have also highlighted that a stress concentration could 

lead in some cases to the pull-out and failure of PIRs. 

This paper presents a non-linear shear-lag model allowing the prediction of the evolution of stress 

profiles and load bearing capacity of PIRs during a fire situation. The model predictions are 

compared to experimental results in order to evaluate their accuracy. 

1 INTRODUCTION 

Post-Installed Rebars (PIRs) are a construction technique consisting of anchoring a steel rebar in a 

precast concrete using a polymer resin. This technique is used to ensure the load transfer between 

two neighbouring structural elements. Indeed, PIRs offer advantageous solutions for concrete 

construction by proposing a viable and economical method for adding new concrete sections or 

attaching steel members to existing structures [1]. PIRs are also used today in new constructions to 

meet the high architectural requirements by providing more flexibility in the planning and design of 

concrete structures [2]. 

Several studies have been focused during the last seven decades on the analysis of axial, shear and 

peel stress distribution along the anchors [3]. Volkersen [4], was the first to suggest a shear-lag 

model in 1938, basically developed to predict the stress distribution along mechanical joints using 

several fasteners. Very quickly, the model has been improved to be adapted to chemical anchors 

and to take into account new parameters, such as the deformation of the adherents [5]. 

In the 1970’s, with the advent of computer tools, several numerical models were developed based 

on the shear-lag theory. These models allowed to include new points of interest and widen the scope 

of study concerning the mechanical analysis of PIRs. 

However, in the light of the focus on the analysis of the mechanical behaviour of PIRs under the 

influence of several parameters, the temperature effect on the stress distribution and on the 

modification of the mechanical properties of polymer resins was neglected. 

This paper presents a non-linear shear-lag model allowing the determination of the stress 

distribution along PIRs as a function of the temperature distribution and predicting the moment 

when failure can occur. 

The shear-lag model is validated in this paper as a comparison with a fire test carried out on a 

cantilever beam, connected to a reinforced concrete wall using PIRs. The comparison showed good 

agreement between model prediction and experimental results. 



Predition of Failure Time of Post-Installed Rebars at High Temperature Using a Non-Linear Shear Shear-Lag Model 

   

 

245 

 

2 SHEAR-LAG MODEL APPLIED TO PIRs IN A FIRE SITUATION 

This section presents the shear-lag equations applied to PIRs subjected to thermal stress. The 

studied configuration is composed of a concrete cylinder drilled axially in its centre, and a steel 

rebar of radius R, introduced into the drilled hole along an embedment length L. The spacing 

between the steel rebar and concrete represents the thickness of the adhesive joint, denoted e (Fig. 

1). An axial tensile force F is applied at the beginning of the rebar. The axial stress is assumed 

equal to zero at the bottom of the PIR. The PIR is studied using a cylindrical coordinate system, 

where the axis of the rebar corresponds to the X-axis and the abscissa zero corresponds to the 

bottom of the PIR. 

 

Fig. 28. Geometrical and mechanical configuration of the studied PIR 

2.1 Model assumptions and notions 

Five assumptions are made in order to simplify the shear-lag resolution.  

i. Adherents (rebar and concrete) are homogeneous and linear elastic. 

ii. The adhesive transfers the axial load from the rebar to concrete only by shear stress. 

iii. Bending effects are neglected. 

iv. Normal stresses are uniformly distributed over the cross sections of the rebar and concrete. 

v. The thickness and width of the adhesive and the adherents are constant throughout the bond 

line. 

Mechanical and geometrical quantities used in this paper are presented below. 

𝜎𝑠 : Axial stress in the steel rebar section [MPa] 

𝜎𝑐 : Axial stress in the concrete section [MPa] 

휀𝑠 : Steel rebar axial strain  

휀𝑐 : Concrete axial strain  

𝐸𝑠 : Steel rebar elastic modulus (independent of temperature) [MPa]  

𝐸𝑐 : Concrete elastic modulus (temperature dependent) [MPa] 

𝐴𝑠 : Steel rebar section [mm²] 

𝐴𝑐 : Concrete section [mm²] 

𝑅 : Steel rebar radius [mm] 

𝐿 : Embedment length [mm] 

𝜏 : Adhesive bond stress [MPa]  
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Us(x) : Elastic axial displacement of the steel rebar [mm] 

U𝑐(x) : Elastic axial displacement of the concrete induced by concrete crushing [mm] 

V: Axial displacement induced by the shearing of the adhesive at the bottom of the PIR [mm] 

𝛿 : Rebar slip [mm] 

휃 : Temperature of the element of PIR [°C] 

2.2 Shear-lag model constitution  

The development of the shear-lag model relies on the forces equilibrium in an elementary section of 

a PIR, as presented in Fig. 2, and described in Eq. (1). 

 

Fig. 29. Forces equilibrium in an elementary section of PIR 

𝜎𝑠(𝑥) 𝐴𝑠 + 𝜎𝑐(𝑥) 𝐴𝑐 = 0                                                                                                                                 (1) 

Axial stress is assumed to be independent of the radial coordinate of the PIR element (assumptions 

iv and vi), which is generally accepted and used for steel, but should be checked in the concrete 

section Ac.  

The load equilibrium on the elementary section of length dx allows to obtain the relationship 

between the axial stress and adhesive bond stress (Eq. (2)). 

𝜏(𝑥) =
𝑅

2

𝑑𝜎𝑠(𝑥)

𝑑𝑥
                                                                                                                                                     

(2) 

The PIR slip 𝛿(𝑥) is defined as the difference between the rebar and the concrete displacement at 

the position x (Eq. (3)). The rebar displacement is divided into a displacement denoted U𝑠(x) 
induced by the elastic elongation of the steel (which depends on x), and a displacement V 

corresponding to the rebar displacement at the bottom of the PIR, induced by the shearing of the 

bond joint (independent of x). The concrete displacement denoted U𝑐(x), is induced by the concrete 

compression and depends on the position x of the PIR element.    

𝛿(𝑥) = 𝑈𝑠(𝑥) + 𝑉 − 𝑈𝑐(𝑥)                                                                                                              (3) 

As steel and concrete are considered as elastic materials, (assumption i), the Hooke's law can be 

applied to express the axial strain as a function of axial stress and Young's moduli in steel and 

concrete (Eq. (4)). Since the studied temperatures do not exceed 200°C, it is assumed that the steel 

elastic modulus is independent of temperature (according to Eurocode 2 part 1-2), while the 

concrete elastic modulus varies with temperature. 
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𝑑𝛿(𝑥)

𝑑𝑥
=

𝑑𝑈𝑠(𝑥)

𝑑𝑥
−

𝑑𝑈𝑐(𝑥)

𝑑𝑥
= 휀𝑠(𝑥) − 휀𝑐(𝑥) =

𝜎𝑠(𝑥)

𝐸𝑠
−

𝜎𝑐(𝑥)

𝐸𝑐(𝜃(𝑥))
                                                             (4) 

Therefore, by substituting Eq. (1) into Eq. (4), we obtain a relationship between the PIR 

displacement and axial stress, as described by Eq. (5). 

𝑑𝛿(𝑥)

𝑑𝑥
= 𝜎𝑠(𝑥) (

1

𝐸𝑠
+

𝐴𝑠

𝐴𝑐
.

1

𝐸𝑐(𝜃(𝑥))
)                                                                                                       (5) 

Thus, the constitutive equation of the shear-lag model applied to PIRs in a fire situation (Eq. (6)) is 

obtained by combining Eq. (2) and Eq. (5). 

𝑑²𝛿(𝑥)

𝑑𝑥²
=

2

𝑅
(
1

𝐸𝑠
+

𝐴𝑠

𝐴𝑐
.

1

𝐸𝑐(𝜃(𝑥))
) 𝜏(𝑥)                                                                                                      (6) 

To solve the shear-lag equation, it is therefore essential to transform the Eq. (6) into a second-order 

differential equation. Consequently, it is necessary to establish a relationship between the shear 

stress and the rebar displacement as function of temperature, as described in Eq. (7). 

𝜏(𝑥) = 𝑓(𝛿(𝑥) 휃(𝑥))                                                                                                                        (7) 

In our case study, this relationship is established experimentally by a pull-out test campaign carried 

out at different temperatures, as detailed in section 4. 

3 NUMERICAL RESOLUTION OF THE SHEAR-LAG CONSTITUTIVE EQUATION 

USING FINITE DIFFERENCE METHOD 

The complexity of the constitutive equation of the shear-lag model makes its analytical resolution 

extremely difficult for unusual forms of 𝜏(𝛿(𝑥) 휃(𝑥)) relationship (Eq. (7)). However, numerical 

resolution helps to overcome this problem and offers the opportunity to use more realistic forms of 

𝜏(𝛿(𝑥) 휃(𝑥)) relationship while obtaining more accurate results. 

Thus, the PIR is discretized into n elements of length ∆𝑥, numbered from 1 to n, chosen sufficiently 

small to assume a uniform bond stress distribution over the element. Each element has two borders, 

shared with the neighbouring elements. The border between two successive elements of the PIR is 

denoted by an index i varying from 0 to N. The index 0 corresponds to the beginning of the PIR and 

the index N corresponds to the bottom of the PIR. Three mechanical quantities are associated to 

each element: 𝛿𝑖,  𝜏𝑖 and 𝜎𝑖
𝑠. These quantities are characteristic for each element and vary according 

to its temperature and position in the PIR. 𝛿𝑖 and 𝜎𝑖
𝑠 are expressed at the border indexed i, however 

𝜏𝑖 is expressed over the element comprised between the borders indexed i and i+1 (Fig. 3). 

 

Fig. 3. PIR discretization into n elements 
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The finite difference numerical model presented in this paper is designed to impose a displacement 

value at the beginning of the PIR. Therefore, the resolution of the shear-lag differential equation is 

based on three boundary conditions.  

• The amount of displacement at the beginning of the PIR is equal to the imposed displacement. 

𝛿0̅̅ ̅ = 𝛿𝑖𝑚𝑝𝑜𝑠𝑒𝑑̅̅ ̅̅ ̅̅ ̅̅ ̅̅ ̅                                                                                                                                    (8) 

• The amount of bond stress in the first element of the anchor is deduced from the amount of 

the imposed displacement using Eq. 7. 

𝜏0̅ = 𝑓(𝛿0̅̅ ̅)                                                                                                                                         (9) 

• The axial stress at the bottom of the anchor is equal to zero. 

𝜎𝑁
𝑠 = 0                                                                                                                                              (10)  

Therefore, the discretization of the anchor into n elements requires the rewriting of the shear-lag 

equations according to the finite difference form as follows. 

• The axial stress at the border i+1 is equal to the axial stress value at the border i, decreased by 

the bond stress generated in the element i.  

𝜎𝑖+1 𝑗̅̅ ̅̅ ̅̅ ̅ = 𝜎𝑖 𝑗̅̅ ̅̅ − (
2

𝑅
 𝜏𝑖 𝑗̅̅ ̅̅̅ ∆𝑥)                                                                                                                (11) 

• The value of the slip at the border i+1 is equal to the slip at the border i decreased by the slip 

induced by the axial stress applied over the element i+1 (equal to the average axial stress 

between the borders i and i+1). 

𝛿𝑖+1 𝑗̅̅ ̅̅ ̅̅ ̅ = 𝛿𝑖 𝑗̅̅ ̅̅ − ∆𝑥 (
1

𝐸𝑠
+

𝐴𝑠

𝐴𝑐𝐸𝑐(�̅�)
)(
𝜎𝑖+1 𝑗̅̅ ̅̅ ̅̅ ̅̅ +𝜎𝑖 𝑗̅̅ ̅̅ ̅

2
)                                                                                    (12) 

• The bond stress over the element i+1 is deduced from the slip at the border i+1 using Eq. (7).  

𝜏𝑖+1 𝑗 = 𝑓(𝛿𝑖+1 𝑗)                                                                                                                             (13) 

The resolution of the shear-lag differential equation using the Finite Difference Method (FDM) with 

imposed displacement is done by iteration and is based on a convergence calculation ensuring the 

uniqueness of the solution. Therefore, an index j is introduced in the equations indicating the 

number of the convergence loop. The convergence criterion suggested in this study is the False 

Position Method (called also Regula Falsi Method) [6]. 

4 BOND STRESS – DISPLACEMENT & TEMPERATURE RELATIONSHIP 

This section presents the relationship between the adhesive bond stress and the PIR displacement 

for different temperatures. This relationship is obtained experimentally through pull-out tests 

performed between 20°C and 130°C. Indeed, previous Differential Scanning Calorimetric tests 

(DSC) have shown that the glass transition temperature of the resin is between 60°C and 80°C, and 

that at temperatures above 110°C, the resin is softened. The pull-out test at 130°C allowed to check 

the low mechanical strength of the resin at this temperature range. Fig. 4 shows some curves 

obtained experimentally by performing pull-out tests at stabilized temperature on steel rebars 

chemically bonded into concrete cylinders. 
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Fig. 4. Bond stress – anchor slip curves obtained by pull-out tests at different temperatures 

In order to use data shown in Fig. 4 in solving the shear-lag constitutive equation with Finite 

Difference Method (FDM), the curves have been fitted using the Model Code 2010 law 

(MC2010) [7] described by Eq. (14). Fitting curves are represented with dark dashed lines in 

Fig. 4. Table 1 shows the different parameters used to fit the curves on Fig. 4. 

 

𝜏(𝛿(𝑥) 휃(𝑥)) =

{
 
 

 
 𝜏𝑚𝑎𝑥(휃) (

𝛿(𝑥 𝜃)

𝛿1(𝜃)
)
𝛼(𝜃)

                                                𝑤ℎ𝑒𝑛  0 ≤  𝛿(𝑥 휃) ≤  𝛿1(휃)        

𝜏𝑚𝑎𝑥(휃)                                                                        𝑤ℎ𝑒𝑛   𝛿1(휃) <  𝛿(𝑥 휃) ≤ 𝛿2(휃)
𝜏𝑚𝑎𝑥(𝜃)

𝛿2(𝜃)−𝛿3(𝜃)
 (𝛿(𝑥 휃) − 𝛿2(휃)) + 𝜏𝑚𝑎𝑥(휃)             𝑤ℎ𝑒𝑛   𝛿2(휃) <  𝛿(𝑥 휃) ≤ 𝛿3(휃)

0                                                           𝑤ℎ𝑒𝑛 𝛿(𝑥 휃) > 𝛿3(휃)

                  

(14) 

θ [°C] τmax [MPa] δ1 [mm] δ2 [mm] δ3 [mm] α 

20 27,1 0,1 0,7 6,1 0,3 

25 29,9 0,2 0,8 6,7 0,7 

38 27,2 0,2 1,1 6,8 0,6 

45 27,2 0,5 0,9 6,3 0,4 

66 14,4 0,6 1,0 2,1 0,8 

73 12,6 0,7 1,1 2,1 0,7 

80 9,1 0,7 0,9 2,6 0,6 

91 6,4 0,9 1,6 3,3 0,7 

101 6,0 0,8 0,9 2,2 0,9 

113 4,9 0,9 1,2 1,9 0,9 

130 1,2 0,7 1,1 3,2 0,7 
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5 MODEL VALIDATION 

5.1 Shear-lag model applied to a cantilever beam exposed to fire   

In this section, the shear-lag model is applied to a reinforced concrete structure, exposed to 

ISO 834 fire. The studied structure is composed of a 450 mm x 450 mm x 320 mm concrete 

wall, supporting a cantilever beam, measuring 1000 mm x 300 mm x 120 mm, positioned at a 

height of 100 mm from the underside of the wall. The connection between the wall and the 

cantilever slab is realised via two steel rebars of 16 mm diameter, anchored at 135 mm inside 

the wall using the same polymer resin studied by pull-out tests (Fig. 4). Rebars are positioned 

at 20 mm underside of the cantilever beam exposed to fire. Fig. 5 describes the studied fire 

test configuration. 

The cantilever beam is mechanically loaded by a constant load of 5 kN applied at 800 mm 

from the lateral surface of the wall. Only the inferior surface of the beam and the lateral 

surface of the wall under the beam are exposed to ISO 834 fire. 

                                         

 

Fig. 5. Description of the selected fire test configuration 

Mechanical calculations at cold state performed on the selected configuration have shown 

that the tensile force supported by each rebar is equal to 53.3 kN. Finite element thermal 

calculations carried out on SAFIR 2016 software allowed to determine the temperature 

evolution at the PIR position at different times of fire exposure (Fig. 6a). This data was 

injected into the shear-lag model in order to determine the evolution of the shear stress along 

the PIR (Fig. 6b) as well as to determine the evolution of its load bearing capacity as function 

of the fire exposure duration (Fig. 7). The amount of displacement imposed at the beginning 

of PIR is determined as the quantity of displacement allowing the generation of a tensile 

force in the rebar equal to that determined by calculations. 

Fig. 6a) and 6b) show that when the thermal gradient along the PIR is low, the shear stress is 

concentrated at the beginning of the PIR, and is almost zero at the bottom. Fig. 6a) shows 

that the thermal gradient becomes important starting from 60 minutes of fire exposure. From 

this moment, Fig. 6b) highlights a new distribution of shear stress in the PIR, with a higher 

concentration in the coldest areas (bottom of the PIR). With temperature increase, the bond 

resistance at the beginning of the PIR becomes extremely weak, and the PIR continues to 

resist thanks only to its cold part. 

Over time, the temperature continues to increase in the PIR and the shear stress becomes 

more and more concentrated towards the bottom, until the PIR becomes no longer resistant to 

the applied tensile load. 
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Fig. 6. a) Temperature evolution in the PIR; b) Shear stress distribution during fire exposure 

Fig. 7 presents the evolution of the load bearing capacity of the PIR as function of time of 

fire exposure. Fig. 7 shows that for low temperatures along the PIR, the load bearing capacity 

is constant, and equal to 184.3 kN (provided that the steel does not yield in tension). From 60 

minutes, a remarkable decrease in the bearing capacity generated by the temperature increase 

in the PIR is observed. The shear-lag model predicts a ruin of PIRs at 96 minutes under ISO 

834 fire exposure. 

                                                                                

                                Fig. 7. Evolution of the load bearing capacity of the PIR during fire exposure 

5.2 Fire test on a cantilever beam 

In order to verify the results provided by the shear-lag model, a fire test was carried out on 

the studied configuration at CSTB. The mechanical loading was applied via a hydraulic jack. 

The applied load was continuously measured using a load cell. The temperature at the PIRs 

was measured using thermocouples positioned at the same height as the rebars. The 

displacement at the free end of the cantilever beam was measured using an LVDT sensor. 

The displacement of the beam was also measured using a stereo image correlation system 

(DIC).  

Fig. 8a) and Fig. 8b) show respectively the test specimen set up on the furnace of the CSTB, 

and the results obtained by the DIC system. 
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     Fig. 8. a) Test specimen set up; b) Cantilever beam deformation measured by the DIC system 

 

Fig. 9. Displacement of the free end of the cantilever beam during the fire test 

Fig. 9 presents the evolution of the displacement at the free part of the beam during the fire 

test. The zero position was set after the application of the load and at the beginning of the 

fire. The results highlight a vertical outward the furnace since the beginning of the test. This 

displacement is generated by the differential deformation in the thickness of the beam, due to 

the thermal gradient. This gradient induces thermal curvature causing the beam to bend away 

from the fire. The maximum vertical displacement was recorded at 53 minutes and was equal 

to +4.61 mm. The initial vertical position was reached again after 72 minutes of fire exposure 

due to the temperature uniformity in the thickness of the beam. Finally, results show a 

collapse of the beam after exactly 103 minutes of exposure to fire, at a moment very close to 

that predicted by the shear-lag model. 

6 CONCLUSIONS 

This paper presented a non-linear shear-lag model applied to PIRs at a fire situation. The 

model allowed to describe the shear stress profile and to study its evolution under thermal 

stress. In a fire situation, the model highlighted a redistribution of the shear stress in the 

coldest area of the PIR, which allows it to resist to the applied tensile force, despite the 

degradation of bond resistance on the hotter areas of the rebar. The shear-lag model presented 

in this paper also allowed to predict the fire resistance of PIRs by quantifying their bearing 

capacity as a function of the fire exposure duration. The shear-lag model predictions were 

compared to a fire test. Obtained results showed good agreement between model and 

experimental results. For this case, the theoretical predictions of failure were on the safe side. 

REFERENCES 

[1] Cook. R. (1993). Behavior of Chemically Bonded Anchors. Journal of Structural Engineering, vol. 

119(9), 1993, pp. 2744-2762. 



Predition of Failure Time of Post-Installed Rebars at High Temperature Using a Non-Linear Shear Shear-Lag 

Model 

   

253 

 

[2] Bickel T., Shaikh A. (2002). Shear Strength of Adhesive Anchors. Precast Concrete Institute Journal, 

2002, pp. 92-100. 

[3] Goland M., Reissner E. (1944). The Stresses in Cement Joints. Journal of Applied Mechanics, vol. 

11, 1944; pp. 17–27. 

[4] Volkersen O. (1938). Die Niektraftverteilung in Zugbeanspruchten mit Konstanten 

Laschenquerschritten. Luftfahrtforschung, vol (15), 1938, pp. 41–47. 

[5] Oplinger D. (1991). A layered beam theory for single lap joints. Army Mater Technology Laboratory 

Report, 1991, pp. 91-123. 

[6] Press WH, Teukolsky SA., Vetterling WT., Flannery BP (1992). Numerical Recipes in C: the art of 

scientific computing. Cambridge: Cambridge University Press, ISBN 0-521-43108-5; 1988-1992. 

NASA-CR-112236. 

[7] CEB-FIB. (2011), Model Code 2010, final draft, September 2011.

 

  



Effect of Water Quenching and Post-Fire Curing on Strength of Fire-Damaged Ultra-High Performance 

Concrete 

   

 

254 

 

EFFECT OF WATER QUENCHING AND POST-FIRE CURING ON STRENGTH 
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ABSTRACT 

This research investigates change of compressive strength of UHPC and mortar samples after 

heat exposure, water quenching, and re-curing. The specimens were heated in an electric 

furnace to 300, 600, and 900°C with a low heating rate of 1 °C/min and then cooled either in 

furnace or in water immediately. For re-cuing, the specimens were re-cured in water for 0, 7, 

and 28 days. Changes of compressive strength were measured. Microstructure changes of 

UPHC was investigated by means of field emission scanning electron microscope (FESEM). 

The results show that the compressive strength of UHPC increases significantly after heated 

to 300°C, but a sharp loss was observed after 600 and 900°C exposure. Water quenching 

reduced the compressive strength of the UHPC mixes significantly. Strength of UHPC cannot 

be recovered by either water or air re-curing. But water re-curing can help to recover strength 

of mortar without silica fume. 

1 INTRODUCTION 

Fire is one of the most detrimental scenarios for reinforced concrete (RC) structures. 

Although concrete is inflammable, severe damages at elevated temperature will cause 

degradation of mechanical properties. Ultra-high performance concrete (UHPC) has become 

common in construction industry due to its high strength, improved ductility, and good 

durability [1-6]. The excellent mechanical properties of UHPC allow significant reduction of 

size and weight of RC members [7]. The enhanced durability leads to longer service life and 

lower costs for maintenance. Therefore, UHPC has been utilized in the construction industry 

around the world across [6, 8-12]. However, UHPC structures with slender dimensions are 

more vulnerable to fire attack. Information on mechanical properties of UHPC after heat 

exposure is still limited. 

Investigation of residual mechanical properties of concrete after fire exposure are important 

for proper evaluation of post-fire capacity of RC structures. Most accidental fires are 

extinguished by water spraying. Rapid cooling can potentially introduce thermal shock to the 

heated concrete and the interaction with water may change chemical composition of concrete 

matrix. It is therefore necessary to study effects of water quenching on residual performance 

of concrete. Comparison between furnace cooling and water quenching on residual 

performance of high-performance concrete (HPC) [13], normal strength concrete (NSC) [13], 

and concrete containing high volume of palm oil fuel ash (POFA) [14] has been made. 

Difference between natural cooling and water quenching was also investigated for concrete 

with fine aggregates partially replaced by waste rubber fibers [15], with expanded perlite 

aggregates (EPA), and with pumice aggregates (PA) [16] subjected to elevated temperature. 

However, to the best of the authors’ knowledge, effects of water quenching on residual 

performance of UHPC has yet been investigated.  

Autogenic self-healing methods such as post-fire curing has been shown to recover the 

mechanical properties of concrete [17-21]. Poon et al. [19] indicated that the post-fire curing 

resulted in substantial strength recovery. Lin et al. [17] investigated the microstructures of 

fire-damaged concrete and found that rehydration of calcium oxide and unhydrated cement 
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grains can refill the void spaces. Akca and Özyurt [21] study was conducted to understand 

the effects of mineral admixtures, fiber reinforcement, air entrainment and different re-curing 

regimes on residual properties of concrete. However, these studies cannot be generalized for 

UHPC due to its different composition and properties.  

The above concerns prompted to investigate effects of elevated temperature, water 

quenching, and re-curing on strength of UHPC. UHPC mix with PP fiber and normal 

concrete mortar were prepared. For effects of water quenching, UHPC samples were exposed 

up to 900°C and then experienced either furnace cooling or water quenching. Compressive 

strengths of UHPC samples at residual state were measured. Changes in micro structures of 

UHPC were investigated by means of the field emission scanning electron microscope 

(FESEM). For effects of re-curing, after 900°C heat exposure, UHPC samples and mortar 

samples were stored in water for 0, 7, and 28 days. After re-curing, their compressive 

strengths were measured. 

2 EXPERIMENTAL PROGRAM 

2.1 Materials and mix proportions 

Table 10 shows the mix proportions in this study. The UHPC matrix consisted of cement (C), 

aggregates (AG), silica sand (SS), silica fume (SF), superplasticizers (SP), and water (W). 

Portland cement ASIA@ CEM I 52.5 N, natural river sand sieved to 2 mm as fine aggregate, 

silica sand with a median particle size of 130 mm and Grade 940 silica fume from Elkem 

Microsilica@ were used. Water-to-binder ratio was 0.2 to achieve dense packing and ultra-

high strength. A polycarboxylate-based superplasticizer (Sika@ ViscoCrete@-2044) was used 

to adjust workability in the fresh state. Monofilament cylindrical PP fibers (P) with 12 mm in 

length and 30 μm in diameter supplied by DFL were added in the mix to prevent explosive 

spalling. The mortar mix consists cement, fine aggregates, and water. Water-to-binder ratio 

was 0.5. 

Table 10. Mix proportions of UHPCs [ kg/m3] 

 

Mix 

Design 

Mass of ingredients 
PP fiber 

C AG SS SF SP W 

UHPC 833.3 916.7 208.3 208.3 25.0 208.3 3 

Mortar 600.0 1500.0 0.0 0 0 300.0 0 

C: cement, AG: aggregates, SS: silica sand, SF: silica fume, SP: superplasticizer, W: water 

The UHPC was prepared in a Hobart@ planetary mixer. Cement, fine aggregate, micro silica 

sand, and silica fume were dry-mixed for 2 min. Thereafter, pre-mixed water and 

superplasticizer were added into the dry ingredients and mixed for another 3 to 5 min until 

the fresh UHPC was homogenous and consistent. PP fibers were then gradually added and 

mixed for another 3-5 min to ensure uniform dispersion. The mortar was mixed with water 

for 3 to 5 min. The fresh mixtures were cast into 50 mm cube molds with vibration to remove 

entrapped air. After casting, the specimens were sealed and kept in ambient air (28±2°C, 

80%RH) for 24 h before they were demolded and stored in lime-saturated water (26°C) for 

another 27 days prior to testing.  

2.2 Experimental procedures 

At the age of 28 days, UHPC samples were exposed to elevated temperature (i.e., 300oC, 

600oC, or 900°C) in an electrical furnace with a heating rate of 1°C/min. After reaching the 

pre-determined temperature, specimens were then held for 3 h to ensure uniform temperature 
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distribution inside the sample. The UHPC samples were either cooled down to ambient 

temperature inside the furnace or immediately quenched by water in a water tank. UHPC 

samples heated to 900°C were used to investigate re-curing effects. The mortar samples were 

only heated to 900°C and cooled down inside the furnace for further re-curing. 

The compressive strength tests were conducted following ASTM C109/C109M-11 [22]. The 

hydraulic compression machine had a capacity of 3,000 kN. A constant loading rate of 100 

kN/min was adopted and the maximum force was recorded automatically. At least three 

samples were tested for each mix design. 

The microstructure of UHPC samples was observed. The samples were cut from the 50 mm 

cube specimens by a diamond saw to about 8×8×3 mm3. Samples were oven-dried at 105°C 

for 24 hours to remove evaporable water. Finally, all samples were coated with platinum for 

45 s under vacuum. The SEM examinations were performed using a field emission scanning 

electron microscope (FESEM, JSM-7600F, JEOL) to detect micro-structural changes. 

3 RESULTS AND DISCUSSIONS 

3.1 Temperature history during cooling 

Temperature history at the center and on the surface of the UHPC sample is shown in Fig. 30. 

As can be seen in Fig. 30a, for furnace cooling (F), the cooling rate is very slow and 

temperature difference between the surface and the center of the specimen was very small 

(less than 5°C). Water quenching (W), however, significantly increases cooling rate of the 

specimen and significant temperature difference between the surface and the center of the 

specimen can be observed. As can be seen in Fig. 30b, the largest temperature differences 

between the surface and the center of the specimens were 191.4°C, 481.1°C and 693.8°C for 

specimens heated to 300°C, 600°C, and 900°C, respectively. 

  

Fig. 30. Temperature history at the center and on the surface of UHPC specimen by means of (a) water 

quenching and slow cooling in furnace (specimens heated to 600°C) (b) water quenching (specimens heated to 

different exposure temperatures). 

3.2 Compressive strength 

Fig. 31 shows the residual compressive strengths of UHPC mix with different exposure 

temperatures subjected to furnace cooling (F) or water quenching (W). At ambient 

temperature, the compressive strength was 138.3 MPa. Residual strength of UHPC exposed 

to 300°C after furnace cooling increased significantly to 185.7 MPa. The increased 

mechanical properties are probably due to the combined effects of an enhanced cement 

hydration and to a contribution from the reactions of the pozzolanic materials [23]. Khoury 
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[24] assumes that removing of water in concrete at high temperature causes loss of bond 

water in silanols groups, which induces shorter and stronger siloxane elements (Si–O–Si) 

with probably larger surface energies. In the presence of silica fume at temperatures above 

100°C, a pozzolanic reaction takes place, the formation of both tobermorite and xonolite is 

associated with a favorable development of strength [25, 26]. For specimens exposed to 

300°C and water quenching, compressive strength of all UHPCs reduced significantly to 

137.1 MPa. 

After exposed to 600°C, the compressive strength decreased to 127.6 MPa, which are lower 

than the strength before high temperature exposure. Water quenching made the strength even 

lower to 91.5 MPa. After exposure to 900°C and furnace cooling, compressive strength 

further decreased to 51.1 MPa, which is only 36.9% of their strength before heating. After 

water quenching, the strong thermal shock decreased the strength to only 43.6 MPa. As can 

be seen, water quenching (legend with “W”) significantly lowers the residual compressive 

strength of UHPC. This reduction of strength can be attributed to the formation of 

microcracks as a result of large thermal gradients within the UHPC samples as shown in Fig. 

1. 

 

Fig. 31. Compressive strengths of UHPC mixtures after heat exposure and water quenching. 

3.3 Change of microstructure 

The FESEM images of UHPC samples before high temperature exposure are shown in Fig. 

32. As can be see, before exposure to elevated temperatures, the UHPC sample showed dense 

and compact microstructure. Fine microcracks due to expansion of unhydrated clinker and 

shrinkage of cement paste during drying at 105°C can be observed [27]. 
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Fig. 32. The SEM images of UHPC before high temperature exposure. 

Fig. 33 presents the UHPC after 300, 600, and 900°C heating with different cooling methods. 

As can be seen from Fig. 33a, at 300°C the matrix of UHPC samples maintained a dense 

microstructure. But the PP fibers melted and left empty fiber channels. Expansion of PP 

fibers at high temperature induced thin microcracks in the radial direction of fiber channels 

[28]. There is a large amount of unhydrated cement in the UHPC matrix due to the very low 

water-to-cement ratio [1, 4, 29]. Thus, the increased compressive strength is likely attributed 

to the enhanced UHPC matrix by further hydration of unhydrated cement clinkers as a result 

of increased pozzolanic reaction of silica fume.  

From Fig. 33b, the microcracks after water quenching seemed to be wider. This was caused 

by the thermal shock from water quenching and it accounted for the significantly lower 

strength of water quenched samples. From Fig. 30, temperature difference between the 

surface and the center of the sample was 191.4°C during water quenching. 

 
Fig. 33. The SEM images of UHPC samples after furnace cooling and water quenching at elevated 

temperature. (a/b) 300°C furnace cooling/water quenching (c/d) 600°C furnace cooling/water quenching (e/f) 

900°C furnace cooling/water quenching 

Fig. 33c shows the microstructure of UHPC samples after 600°C exposure. As can be seen, 

further increase of temperature up to 600°C resulted in formation of wider microcracks. It is 

believed that dehydration and recrystallization of C-S-H start from 450-500°C [27, 30], 

resulting in shrinkage of hydration products. Coarsening of pore structure may be another 

reason for significantly loss of strength at 600°C [31]. As shown in Fig. 30, the temperature 

difference reached 481.1°C between the surface and the center of UHPC specimen during 
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water quenching, which explains the decrease of strength after water quenching at 600°C Fig. 

33d. After heated to 900°C, residual compressive strength of UHPC dropped to about 

40 MPa. Fig. 33e and f illustrate the microstructure of UHPCs at this temperature level. As 

can be seen, all the main hydrated phase appeared loose and porous. The coarsening of pore 

structure is the main reason for the reduction of mechanical properties [32]. The C-S-H 

transformed to β-C2S in the form of particles and then merged into large β-C2S particles 

accompanied by larger volume change [30]. It seems that the deterioration of UHPC matrix 

dominated the decrease of compressive strength of the UHPC mixtures even after water 

quenching.  

3.4 Effect of re-curing 

Fig. 34 shows the effect of re-curing on compressive strength of UHPC and mortar samples. 

The legend shows information of re-curing duration and method. The first letter U stands for 

UHPC and M stands for Mortar. The follow number shows the number of days of re-curing. 

The last letter W means water re-curing and A means re-curing in air. It can be observed that 

for UHPC, neither air nor water re-curing increased compressive strength of UHPC after 28 

days significantly. Water re-curing only recovered the strength of UHPC from 41.4 to 47.2 

MPa. On the other hand, water re-curing increased strength of mortar significantly after 28 

days. The strength of mortar increased from 13.8 to 46.0 MPa, which is near the strength of 

UHPC, even the strength of mortar was much lower than that of UHPC before and just after 

heat exposure. It is worth noting that, air re-curing did not help to recover strength of mortar 

significantly. 

A possible explanation is that after 900 C heating, β-C2S is one of the decomposition 

products of C-S-H at elevated temperatures[30]. Wollastonite can be formed when silica-

bearing fluids are introduced into calcareous sediments during metamorphism, which is the 

environment inside UHPC with silica fume. However, the wollastonite is insoluble in water 

and the intrinsic reaction rate of β-C2S with water is slow. It only has positive influence on 

strength of concrete at 5 to 10 years [33]. For mortar samples, dehydrated C–S–H, CaO, β-

C2S and noncrystal dehydrated phases might be the main compositions [34]. When contact 

with water, CaO and CH gradually form CH solution that can create the formation 

surrounding of other rehydration products. The new C–S–H gel reappears as a result of 

rehydration of dehydrated C–S–H. Rehydration of C–S–H can fill micro pores and help to 

heal and recover strength [17]. 

 

Fig. 34. Compressive strengths of UHPC and mortar after re-curing. 
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4 CONCLUSIONS 

• At 300°C, the residual strength of UHPC mixtures increased significantly, which was 

attributed to hydration of unhydrated cement clinkers and accelerated pozzolanic 

reaction. 

• Due to decomposition of cementitious compound and widened microcracks, a sharp loss 

of compressive strength was observed after 600°C exposure. 

• At 900°C, the UHPC paste appeared as very loose and porous formations and the residual 

compressive strength was only about 37% of that at the ambient temperature.  

• Water quenching reduced the compressive strength of the UHPC significantly. 

• Strength of UHPC cannot be recovered by either water or air re-curing. But water re-

curing can help to recover strength of mortar. 

This study is a preliminary work for evaluation of concrete structural resistance after fire. 

More information is still needed from the concrete in real situations experienced different 

sizes and temperature distributions.  
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ABSTRACT 

The aim of this paper is to present an accurate 3D Finite Element (FE) model capable of 

simulating the CFRP-strengthened concrete beam’s flexural behaviour at ambient 

temperature and under fire conditions, especially its interaction with the different surrounding 

elements. In order to achieve the goals, several amounts of thermal and mechanical numerical 

simulations have been performed to validate the already developed FE models. Experimental 

results reported in two parallel studies by Carlos et al. and by Carlos and Rodrigues [1,2] 

were used to FE model’s validation. The numerical model has been satisfactorily validated 

and the results had a good predictability with the experimental results in terms of thermal and 

mechanical behaviour. 

Keywords: fire, concrete, beams, CFRP strengthened, numerical simulation 

1 INTRODUCTION 

The temperature variation significantly affects the mechanical performance of the Carbon 

Fibre Reinforced Polymer (CFRP) strengthening system on concrete structures. Thus, the 

knowledge of the temperature effects is a key factor in the fire design of this type of 

construction, especially as it develops at the CFRP-concrete bond which is a critical zone 

very sensitive to thermal exposure. This better understanding makes possible a reliable and 

safe design in case of fire. In order to contribute to this end, few numerical investigations 

concerning the fire behaviour of CFRP-strengthened reinforced concrete (RC) members have 

been carried out over the last years [3–7]. However, most of them did not measure the 

thermal influence due to the interactions with the surrounding building elements or simply 

did not have a good agreement with the existing experiments. Furthermore, only a few 

authors have considered the CFRP-concrete interface’s thermal degradation and have used 

3D models that are theoretically more realistic. The literature shows that the numerical efforts 

to simulate the fire behaviour of CFRP-strengthened concrete beams are still very limited. 

Moreover, numerical results have shown that accurate predictions of the fire response of 

CFRP-strengthened beams require the inclusion of explicit temperature-dependent bond-slip 

models for the CFRP-concrete interface, which has been neglected in most of these studies. 

The reason for that is the lack of experimental data available in this respect (that are 

sometimes contradictory), making it difficult to validate more accurate models to better 

simulate the behaviour of CFRP-strengthened RC beams subjected to fire. In this regard, the 

present research intends to be an important contribution for the validation of an accurate 

model capable to simulate the fire behaviour of CFRP-strengthened concrete beams, as well 

as evaluate different parameters not experimentally tested yet. Therefore, this research 

becomes essential to bring a deep/better understanding and fill the gaps on the fire behaviour 

of this type of composite structures, also contributing to further researches. 
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2 NUMERICAL INVESTIGATION 

2.1 Model geometry 

The FE models’ geometry consisted of a replication of the ones that composes the beams 

tested in the experimental investigation by Carlos et al. [1], as well as for the other elements 

and materials involved. Three-dimensional FE models of simply supported RC beams 

flexurally strengthened with EBR-CFRP laminates (Fig. 1a) were modelled using the 

commercial software package Abaqus to simulate the mechanical response at ambient and 

elevated temperatures. In addition, 3D models of unstrengthened beams were also developed 

for the mechanical analysis (Fig. 1b).  

a) b) 

Fig. 1. 3D numerical models of the a) CFRP-strengthened and b) unstrengthened beams for mechanical analysis 

Two-dimensional (2D) FE models for both type of beams were also developed exclusively 

for the heat transfer analysis since this is a type of uncoupled analysis. The 2D models were 

developed based on the tested cross-sections of the beams, including the modelling of the 

concrete slab cross-section in order to simulate the thermal interactions between the elements, 

as intended in the experimental study [1]. The use of three different fire protection materials, 

the ones previously fire tested in the CFRP-strengthened beams by Carlos et al. [1], were also 

numerically investigated in terms of thermal response. Four representative heat transfer 

models (Figs. 2a-d) were numerically simulated under fire conditions. The nomenclature 

adopted for the 2D FE models of the beams is analogous to the ones experimentally tested 

specimens [1]. The unstrengthened and unprotected RC beam is referred by RC. The three 

CFRP-strengthened RC beams fire protected with expanded clay, ordinary Portland and 

vermiculite-perlite mortar are referred by EC-35, OP-35 and VP-35, respectively. The 

thickness (t) of the fire protection systems was 35mm.  
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e)

  

 

f)

 

Fig. 2. Numerical models for heat transfer analysis: a) RC, b) EC-35, c) OP-35 and d) VP-35 beam; Location 

and nomenclature of thermocouples at mid-span cross-section of e) unstrengthened and f) CFRP-strengthened 

[1] 

The predicted results of these simulations were compared with the experimental data 

obtained by Carlos et al. [1] in terms of temperatures vs. time of fire exposure at different 

locations of the mid-span cross-section. To allow comparison between results, the same 

thermocouples arrangement used in the previous experimental study [1] was defined in the 

current heat transfer analysis, as shown in Fig. 2e and 2f for the unstrengthened and CFRP-

strengthened beams, respectively. 

2.2 Material modelling and analysis criteria 

The specimens were modelled using the material non-linearity according the isotropic 

hardening method and, especially for the concrete material, based on the fracture energy 

cracking criteria. The thermophysical temperature-dependent properties of the materials used 

in the FE models, such as specific heat, thermal conductivity, density, emissivity and 

convection, were modelled based on the literature [8–11] and standardization [12–14]. The 

variation of the mechanical properties of the concrete and steel reinforcement at elevated 

temperatures were defined based on the reduction factors suggested in EN-1992-1-2 [12] and 

EN 1994-1-2 [15]. The temperature-dependent mechanical properties of the CFRP was based 

on the relations proposed by Wang et al. [16] and Bisby [17] for the tensile strength and 

modulus of elasticity, respectively. The variation of the CFRP-concrete bond mechanical 

properties at elevated temperatures was based on the temperature-dependent results obtained 

from the Single-lap Shear Tests (SST) carried out by Carlos and Rodrigues [2]. 

2.3 Boundary, loading and contact conditions 

In order to reproduce the real test set-up as reported by Carlos et al. [1], the supports of the 

beam and the loading were also modelled in the numerical models on rigid plates attached to 

the beams so as to distribute possible concentrated forces on them, as shown in Fig 3a. The 

models were subjected to a fixed mechanical load applied to the direction -Y in a four-point 

bending configuration (see Fig 3a) as used in the experimental tests [1]. The preload applied 

in the simulations (24 kN) correspond to 70% of the design value of the loadbearing capacity 

of the RC beam at ambient temperature, as defined in the experimental test procedure [1]. 

Regarding the support system, all degrees of freedom of the nodes located on the bottom 

surface and at the middle of the respective rigid plate were constrained to simulate the pinned 

support, whereas for the roller support only the translations in the directions X and Y were 

constrained. In addition, all nodes located at each end of both supports were constrained to 



Numerical Model for CFRP-Strengthened RC Beams Subjected to Fire 

   

265 

 

translations in the direction X in order to prevent their lateral deformation (Fig 3a). The 

surface-to-surface contact method was used to simulate the contact between the concrete 

beam and the other materials (Fig 3b). Small-sliding formulation was used in the contact 

tracking algorithm between the beams and the CFRP laminates. In this case, the geometric 

nonlinearity is included in the model. A penalty method (damage) was defined as the 

cohesive contact property between the concrete and CFRP surfaces. Thus, two bond damage 

criteria were adopted: maximum nominal stress and fracture energy. These values 

(temperature-dependent) were inputted in the FE model based on the experimental data 

obtained from the SST tests performed by Carlos and Rodrigues [2]. 

  

Fig 3. a) boundary and loading conditions and b) contact conditions of 3D numerical models used in the FE 

analysis 

Finally, the fire action was applied in the 3D model. The heat transfer step was applied after 

the preloading of the model and performed according to the furnace temperatures registered 

in the experimental tests in order to validate the FE model. In these simulations, a 4-node 

linear heat transfer quadrilateral element (DC2D4) was chosen and a 2D numerical model 

(see Fig. 2a-d) was developed to estimate the temperature distribution in the cross-sections of 

the beams. In order to accurately simulate the experimental test conditions [1], the bottom 

and lateral surface of the models of the beams were directly exposed to the heating. The 

upper face of the beam in the model was superposed by a surrounding concrete slab which in 

turn was submitted to a constant ambient temperature, as adopted in the experimental tests 

[1]. The initial temperatures of the models were defined based on the measurements recorded 

in the experimental tests [1]. Radiation and convection heat transfer modes were considered 

on exposed surfaces. The resultant emissivity was taken as 0.49, considering the emissivity 

coefficients of the electric resistance of the furnace and the beams both equal to 0.7. A 

convection coefficient of 15 W/m2 ºC (constant with temperature) was adopted, as suggested 

in EN-1992-1-2 [12].  

3 VALIDATION OF THE FINITE ELEMENT MODEL 

3.1 Mechanical response at ambient temperature 

Numerical simulations on an unstrengthened and EBR-CFRP-strengthened beam (referred as 

RC_AT and CFRP_AT, respectively) were performed to assess the ability and accuracy of 

the 3D FE models described above in predicting the mechanical response of these beams. The 

results of experimental tests reported in a relevant parallel study by Carlos et al. [1] were 

used to FE model’s validation. Fig. 4 shows a comparison of the load vs. vertical mid-span 

displacement curves for the unstrengthened and CFRP-strengthened RC beams obtained from 

the experimental tests (Exp.) [1] and FEA (Num.). 

a) b) 
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Fig. 4. Experimental (Exp.) [1] and predicted (Num.) load vs. mid-span displacement curves for the 

unstrengthened and CFRP-strengthened RC beams at ambient temperature 

Fig. 4 reveals that all predicted results generally fit closely with the experimental curves for 

both specimens, especially for obtained peak loads (ultimate load). The ultimate predicted 

load of the RC_AT and CFRP_AT beams was 47.0 kN and 79.7 kN, respectively. The 

ultimate load experimentally obtained for the unstrengthened and CFRP-strengthened beams 

was 48.0 and 79.5, respectively. These results were very similar to those obtained 

numerically for both specimens. Therefore, the values of the predicted-to-experimental 

loading capacity ratios (PNUM / PEXP) for the RC_AT and CFRP_AT beams corresponds to 

0.98 and 1.00, respectively. Finally, an excellent agreement and accuracy between the 

experimental and numerical results was noticed, ensuring a strong validity of the developed 

FE model in predicting the mechanical response of both RC beam strengthened with EBR-

CFRP laminate and unstrengthened RC beam at ambient temperature. 

3.2 Mechanical response under fire conditions 

The experimental results from fire resistance tests carried out by Carlos et al. [1] on the 

CFRP-strengthened beam EC-35 were used to validate the mechanical response of the 3D 

numerical model under fire conditions (see Fig. 5b). Furthermore, for the mechanical 

validation of the FE model that represents the RC beam subjected to fire (see Fig. 5a), the 

experimental data from the unstrengthened specimen (RC) [1] were assigned for comparative 

purposes. The comparison of the displacement-temperature curves of the simply supported 

RC beam and CFRP-strengthened beams from the experimental tests and FEA are presented 

in Figs. 5a and Fig. 5b, respectively. The results are presented in terms of ultimate failure for 

the RC beam and strengthening debonding for CFRP-strengthened beam. The mechanical 

results developed after the strengthening system debonding (ultimate failure of the 

strengthened beam) is not presented, since it is not relevant to bond analysis. 
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Fig. 5. Experimental (Exp.) [1] and predicted (Num.) displacement-temperature curves for the a) unstrengthened 

and b) CFRP-strengthened RC beams, in terms of ultimate beam failure and strengthening system debonding, 

respectively 

Similar tendencies with an equivalent slope were obtained from the FEA in comparison with 

the experimental results [1] for both RC beam and CFRP-strengthening system (specimens 

RC and EC-35, respectively). The experimental curves presented a slightly higher stiffness 

than the numerical ones, indicating that the respective predicted data is on the safe side. A 

good agreement between the FEA and experimental [1] analysis in terms of critical fire 

resistance time for the RC beam (FRtime) was obtained, as shown in Table 1. The failure 

instant of this beam was experimentally achieved at 78.2 min of fire exposure, while for the 

numerical model a fit close and slight conservative time of 74.5 min was noticed. In the case 

of strengthened beam, a satisfactory convergence of results between the models was also 

obtained. The fire resistance time at the CFRP debonding instant (FRtime,CFRP) for the 

strengthened beam was quite similar for both experimental and numerical models, 

corresponding to 30.5 and 27.7 min, respectively, as showed in Table 1. Therefore, the results 

showed that the differences between experimental and numerical fire resistance times were 

less than 5% and 10%, respectively for unstrengthened RC beam and CFRP-strengthening 

system (Table 1). In addition, a relationship between the FRtime or FRtime,CFRP at different 

displacements obtained by the numerical and experimental analysis for both type of beams 

was also presented in Table 1. 
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Table 1. Experimental (Exp.) [1] and numerical (Num.) fire resistance time at different displacements of 

unstrengthened beam and CFRP-strengthening system 
u

n
st

re
n
g

th
en

ed
 

R
C

 b
ea

m
 FRtime at 50 mm 

displacement (min) 

FRtime at 75 mm 

displacement (min) 

FRtime at beam failure 

instant (min) FRtime ratio at failure instant 

of the beam 
Exp. [1] Num. Exp. [1] Num. Exp. [1] Num. 

57.0 54.9 72.3 69.5 78.2 74.5 0.95 

C
F

R
P

-

st
re

n
g

th
en

in
g
 

sy
st

em
 

FRtime,CFRP at 5 mm 

displacement (min) 

FRtime,CFRP at 8 mm 

displacement (min) 

FRtime,CFRP at CFRP 

failure instant (min) FRtime,CFRP ratio at failure 

instant of the CFRP system 
Exp. [1] Num. Exp. [1] Num. Exp. [1] Num. 

12.2 11.8 23.0 20.1 30.5 27.7 0.91 

Notwithstanding the slight differences abovementioned, the models presented general good 

agreement and accuracy between the experimental and numerical results of the RC beam and 

CFRP-strengthening system. All these results indicate that the estimated data is generally on 

the safe side but not too conservative, though. The satisfactory agreement and accuracy 

between the experimental and numerical results confirm the validity of the developed FE 

models and attest to their ability to simulate the mechanical response of simply supported RC 

and CFRP-strengthened beams under fire conditions. 

3.3 Heat transfer analysis 

The suitability of 2D thermal models developed using the heat transfer option available in 

Abaqus was assessed in this section. The purpose of this numerical approach was to 

determine the appropriate modelling parameters, in particular, especially the input thermal 

boundary conditions and material thermal properties, so that standard fire resistances tests of 

unstrengthened and CFRP-strengthened RC beams can be simulated. It should be also noted 

that an uniform temperature along the entire longitudinal length of the beam was intended for 

the validation study, in contrast to the recorded at the mid-spam cross-section of beams tested 

in Laboratory [1]. Moreover, in order to calibrate the FE model for fire simulation of CFRP-

strengthened RC beams, the furnace fire curve data registered from the fire resistance tests 

[1] were used. Note that the emissivity, the heat transfers and the thermal contact 

conductance coefficients were constant with temperature evolution. The radiative heat flux 

was calculated as 0.49 using an emissivity of 0.7 for fire and 0.7 for the concrete surface. The 

Stefan-Boltzmann constant was defined as 5.67x10-8 W/m2K4. 

Figs. 6b, 6c and 6d shows respectively the comparison between experimental (Exp.) [1] and 

predicted (Num.) temperatures as a function of fire exposure time for the different 

thermocouples at mid-span (cf. Fig. 2f) of the CFRP-strengthened beams fire-protected by 35 

mm thick of VP, OP and EC mortar (referred as EC-35, OP-35 and VP-35, respectively). The 

temperature vs. fire exposure time evolution for the different thermocouples (cf. Fig. 2e) of 

the unstrengthened and unprotected RC beam (referred as RC) is shown in Fig. 6a. It is 

worthwhile mentioning that the temperature evolution in the CFRP-strengthened RC beams 

was presented in Figs. 6b-d only until the collapse instant of the respective fire protection 

material reported in the experimental data [1], since the results after that time are negligible 

for the purpose of this numerical study. Regarding the RC beam, the results were plotted in 

Fig. 6a until the collapse of the beam. 
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Fig. 6. Experimental (Exp.) [1] and predicted (Num.) temperatures vs. fire exposure time curves at different 

points of the mid-span cross-section for the beams: a) RC, b) VP-35, c) OP-35 and d) EC-35 
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Fig. 6. Experimental (Exp.) [1] and predicted (Num.) temperatures vs. fire exposure time curves at different 

points of the mid-span cross-section for the beams: a) RC, b) VP-35, c) OP-35 and d) EC-35 (continuation) 

Overall, all FE models provided a good agreement with the experimental results in terms of 

temperatures evolution, as noticed in the Figs. 6a-d. With exception of thermocouples T6 and 

T7 (positioned on the bottom surfaces of the laminate and the fire protection material, 

respectively) for the strengthened beams protected by OP and VP mortar, all other 

temperature distribution at different points of the cross-section were accurately predicted by 

the models.  Small deviations between Exp. and Num. temperatures in T6 and T7 of the VP-

35 and OP-35 beams were observed, as depicted in Figs. 6b and 6c, respectively. In spite of 

that, the FE models were still able to simulate the thermal behaviour tendency with a relative 

consistency in the above-mentioned thermocouples. Concerning the strengthened EC-35 and 

RC beams (Figs. 6a and 6d, respectively), the numerical results by the heat transfer analysis 

presented an excellent convergence with the experimental measurements for all 

thermocouples. To sum up, the tools of Abaqus program for the application of thermal 

actions allowed simulating the phenomenon of heat transfer between hot air and composite 

structural elements with satisfactory results. Despite the above-mentioned deviations, all 

models overall provided a good estimate between the experimental and numerical results, 

confirming the ability of the FE models to accurately simulate the thermal response of 

unstrengthened and EBR-CFRP-strengthened RC beams subjected to fire, even when using 

complex and different fire protection materials. 
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4 CONCLUSIONS 

Based on results obtained from the numerical study, the following conclusions may be 

drawn: 

− The thermal response of the fire-protected CFRP-strengthened RC beams subjected to fire 

was accurately predicted by the FE models, similarly to the heat transfer analysis of the 

unprotected and unstrengthened RC beam. Moreover, the modelling of the surrounding 

building slab allowed to represent the thermal interactions and influence between the 

elements as faithful as possible, providing a better predicting of the experimental results 

and, consequently, more realist. 

− Concerning the prediction of the mechanical response at ambient temperature, the 3D 

models presented a satisfactory accuracy for both unstrengthened and CFRP-strengthened 

RC beams, especially for estimating the ultimate load capacity. 

− The developed FE models also estimate with precision the mechanical response of 

unstrengthened and CFRP-strengthened RC beams simultaneously subjected to a flexural 

load and high temperatures. An accuracy of about 91% and 95% was respectively achieved 

by the numerical models that represents the RC and CFRP-strengthened RC beams in terms 

of failure instant. 

− The FE models confirmed that the materials used as fire protection system contributing to 

the fire performance of the CFRP-strengthened RC beams, either by preservation of CFRP-

concrete bond for longer exposure time or by keeping lower temperatures in the interior of 

the beams and steel reinforcement zones. As a result, it increased the mechanical 

effectiveness of the EBR-CFRP strengthening system, as proved in the simulations at high 

temperatures. Moreover, the fire behaviour of the fire protection materials was predicted 

with good accuracy by the 2D FE models. 

− Finally, the presented results confirmed the validity of the developed FE models and 

strongly guarantee an accurate prediction of the mechanical response of both strengthened 

and unstrengthened RC beams at ambient and high temperatures. They also confirmed the 

capacity of the models to estimate the thermal performance of these structures along with 

the use of different fire protection materials. Furthermore, it is still possible to stated that 

this developed FE models can be used as an auxiliary tool for the design of fire protection 

systems for CFRP-strengthened RC structural members or in parametric studies outside the 

bounds of experimental field, as well as to provide safe and economical structural solutions 

for these type of structures in fire situation.  
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ABSTRACT 

The paper proposes the definition of the damage states for concrete tunnel linings, based on 

the analysis of the consequences of in 66 fire events really occurred. The most recurrent 

damage factors are considered, such as the presence of cracks, their extension and depth, the 

concrete spalling and the local or global collapse. Considerations on the definition of the 

related limit state functions are then given. A proposal to link such damage states to either the 

post-fire rehabilitation interventions and the performance levels is presented. Such 

performance levels can be adopted in the design and assessment of concrete linings toward 

the fire action in underground infrastructures such as railway and road tunnels or complex 

research infrastructures. 

1 INTRODUCTION 

In the last decade, the interest in tunnel fire safety has enhanced mainly for the relevance of 

the consequences tied to the unviability and the associated costs for the rehabilitation 

interventions. 

To date, several contributions are available in the literature on the fluid-dynamic aspects, 

ignition phenomena, fire and smoke propagation, fuel and ventilation influence, human 

behaviour in case of fire evacuation, etc. [1].  

Fire in tunnels may cause structural damage of concrete lining that may lead to loss of 

bearing capacity, causing long interruptions of service. The behavior of tunnel linings 

subjected to fire depends on several factors, such as the reduction of strength and stiffness of 

the structural material, load patterns, boundary conditions given by the interaction with the 

surrounding soil [2].  

As the temperature increases, the thermal expansions of the lining produce an alteration to the 

stress field on the encasing soil, which determines variations of the internal forces in the 

lining. Hence, due to this mutual phenomenon, the lining may suffer significant variations of 

stress due to thermal expansion, reaching progressive damage levels, including the lining 

collapse wherever the fire is of a significant severity (Fig. 1). 

Lai et al. [3] analysed the fire occurred in the New Qidaoliang Highway Tunnel, reporting the 

seriousness of the structural damages; starting from the colour of the concrete lining, they 

traced back to the maximum temperatures reached inside the tunnel. Furthermore, other 

researchers focused on the spalling phenomenon on concrete linings in the analysis of the 

tunnel damages following fire events [4]. During the past years, the interest of the scientific 

community has been oriented also in performing numerous full-scale tests to better 

understand the fire dynamics in tunnels [5][6]. 
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However, in the international regulation and standard frameworks about fire safety of 

tunnels, most of the structural requirements are given without specifying the different damage 

levels of the tunnel lining in case of fire. 

This paper proposes the definition of damage states that can be reached by the concrete lining 

during fires, starting from an analysis of the consequences of real fire events. In the following 

sections, some considerations on the limit state functions are also given and a proposal to link 

such damage states to either the post-fire rehabilitation interventions and the performance 

levels is shown. 

  

Fig. 1. a) Sectionally collapsed ceiling in the Gotthard Tunnel after the fire of October 24, 2001; b) Burnt out 

lorry transporter in the Channel Tunnel between the UK and France (fire incident on Nov. 18, 1996). 

2 FROM A DATABASE OF REAL FIRES IN TUNNEL TO THE DEFINITION OF 

DAMAGE STATES 

Sixty-six fire events in railway or road tunnels [7][8][9] were collected in a database (Table 

1). Each fire event has been analyzed focusing on the structural damages of the tunnel lining 

[9] [10] [11]. The subsequent rehabilitation interventions were proportional to the damages 

and limited in those few cases where passive or active fire protection systems were present 

[12][13][14]. Indeed, if fires are controlled in their early stages, the consequences can be 

generally reduced; the detrimental effects of fires become significantly greater and the ability 

to control them become significantly more difficult when fires become fully developed. 

Hence, the lining damage was negligible or significantly limited when the intervention of the 

fire fighters was immediate or in presence of active fire protection systems. 

Considering the most common consequences on concrete elements exposed to fire and basing 

on the description of these fire events, we define the following five different damage states 

dsi for the tunnel linings (Fig. 2): 

− ds0 (None): No structural damage; 

− ds1 (Minor): Localised and shallow cracks; 

− ds2 (Moderate): Several cracks and localised spalling; 

− ds3 (Serious): Wide and deep cracks, extensive spalling and local collapses; 

− ds4 (Collapse): Lining collapse. 

These damage states account for the many phenomena that fire may cause on the tunnel 

lining, such as the reduction of strength and stiffness of the structural material, cracks in the 

concrete lining, spalling of the concrete cover and, in some cases, the lining collapse. Fig. 3 
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illustrates the histogram of the frequencies of the different damage states shown in the 

database. 
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Fig. 2. Proposed Damage States. 

 

Table 1. Analysed fire events in tunnels with observed damages. 

Tunnel Country Year Structural Damages 

Gudvanga tunnel Norway 2013 Minor 

Oslofjord tunnel Norway 2011 Moderate 

Melburne Australia 2007 None 

Runehamar Norway 2003 None 

Floyfjell-Bergen Norway 2003 Moderate 

Mornay France 2003 Minor 

Daegu metro South Korea 2003 Serious 

Homer-Milford New Zeland 2002 Minor 

Williams tunnel USA 2002 None 

Motorway tunnel France 2001 Moderate 

Gleinalm Austria 2001 Serious 

Kaprun Austria 2001 Minor 

St Gotthard Switzerland 2001 Collapse 

Howard USA 2001 Moderate 

Shipol airport Netherlands 2001 None 

Honk Hong Cina 2000 None 
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Oslofjord Norway 2000 None 

Toulon France 2000 Minor 

Saukopftunel Germany 2000 Minor 

Laerdal Norway 2000 None 

Seljestad Norway 2000 Serious 

Colli Berici Italy 1999 None 

Tauern Austria 1999 Serious 

Salerno Italy 1999 Serious 

Mont Blanc France / Italy 1999 Collapse 

Gueizhou tunnel China 1998 Collapse 

A32 Torino-Bardonecchia Italy 1997 Serious 

Exilles rail-Susa Italy 1997 Serious 

Channel Tunnel UK / France 1996 Serious 

Isola delle Femmine Italy 1996 Moderate 

Pfänder Austria 1995 Serious 

Baku underground Azerbaijan 1995 Minor 

Great Belt Denmark 1994 Serious 

Kingsway UK 1994 Minor 

Hunguenot South Africa 1994 Moderate 

Serra Ripoli Italy 1993 Minor 

Memorial USA 1993 Minor 

Hovden Norway 1993 Moderate 

Moscow Russia 1991 Minor 

Roldal Norway 1990 Minor 

Rapperfijord Norway 1990 Moderate 

Gueizhou China 1988 Collapse 

Gumefens Switzerland 1987 Minor 

Tanzenberg Austria 1987 Serious 
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Grand central station USA 1985 Serious 

Felbertauern Austria 1984 Moderate 

Summit UK 1984 Serious 

Landungs Germany 1984 Serious 

San Benedetto Italy 1894 Serious 

Pecorile galleria Italy 1983 Minor 

Frejus France 1983 Serious 

Hauptbahnhof Germany 1983 Serious 

Caldecott USA 1982 Serious 

Mazar-e-Sharif Afganistan 1982 Serious 

Ramersdorf Germany 1981 Moderate 

London Underground UK 1981 Serious 

Moscow underground Russia 1981 Serious 

Kajiwara Japan 1980 Serious 

Nihonzaka Japan 1979 Serious 

Velsen Netherland 1978 Serious 

Hansaring Germany 1978 Moderate 

Metro Montreal Canada 1976 Serious 

Porte d’Italie B6 France 1976 Serious 

Spain Guadarrama 1975 Serious 

Moorfleet Germany 1968 Serious 

Holland tunnel USA 1949 Serious 
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Fig. 3 Frequencies of the damage states defined for the fire events of Table 1. 

3 SOME CONSIDERATIONS ON THE LIMIT STATES 

To design or assess a concrete tunnel lining toward the fire action, for a specific damage state 

dsi, the related limit state function gi(X) should be defined, accounting for the most 

influential parameters Xi that rule the generic damage state, e.g.: 

( ) ( )( ), , , , , , ,,   i i t exp texp d t fi d t fig g t R Ee q q=X ,  (1) 

where X is the vector gathering the various Xi, εt,(θ) is the total deformation of the structural 

element section subjected to fire, texp is the time of fire exposure, θtexp is the temperature 

inside the structural section, Rd,t,fi and Ed,t,fi are respectively the resistance of the lining and the 

effect of the mechanical actions in case of fire. These parameters are not independent and 

may vary for different tunnel boundary conditions (surrounding soil), lining constructive 

technology (e.g. precast or not) and fire severity (e.g. fire load and heat release rate [5]). 

Indeed, these aspects can considerably affect the reduction of strength and stiffness of the 

structural material and the variation of stress inside the tunnel lining. 

To account for the several uncertainties related to these parameters, X can be treated as a 

random vector and, consequently, the probability that a state of damage (DS) reaches or 

exceed a certain dsi, (DS ds )P i ,is given by the well-known formula: 

( )
( ) 0

(DS ds )

ig

P i f d


 = 
X

X X ,  (2) 

where f(X) is the joint probability density function of X. The Equation (2) can be treated with 

the classical methodologies of the reliability analysis. 

4 POST-FIRE REHABILITATING INTERVENTIONS, PERFORMANCE LEVELS AND 

PERFORMANCE BASED DESIGN APPROACH 

From the analysis of the database described in previous sections, it emerges that some tunnel 

linings did not collapse or had serious structural lining damages, but presented slightly 
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damaged, even if significant quantities of toxic gases were generated and propagated, causing 

fatalities. Rehabilitation interventions might be needed depending on the significance of the 

damage and the period required to re-establish the tunnel's viability and exploitation; a link 

between the damage states of the lining and the related rehabilitation intervention is proposed 

in Table 2. 

Table 2. Rehabilitation according with each damage level. 

Damage States Rehabilitation of lining 

ds0 and ds1 No structural intervention 

ds2 Light interventions 

ds3 Significant interventions 

ds4 Complete reconstruction 

As the Table 2 shows, a wide and remarkable rehabilitation may be needed for the levels of 

damage ds3 and ds4, causing significant costs and possible long period of tunnel operation 

interruption. 

This way, it is also easy to see that the proposed levels of damage can be tied-up to the 

different level of performance that may be required to a tunnel in case of fire. 

As stated in [15], even if the European codes [16] define five safety performance levels for 

the building fire resistance design, there is no regulation which contains the possibility of 

application of performance based approach for fire resistance tunnel lining design. We 

propose the four performance levels (PLs) indicated in Table 3, each of those is guaranteed if 

the related damage state is not reached or exceed. 

Table 3. Proposed performance levels of tunnels subjected to fire and link to the defined damage states. 

Performance 

level 
Description 

Corresponding damage state 

to be not reached 

I 
Fire resistance for a period of time consistent with safe evacuation 

of occupants. 
ds4 (Collapse) 

II 
Fire resistance for fire natural duration or for defined period of 

time in case of standard fire curves. 
ds3 (Serious) 

III 

Fire resistance sufficient to guarantee, after the end of the fire, 

limited damages to the tunnel lining with light rehabilitation 

interventions. 

ds2 (Moderate) 

IV 
Fire resistance sufficient to guarantee, after the end of the fire, the 

total operativity of the tunnel. 
ds0 (None) and ds1 (Minor) 

The definition of such PLs is needed in the performance-based design (PBD) of tunnels 

subjected to fire. 

Although the fire safety goals and objectives that define the various PLs are not treated in this 

paper, it is worth mentioning that different use categories of tunnels (i.e. railway, road, 

mineral, complex research infrastructures, etc.) might require different performance levels. 
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Indeed, in some cases the evacuation is the most important aspect to guarantee, in other 

cases, such as industrial complex galleries with limited or null access for the personnel, to 

preserve all the equipment present in the tunnels is essential, given their considerable 

economic value. 

Hence, in PBD approach of a tunnel lining subjected to fire, the following steps should be 

followed: 

1. definition of the fire safety goals and objectives 

2. definition of the performance level according with the tunnel use; 

3. definition of the lining structural features; 

4. selection of the relevant fire scenarios; 

5. determination of the corresponding design fires 

6. determination of the (i) heat flux on the exposed surfaces, (ii) temperature within the 

structural members (iii) mechanical behaviour of the lining exposed to fire;  

7. check if the performance level criteria are met. 

Note that in the step 6 the points (i), (ii) and (iii) are not necessarily coexistent. It depends on 

the specific definition of the limit state function gi(X) expressed in (1). 

In case the performance level criteria are met, the design or the assessment of the lining is 

finished; otherwise, a new definition of the lining structural features or the adoption of some 

fire protective measures are necessary. 

5 CONCLUSIONS AND FUTURE DEVELOPMENTS 

Starting from a collection of about sixty-six real fires in tunnel, this paper shows the 

definition of five damage states for concrete linings, which account for the most relevant 

thermo-mechanical phenomena that occur during the fire exposure. 

Four performance levels are then presented and linked to the related damage states, 

considering the possibility of accepting different structural damages for the tunnel lining. The 

steps for a performance-based design approach of underground structures are finally given. 

The presented damage states and performance levels may be used in the common tunnel 

design practice for the following reasons: 

- they cover a regulation lack about fire resistance of tunnel; 

- they can be applied to several kinds of tunnel (road, railway, complex research 

infrastructures, etc.); 

- they can used for both design and assessment of tunnel linings in case of fire; 

- they accomplish a performance based approach design of tunnels in fire situation. 

Among the future developments, the main one is the definition of the limit state functions and 

the related parameters (section 3), to better mark the boundaries between the various damage 

states. 
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ABSTRACT 

This paper presents the results of thermo-structural analyses of reinforced concrete frames in 

fire situation. They were performed using the DIANA Displacement Analyzer software. The 

analysis considers the variation of the mechanical and thermal properties of the concrete and 

steel. The effects of axial and rotational restraints are analyzed, evaluating their consequences 

on the behavior of the columns in fire. Several frames are analyzed considering fires located 

in their compartments. As a result of the fire, the materials lose resistance, reducing the 

stiffness of the structure. Moreover, thermal elongation occurs in the beams and columns of 

the frames. Both phenomena occur at the same time and generate horizontal forces that act on 

the columns. From the results obtained in the analysis, the values of the horizontal forces are 

calculated. 

1 INTRODUCTION 

In order to carry out analyses of reinforced concrete structures in fire, a tendency of the last 

years has been to change prescriptive approaches by performance approaches. In this context, 

some thermo-structural analyses were performed using the DIANA Displacement Analyzer 

software, in order to calculate the horizontal forces acting on columns.  

Structural elements belonging to a compartment in fire lose strength and stiffness and suffer 

thermal elongation, however, the rest of the structure retains its stiffness, constraining the 

deformations of the compartment structure. 

As a consequence of the fire, thermal elongation occurs with the beams and columns of the 

frame (Fig. 1.a-b). In addition, the materials lose strength and the structure loses stiffness 

(Fig. 1.c-d). 

a) b) c) d) 

Fig. 1. a) Beam elongation; b) Column elongation; c) Stiffness loss of the beam; d) Stiffness loss of the column 

Depending on the stiffness of the structural elements and the time of exposure to fire, these 

forces may be relatively large and should be considered for the column design. 

In this article, the effects of axial and rotational constraints are analyzed, evaluating their 

consequences on the behavior of the columns. Several frames belonging to different 

structural arrangements are analyzed (Suaznábar, 2018). 

The analyses were performed in the DIANA software, in two stages. At the beginning, the 

thermal analysis with finite elements for transient heat transfer was carried out according to 

the standard temperature-time curve ISO 834-1:1999 (International Organization for 
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Standardization ISO 834-1, 1999). Subsequently, based on the temperature fields calculated 

in the thermal analysis, the structural analysis was performed with finite elements for 

structural analysis considering the variation of the physical properties of the materials with 

the temperature. 

2 OBJECTIVE 

The objective of this article is to analyze and show the importance of the studied 

phenomenon, quantifying the values of the horizontal forces acting on the columns. The 

results of this article are part of more extensive research on the same subject and intends to 

send them for evaluation and inclusion in the Brazilian standard of concrete structures in a 

fire situation ABNT NBR 15200: 2012 (Brazilian Association of Technical Standards, 2012). 

The approach of this article does not aim to discuss the development of new numerical 

methods. 

3 MATERIALS 

In the analyses, the recommendations of EN 1992-1-2:2004 (European Committee for 

Standardization, 2004) and ABNT NBR 15200:2012 (Brazilian Association of Technical 

Standards, 2012) were used for the properties of the materials in fire situation.  

Following, the stress-strain diagrams for concrete and reinforcing steel will be presented. 

3.1 Concrete 

For the compressed concrete in fire situation, the European Standard EN 1992-1-2:2004 and 

the Brazilian Standard  ABNT NBR 15200:2012 consider the stress-strain relation of Figure 

2, shown in Equation 1. 

 

Fig. 2. Stress-strain diagram of concrete in fire situation 

𝜎𝑐 𝜃

𝑓𝑐 𝜃
=

3(
𝜀𝑐 𝜃
𝜀𝑐1 𝜃

)

2+(
𝜀𝑐 𝜃
𝜀𝑐1 𝜃

)
3           (1) 

where 𝜎𝑐 𝜃 is the stress of the compressed concrete at temperature 휃 

 𝑓𝑐 𝜃 is the compressive strength of the concrete at temperature 휃 

 휀𝑐 𝜃 is the strain of the concrete at temperature 휃 

 휀𝑐1 𝜃 is the strain corresponding to 𝑓𝑐 𝜃 

 휀𝑐𝑢 𝜃 is the ultimate strain of the compressed concrete at temperature 휃 
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Tensile strength of concrete in fire situation was ignored. 

3.2 Steel 

For the steel in fire situation, the European Standard EN 1992-1-2:2004 and the Brazilian 

Standard  ABNT NBR 15200:2012 consider the stress-strain relation of Figure 3, shown in 

Equations 2. 

 

Fig. 3. Stress-strain diagram of steel in fire situation 

𝜎𝑠 𝜃 = 𝑓𝑝 𝜃 − 𝑐 +
𝑏

𝑎
∙ √𝑎2 − (휀𝑦 𝜃 − 휀𝑝 𝜃 +

𝑐

𝐸𝑠 𝜃
)  휀𝑝 𝜃 ≤ 휀𝑠 𝜃 ≤ 휀𝑦 𝜃  

  

𝜎𝑠 𝜃 = 𝑓𝑦𝑘 𝜃       휀𝑦 𝜃 ≤ 휀𝑠 𝜃 ≤ 휀𝑡 𝜃  

 (2) 

𝜎𝑠 𝜃 = 𝑓𝑦𝑘 𝜃 ∙ [1 −
( 𝑠 𝜃− 𝑡 𝜃)

( 𝑢 𝜃− 𝑡 𝜃)
]    휀𝑡 𝜃 ≤ 휀𝑠 𝜃 < 휀𝑢 𝜃    

where 𝜎𝑠 𝜃 is the stress of the steel at temperature 휃 

 휀𝑠 𝜃 is the strain of the steel at temperature 휃 

𝐸𝑠 𝜃 is the elastic modulus of the steel at temperature 휃 

 𝑓𝑝 𝜃 is the proportional limit of the steel at temperature 휃 

 𝑓𝑦𝑘 𝜃 is the yield strength of the steel at temperature 휃 

 휀𝑝 𝜃 is the strain corresponding to the proportional limit of the steel at temperature 

휃 

 휀𝑦 𝜃 is the strain corresponding to the beginning of the yield plateau of the steel 

 휀𝑡 𝜃 is the strain corresponding to the end of the yield plateau of the steel 

 휀𝑢 𝜃 is the ultimate strain of the steel 

4 NUMERICAL MODELS USED IN DIANA 

The processing of the thermo-structural analysis is done in two stages. The first stage, 

consists of thermal analysis, which considers heat transfer by conduction, convection and 

radiation. The second stage, is the structural analysis and is based on the results of the first 
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stage, considering the materials at high temperatures. The software allows to model its 

behavior considering the variation of the thermal and mechanical properties with the increase 

of temperature. 

The procedures used for de thermo-structural analysis in the DIANA software have been 

validated in Suaznábar (2018). 

4.1 Thermal analysis 

Thermal analysis is a transient heat-flow analysis. It is made with finite elements for transient 

heat transfer, according to the standard temperature-time curve ISO 834-1:1999. 

In this step, four-node rectangular isoparametric finite elements of type BQ4HT (Figure 4) 

were used, with linear interpolation and Gaussian integration (TNO DIANA, 2016). 

This element is specific for boundary surfaces of heat-flow in solids and integration is linear 

and Gaussian. 

 

Fig. 4. Four-node isoparametric quadrilateral element (TNO DIANA, 2016) 

The polynomial for the heat-flow potential (TNO DIANA, 2016) is expressed by Equation 3. 

𝜑(𝜉 휂) = 𝑎0 + 𝑎1𝜉 + 𝑎2휂 + 𝑎3𝜉휂        

 (3) 

4.2 Structural analysis 

In structures in a fire situation not only lose of resistant capacity but other phenomena occurs 

such as dilation, variation of the stress-strain diagram, modulus of elasticity decrease and 

cracking, among others. As a consequence, the displacements and internal stresses in the 

structure change. 

The structural analysis is done with hexahedral isoparametric finite elements of twenty nodes, 

type CHX60 (Figure 5), with quadratic interpolation and Gaussian integration (TNO DIANA 

2016). 

 

Fig. 5. Twenty-node isoparametric solid brick element (TNO DIANA, 2016) 
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The polynomial for the displacements is shown in Equation 4. 

𝑢𝑖(𝜉 휂 휁) = 𝑎0 + 𝑎1𝜉 + 𝑎2휂 + 𝑎3휁 + 𝑎4𝜉휂 + 𝑎5휂휁 + 𝑎6𝜉휁 + 𝑎7𝜉
2 + 𝑎8휂

2 + 𝑎9휁
2 +

𝑎10𝜉휂휁 + 𝑎11𝜉
2휂 + 𝑎12𝜉

2휁 + 𝑎13𝜉휂
2 + 𝑎14𝜉휁

2 + 𝑎15휂
2휁 + 𝑎16휂휁

2 + 𝑎17𝜉
2휂휁 +

𝑎18𝜉휂
2휁 + 𝑎19𝜉휂휁

2(4) 

According to TNO DIANA (2016), with this element, the strains and stresses are 

approximated according to the following indications: The strain 휀𝑥𝑥 and the stress 𝜎𝑥𝑥 vary 

linearly in 𝑥 direction and vary quadratically in 𝑦 and 𝑧 direction. The strain 휀𝑦𝑦 and the 

stress 𝜎𝑦𝑦 vary linearly in 𝑦 direction and vary quadratically in 𝑥 and 𝑧 direction. The strain 

휀𝑧𝑧 and the stress 𝜎𝑧𝑧 vary linearly in 𝑧 direction and vary quadratically in 𝑥 and 𝑦 direction. 

5 STRUCTURES ANALYZED 

Three structures have been analyzed, two two-dimensional frames and one three-dimensional 

frame, they were named 2DF1 (Figure 6), 2DF2 (Figure 7) and 3DF1 (Figure 8). 

 

Fig. 6. Two-dimensional frame 1 (2DF1) 

 

Fig. 7. Two-dimensional frame 2 (2DF2) 
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Fig. 8. Three-dimensional frame 1 (3DF1) 

All columns and beams of the frames have the cross-sections shown in Figure 9. All 

dimensions in Figure 9 are expressed in mm. 

Concrete with fck = 35 MPa and steel with fy = 500 MPa was used. 

 

Fig. 9. Cross-sections of columns and beams of the frame 

A 38 kN/m uniformly distributed load was considered acting on beams and fire according to 

the ISO 834:1999 curve acting on the faces indicated. 

 a)  b) 

Fig. 10. a) Uniformly distributed load on 2DF1; b) Action of fire on 2DF1 
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 a)  b) 

Fig. 11. a) Uniformly distributed load on 2DF2; b) Action of fire on 2DF2 

 a)  b) 

Fig. 12. a) Uniformly distributed load on 3DF1; b) Action of fire on 3DF1 

5.1 Results of the 2DF1 analysis 

The temperature fields of the 2DF1 thermal analysis for 30 min, 60 min, 90 min and 120 min 

is shown in Figure 13. 

a) b) c) d) 

Fig. 13. Temperature fields of the 2DF1 thermal analysis a) 30 min; b) 60 min; c) 90 min; d) 120 min 

The horizontal displacement fields of the 2DF1 thermo-structural analysis for 30 min, 60 

min, 90 min and 120 min is shown in Figure 14. 

a) b) c) d) 

Fig. 14. Horizontal displacement fields of the 2DF1 thermo-structural analysis a) 30 min; b) 60 min; c) 90 min; 

d) 120 min 

The vertical displacement fields of the 2DF1 thermo-structural analysis for 30 min, 60 min, 

90 min and 120 min is shown in Figure 15. 
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a) b) c) d) 

Fig. 15. Vertical displacement fields of the 2DF1 thermo-structural analysis a) 30 min; b) 60 min; c) 90 min; d) 

120 min 

5.2 Results of the 2DF2 analysis 

The temperature fields of the 2DF2 thermal analysis for 30 min, 60 min, 90 min and 120 min 

is shown in Figure 16. 

a) b) c) d) 

Fig. 16. Temperature fields of the 2DF2 thermal analysis a) 30 min; b) 60 min; c) 90 min; d) 120 min 

The horizontal displacement fields of the 2DF2 thermo-structural analysis for 30 min, 60 

min, 90 min and 120 min is shown in Figure 17. 

a) b) c) d) 

Fig. 17. Horizontal displacement fields of the 2DF2 thermo-structural analysis a) 30 min; b) 60 min; c) 90 min; 

d) 120 min 

The vertical displacement fields of the 2DF2 thermo-structural analysis for 30 min, 60 min, 

90 min and 120 min is shown in Figure 18. 

a) b) c) d) 

Fig. 18. Vertical displacement fields of the 2DF2 thermo-structural analysis a) 30 min; b) 60 min; c) 90 min; d) 

120 min 

5.3 Results of the 3DF1 analysis 

The temperature fields of the 3DF1 thermal analysis for 30 min, 60 min, 90 min and 120 min 

is shown in Figure 19. 
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a) b) c) d) 

Fig. 19. Temperature fields of the 3DF1 thermal analysis a) 30 min; b) 60 min; c) 90 min; d) 120 min 

The horizontal displacement fields of the 3DF1 thermo-structural analysis for 30 min, 60 

min, 90 min and 120 min is shown in Figure 20. 

a) b) c) d) 

Fig. 20. Horizontal displacement fields of the 3DF1 thermo-structural analysis a) 30 min; b) 60 min; c) 90 min; 

d) 120 min 

The vertical displacement fields of the 3DF1 thermo-structural analysis for 30 min, 60 min, 

90 min and 120 min is shown in Figure 21. 

a) b) c) d) 

Fig. 21. Vertical displacement fields of the 3DF1 thermo-structural analysis a) 30 min; b) 60 min; c) 90 min; d) 

120 min 

5.4 Comparison of the horizontal forces 

The horizontal force in the node 1 marked in Figures 6, 7 and 8 was calculated. The curves 

Horizontal Force – Time of 2DF1, 2DF2 and 3DF1 are shown in Figure 22. 

 

Fig. 22. Horizontal force – Time curves of all frames 
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6 CONCLUSIONS 

The horizontal force, which derives mainly from the thermal elongation of the beam, may be 

very high. If this is not considered in the design, the column may be compromised. The 

horizontal force increases greatly at the beginning of the fire due to the combination of the 

thermal elongation of the beam with a structure that has not yet lost much stiffness. 

Subsequently, due to the increase in temperature, the modulus of elasticity of the materials 

decreases, which causes the stiffness of the structure to decrease as well. Other words, the 

structure "softens" and, consequently, the horizontal force falls. It has also been observed that 

columns with higher levels of loading or higher axial restraint, present larger horizontal 

forces due to the restriction of displacements in vertical direction. Other words, the restraint 

causes lower values of the vertical component of the displacement vector and the most 

important component of the displacement vector is the one in horizontal direction. 
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ABSTRACT 

The performance of recycled concrete aggregate (RCA) concrete during and after exposure to 

elevated temperatures is critical to estimate its fire resistance and strength after exposure to 

fire. This paper presents the results of 24 initially un-cracked push-off specimens made with 

natural and recycled concrete coarse aggregates at four RCA replacement levels, 0%, 30%, 

70%, and 100%. The push-off specimens were tested under direct shear after being subjected 

to 500oC with one hour of soaking. Measurements were taken for residual shear transfer, 

shear transfer-crack slip response, residual shear modulus. The results indicate that concrete 

with aggregate both fully and partially replaced with RCA can be considered comparable to 

natural aggregate concrete in terms of shear transfer strength under loading at ambient 

temperature. Whereas, after getting the exposure to elevated temperature, it showed a slightly 

higher reduction rate for RCA concrete. Greater load versus crack width and slip responses 

were recorded for heated specimens compared to their unheated counterpart specimens. 

1 INTRODUCTION 

The use of recycled concrete aggregate (RCA) to replace natural aggregate is important to 

reduce the pressure on natural quarries, minimize the demolition of wastages and creat 

resource recovery. Because of the presence of residual mortar, RCA may have different 

physical and thermal properties compared to natural virgin aggregate. The behavior of RCA 

concrete under different loading types is a well-studied topic at both material and structural 

levels. However, only little attention has been paid to study the shear transfer in RCA 

concrete, especially when subjected to elevated temperatures. The shear transfer strength of 

concrete depends largely on the aggregate interlock resistance that usually happens across 

planes of existing or potential cracks in the concrete structures, such as the interface between 

slab and precast beam, cold joint between shear wall and foundations, and the vertical 

interface of corbel with adjacent column [1]. The shear transfer strength is composed of 

frictional resistance, aggregate interlock resistance and the dowel force developed in the 

transverse reinforcement [2]. Shear strength transfer of concrete is measured by testing small 

scale specimens under shear stress as shown in Fig. 1. The tested data from these specimens 

are used to develop shear-transfer models used by different design codes (such as the CPI [3] 

and the ACI [4]). It is necessary to accurately estimate the shear transfer strength of concrete 

to provide enough shear resistance along these planes. Previous studies [1, 5, 6] have shown 

that the use of RCA may affect the shear transfer strength at ambient. The shear transfer 

strength of RCA concrete during or after exposure to high temperatures yet to be understood.  
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Fig. 1: Types of testing specimen to determine shear transfer strength. [7] 

2 LITERATURE REVIEW 

The presence of RCA in concrete has the potential to affect the aggregate interlock force due 

to residual mortar attached to surfaces of recycled aggregate particles. The mortar is weaker 

than the original coarse aggregate, and therefore, recycled aggregates cannot support the 

same magnitude of applied shear force as can natural aggregates [2]. Fonteboa et al. [6] tested 

the shear transfer behaviour of RCA concrete with 50% aggregate replacement level and 

compared it to natural aggregate concrete (NAC). The results of this study showed that shear 

failure in RCA specimens occurred at applied loads that were approximately 20% lower than 

in NAC.  The effect of elevated temperatures on shear transfer of natural aggregate concrete 

was examined by Smith et al. [2] who tested reinforced concrete blocks in direct shear and 

heated to temperatures of 17˚C (ambient), 112˚C, 188˚C, 390˚C, 475˚C, and 622˚C. The 

results of this study showed that the peak exposure temperature had a negative effect on shear 

transfer strength of concrete, with the concrete samples heated to the highest temperatures 

demonstrating ultimate strengths that were approximately 50% smaller than the unheated 

samples. As the current body of literature has established a definite relationship between 

increased exposure temperature and a decrease in shear strength of reinforced concrete 

elements [8-11], the presence of RCA can further exacerbate shear strength during or after 

exposure to elevated temperatures [12].   

Xiao and Lange [12] tested the effect of the joint interface conditions of RCA beams on the 

shear strength and found that the aggregate interlock force was inversely correlated to the 

percent of RCA replacement. The literature on this subject has established a negative 

correlation between aggregate replacement and concrete shear strength, although limited 

percentages of replacement have been tested. Yang et al. [13] studied concrete samples with 

RCA replacement levels of 0%, 50%, and 100% that were exposed to temperatures of 20˚C, 

200˚C, 300˚C, and 400˚C. The results indicated that RCA replacement level did not have a 

significant impact on the mechanical properties of concrete at low temperatures, but that 

there was a significant negative impact at higher temperatures. This drop in shear strength 

was generally larger for samples that had higher RCA percentages. Although Yang et al. [13] 

established a general relationship between exposure temperature, aggregate replacement, and 

shear strength, only certain replacement percentages were tested, and the exposure 

temperature was limited to 400°C. The purpose of this paper is to present the results of a 

series of tests on initially un-cracked push-off specimens made of concrete with aggregate 

both fully and partially replaced with RCA to investigate the effect of elevated temperature 

on shear transfer strength.   
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3 EXPERIMENTAL PROGRAM  

3.1 Test matrix 

The main focus of this experimental work is to assess the residual shear transfer capacity for 

RCA concrete using push-off specimens. Four different mixes were employed in this project 

and they are distinguished by different types and combinations of coarse aggregate. One mix 

was made with 100% natural crushed limestone coarse aggregate and serves as the reference 

mix. The natural aggregate in the other three mixes was replaced by recycled concrete coarse 

aggregates at three RCA replacement levels, 30%, 70%, and 100% (see Table 1).  A total of 

24 initially un-cracked push-off specimens were cast and tested under direct shear, with 6 

specimens for each concrete mix. Of these six, three specimens were employed for measuring 

the shear transfer strength at ambient (unheated) and three specimens for finding residual 

shear transfer after exposure to 500oC. The heated specimens were let to cool down gradually 

and kept in the lab for one week until being tested at room temperature. In addition to push 

off specimens, a total of 40 (100mmx200mm) cylinders were cast from the same concrete 

mixes to measure the compressive and splitting tensile strengths, with ten specimens for each 

concrete mix. Of these ten, six cylinders were employed in the unheated compressive and the 

splitting tensile strengths tests, three cylinders for each test. The other four cylinders were 

used to measure residual compressive and splitting tensile strengths after exposure to 500oC, 

two for each test. A summary of test matrix is presented in Table 1. 

Table 1. Summary of the test matrix 

Temperature (◦C) 20oC 500oC 

Type of Specimen Cylinders 
Push-off 

Specimen 
Cylinders 

Push-off 

Specimen 

Concrete type/Test 
Compressive 

Strength 

Splitting  

Tensile 

Strength 

Shear 

Transfer 

 strength 

Compressive 

Strength 

Splitting  

Tensile 

Strength 

Shear 

Transfer 

strength 

100%CL-0%RCA 3 3 3 2 2 3 

70%CL-30%RCA 3 3 3 2 2 3 

30%CL-70%RCA 3 3 3 2 2 3 

0%CL-100%RCA 3 3 3 2 2 3 

The un-cracked push-off specimens (260x140x100 mm) were used to measure the shear 

transfer strength. Fig. 2 shows the details dimensions and reinforcement layout of the 

specimen. The average shear plane was 9000mm2 (length 90mm and width 100mm) and the 

resulted strengths ware calculated with respect to as-built dimensions. Two 10M L shaped 

reinforcement were placed parallel to the shear plane to avoid the flexural failure of the 

specimens. 



Shear Transfer Strength of Concrete Made with Recycled Concrete Aggregate After Exposure to High 

Temperatures 

   

295 

 

     

Fig. 2. Details of the push-off specimen. 

3.2 Materials  

Portland limestone cement produced in Canada was used in all mixes. Natural river sand with 

a fineness modulus of 2.66 was used as fine aggregate. Crushed limestone was used as 

natural aggregate and RCA was originated from the demolition of the large concrete roadside 

curbs (as shown in Fig. 3a). As the common practice in road construction is to add a layer of 

natural coarse aggregate under roadside cubes as a base, the RCA used in this project 

contained about 12% of natural aggregate. The data (12%) is an average of five random 

samples and was measured with quartering sampling techniques through visual screening and 

by weight. For consistency, each aggregate was separated into two different size fractions 

using a sieve shaker and recombined to a predetermined gradation (50% passed 12.5 mm and 

retained on 9.5 mm sieve and 50% passed 9.5 mm and retained on 4.75 mm sieve). 

Aggregates were cleaned from impurities and washed before conducting any test or using 

them for casting. The physical properties of the coarse and fine aggregates were determined 

and are summarized in Table 2. 

Table 2. The physical properties of the coarse and fine aggregates. 

Aggregate type 
Maximum 

size, mm 

Unit 

weight, 

kg/m3 

Relative 

density 

(OD)* 

Relative 

density 

(SSD)** 

Water 

absorption 

(%) 

Aggregate 

crushing 

value (%) 

Crushed Limestone (CL) 12.50 1760 2.60 2.64 1.03 21.45 

Recycled Concrete Aggregate (RCA) 12.50 1440 2.34 2.45 4.53 24.53 

Fine aggregate (FA) 4.75 1750 2.61 2.66 0.98 - 

*OD- oven dry, **SSD- saturated surface dry 

3.3 Concrete mixes 

Concrete mix proportions were determined according to the absolute volume method as 

described in Table 3. Concrete made with only natural crushed limestone was prepared as 

Control Concrete and termed as 100%CL0%RCA. Three RCA concrete mixes were made 

with different RCA replacement ratio (RRR) of 30%, 70%, and 100%.  To rationally evaluate 

the effects of each type of coarse aggregate on the shear transfer strength of concrete after 

exposure to elevated temperatures, the coarse aggregate volume was kept constant in all 

mixes. Water-cement ratio was kept constant for all the mixture. All aggregates were 

introduced into the mixing process in a saturated-surface dry condition. They were weighted 

and stored in plastic containers, 24 hours before mixing, together with the exact amount of 

water needed to achieve their saturated surface-dry condition. The plastic containers were 

agitated intensively, after placing the aggregates with their amount of absorption water into 

them and prior to mixing, in order to guarantee a uniform distribution of the absorption water 
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within the aggregates. Small amounts of superplasticizer (SP) were used to maintain a slump 

value of 90-100 mm with the increase of RCA replacement ratio. Proper compaction was 

achieved by vibrating the sides of the wooden mould using a needle vibrator (Fig. 3b). Casted 

specimens were kept wrapped with polythene sheets for one week.  The specimens were then 

demolded and stored in a room maintained at a temperature of 22°C and relative humidity of 

65% for 28 days.  

 Table 3. Mixing proportion (kg/m3) 

Concrete type 
RRR

(%) 
CL RCA FA Cement Water SP 

100%CL0%RCA 0 912  804 416 216 0 

0%CL100%RCA 100 0 804 804 416 216 0.75 

30%CL70%RCA 70 273.6 562.74 804 416 216 0. 5 

70%CL30%RCA 30 638.4 241.17 804 416 216 0.25 

3.4 Heating of the specimens 

The push-off specimens and cylinders chosen for the residual tests were preheated at 80oC in 

a closed chamber for about 24 hours to evaporate their inner moisture to eliminate the 

possibility of concrete spalling during heating to 500oC. A furnace of volume (200 x 200 x 

280mm) made by Hotpack corporation was used to heat the samples (Fig. 4a). The rate of 

heating was 5oC/minute and the target temperature (500 oC) was maintained for 1 hour, after 

which the furnace was turned off and its door was kept closed for next three hours to avoid 

any thermal shock due to sudden temperature change. The specimens were then allowed to 

cool naturally to room temperature. Both the furnace air temperature and the temperature at 

the shear surface were recorded. The temperature inside the push-off specimens was recorded 

by K-type thermocouple placed at the layer of the shear plane during casting depicted in Fig 

3c.  
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a)                                                     b)                                c) 

Fig. 3. a) Crushed limestone (CL) and Recycled concrete aggregate (RCA), b) Mould with steel casing, c) 

thermocouple placement at the level of shear plane. 

3.5 Testing setup 

All tests for unheated and heated push off specimens and cinders, were carried out in the 

materials laboratory of Queen’s University at age of six weeks (42 days). For the residual 

strength, push-off specimens and cylinder that heated to 500oC were kept outside the oven for 

air cooling for one week and tested at room temperature. Instron 1350 was used to test the 

shear transfer strength as indicated in Fig. 4b and the compression load was applied to push-

off specimens at a constant rate of 0.3mm/minute. Two steel plates of 20mm thickness were 

used on the top and bottom of the sample to get the uniform distribution of compression 

loading and a roller was introduced under the bottom plate to eliminate any flexural effect. In 

one side of the push-off specimen LP (Linear Potentiometers) used to measure the crack 

width and two LPs were placed vertically on the other side of the specimen measuring the 

vertical displacement (slip).  

                               

                             a)                                                                b)  

Fig. 4. a) Sample inside the furnace Hotpack for heating, b) Test setup for testing push-off specimen with LP for 

measuring vertical displacement. 

4 RESULT AND DISCUSSION 

All twenty four push-off specimens witnessed brittle pure shear failures along the shear 

transfer plane, causing each one to split into two pieces. Table 4 shows that the mode of 

failures of the specimens are independent of the replacement level of RCA, being tested 

unheated at ambient or after exposure to elevated temperatures. Table 5 presents the 

summary of the experimental results obtained. The shear transfer strength are taken as the 

average of three test results. At room temperature, the compressive strength varies from 

42.88 to 48.35 MPa and the splitting tensile strength is about one-tenth of the compressive 

strength of the concrete. Exposure to 500oC cause different concrete types to lose about half 

of their compressive and tensile strengths. Fig. 5 illustrates the furnace air temperature and 

CL RCA 
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inside temperatures of the push-off specimens during heating. Most of the specimens 

experienced about 450oC temperature at the plane where the shear transfer was measured. 

The shear transfer stress was calculated from the peak load divided by the area of the shear 

plane and the average of three test results at ambient and residual for each type of concrete 

mix are reported in Fig. 6. It can be seen in Fig. 6 that there is no significant difference in 

shear transfer strength between the natural aggregate and RCA concrete specimens. After 

exposure to temperatures of 500°C, the push-off specimens showed decreases in shear 

transfer strength ranging from 63% to 69%, with the RCA concrete specimens exhibited 

slightly greater reductions, compared to shear transfer strengths at ambient. This observation 

indicates that the effect of elevated temperature is more pronounced on the shear transfer 

strength than other mechanical properties such compressive strength and tensile strength. The 

reduction in shear transfer strength after exposure to elevated temperatures can be attributed 

to the mismatch of thermal expansion properties between the aggregate and cement paste. 

This mismatch results in weaker interface transition zone between the aggregate and cement 

leading to bond deterioration between aggregate particles and surrounding cement. Visual 

inspection of the shear plane textures for tested specimens after failure showed that less 

coarse aggregate particles were cut along shear plane in heated specimens than those in 

unheated ones. It can be concluded that exposure to elevated temperatures is conducive to 

reducing aggregate interlock capacity and this effect is exacerbated when concrete is made 

with recycled concrete aggregates. 

Table 4. The mode of failures of push-off specimens 

 
  

Type of Concrete 100%CL0%RCA 70%CL30%RCA 30%CL70%RCA 0%CL100%RCA

20 oC

500 oC
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Table 5. Summary of the test results of cylinders and push-off specimens. 

Temperature (◦C) 20oC 500oC 

Concrete Type 

 

fc
' 

 MPa 

ft 

MPa 

Ppeak 

 kN 

τs 

MPa 

Slip 

mm 

Crack 

width 

 mm 

 

fc
' 

MPa 

ft 

MPa 

Ppeak 

 kN 

τs 

MPa 

Slip 

mm 

Crack 

width 

 mm 

100%CL0%RCA 45.25 4.31 58.63 6.73 1.33 0.22 19.70 2.05 20.52 2.44 0.36 0.10 

70%CL30%RCA 42.88 4.42 59.23 6.49 1.37 0.18 19.32 2.10 19.57 2.07 0.48 0.20 

30%CL70%RCA 47.35 4.87 61.94 7.02 1.58 0.18 23.33 2.07 20.49 2.34 0.59 0.12 

0%CL100%RCA 48.35 4.41 56.32 6.44 1.62 0.33 20.42 2.31 17.56 2.01 0.34 0.18 

Fig. 7 and Fig. 8 represents the shear transfer strength versus slip along the shear plane and 

crack width, respectively. With the application of the same amount of load, higher 

deformations (slip and crack width) were recorded for the push-off specimens exposed to 

high temperature. For example, a slip of 0.3 mm occurred due to the application of 2.5 kN 

and 3.2kN loads for natural aggregate concrete and 70% RCA concrete respectively at 

ambient. While, regardless of the aggregate type, it was required to apply only 1.7kN load to 

cause the 0.3 mm slip in the corresponding heated specimens. Similarly, to get a crack width 

of 0.01mm, the required load at ambient was three times higher than the load applied for 

heated specimens. These results show that exposure to elevated temperature induces the 

formation of wider cracks in concrete and reduce the aggregate interlock capacity leading to 

smaller shear transfer strengths.  

                   

Fig. 5.  Development of temperature inside concrete.        Fig. 6.  Shear transfer strength both at ambient and 

residual for concrete made with different RCA replacement ratio. 

0

100

200

300

400

500

0 100 200 300 400

T
em

p
er

a
tu

re
 (

o
C

)

Time (Minutes)

30%CL70%RCA

0%CL100%RCA

100%CL0%RCA

70%CL30%RCA
Furnace Air Temerature 

6.7 6.5
7.0

6.4

2.4

2.1 2.3
2.0

0

4

8

100%CL-0%RCA 70%CL-30%RCA30%CL-70%RCA0%CL-100%RCA

S
h

ea
r 

T
ra

n
sf

er
 S

tr
en

g
th

 (
M

P
a
)

Concrete Mix

20  C 500  C
oo

 =
 f  l    

A



Shear Transfer Strength of Concrete Made with Recycled Concrete Aggregate After Exposure to High 

Temperatures 

   

300 

 

                   

 

Fig. 7. Shear transfer strength versus measured slip for concrete at ambient and residual conditions. 

                    

Fig. 8. Shear transfer strength versus crack width for concrete at ambient and residual conditions. 

5 CONCLUSIONS 

The following conclusions could be made from this study: 

• Pure and brittle shear failures were observed in the tested push-off specimens regardless 

of aggregate type. 

• The reduction in shear transfer strength after exposure to 500oC temperature was more 

pronounced than the reductions in compressive and tensile strengths.  

• At ambient temperatures, there was no significant difference in shear strength between 

the natural and RCA concrete samples. After exposure to temperatures of 500°C, 

concrete specimens showed decreases in the shear transfer strength of approximately 

70%. RCA concrete exhibited slightly greater reductions than those for natural 

aggregate concrete.  
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• The exposure to elevated temperature not only reduce the shear transfer strength but it 

affected shear deformations as well. Larger crack widths and slips were recorded for 

the push-off specimens exposed to high temperature. 

• The test results indicated that exposure to elevated temperatures was conducive to the 

formation of cracks in concrete, reducing aggregate interlock capacity. This effect was 

exacerbated when concrete was made with recycled concrete aggregates. 

REFERENCES 

[1] Rahal K., Khaleefi A., Al-Sanee A. (2016). An experimental investigation of shear transfer 

strength of normal and high strength self-compacting concrete, Engineering Structures, 109 (2016). 

pp.16–25. 

[2] Smith H., Reid E., Beatty A., Stratford T., Bisby L. (2011). Shear strength of concrete at        

elevated temperature. Application of structural fire engineering, April, 2011, Czech Republic. 

[3] Prestressed Concrete Institute (PCI) (2010), PCI Design Handbook, 4th ed., PCI, Chicago. 

[4] ACI Committee 318, American Concrete Institute, Farmington Hills, Michigan, 2014. 

[5] Shejwadkar, N., Singh, B., and Waseem, S. (2017). Shear Friction in Recycled Aggregate 

Concrete. Journal of Sustainable Cement-Based Materials. 6:1 (2017). pp.17-36.  

[6] Fonteboa, B., Martinez, F., Carro, D., and Eiras, J. (2010). Shear friction capacity of recycled 

 concretes. Materiales de Construccion, 60:299 (2010). pp.53–67. 

[7] Sarhat, S., and Green, M. (2017). Effect of elevated temperatures on the shear transfer strength 

of concrete: A review. 2nd International Fire Safety Symposium- IFireSS 2017, Naples, Italy. pp.581-

588. 

[8] Diab, M. (2014). Shear capacity of reinforced concrete beams at elevated temperatures. Master’s 

thesis, Western University. Electronic Thesis and Dissertation Repository-1884. 

[9] El-Hawary M., Ragab A., El-Azim A., Elibiari S. (1997). Analysis of reinforced concrete frames 

exposed to fire based on advanced calculation methods. Computer and Structures, 65:2 (1997). pp.281-

287. 

[10] Saqier, A. (2008). Effect of fire flame exposure on flexural behavior and shear strength of  

 reinforced NSC and HPC beams. M.Sc. thesis, Babylon University College of Engineering. 

[11] Annerel, E., and Taerwe, L. (2015). Design considerations for shear failure of flat concrete  

slabs exposed to fire. Concrete - Innovation and Design, fib Symposium, Copenhagen May 18-20, 

2015 

[12] Xiao J., Li Z., Li J (2014). Shear transfer across a crack in high-strength concrete after elevated 

temperatures. Constrution and Building Materials, 71 (2014). pp.472–48. 

[13] Yang H., Qin Y., Liao Y., Chen W. (2016). Shear behavior of recycled aggregate concrete  

        after exposure to high temperatures. Construction and Building Materials, 106 (2016).       

        pp.374–381.



Experimental Study on Shear Performance of Simple Supported Reinforced Concrete Beams Without Web Bar 

Under Fire 

   

302 

 

EXPERIMENTAL STUDY ON SHEAR PERFORMANCE OF SIMPLE SUPPORTED 

REINFORCED CONCRETE BEAMS WITHOUT WEB BAR UNDER FIRE 

Yamin Song1*, Chuanguo Fu 2, Shuting Liang 1, Xinyao Chen 2 

1.School of Civil Engineering, Southeast University, Nanjing, China 

2. School of Civil Engineering, Shandong Jianzhu University, Jinan, China 

 

ABSTRACT 

The experiments were performed for assessing the influence of loading ratio on the fire 

resistance of reinforced concrete (RC) beam specimens without web bar under fire. Four full-

scale RC beams without web bar were fabricated either under room temperature or at high 

temperature.  The fire tests were conducted in horizontal furnace chamber of Shandong 

Jianzhu University. The experimental results show that the failure mode of the specimen at 

ambient temperature is typical shear failure, but the failure mode may be either shear failure 

or shear-bend failure at high temperature. Under the thermodynamic coupling, the larger the 

load ratio, the smaller the measured failure time of non-web reinforced concrete beams.  

Keywords: fire resistance; reinforced concrete; simply supported beams; shear capacity; load 

ratio 

1  INTRODUCTION 

When the fire occurs in building, the high temperature will seriously degrade the bearing 

capacity of the reinforced concrete members. The internal force and stress redistribution as a 

result of the high temperature will have a complex impact on the shear bearing mechanism of 

RC members. The bearing safety of the diagonal section of RC members under high 

temperature should be highly concerned, and the steel bars affected by the high temperature 

should be strengthened. It is very urgent to strengthen the research on shear bearing capacity 

of RC beams exposed to fire. At present, there are few relevant data for the experimental 

study on the bearing capacity of RC beams considering the effect of fire. Xiao et al. [1] 

analyzed the effects of high temperature on the strength and deflection of concrete, and 

focused on the differences of the fire resistance between ordinary concrete and high strength 

concrete, and systematically studied the phenomenon and mechanism of concrete bursting 

after fire. Zhang et al. [2] collected the performance of RC structures under high temperature, 

and put forward effective suggestions on how to carry out effective structural repair and 

reinforcement. Ren et al. [3] summarized the existing fire resistance research and design 

methods, and proposed the fire resistance methods of concrete structures. Zhang [4] conducted 

fire test on 16 full-scale reinforced concrete beams. The tests summarized the deflection and 

performance of the simply supported beams under high temperature fire. Lu et al. [5] 

conducted fire resistance tests with one, two and three sides heating of 12 reinforced concrete 

simply supported beams, considering the parameters of loads, heating curves and thickness of 

steel protective layer. Fu et al. [6,7] analyzed the temperature field distribution of RC frame 

joints and RC beams under the ISO834 standard heating curve. Liu et al. [8] studied the failure 

mode of reinforced concrete beams with carbon fiber cloth under fire. Lie.T.T, Irwin. R.J 

etal.[9,10] conducted experimental study on the properties of reinforced concrete compression-

bending members under high temperature. El-Hawary. M. M, Ragab. A. M et al. [11,12] 

conducted fire resistance tests of eight reduced-scale beams, and analyzed the effects of fire 

time and concrete protective thickness on the ultimate bearing capacity of beams. Studies on 

the failure mechanism of RC members under fire are still very limited. Fire simulation test 

research examples are still insufficient, lack of effective test verification data. 
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This study investigated the shear behavior and failure mechanism of RC beams without web 

bar in fire. Four full-scale RC beams without web bar were designed, considering the effects 

of loading ratio. The RC beams adopt three-side fire condition with ISO834 international 

standard curve [13]. The main objective of these tests was to study the effect of load ratio on 

fire resistance of RC beams without web reinforcement.  

2 EXPERIMENTAL TESTS  

2.1 Specimens geometry and material data  

To study the effect of load ratio on fire resistance of simple supported RC beam without web 

bar under thermodynamic coupling, four full-scale RC specimens without web bar (as shown 

in Fig. 1 and Table 1) were fabricated: one was unfired and employed as a reference, the 

other was fired in a furnace chamber of Shandong Jianzhu University. The design length of 

RC beam specimens is 4000 mm, and the cross-sectional size is 250 mm×400 mm. The shear 

span ratio λ, and longitudinal reinforcement ratio of all the beams was 2.1 and 1.96%, 

respectively. The thickness of the concrete cover was 25 mm. Stirrups are placed in the 

beam-ends. Table 1 shows that the standard reinforcement used for longitudinal 

reinforcement has a cross-sectional diameter φ=25 mm and a tested yield stress fy of 

approximately 450 MPa. The tested average compressive strength of three concrete cubes 

(150 mm×150 mm ×150 mm) was 31.6 MPa. 

Table 1. Design parameters of specimens 

Specimen  Section size/mm ρ/% λ Load ratio 

CWZJL1-W 250×400 1.96 2.1 / 

ZJL1-W 250×400 1.96 2.1 0.4Pu 

ZJL2-W 250×400 1.96 2.1 0.6Pu 

ZJL3-W 250×400 1.96 2.1 0.5Pu 

Note: contrastive specimen number: CWZJL-W; specimen number under fire: ZJL-W; Pu: ultimate load bearing 

capacity at ambient temperature  

 

Fig.1. Dimensions and reinforcement details of specimens (dimensions in mm). 

2.2  Test setup  

The fire tests of specimens were carried out in the large-scale horizontal furnace chamber in 

the fire laboratory of Shandong Jianzhu University. The furnace had 9000×4500×1500 mm 

of internal dimensions and was capable to heat up following ISO 834 fire curves, as shown in 

Fig. 2(a). The beams were placed in the furnace as illustrated in Fig. 2(b). Before heating up, 

the beam was firstly added to the applied load. After the load was stabilized, the ignition 
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heated up. The load was kept constant during the fire test and the general arrangement of the 

test set-up was shown in Fig. 3. All measurements of thermocouples, displacement 

transducers were recorded by a computer data logger.  

The temperature in the furnace was measured through thermocouple previously set in the 

furnace chamber. The internal temperature distribution of specimens was obtained by 

thermocouple pre-buried in the cross-section (as shown in Fig. 4), in which the 1-1 section is 

the middle of beam, and the 2-2 section is the middle of the support and loading point of the 

specimen. 

Through four linear variable differential transducers (LVDTS) and the data acquisition 

instrument, the deflection deformation of the simply supported beam specimen was 

monitored in real time, as shown in Fig. 5. The displacement gauges were respectively 

arranged at the one end support, the two loading points and the mid-span of specimen to 

measure the vertical deformations along the loading direction, the displacement gauge had a 

range of 200 mm.  

 (a) (b) 

Fig. 2. Layout of the fire test: a) The furnace chamber; b) Specimens arrangement in fire furnace. 

 (a)  (b) 

Fig. 3. Fire test set-up: a) Vertical load; b) Date collection. 
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(a) 

(b)(c) 

Fig. 4. Location of thermocouples (dimensions in mm): a) Thermocouple; b) 1-1 section; c) 2-2 section 

(a)  (b) 

Fig.5. Displacement meters layout of specimens (dimensions in mm):a)LVDTS layout; b)LVDTS layout in site 

2.3  Failure criterion 

Considering that the failure mode of the specimens without web bar was difficult to predict 

under the thermodynamic coupling effect, the failure criterion of the specimens was referred 

to the fire endurance regulations for flexural members of Chinese Standard [14] : 

Deformation: 
2

400

L
D

d
= mm                (1) 

Deformation rate: 

2

9000

dD L

dt d
=

mm/min       (2) 

Where L is the net span of specimen (mm) and d is the height between the compression point 

and the tensile point on the cross section of specimen (mm). When either of the indices 

exceeds the deformation (Eq. 1) and deformation rate (Eq. 2), It was considered that the beam 

had reached the fire resistance limit. 

At the same time, considering that the shear brittle failure may occur on the oblique section 

of the beam, when the reinforced concrete beams without web bar is brittle failure at high 

temperature and momentary loses its bearing capacity, the specimens is also considered to 

reach the fire endurance limit. 
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3  RESULTS AND DISCUSSION 

3.1 Thermal response  

Through the data acquisition results of temperature sensor data acquisition and displacement 

transducers during the fire test, the temperature rise in the fire test furnace and the measured 

vertical displacement of the specimens were monitored in real time. 

During the thermodynamic coupling test, the test phenomena in furnace chamber were 

inconvenient to observe due to the sealing of the top cover of the specimen. Only the exposed 

part of specimens could be observed. After about 20 minutes after the start of the heating test, 

the measured temperature inside the furnace increased sharply, and some water vapor 

gradually emerged from the joint portion of the test furnace cover plate. After about 60 

minutes of the heating test, some water stains were deposited at both ends of the specimens 

and the vertical deflection of the measured test beam span changed significantly. As the fire 

time increased, a clearer cracking burst sound gradually appeared in the furnace, which could 

be caused by the bursting of the surface layer concrete of specimens under high temperature 

conditions. When the fire endurance was approached, the vertical deformation of the test 

beam was obviously accelerated and did not converge, the fire endurance reached quickly 

and the specimen was suddenly destroyed. After the specimens reached the fire endurance 

limit, they stopped the fire and unload it. After cooling to normal temperature by natural 

cooling method, the furnace covers were open and the specimens were hoisted out for 

detailed appearance observation, recording and photographing. 

The fire tests were carried out simultaneously with other specimens. According to the overall 

arrangements of the test plan, three specimens were subjected to thermodynamic coupling 

tests in two batches, ZJL1-W was the first batch and ZJL2-W and ZJL3-W were the second 

batch. The comparison between the measured heating curves in the furnace and the ISO834 

heating curve is shown in Fig. 6(a). As can be seen from Fig. 6(a), the temperature rise curve 

of the measured furnace in the two batches is basically consistent with the heating trend of 

the ISO834 international standard heating curve, but the first test of the measured furnace 

temperature is always slightly lower than the ISO834 international standard heating curve 

about 40 °C. The temperature curve at the partial measuring points of the specimens with the 

fire time is shown in Fig. 6. 
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  (c)  (d) 

Fig. 6. Measured temperature-time curves: a) Furnace temperature curves; b) ZJL1-W; c) ZJL2-W; d) ZJL3-W 

3.2 Vertical displacement 

FIG. 7 shows the relation curves of measured vertical displacement with temperature rise 

time of specimens. Table 3 shows the measured fire resistance limit and the displacement of 

each specimen. It can be seen that under the thermodynamic coupling of different load ratios, 

the vertical displacement changes of the specimens ZJL1-W and ZJL3-W relatively gentle 

before the temperature rise to 130 minutes, and the vertical deformation is basically similar 

with about 180 minutes. Compared with the specimens ZJL1-W and ZJL3-W, the specimen 

ZJL2-W with the largest load ratio has a relatively smooth vertical deformation before180 

minutes. When approaching the fire resistance limit, the vertical deformation increases 

sharply and enters the rapid destruction. The specimen ZJL1-W reaches the fire endurance as 

early as 184 minutes. The load ratio of the specimen ZJL3-W during heating is 0.5Pu, the 

vertical displacement increases rapidly at 191 minutes, and the second one reaches the fire 

endurance limit. The load ratio of the specimen ZJL1-W is 0.4 Pu, and the last one reached 

the fire endurance when the temperature rises to 198 minutes. As can be seen, the greater the 

load ratio under thermal coupling is, the smaller the measured fire resistance limit of 

reinforced concrete beams without web bar is. 

  

Fig. 7. Vertical displacement-time curve  
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Table 3. Measured fire resistance limit and vertical displacement 

Specimen  λ Load ratio Failure time/min Vertical displacement/mm 

ZJL1-W 2.1 0.4Pu 198 102 

ZJL2-W 2.1 0.6Pu 184 91 

ZJL3-W 2.1 0.5Pu 191 76 
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3.3 Failure modes 

The purpose of static load test for reference specimens at ambient temperature is as follows: 

firstly, to obtain the ultimate load bearing capacity and failure mode of specimen at ambient 

temperature; secondly, to determine the load size at the fire test; thirdly, to compare and 

analyze the results of the thermal coupling fire resistance limit test and failure modes with the 

normal temperature comparison specimens. The reference specimen CWZJL1-W had the 

expected diagonal cross-section tensile failure mode in the normal temperature static load 

test. The measured ultimate load Pu of specimen CWZJL1-W is 155kN, and the failure mode 

is shown in Fig. 8(a). 

After reaching the fire resistance, the specimens were cooled naturally to normal temperature, 

and then the specimens were lifted out by the furnace covers for detailed appearance 

observation, recording and photographing. 

As can be seen from Fig. 8(b), the bottom of the specimen ZJL1-W has a peeling effect of the 

concrete protective layer with a length of nearly 3m and the longitudinal steel bar is exposed. 

A large length of concrete cracking appears at the top of the beam along the longitudinal 

direction of the beam, exposing the upper edge of the steel bar. This longitudinal splitting 

crack should be caused by the thermal expansion of the concrete without the restraint of the 

stirrup. The vertical cracks of the specimen are mostly distributed in the pure bending section 

of the beam, the maximum crack width is about 6mm. while there are many through cracks 

along the loading point to the support in the shear-bending section, the maximum crack width 

is about 3mm.The failure mode of specimen CWZJL1-W is typical shear failure, while the 

shear failure of specimen ZJL1-W is not obvious. When the specimen ZJL1-W reaches the 

fire resistance limit, it exhibits the characteristics of bending failure. Therefore, the failure 

mode of the non-abdominal beam at ambient temperature may also present the form of 

bending failure under the thermodynamic coupling effect. 

The specimen ZJL2-W has many vertical cracks in the pure bending section, while there is a 

through-slope crack with a maximum width of 20mm along the direction of the support and 

the loading point in the shear-bending section, as shown in Fig. 8(c). One of the main 

diagonal cracks extends from the support at a lateral direction of about 250mm toward the 

loading point, and the crack width is up to 4mm.Therefore, specimen ZJL2-W has the 

characteristics of obvious shear failure mode. 

The specimen ZJL3-W has several vertical cracks with the width of mostly 1-3mm in the 

bending section, as illustrated in Fig. 8(c). However, there are many diagonal cracks in the 

shear-bending section, and most of the cracks extend along the support to the loading point. 

There are at least 5 obvious diagonal cracks in the shearing section on the east side of the 

specimen. The maximum width of the through diagonal crack is 21 mm. Therefore, the 

specimen ZJL3-W has characteristics of the shear failure, which is similar to the specimen 

ZJL2-W. 

 (a)  (b) 
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 (c)  (d) 

Fig. 8. Failure modes of specimens: a) CWZJLI-W; b) ZJL1-W; c) ZJL2-W; d) ZJL3-W 

4 CONCLUSIONS 

According to the experimental results, the conclusions can be drawn: 

(1) The failure mode of the non-web reinforced concrete beam is the typical shear failure at 

ambient temperature. When the fire resistance reaches under thermodynamic coupling, the 

two specimens appear the shear failure mode, while one specimen shows the bending failure 

mode. 

(2) Under the thermodynamic coupling, the larger the load ratio, the smaller the measured 

fire resistance limit of the non-web reinforced concrete beam. 

(3) The vertical deformation rate of the no-web specimens near failure time increases rapidly. 

The damage is sudden near the fire resistance limit, and the larger the load ratio, the more 

pronounced this suddenness. 
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ABSTRACT 

This study investigated the effect of elevated temperatures on the mechanical and physical 

properties of cement paste. The main parameters of the test are the cement type, water to 

binder ratio and supplementary cementitious materials (SCMs). In which specimens were 

subjected to different maximum temperatures i.e. 50, 150, 300, 400, 500, 800 and 900°C, 

respectively. Using metakaolin as a supplementary material in cement paste showed 

significant effect on surface cracking appearance and residual compressive strength of high 

strength paste. Different dosages of metakaolin were used in this study 0, 3, 6, 9, 12 and 15 

% mass as a replacement of cement. In addition to that, two w/b ratios were used 0.3 and 

0.35. In total, 288 cubes have been tested to investigate the effect of previous parameters on 

the residual compressive strength of the paste. 

1 INTRODUCTION 

World cement demand and production are increasing dramatically especially in the 

developing countries [1]. One of the efforts to produce more environmental friendly concrete 

is to replace large amount of portland cement in concrete with supplementary materials in 

large volume such as ground-granulated blast-furnace slag and fly ash [2].Thus, decreasing 

environmental impact and enhancing economic benefits [ 3]. It is found that the incorporation 

of these materials in concrete enhances the strength and durability and plays an important 

role in the performance at fire [4]. 

Metakaolin (MK) showed excellent properties for producing high performance and high 

strength concrete (HSC) [5]. It is gaining popularity due to its consistent composition and 

production, light colour; appear to satisfy a number of economical, performantial and 

environmental requirements [6]. From other hand the use of MK enhances the strength and 

durability of concrete through three primary actions which are the filler effect, the 

acceleration of ordinary Portland cement (OPC) hydration and the rapid pozzolanic reaction 

with calcium hydroxide (CH) [7-9]. The compressive strength development, porosity and 

pore size distribution of MK concrete were found to be very close or superior to the silica 

fume concrete [8, 10]. It is essential that the fundamental behaviour of HSC at elevated 

temperatures to be understood to ensure that structural fire design involving HSC will be safe 

[11]. High strength paste during fire underwent to physical and chemical changes. They are 

summarized as follow in the Table 1:  

Table 1. General behaviour of hardened cement paste at temperatures 

Hydration 

Products 

At 110–150  C, alumina, ferric oxide, tri-sulfate and alumina, ferric oxide, mono-sulfate 

phases dehydrates [12]. portlandite or Calcium hydroxide – Ca(OH)2 (CH) either disintegrates 

into lime (CaO) and water at 350  C, or transforms into additional CSH gel [13]. Calcium 

silicate hydrate gel decomposes in the range of 400–600  C, as concrete loses its main binding 

agent [14, 15]. 
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With respect to mechanical properties, Mansour et al. [20] studied the influence of 

metakaolin on compressive strength of mortar at ambient temperatures. Specimens were 

prepared with 10%, 20% and 30% MK as partial replacements of OPC. Results showed that 

among three replacement levels, 10% MK was the highest compressive strength at all ages. 

Dinakar et al. [5] studied the effect of incorporating MK on the mechanical properties of high 

strength concrete with w/b ratio of 0.3. they used cement replacement of 5, 10 and 15%. 

Concluding that 10% replacement was the optimum dosage. Khatib [21] studied the 

incorporation of MK up to 20% replacement in concrete with 0.3 w/b ratio, MK with 15% 

replacement shows the optimum replacement as far as compressive strength concerned. 

Hamdy et al. reported that pozzolanic cement paste having 5% MK gives higher compressive 

strength values than those of OPC or the other pozzolanic cement pastes. In addition to that 5 

% MK acts as nucleating agent which accelerates the hydration of OPC [22]. 

From other hand, Morsy et al. [23] evaluate the performance of mortars with and without MK 

exposed to elevated temperatures up to 800 °C. OPC was replaced with MK replacements 0%, 

5%, 10% 20% and 30%.Test results indicated that MK improves the compressive strength before 

and after exposure to elevated temperature indicating that the 20% cement replacement of MK is 

the optimum percentage. However, Poon et al. investigated the performance of MK at elevated 

temperatures [24]. They found that concrete with high replacement of MK (20%) suffered 

higher loss in strength at all temperatures and suggesting that severe durability loss occur at 

elevated temperatures. 

2 EXPERIMENTAL DETAILS 

An experimental program was designed to investigate the residual properties of MK hardened 

cement paste subjected to temperatures up to 900 °C. Major parameters of our study were the 

different dosages of MK of the binder (as replacement of cement) and the value of maximum 

temperatures. In the experiments, specimens were exposed to target maximum temperatures 

and then air cooled down to room temperature at 20°C before testing.  

Table 2. Experimental matrix with detailed varied parameters 
Water to binder ratio 

0.3  0.35 

MK-0 % MK-0 % 

MK-3 % MK-3 % 

MK-6 % MK-6 % 

MK-9 % MK-9 % 

MK-12 % MK-12 % 

MK-15 % MK-15 % 

2.1 Materials  

Two Ratios of water to binder (w/b) are used. In addition to 2 g/kg of liquid superplasticizer 

(GLENIUM® C 300 (AT)) was applied also for each mixture. Cubic form cement paste 

specimens were used with dimensions of 30 mm sides for compressive strength test. 

Portland cement (CEM I 52, 5 N) was used. Metakaolin (Metaver N) was used as 

supplementary material. 

Cracking and 

deterioration of 

microstructure 

Above 100  C, micro-cracks start to appear in the paste matrix [16]. Up to 93  C, the cement 

paste tends to expand and then contracts till 491  C [17]. This differential shrinkage is due to 

the expulsion of water vapours [18]. However, a proportional rise in porosity of paste is 

observed as the temperature elevates which is due to the deterioration of microstructure [19]. 

https://www.sciencedirect.com/science/article/pii/S0950061818330204#b0105
https://www.sciencedirect.com/science/article/pii/S0950061818330204#b0110
https://www.sciencedirect.com/science/article/pii/S0950061818330204#b0115
https://www.sciencedirect.com/science/article/pii/S0950061818330204#b0120
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2.2 Curing and heating regimes  

The way of mixing was to mix dry binder (Cement + Metakaolin) during 30 seconds to ensure 

homogenous mixing. All amount of Water with superplasticiser were added and mixed with ¾ 

of binders. In addition, the remaining amount was gently added. After that the fresh paste was 

poured into 30 mm cube (24 cubes per mixture) and vibrated for 1 min to remove air bubbles. 

The specimens were demolded 24 h after the casting and placed in a water tank. After 7days 

of water curing, they were transferred to an environmental chamber maintained at 20 °C and 

65±5 % relative humidity. It was then naturally cooled down in laboratory conditions. The 

parameter combinations resulted 12 mixtures are shown in Table 2. All 288 specimens from 

each mixture comprised eight groups according to different temperatures. all groups were 

tested at the age of 90 days. In which the first group was tested directly in ambient temperature 

to determine the strength after curing. The second, third, fourth, fifth, sixth, seventh, and eight 

groups were tested after three hours exposure at temperatures, 50 °C, 150 °C, 300 °C, 400 °C, 

500 °C, 800 °C and 900 °C respectively, During  the  heat  load  a  program  controlled electric 

furnace  was  used. The heating rate was set at 4°C per minute to simulate both natural fire 

and oil/gas industry temperatures. Heating curve was similar to standard fire ISO 834 curve for 

buildings up to 800 °. Residual compressive strengths were measured for specimens with an 

ALPHA 3-3000S test machine, and then the average values of the measurements were chosen 

and analysed. 

3 RESULTS AND DISCUSSIONS 

3.1 At ambient temperature 

The compressive strength values of OPC–MK Pozzolanic cement pastes are graphically 

represented as a function of MK replacements in Fig. 1. It shows that all the specimens made 

in this study are high strength.  

For pastes with 0.3 w/b ratio, the mixture contains 3% of MK had exhibited lower strength 

with 77.54 MPa comparatively than the other MK percentages. On the other hand, it can be 

seen that the compressive strength was the highest for the mixture with 9% of MK achieving 

strength of 119.68 MPa. This clearly shows that the replacement level of 9 % was the 

optimum as far as the compressive strength is concerned. This is slightly less than the 

replacement levels of 15% and 10% reported in a previous study for the same w/b ratio of 

0.30 [21, 5]. However, at this study the reduction in compressive strength for previous 

compared to MK 9% is explained as the result of a clinker dilution effect. The dilution effect 

is a result of replacing a part of cement by the equivalent quantity of MK.    

 

Fig. 1: compressive strength of different MK replacements with respect to w/b ratio 
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With time, the compressive strength differences between the MK mixtures and OPC concrete 

becomes smaller. This might be due to the fact that all cementitious materials reactions were 

close to completion, or had stopped; mainly because the reactions between MK and OPC 

mixtures were slowed down with time (Wild and Khatib 1997) [9]. 

At this study, short incremental replacement was used in order to increase the accuracy of the 

optimum dosages.  In which, the higher compressive strength was achieved by 9% replacement 

which is slightly lower than that were had been gotten by the previous researchers. 

Nevertheless mixtures with 0.35 w/b ratio, Results showed Clear tendency of the optimal 

amount toward 6%. This is slightly higher than found by Hamdy [22]. MK acts as nucleating 

agent which accelerates the hydration, it is clear that the compressive strength of all cement 

pastes increases with increasing time of hydration up to 90 days. This is mainly due to the 

increase of the amount of hydration products such as CSH, CAH and CASH and their later 

accumulation within the available pores giving high strength [26].  

3.2 At high temperature 

The specimens showed different performance on surface cracking and residual compressive 

strength after exposing to high temperatures. It is presented and discussed herein. 

3.2.1 Surface cracking 

Evolution of surface cracks as a result of the elevated temperatures is presented in Fig. 2.  

Hardened cement paste specimens during temperature loading undergo to chemical and 

physical changes leading to surface cracks. There were no macroscopic observable changes 

on the cubes surface up to maximum temperature 500 °C neither for OPC. However, the 

number and size of cracks strongly grew at thermal loads of up to 900 °C for mixtures with 

0% MK content, and in less degree for mixes contain amount of MK.  
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Fig. 2. Effect of different MK dosages on the Surface cracking with both w/b ratios at high temperatures  

This can be attributed to the following for OPC, cracks largely caused by chemical processes 

occurring in the cement stone. It is well known that decomposition of portlandite which is 

most rapid at about 500 °C, as well as part of the C–S–H phases could decompose at different 

steps up to 800 °C [27]. Moreover, after cooling rehydration of CaO could considerably 

increase the extent of the crack development with further changes in volume. Humidity can 

cause 44 % of volume increasing due to rehydration of CaO [28]. Number of cracks 

increased as a function of time after cooling down. In addition to that, the number of cracks 

can also be explained with the different amounts of MK in the cement. Increasing MK or 

pozzolana content results in decreasing portlandite content of the cements). However, more 

portlandite is consumed by the higher amount of MK in the pozzolanic reaction (During the 

hydration process they consume part of the portlandite forming calcium-silicate-hydrates). 

3.2.2 Relative Residual Compressive strength 

The compressive strengths of the hardened cement paste specimens are presented related to 

the compressive strength measured at 20 °C called relative residual compressive strength 

(RRCS) as functions of the maximum temperature and the different MK content. The 

compressive strength values at 20 °C were in Table 3. 

Table 3. Compressive strength of 20 °C 

w/b ratio MK-0% MK-3% MK-6% MK-9% 12% 15% 

0.3 115.19 77.54 90.96 119.68 87.18 89.84 

0.35 81.80 87.50 93.90 86.02 83.57 81.57 
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1. Samples prepared without MK: 

The mixtures with 0 % MK exhibited the lowest relative residual compressive strength up to 

400 °C of specimens prepared with 0.3 w/b after a thermal load of 500 °C is 76%. For 0.35 is 

69%, of the values measured at a temperature of 20 °C. By increasing the thermal load up to 

900 °C, the specimens still coherent and compressive strength tests could not be carried out 

especially for specimens prepared with 0.3 w/b ratios. 

 

 

Fig. 3. Effect of the amount of MK on relative residual compressive strength of concrete at elevated 

temperatures with w/b= 0.3 

2. Samples prepared with MK (w/b= 0.3): 

The RRCS generals decrease gradually up to 500 °C heat loading. However it decreases as 

MK content increases. This was mainly due to ability of this material to densify the 

microstructure and eliminate the large pores; which led to the formation of internal stresses 

induced by build-up of vapour.  For all mixtures the tendency of RRCS is almost similar, as 

can be seen in Fig. 3 In which by increasing temperatures the RRCS is decreased. However, 

by comparing the various types of the studied mixes it can be clearly observed that the matrix 

containing 3 % MK exhibited the highest RRCS (115%) among the six types of mixes at 500 

°C. A slight reduction in the RRCS was observed at 800 °C, yet it is still close to that value at 

20 °C (89 %). 

Other researchers poon et al (2003), (2001) observed HSC with higher replacement of MK 

exhibited higher loss in strength at higher temperatures [10], they concluded relatively large 

pore area fraction available in high MK mixes at high temperature, which are suffered more 

than silica fume, pure OPC and fly ash concretes [6]. Furthermore dissociation of the CH 

crystals, incremental increase of pore pressure and the crystal transformation of quartz. 

Mercury intrusion porosimetry (MIP) test data showed an increase in porosity and average 

pore diameter with the rise in exposure temperature all of these reasons lead to internal 

cracking. The micro structural coarsening was found to adversely affect the impermeability 

of concrete at elevated temperatures and subsequently the durability. Moreover, the dense 

microstructure as reference to the high surface area in a function of replacement amount also 

lead to spalling in presence of vapour [10].  

3. Samples prepared with MK (w/b= 0.35): 

Mixtures prepared with w/b ratio 0.35 showed similar behaviour. Figure 4 showed the 

relative residual compressive strength of the various mixes. MK with 9 %, showed less losses 
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of RRCS (76 %) than other mixes at 500%. By increasing the intensity up to 800 °C RRCS 

remains only 51 % of the value measured at a temperature of 20 °C.  

 

Fig. 4 Effect of the amount of MK on relative residual compressive strength of concrete at elevated 

temperatures with w/b= 0.35 

Water makes differences in the results, as the w/c ratio increases; pore size is enlarged in 

addition to the pore volume and porosity increase [29]. The presence of MK, however, causes 

refinement in pore structure, in that pastes containing MK the packing effect decrease the 

threshold diameter and increase the percentage of small pores [30, 31]. The likelihood of 

spalling has been seen to increase with concrete that has a lower water to cement ratio and a 

lower permeability [32], thus the optimum amount shifted with increase the water content. 

That explains why MK 9 % was higher than the value related to 0.3 w/b ratio. The other 

mixtures (12 and 15 %) will more prone to spalling beyond 400 °C because with increasing 

MK content the porosity decreases as well Fig. 2.  (Alaa el all.,[33] were obtained with the 

inclusion of 10% MK. the semi-crystalline CSH (CaO. SiO2.nH2O) overlapping with calcite 

(CaCO3) was formed as hydration product. For CSH and calcium aluminosilicate (CASH), 

more importantly, This hydrothemal phase is known of its refractoriness during high 

temperature, This result is expected because the MK pozzolan contains a relatively large 

quantity of Al2O3, about 37% and low amount of CaO. However CASH increased with the 

inclusion of MK.  

The results of compressive strength tests have correlated patterns of cracks. In which the 

highest number of cracks can be seen on the specimens prepared from pure Portland cement. 

4 CONCLUSIONS 

The main goal of the present study was to define the optimum dosage of MK. Different MK 

replacements were used i.e., 0, 3, 6, 9, 12 and 15% of the cement mass. The study also 

provided analysis of post-heating characteristics of hardened cement paste.  

From the results, the following conclusions can be drawn: 

− Optimum dosages of MK, at ambient temperature, were 9 % and 6% in cement paste with 

w/b ratio of 0.3 and 0.35 respectively. 

− According to the relative residual compressive strength, 3 % of MK content has the highest 

value among other ratio at high temperatures for w/b ratio of 0.3 

− According to the relative residual compressive strength, 9 % of MK content has the highest 

value among other ratio at high temperatures for w/b ratio of 0.35 

− MK has significant influence on surface cracks due to elevated temperatures. In which the 

more the paste contains MK the less the cracks occur 
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− Excessively increasing the amount of MK leads to increase the probability of spalling 

−  Different amounts of w/b ratio have significant effect on optimum MK dosage at both 

ambient and elevated temperatures 
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ABSTRACT 

An almost square heavy-duty reinforced-concrete slab is investigated before and after the 

addition of a stiffening beam along the only unsupported side. (The other three sides are fully 

or partially supported by underneath walls). The risk of fire and the limited thickness face to 

increasing loads (thickness = 35 cm and side = 8 m) required the free edge to be stiffened. 

Previous in-situ tests and finite-element analyses have confirmed the efficacy of slab 

strengthening under service loads. Here, the Yield-Line Method is adopted to quantify the 

extra-capacity provided by the stiffening beam, both at the ultimate limit state (ULS) and in 

fire. Three are the most interesting issues with design implications: (a) simple versus 

complex but more realistic mechanisms (at the ULS and in fire); (b) mixed slab-beam 

mechanisms versus slab-localized mechanisms under increasing temperature; and (c) fire-

sensitivity ensuing from curtailment of the top reinforcement. 

1 INTRODUCTION 

Limited thickness, architectural adaptability and reduction of underneath obstructions (like 

columns and walls) make reinforced- and prestressed-concrete two-way slabs an ideal 

structural choice for the floors of multi-storey buildings, bridge decks and foundation mats 

(slabs-on-grade), see – for instance – the classic books by Szilard (1974) [1], Hughes (1976) 

[2], Park and Gamble (2000) [3] and Ventsel and Krauthammer (2001) [4]. 

Two-way slabs, however, rouse suspicion in many structural designers for some 

unquestionable reasons: (a) shear and punching close to point-like and linear supports or to 

point-like loads; (b) corner hogging in simply-supported slabs and corner curling in slabs on 

grade; (c) discontinuities in the geometry (as in stepped slabs); (d) bar arrangement (which 

should be aligned with the planes of the principal moments); and (e) the complexity of 

mathematical analysis. 

Though these critical issues can be overcome today thanks to increasingly-powerful 

numerical tools, designers always long for simple, dependable and intuitive design methods, 

which have the added benefit of yielding reference results helping the designer to check the 

numerical output. Such is the case of the Yield-Line Method (ACI 318M-14, 2015; fib, 2013; 

UNI EN 1992-1-2/EC2, 2005), which is among the methods based on materials rigid-plastic 

behavior and Limit Analysis (Jones and Wood, 1967 [5]; Kennedy, 2004 [6]; Nielsen and 

Hoang, 2010 [7]). 

Combining the Yield-Line Method with other limit-analysis methods  (such as the strip 

method for reinforcement design, see Hillerborg, 1996 [8], and Favre et al., 1996) [9]), and 

with elastic FE analysis is a very effective way to refine the design (Bamonte and 

Gambarova, 2009 [10]). 
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     Within this context, after a concise presentation of the structural case including its elastic 

behavior (prior to and after upgrading),  a heavy-duty RC slab is investigated according to the 

following steps: (a) possible yield-line patterns and failure mechanisms; (b,c) yield-line 

analysis at the ultimate limit state and in fire; and (d) role of bar curtailment in fire. For the 

loads reference is made to the Italian Highway Code (2012) [11], which  is close to ASSHTO 

(2010) [12]. 

2 THE STRUCTURAL CASE: A HEAVY-DUTY RC SLAB 

A heavy-duty slab belonging to a waste-water treatment plant close to Milan (Italy) was 

designed and built sixteen years ago to bear heavy trucks and dumpers (Figure 1a). The clear 

in-plan dimensions are 7.64 m in the north-south direction and 8.20 m in the west-east 

direction; the thickness is constant and equal to 35 cm. As shown in Figure 1b, the west and 

south sides rest on 30 cm-thick RC walls. The north side is (a) partially supported along the 

first and fourth quarter of its length, and (b) partially unsupported in the central half, but 

along the entire side there is a continuity with the extension of the slab in the north direction. 

The east side was originally free, but recently a stiffening beam has been added at the 

extrados (L section, Figure 1c). In this way, the  safety level during the simultaneous passage 

of  three axles of 12 t each in one direction, and two axles of 9 t each in the opposite direction 

has been increased. The variable load (54 t) is assumed to be uniformly distributed in the 

analysis, since the vehicles transmit their loads in ten points. Studs embedded in the slab 

guarantee the composite action between the beam and the slab. The horizontal part of the 

beam acts as a 2 m-wide sidewalk; a second sidewalk has been added along the west side 

(Figure 1b) to limit the traffic to the passage of a single vehicle at a time.  

 

   

(a) (b) 
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The section of the stiffening beam and 

the  reinforcement are set out in Figure 

1c, where the dashed line indicates the 

part of the slab, that works with the web 

of the beam. 

Fig. 1. (a) Lateral view of the slab, with the 

unsupported side in the forefront (east side); (b) 

in-plane section with the positions of the test 

loads and of the LVDTs to measure the vertical 

displacement; and  

(c) section and reinforcement (beam and slab). 

Slab: fck = 25 MPa ;  Ec = 31 GPa 

Stiffening beam: fck* = 60 MPa ; Ec* = 39 GPa 

Reinforcement: fyk = 450 MPa; Es = 200 GPa 

3 PREVIOUS TESTS AND NUMERICAL ANALYSES 

To check the efficacy of slab repairing and strengthening under the service loads, a heavy 4-

axle truck (mass = 35600 kg) was moved onto the slab in order to have the two back axles 

(mass = 22163 kg) close to the centroid of the slab (Test 1) or close to the partially-supported 

north side (Test 2), see Figure 1b. The loaded area was 2.5 wide and 1.60 m long. Nine 10 

mm-stroke LVDTs were placed under the slab. 

The behavior of the slab was mostly elastic, since no spurious displacements affected the 

readings, thanks also to the very uniform ambient temperature during the tests (8°C). 

In Test 1, the maximum displacement wA (in the centroid of the slab) was 1.14 mm. 

In the finite-element analysis (SAP 2000) the slab was discretized by means of 1600 shell-

type elements, 40 in the x direction and 40 in the y direction; the thickness of the elements 

was t = 35 cm for most of the slab. (The east sidewalk was introduced by locally increasing 

the thickness of the slab; the west sidewalk was neglected, because of its minor contribution 

to slab bending). 

The results of the numerical analysis (not reported in this paper) show that the best fitting of the 

experimental results is obtained with the west and south sides simply supported, and the north 

side  partially clamped (close to the extremities) and partially free (in the central part). 

4 SIMPLE VERSUS COMPLEX FAILURE MECHANISMS 

The Yield Line Method is used to investigate slab behavior under an evenly-distributed load. 

Concrete resistance is taken for granted, while the plastic behavior of the sections is 

guaranteed by the plastic behavior of steel reinforcement. As usually assumed in traditional 

Limit Analysis based on plastic hinges and yield lines, the steel is introduced as a perfect 

rigid-plastic material.  

Being a method based on the kinematic theorem of Limit Analysis, yield lines provide upper-

bound values for the ultimate load by investigating the most consistent mechanisms and by 

minimizing – for each of them - the ultimate load in respect of the free parameters 

characterizing the yield-line pattern. The most probable mechanism is, therefore, the one 

(c) 
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providing the minimum bearing capacity. Five mechanisms are considered (Figure 2), based 

on the following assumptions: 

• the slab is assumed to be square (a = b = 8 m); its thickness t = 35 cm is increased to t* = 

45 cm in the evaluation of the own weight in the upgraded slab, to take care of the 

sidewalks and of the stiffening beam; the length of the central unsupported part of the 

north side is equal to a/2; 

• the corner effects – with yield-line bifurcation or fanning - are neglected; 

• the west/south sides are simply-supported  or clamped (negative limit moment mL
- = 0 or 

 0);  

• the simply-supported stiffening beam along the east side is introduced through its positive 

limit moment My
+; this side becomes free (free edge = FE) by putting My

+ = 0; 

• the partially-supported north side characterized by flexural continuity is treated as simply-

supported or clamped in Mechanisms I, II and III (Figures 2a,b,c), while partial support is 

assumed in Mechanisms IV and V (Figures 2d,e,f) with the central part free; 

• in Mechanisms IV and V, the west-side constraint plays no role; in Mechanism IV, the 

east-side constraint likewise plays no role. (No rotations around the axis y in both cases). 

• Contrary to Mechanisms I, II, III and IV, Mechanism V depends on three free parameters. 

The expressions of the ultimate loads and the values of the free parameters minimizing the 

ultimate load can be found in Gambarova et al. (2018) [14] for Mechanisms I, II, III and IV. 

In Mechanisms I, II and V the ratio k = My
+/(my

+a) between the positive limit moment of the 

stiffening beam My
+ and the total positive limit moment of the slab in the y-direction (my

+a) 

has the value 0.56 at 20°C. As for the sub-cases Va and Vb, their long and complex 

expressions for the ultimate load are reported in Morazzini (2018) [13] and will be the subject 

of a subsequent paper. 

The limit moments per unit length developed by the reinforcement was evaluated according 

to the following relationships: mi
+ = 0.9 fyAidi

+  and mi
- = 0.9 fyAidi

- , where i = x,y; di
+, di

- = 

effective depths of bottom/top reinforcement; Ai , Ai = sections per unit length of bottom/top 

reinforcement. 

5 FAILURE MECHANISM WITH THREE FREE PARAMETERS 

Mechanism V is a fairly obvious development of Mechanism IV in the event of a rather weak 

or nonexistent stiffening beam along the east side. Mechanism V, however, is characterized 

by three free (unknown) parameters (Figures 2e,f):  and  define the position of the central 

node where yield lines 1, 2 and 3 converge, and  defines the origin of yield line 3. As 

indicated in Figures 2e,f, two subcases can be easily recognized: Va for 0.5    0.75, and 

Vb for  0.75    1. 

I (a) II (b) III (c) 
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IV (d) Va (e) Vb (f) 

   

Fig. 2. Failure mechanisms and controlling key factors: (a) I: bending in the y-direction, with weak beam or no 

beam; (b) II: bidirectional bending, with weak beam or no beam; (c) III: bidirectional bending, with strong 

beam; (d) IV:  bending in the x-direction, with strong beam; and (e,f)  V: bidirectional bending, with weak beam 

or no beam; , 

 ,  = free parameters; note that in Va,   0.5 has no practical interest; CL/SS = clamped/simply-supported 

side. 
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With reference to Mechanism Va in 

Figure 2e, the first step was to carry 

out the kinematic analysis, with (a) 

the identification of the centroids of 

the sectors and the evaluation of 

their displacements; (b) the 

formulation of the external work Le 

performed by a uniformly-

distributed load; (c) the evaluation 

of the rotations astride each yield 

line (x- and y-components); and (d) 

the formulation of the internal work 

Li performed by the limit moments 

(x- and y-components) developed by 

the plasticized  reinforcement astride 

each yield line. All the details are 

given in Morazzini (2018) [13], 

since the three unknown parameters 

,  and  make the expressions of 

the kinematic and static quantities 

quite complex. 
Fig. 3. Mechanism Va: virtual displacements. 

The second step was the formulation of the ultimate load pu(, , ), and the third step the 

minimization of pu to determine the set of values of ,  and , which define the most 

probable mechanism and the ultimate bearing capacity pu* of the slab. 

The minimization was performed numerically by varying the values of ,   and  within the 

ranges: 0.5    0.75 or 0.75    1; 0    1, and 0   1; the increments were 0.05 for 

, 0.025 for  and 0.0325 for . In the square slabs (Figure 3), as well as in the rectangular 

slabs with a/b = 0.5 (not presented in this paper), the load pu* exhibited two minimums 

associated with Mechanisms Va and Vb, respectively, but the former minimum was always 

(slightly) smaller than the latter. Whether this observation may be generalized is still open to 

investigation.  

As indicated in the third point of the previous section, the clamping effect along a side is 

represented by the negative limit moment developed by the top reinforcement along the same 

side. Hence, if along a side the top reinforcement is absent or there is no continuity or 

overlapping of the top reinforcement with the reinforcement of the structural member 

underneath (for instance, a wall), the limit moment along the side is zero and the side is 

simply-supported.     

Finally, in order to simplify the expressions of the kinematic and static parameters involved 

in the external and internal works, a number of dimensionless parameters was introduced:  

 = my
-/m  ;  m = mx

+/m  ;   = mx
-/m  ;  k = My

+/(m a), where m = my
+ (reference moment) 

    In drawing up this paper, Mechanism V has been checked in the limit cases  = 0.5 (where 

Mechanism Va coincides with Mechanism IV, and must yield the same results in terms of 

bearing capacity pu*) and  = 0.75 (where Mechanisms Va and Vb coincide). 

Note that in all the analyses performed on Mechanism V, the contribution of the top 

reinforcement along the yield line W-U (Figure 3) was neglected because the rigid cantilever 
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WEU - while providing a supporting action - can hardly provide a resisting moment. Note 

also that the kinematics of the stiffening beam was introduced in a simplified way (dashed 

line in Figure 3). 

6 ULTIMATE LIMIT STATE 

The ultimate bearing capacity pu* was evaluated in accordance with the five failure 

mechanisms, and comparisons were made with the design ultimate load pud: 

pud = pp p + pv v = 23.6/26.8 kN/m2 (before/after strengthening, dashed/full lines in Figure 

4) 

where pp (perm. load) = 8.6/11.0 kN/m2 ; pv (variable load) = 8.3 kN/m2 ; p = 1.3 ; v = 1.5. 

The values of the reference limit moment and of the parameters adopted in the analysis are: 

m = my
+ = 241 kN m/m, where the design strength at yielding has been introduced for the 

reinforcement (fyd = fyk/s with s = 1.15); net cover of the bottom bars c = 36 mm. 

 = 0.713  ;  m = 0.319  ;  = 0.330  ; k = 0.56 

In Figure 4, the bearing capacities provided by the five mechanisms are reported, in the event 

of absent or totally ineffective top reinforcement. Note that qu stands for both pud and pu*. 

The bottom segmental curve refers to those situations in which the stiffening beam is absent 

(Mechanisms I , II and V). By contrast, the top segmental curve refers to those situations in 

which the stiffening beam is in place (Mechanisms I, II and V). In Mechanisms III and IV the 

stiffening beam plays no role, as the east side is assumed to remain straight and undergoes no 

virtual displacements. 

Note that (a) adding the stiffening beam is always beneficial (except in Mechanisms III and 

IV); and (b) Mechanism V is always the strongest among the stiffened/unstiffened 

mechanisms (apart from Mechanism IV), something that was unexpected, since Mechanism 

V is definitely the most realistic one (at least by intuition) and as such should involve the 

minimum of internal work. 

 

 

Fig. 4. Ultimate bearing capacities (pu*) and ultimate design loads (pud, dashed and full horizontal lines) before 

and after the addition of the stiffening beam along the east side, respectively.  
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7 SLAB IN FIRE 

The bearing capacity p*fire under the standard fire ISO 834 (Buchanan and Abu, 2017 [15]) 

was evaluated for the five mechanisms and comparisons were made with the design load in 

fire pd
fire: 

pd
fire = pp + pv

fire
 = 16.9/19.3 kN/m2 (before/after strengthening) 

where pp (permanent load) = 8.6/11.0 kN/m2 ; pv
fire

 (variable load in fire) = 8.3 kN/m2 ; 

The values of the reference limit moment and of the parameters adopted in the analysis are: 

m = my
+fire = 277 kN m/m, where the characteristic strength at yielding has been introduced 

for the reinforcement  (fyk
fire = fyk/s

fire with s
fire= 1); net cover of the bottom bars reduced to 

c* = 10 mm (to take care of possible infringements of construction tolerances and to enhance 

fire effect); 

 = 0.713  ;  m = 0.319  ;  = 0.330  ; k = 0.56 at 20°C (beginning of the fire; t = 0). 

     For the limit moments per unit length: m+fire(t) = 0.9 As
fire fyk(20°C) dfire  and  m-fire(t) = 0.9 

As’ fyk(20°C) d’fire, where As
fire is the total steel section resulting from the reduction of the 

section of each bar Aj based on the ratio fyk(Tj)/fyk(20°C);  dfire = effective sectional depth 

(positive bending, from the top fibers to the centroid of the reduced steel section); d’fire = 

effective sectional depth (negative bending, from the centroid of the cold top reinforcement 

to the centroid of the reduced concrete section in compression). The top bars were assumed to 

be cold  throughout the fire and the value 20 mm/h (see EuroCode 2 “Fire Design”) was 

introduced for the penetration rate vh of the 500°C isothermal line into the concrete, starting 

from the exposed surface (= intrados of the slab). For fyk(T) reference was made to the curve 

1 of EuroCode EC2 (hot-rolled tension reinforcement with es,fire 2%, given that in limit 

analysis there is no limit to steel elongation). 

To obtain the response curves of the slab after adding the stiffening beam, the parameter k = 

My
+(t)/[my

+(t) a] has to be introduced. In Figure 5, the parameter k is plotted as a function of 

fire duration t, as well as the resisting/limit moments developed by the y-oriented bars of the 

slab and by the beam, in agreement with the composite section of Figure 1c. Note that k more 

than quadruples at a fire duration of 4 hours, because the beam is definitely less sensitive to 

high temperature than the slab, thanks to the solid section of the beam, which efficiently 

protects  the reinforcement. 

In Figure 6 (where p*fire and pd
fire are indicated with qu), the bearing capacity corresponding 

to each of the five mechanisms is plotted as a function of fire duration, without (a) and with 

(b) the stiffening beam. In the former case, the weakest mechanism is Mechanism I (fire 

resistance = 95 minutes), while in the latter case Mechanisms I and III are equally probable 

(fire resistance = 133 minutes = +40%), which indicates that in fire adding the stiffening 

beam tends to move the failure mechanism from composite mechanisms (like Mechanism I) 

to slab-centered mechanisms (like Mechanism III), something justified by the increasing role 

of the stiffening beam in fire. 
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Finally, curtailing the top bars 

by limiting their length can 

have a sizable effect on the 

bearing capacity (Figure 7, 

where p*fire is indicated with 

pu); for instance, curtailing the 

top bars as in Figure 7e can 

decrease the bearing capacity 

by more than 20% at a fire 

duration of 120 minutes (Case 

 compared with Case ). 

Note that, in Figure 7, the 

reduction of d’fire because of 

concrete deterioration in 

compression has not been 

introduced. 

Fig. 5. Limit moments (my
+ a for the slab, and My

+ for the beam) and 

their ratio (k), as a function of fire duration (ISO 834 standard fire). 

 

  

(a) (b) 

Fig. 6. Bearing capacity as a function of fire duration for the simply-supported slab (no or ineffective top 

reinforcement): east side (a) free; and (b) stiffened. 
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Fig. 7. Bearing capacity of a square slab in fire (a), with uniformly-distributed bottom bars (b) and curtailed top 

bars 

(c-f): no top bars  (c); top bars effective only along the south side  (d); top bars extended to ¼ of each 

supported side  (e); and top bars extended to the entire slab  (f); t = fire duration (standard ISO 834 fire). 

8 CONCLUDING REMARKS 

The heavy R/C slab investigated in this paper shows once more the benefits offered by Limit 

Analysis (in the form of the Yield-Line Method), especially in the case of 2D structures with 

mixed boundary constraints, where each single constraint often plays a hardly-quantifiable 

role. 

Simple and apparently less realistic mechanisms are shown to be more probable than 

complex and more realistic mechanisms, a welcomed aspect, as in the latter case the 

increasing number of free parameters makes it very time-consuming to evaluate the bearing 

capacity. 

Extending the Yield-Line Method to fire conditions shows that adding stiffening beams along 

free sides tends to increase the probability of slab-related mechanisms compared with 

coupled slab-beam mechanisms, because thin slabs are more heat sensitive than solid beams, 

where the bottom reinforcement is offered extra protection by the generally larger concrete 

covers. 

In fire, top bars play a crucial role, thanks to the protection offered by the thickness of the 

slab. Curtailing these bars, however, should be performed with care, especially when 

negative inclined yield lines diverge from the corners of the clamped sides and insufficiently-

anchored top bars beyond these yield lines might be unable to fully develop their limit/plastic 

moment. 

Last but not least, elastic analysis and/or in-situ tests are always welcome as a tool to provide 

preliminary information on the most realistic failure mechanism and on constraints 

effectiveness. 

Bottom y-bars 126/200 

mm 
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ABSTRACT 

This paper experimentally investigated the behaviour of concrete at elevated temperatures in 

terms of shear deterioration using steel fibres. Forty five specimens of push-off model were 

used in which three samples for each category of maximum temperatures. Five maximum 

temperatures have been investigated i.e. 20, 150, 300, 500 and 700 °C. 

The main objective of this research is to investigate the effect of steel fibres on the behaviour 

of concrete at different maximum temperatures in terms of shear failure. Using steel fibres 

has demonstrated significant effects to enhance the ductility of the shear deterioration at 

ambient temperature. Thus three main categories have been used at this paper plain concrete, 

40 kg/m³ and 80 kg/m³. It is worth to mention that, due to the fact that this test is still 

currently being implemented, not all of the abovementioned results are addressed at this 

paper. 

1 INTRODUCTION 

Most structural fire investigations have been focused on the flexural behaviour of beams and 

slabs or on the axial performance of columns. Only little attention has been directed at 

studying the shear performance of concrete in fire [1]. However, many experimental results 

showed shear-failure tendencies especially when the elevated temperatures is provided [1-5]. 

Walraven introduced the so called “missing link” in the mechanism of transmission of forces 

across cracks. He evaluated the direct transfer of forces between the rough concrete crack 

faces, generally denoted by the term "aggregate interlock” [4,10]. Over time, it has been 

modified and has given rise to the new models, which emerge when incorporating new 

parameters, such as adhesion, aggregate interlock, dowel action, or axial restraint, as stated in 

some state‐of‐the‐art reports, for example, the ASCE‐ACI Committee 426 (1973) and 445 

(1998) [5] and [6]. 

The push-off test is a non-standard, but widely recognized, test used to study the mechanisms 

of shear transfer. This test has the advantages of being relatively small, inexpensive, easy to 

perform, and not needing any highly specialized pieces of testing equipment [6]. Anderson 

[7] was one of the first to experimentally test push-off specimens. He used two different 

concrete mixes. With a compressive strength of 20.68 MPa and 51.71 MPa to obtain the 

mechanical properties with respect to shear. Using some results from Anderson, Hanson [8] 

developed, based on push-off tests, previous expressions involving parameters of rough 

interfaces and properties of the reinforcements. Birkeland and Birkeland [9] were the first to 

propose a linear expression to evaluate the ultimate longitudinal shear stress of the concrete 

surface. From another hand, Mattock worked on push-off specimen’s tests and developed 

shear stress expressions. Some of his remarkable works, both individually and collectively 

were published in the years between (1969) and (2001) [5,11]. 

Furthermore, many of other papers were concerned about the influence of elevated 

temperatures. Al-Owaisy [12] studied the influence of elevated temperatures on residual 

shear transfer strength. The conclusions indicate that shear transfer strength is affected 

significantly when exposed to elevated temperatures. The results also showed that shear 
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transfer strength of higher amount shear reinforcement specimens was higher than those of 

lower shear reinforcement ones, both before heating and after exposure to each particular 

temperature. Xiao et. al., [13] studied the influence of compressive strength of concrete in 

transferring shear across a crack. Results showed that a higher compressive strength HSC 

results in more brittle shear failure, irrespective of the elevated temperature. Nevertheless, the 

elevated temperature can reduce the shear brittleness. Results of Naus et al. (1976) illustrated 

that the shear strength was inversely proportional to the exposure temperature showing that 

shear transfer strength of concrete during fire can drop to 48% of its ambient strength 

showing also that light weight aggregate (LWA) concrete has better shear transfer 

performance during fire [1]. 

One of the most promising structural applications of steel fibres-reinforced concrete (SFRC) 

is the use of fibres as shear reinforcement or part of the shear reinforcement, due to the brittle 

nature of shear failure. This is of further importance when dealing with high-strength 

concrete (HSC), which is inherently more brittle than conventional concrete [14-15]. On the 

other hand, the failure mode changed from shear to simultaneous (shear and bending) failure 

for the beam containing steel fibres and no stirrup based on different compressive strength of 

concrete and the type of steel fibres [16]. 

2 EXPERIMENTAL PROGRAM 

Forty five push-off specimens were cast and prepared to be tested. The specimens were cast 

in three different categories based on the amount of fibres. Category A contains no fibres, 

category B contains 40 kg/m3 which is almost equivalent of 0.5% of the volume and category 

C contains 80 kg/m3 which is the equivalent of 1% of the volume (Table 1.). Each category or 

category has a total number of fifteen specimens of push-off model. They are distributed over 

five limits of maximum temperatures i.e. 20, 150, 300, 500 and 700 °C in which each 

maximum temperature has 3 specimens. In addition to that, forty five corresponding prisms 7 

x 7 x 25 cm3 were cast and tested under each different maximum temperatures. Testing these 

prisms provided the results with the flexural strength of the mixtures as well as the residual 

compressive strength after exposed to elevated temperatures. Finally, three cubes of 150 mm 

sides for each category were tested at 20 ºC for evaluating the compressive strength of the 

mix.  

Table 1. General details of the specimens 

Name 
Fibres 

amount 

(kg/mᵌ) 

Elevated temperatures (°C) Specimen`s ID  

(based on category`s name and temperature) 

Category A 0 20, 150, 300, 500 and 700 A-20, A-150, A-300, A-500 and A-700 

Category B 40 20, 150, 300, 500 and 700 B-20, B-150, B-300, B-500 and B-700 

Category C 80 20, 150, 300, 500 and 700 C-20, C-150, C-300, C-500 and C-700 

2.1 Materials and mix proportions 

Table 2 summarizes the mix proportions of the concrete. Ordinary Portland cement was used 

(CEM I 52.5 N). Danube quartz gravel was used as coarse aggregate with size range 4 to 8 

mm. Natural sand was used as fine aggregate with maximum size 4 mm. Dramix 5D was 

used as steel fibres with length 60 mm, diameter 0.9 mm and nominal tensile strength 2.300 
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N/mm2. MasterGlenium 300, a second generation of polycarboxylic ether polymers was used 

as superplasticizer. 

Table 2. mix proportions 

Series 
Fine 

aggregate 

(kg/m3) 

Coarse 

aggregate 

(kg/m3) 

Cement 

(kg/m3) 

Water 

 (kg/m3) 

Superplasticizer 

(kg/m3) 

Fibres 

amount 

(kg/m3) 

Category A 829 1013 400 152 3.33 - 

Category B 832 1006 400 152 3.33 40 

Category C 817 999 400 152 3.33 80 

2.2 Specimens preparations 

Push-off specimens were cast in a 60 liter mixer then were formed in a rectangular metal 

molds (Fig. 1.b) with dimensions as in Fig. 1.a. Compaction phase followed the casting using 

electricalal table vibrator. Twenty four hours after casting, specimens were cured in natural 

water for seven days. Two notches, 4 mm width by 75 mm length, were cut using saw cut-off 

machine. 

 

 

 

260                       55   

 

 

    

              150 

 

150 

 

(a)  (b) 

Figure 1: Different phases (a) push-off used dimensions and (b) metal mold of concrete and vibration 

2.3 Elevated temperatures program 

Following seven days of water curing, specimens were stored at laboratory conditions until 

28 days. Groups A-20, B-20 and C-20 were tested  at 20 °C, whereas the others were heated 

in an electrical furnace until the sample reached the target temperature. Then this temperature 

was kept for two hours. Afterward specimen was taken out to be air cooled for 24 hours 

before testing in the laboratory conditions. The specimens were heated slowly with a heating 

rate of 5 ºC/min to avoid steep thermal gradient. Two thermocouples were installed in the 

specimen surface and 50 mm deep. For temperatures of  500 and 700 °C, specimens were 

kept in a steel cage during heating to protect the oven from explosive spalling (Fig. 2). 
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Figure 2: Electrical oven used in heating the specimens, showing the specimen covered by steel cage and two 

thermocouples from inside the oven to outside 

2.4 Push-off loading test 

After 24 hours finishing the heating test, the push-off test was carried out using INSTRON 

testing machine with a capacity of 600 kN. The specimens were loaded in their vertical axis 

(Fig. 3) in displacement control with a rate of 0.06 mm/min. The load is applied through steel 

plates of 60 mm width and 40 mm thick at both sides (Fig. 3.a). Teflon sheets were placed 

between the loaded surfeces to compensate for nonparallel loading surfaces. Displacement 

values were measured by means of linear variable differential transformers (LVDTs), fixed 

horizontally for crack width (Fig 3.b) and vertically slip (Fig 3.a) on both faces of the 

specimen. All measurements were recorded continuously each half a second using software. 

 
(a) 

 
(b) 

Figure 3: push-off loading test, (a) typical push-off loading test showing vertical LVDTs and (b) push-off 

loading test showing horizontal LVDTs 

3 EXPERIMENTAL RESULTS 

3.1 Thermal response 
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Thermocouples were used to measure temperature during heating on two locations: at the 

surface of the specimen and at 50 mm depth form the surface, respectively. Figure 4 shows 

the temperature measurements vs. time  of two categories i.e. categorys A_700 and C_700, 

respectively. The oven temperatures was recoded paralelly. The figure shows a slight 

increase in temperatures in category C compared to category A. That can be attribeted to the 

fact that category C conntains steel fibres, that has high properties of conductivity, unlike 

category A which has not.  It should be noted here that the figure shows the increasing 

temperatures only until the temperature of the oven reaches 700 °C.  

                                        

                                                                   Oven 

                                                      Surface 

                                                       50mm_depth 
 

 

 

 

 
                                                                     Oven 

                          

                                                                  Surface 

 
                                                         50mm_depth 

 

Figure 4: Temperatures of two categories of the push-off specimens in three different places i.e. oven, surface of 

the specimen and in 50 mm depth 

Mass of the specimen was measured before heating and after. The mass loss is mainly due to 

two reasons. The first reason is the evaporation of free water during heating, the second 

reason is spalling by losing parts or the entire of the concrete surface. Since water to cement 

ratio was the same for all mixes, i.e., 38%, there was no significant differences between the 

three categorys as far as spalling is not concerened.  Figure 5 shows the percentages of loses 

in mass of the push-off specimens due to elevated temperatures. 

 
Figure 5: Percentages of losses in mass of the push-off specimensn (measuered before and 

after fire) 

3.2 Mechanical properties 

The nominal shear stress has been calculated from the following expression:  
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τu = Pu / Ac 

where Pu is the peak load and Ac is the shear plane area (B×Hs) which equals (150×5.5) 

mm2. See Fig. 1 (a). Compressive strength is calculated by taking the average of the 

remained parts of the prisms after bending test. Tensile strength is measured by a derivation 

of the beam equation f = Mc/I. In the case of third-point loading, which is the loading usually 

employed 

𝑓𝑐𝑡 𝑓𝑙 = 
𝑃𝐿

𝑏𝑑2
 

where 𝑓𝑐𝑡 𝑓𝑙 = computed felxural-tensile stress at failure (modulus of rupture) in MPa. P is 

load at failure (in N). L is span length (mm). b is width of beam (mm). d is depth of beam 

(mm). On the other hand, for peak loads values, the average of maximum values for the three 

samples was calculated and reported in Table 3. The results show clear increase in 

mechanical properties including compressive strength, tensile strength and shear stress of 

concrete due to increasing the amount of fibres. The influence of temperature is not included 

at the table. 

Table 3.    Summary of varied experimental results 

Specimen 

ID 

Peak 

load Pu 

(KN) 

Shear 

strengt τu 

(MPa) 

Crack 

width 

(mm) 

Crack 

slip 

(mm) 

Compressive 

strength fc 

(MPa) 

Flexural-tensile 

strength fct,fl 

(MPa) 

A - 20 28.99 3.51 0.006 0.092 78.83 0.54 

B - 20 114.89 13.93 0.018 0.059 90.62 0.74 

C - 20 113.69 13.78 0.436 0.146 94.41 0.96 

3.3 Shear stress–crack deformation curves 

Shear stress, as mentioned before, is defined as τu = Pu /Ac. For all push-off specimens, Ac is 

the same in which equals 5.5×150 mm2. Crack slip and width are relative movement the shear 

faces in both directions vertically and horizontally, respectively. Fig. 6 shows force-crack slip 

and force-crack width for the three plain concrete categories. Generally, crack width and 

crack slip have similar results. This behavior was also reported by previous studies 

(Barragan, 2006). As far as steel fibres is concerned, ultimate shear stress (expressed in force) 

is increased by increasing the amount of steel fibres. Fig. 6 shows the influence of that by 

comparing the results between the corresponding reslults of A, B and C categories. The 

figure shows also the influence of the steel fibres in increasing the ductility of the mixures. 

the ductile behaviour of the mix is illustrated in the second part of the curves, after cracks 

occure. The degree of decline for the curves determine the ductile behaviour of the specimen. 

Generally, the degree of decline is less for the speciemens that have higher amount of steel 

fibres. 
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Figure 6: Shear stress-crack width and crack slip curves at 20 ºC 

It is worth to mention that several results of crack slip and crack width showed minus 

deformation slightly before positive one (Fig. 6). The possible interpretation for that is the 

technical way of testing specimens. In which the specimen is set vertically headed on both 

sides with steel plates without any type of restrictions in horizontal direction. In such setting, 

the possibility of the specimen to rotate slightly at the beginning is likely to occur. To 

overcome such behaviour, many researchers (Echegaray-Oviedo, 2014) used an external 

restraint steel frame to confine the specimen. 

3.4 Failure modes 

The typical mode of failure in tested push-off categories can be seen in Fig. 7. For category 

A, the crack initiates at one of the notch faces, thus can be called as shear crack. Once the 

crack initiates, major propagation follows splitting the specimen from the shear plane into 

two parts completely. In some cases, the first crack occurs near the shear plane (called in 

literature as "secondary tensile crack"). However, the first crack does not control the failure 

to the end. Another crack follows at the shear plane to control the failure of the specimen 

spalling it to a completely two parts. The latter note has been recorded by previous 

researchers [14]. Mode of failure in plain concrete is significantly different from that of steel 

fibred. It shows also that the existence of the fibres controls the crack opening, at category C 

and less at category B. However, developing of the crack through the shear plane does not 

split the specimen. Some surface spalling occurs in the region around shear plane. Fig. 7 (C - 

20).  
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Figure 7: Different modes of failure due to different categories at  20, 150 and 300 ºC 

4 CONCLUSIONS 

The authors presented some of the test results for push-off direct shear strength tests of fibre-

reinforced concrete under 5 temperature effects.  The specimens were categorized into plain 

specimens, with 0.5% and with 1% volume of steel fibres. The compressive strength of the 

specimens was between 80 to 

95 MPa. The results of 9 out of 45 specimens are presented in this paper. The following are 

the main conclusions of the study: 

- Thermal conductivity of concrete is slightly affected by using steel fibres 

- Increasing temperatures causes loss in mass of concrete. However, it has no significant 

influence on difference of mass losses between fibre and plain concrete. 

- Increasing the amount of steel fibres let to increase the mechanical properties of the 

concrete i.e. compressive strength, tensile strength and ultimate shear strength 

- The amount of steel fibres affects the ductility of concrete 

- Increasing amount of steel fibres control the failure mode and the crack opening 

- Experimental technique requires development in which horizontally control is 

provided. 
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ABSTRACT 

This paper presents the results of an experimental study performed at CSTB to evaluate the 

fire resistance of timber-framed walls and floors exposed to the ISO 834-1 time-temperature 

curve. The timber-frames were protected by various types of layers including gypsum 

plasterboards or/and wood-based panels. A total of twenty-nine fire tests have been realised 

[1, 2 and 3]. The influence of various parameters such as cladding geometry, fasteners 

spacings, quality and quantity of fire protection layers and their layout, as well as the type of 

insulating materials in the cavity has been investigated. Temperatures in different sections of 

each tested specimen have been recorded and analysed. Finally, the experimental results were 

compared with the fire performances estimated according to FIT method [4]. 

1 INTRODUCTION 

One of the main fire safety strategy aims to limit the spread of the hazards from the room of 

the fire origin by satisfying the load carrying capacity of the structure and the separating 

function of the boundaries (i.e., walls and floors) for a required time. This required time is 

normally expressed in terms of fire resistance (FR), using fire exposure of the standard 

temperature-time curve and is specified by building regulations. In France, the design of 

lightweight timber-frame assemblies is based on a series of guideline called DTU such as 

DTU 25.41, 31.2, 31.3, 36.2 [5, 6, 7, 8]. In a first section of this paper are briefly described 

the tested configurations of timber-framed wall and floor assemblies. In a second section, the 

FR results of the experimental campaign are given (see also [1] and [2]). In a third section a 

brief analysis of experimental results is presented (see also [3]). Finally, in a forth section, the 

experimental and calculated FR of tested walls and floors, as well as the observed and 

calculated charring and failure times of fire side claddings, are compared. The calculated 

values are defined according to "Fire safety in timber buildings” (FIT) guideline [4].  

2 DESCRIPTION OF TIMBER LIGHTWEIGHT WALL AND FLOOR 

ASSEMBLIES 

2.1  Tested configurations 

The tested configurations of timber lightweight assemblies studied in the frame of this 

research are representative of those usually employed by the timber industry in France. 

A total amount of 13 full-scale wall specimens (3 m by 3 m) and 13 full-scale floor 

specimens (4 m by 3 m) has been carried out. Further 8 small-scale wall specimens (1,2 m by 

1,2 m) and 4 small-scale floor specimens (1,85 m by 1,3 m) have been tested. Concerning the 

small-scale specimens, 4 specimens of small sizes have been tested simultaneously in the 

same furnace. 

The small-scale specimens were first tested to evaluate the influence of different type of 

insulating materials on the FR performance of the lightweight wall and floor assemblies. The 
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insulating material leading to the shortest failure time of the claddings exposed to the fire was 

then selected for the full-scale specimens.  

The fire behaviour of five different insulating materials has been analysed: glass-wool (kraft 

paper on one side) - 15 kg/m3; cellulose wadding - 48 kg/m3; wood fibre - 50 kg/m3; hemp - 

30 kg/m3; sheep wool - 13 kg/m3.  

The cladding exposed to the fire was composed of two layers of standard gypsum 

plasterboard BA13A (type A with a thickness of 12,5 mm of each layer) for 4 small-scale 

wall specimens and one layer of gypsum plasterboard BA15F (type F with a thickness of 15 

mm) for the remaining 4 small-scale wall specimens, as well as for the 4 small-scale floors. 

The only difference between the small-specimens tested simultaneously was the insulation 

type. The shortest failure time of the fire side claddings was achieved with glass wool.  

This insulating material was therefore retained to carry out the full-scale tests apart for 3 tests 

(two with wall and one with floor). For these three tests, glass wool and wood fibre were used 

simultaneously to compare their fire behaviour. Figure 1 illustrates a full-scale wall specimen 

composed of two different insulating materials placed in each half of tested specimen. The 

spacing for the studs of all wall specimens was 600 mm. For fire side cladding composed of 

one layer, the spacing of the fasteners was 300 mm; for the configuration with two layers 

(fig. 2), the fasteners spacings of first and second layer were respectively 600 and 300 mm. 

 

Figure 1: Horizontal cross-sections type of configurations 11, 12 and 13 (see table 3). 

Where: 1) wooden battens, 2) wooden studs, 3) fire side cladding, 4) vapour barrier, 5) 

insulation material glass wool, 6) insulation material wood fibre, 7) rain screen, 8) opposite 

fire side cladding. 

Figure 2 illustrates a full-scale floor specimen composed of two different insulating materials.  

 

Figure 2: Vertical cross-sections of configuration 12 and 13 (see table 4). 

Where: 01a) wood joist, 02) softwood panel, 03) ceiling hanger, 04) horizontal element of 

ceiling steel framework, 05a) wood fibre, 05b) glass wool, 06) fire side cladding (horizontal 

screen). 

The spacings of the wooden joists and/or the "C" cross-section of horizontal steel framework, 

where the fire side claddings are fixed, were: 600 mm for configurations 1, 2, 4, 5 and 6, 500 

mm for configurations 3, 7, 8, 9, 10 and 11 and 450 mm for configurations 12 and 13. For 

horizontal screens composed by one layer the fasteners spacing was 250 mm (see 

configurations 1, 3, 4, 5, 6 and 8). For horizontal screens of specimens composed of two 

layers the spacings of the fasteners of first and second layer were respectively 600 and 250 

 

Fire side  
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mm (see configurations 2, 7, 9 and 11) and, 300 and 150 mm for configurations 12 and 13. 

For specimens composed from three layers (config. 10) the fasteners spacings of first and 

second layer were 600 mm and for the third layer were 250 mm. 

2.2 Test set up 

Thermocouples type K were used to measure the temperatures in different points of walls and 

floors such as: interfaces between different layers of the claddings, back of fire side cladding 

(face cavity), in the void behind the insulation (or in the plenum), in both sides of claddings 

opposite to fire and in the wooden studs and joists. Details on thermocouple locations are 

given in references [1 and 2].  

Three to five cross-sections of each wall tested specimen and nine sections for each floor 

specimen have been equipped with thermocouples. Fire tests have been carried out according 

to the European standards NF EN 1363-1 and NF EN 1364-1 for the walls and according to 

NF EN 1363-1 and NF EN 1365-2 for the floors. All tests have been conducted with ISO 

834-1 time-temperature curve. 

3 EXPERIMENTAL RESULTS 

3.1 Experimental results of small-scale wall specimens 

In table 1 are given the main results of the small-scale wall tests such as the falling time of 

different layers of fire side claddings, the time of charring start of wooden studs, the real FR 

achieved, and standard classification obtained for tested configurations.  

Table 1: Fire-resistance of the small-scale wall tests. 

Specim. 

Cladding 

exposed 

to fire 

Cladding 

non-exposed 

to fire 

Insulation 

type 

Fall of 1st 

layer (min) 

Fall of 2nd 

layer (min) 

Start of studs 

charring (min) 

Real fire 

resistance 

Standard 

classification 

1 

2
 B

A
1

3
A

 

2
 O

SB
 (

2
 x

 9
) 

Glass wool 41 41 38 EI49 EI30 

2 
Cellulose 

wadding  
29.5 not observed 39 EI50 EI30 

3 Wood fibre 24 44 36 EI50 EI30 

4 Hemp 28 45.5 37 EI50 EI30 

5 

1
 B

A
1

5
F 

Glass wool 65 - 24 EI65 EI60 

6 
Cellulose 

wadding  
77 - 25 EI77 EI60 

7 Wood fibre 73 - 30 EI73 EI60 

8 Sheep wool 72 - 27 EI78 EI60 

 

3.2 Experimental results of small-scale floor tests 

In table 2 are given the main results of the small-scale floor tests such as: the falling time of 

fire side claddings, the time of charring start of wooden joists, the real FR achieved, and 

standard classification obtained for tested configurations.  
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Table 2: Fire resistance of the small-scale wooden floor tested specimens. 

Specim 

Cladding 

exposed 

to fire 

Cladding 

unexposed 

to fire 

Insulation type 
Fall of the cladding 

exposed (min) 

Start of joists 

charring (min) 

Real fire 

resistance 

Standard 

classification 

1 

1 BA15F 
1 OSB  

(1 x 15) 

glass wool 24 24 EI28 EI15 

2 wood fibre 25 24.5 EI32 EI30 

2 Stone wool 27 27 EI35 EI30 

4 Cellulose wadding  26 25 EI32 EI30 

 

3.3 Experimental results of full-scale wall specimens 

In table 3 are given the main results of the full-scale wall tests such as: the falling time of 

different layers of fire side claddings, the time of charring start of wooden studs, the real FR 

achieved, and standard classification obtained for tested configurations. These results are 

analysed in §4. 
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Table 3: Fire resistance of the full-scale wooden wall tested specimens. 

Config. 
Cladding exposed to 

fire 

Cladding unexposed to 

fire 

Fall of 

1st layer 

(min) 

Fall of 

2nd layer 

(min) 

Start of stud 

charring (min) 

Real fire 

resistance 

Standard 

classifica. 

1 1 BA13A 2 OSB 9 18 - 14.5 EI29 EI15 

2 2 BA13A 2 OSB 9 28.5 41.5 38 EI43 EI30 

3 2 BA13A 2 OSB 9 30 42.5 38 EI45 EI30 

4 1 BA18A 2 OSB 9 41 - 39 EI48 EI30 

5 2 OSB 12 2 OSB 9 11.3 17.2 14 EI34 EI30 

6 
1 BA13A +  

1 OSB 9 
1 MDF 15 22.3 28 25 EI36 EI30 

7 
Douglas fir cladding 

(1 x 18) 1 OSB 12 
2 BA13A 21 29.5 26 EI71 EI60 

8 2 BA13F 
1/2 surface (2 OSB9) and 

1/2 surface (2 plywood 9) 
59.7 65 46.5 EI68 EI60 

9 
1 BA13A +  

1 BA18A 
1 OSB 9 27.5 47.5 47.5 EI51 EI60 

10 2 BA15F 1 OSB 9 81 83 64 EI84 EI60 

11 2 BA18A 1 OSB 12 63 no no EI80 EI60 

12 

Stone wool 

(1 x 60), (31kg/m3) + 

1 OSB 12 

2 BA18A 26 41 32 EI90 EI90 

13 

2 BA18A + Stone 

wool (1 x 40),  

(118.2 kg/m3) 

1 OSB 12 80 85 90 EI90 EI90 

 

1.1 -  Experimental results of full-scale floor tests 

In table 4 are given the main results of the full-scale floor tests such as: the falling time of fire 

side claddings, the time of charring start of wooden joists, the real FR achieved, and standard 

classification obtained for tested configurations. These results are analysed in §4. 
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Table 4: Fire resistance of the full-scale wooden floor tested specimens. 

Conf. 
Cladding exposed 

to fire 

Fall of 

the 1st 

layer 

(min) 

Fall of the 

2nd/3rd layer 

(min) 

Time of start of 

charring in joists 

(min) 

Time 

with Tpl 

=300°C 

Time with 

Tback-panel 

=300°C 

Real fire 

resist. 

Standard 

classifica. 

1 1 BA13A 15 - 14.5- 15 15 EI15 EI15 

2 2 BA13A 19 29 29 31 29 EI39 EI30 

3 1 BA15F 26 - 24 28 20 EI35 EI30 

4 1 BA18A 29,5 - 29.5 31 29 EI35 EI30 

5 

1 x 25  

(1/2-plywood) 
27 - 29 29 27 EI32.5 EI30 

1 x 25 (1/2-plywood 

fireproofed) 
27 - 26 26 27 EI32.5 EI15 

6 1 x 22 plywood 20 - 18 20 18 EI26 EI15 

7 2 BA15F 29 53 55 55 48.5 EI58 EI30 

8 1 BA25 31 - 33 32 28.5 EI37 EI30 

9 1 BA13A+1 BA18A 34 44 44 46,5 46 EI50 EI30 

10 3 BA15F 27 48/67 68 68 68 EI68 EI60 

11 2 BA18A 32 53 52 55 51 EI59 EI30 

12 2 BA18A 55 79 84 81 80 EI89 EI60 

13 2 BA18A 46 77 88 81 75 EI91 EI60 

4 ANALYSIS OF EXPERIMENTAL RESULTS 

4.1 Experimental results of small-scale specimens – insulation effect 

The test results with small-scale specimens given in the tables 1 and 2 show that fire side 

cladding that collapse first were those of specimens with cavities filled with glass wool 

insulation. Secondly, if the same fire side cladding is used for the walls and floors the FR is 

higher when this cladding is used for a wall (see results with fire side cladding gypsum 

plasterboard BA15F). As a first approach we considered that the same effect of insulation is 

valuable for full-scale tests. This approach has at least been verified by full-scale tests of 

specimen configurations. 11, 12 and 13 of table 3 and those of configurations 12 and 13 of 

table 4 that have been tested with two insulations. 

4.2 Experimental results of full-scale wooden specimens 

The results of full-scale test showed the following effects: 
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Effect of compositions of fire side claddings: for the same compositions of fire side 

claddings, FR of walls is higher that FR of floors. For example, for claddings composed with 

one or two layers of gypsum plasterboard BA13 the real FR of walls are respectively EI29 

and EI43 and those of floors are respectively EI15 and EI39 (see config. 1 and 2 of tables 3 

and 4); for claddings with one layer of BA18A (thickness 18 mm) the FR of a wall and a 

floor are respectively EI48 and EI35 (see config. 4 of tables 3 and 4) and for claddings with 

two layers BA15F (see config. 10 and 7 of tables 3 and 4), the same values are respectively 

EI84 and EI58. Indeed, the fire claddings collapse before in the case of floors, compared with 

walls, even if the spacings of studs or joists in one direction and the spacing of screws in the 

other direction are the same. This means that the load of cladding applied on the cladding 

situated between two succeeded screws play an important role in its FR. Without surprise in 

all cases, the increase of cladding layers increases significantly FR of the assemblies.  

Effect of materials of fire claddings: the influence of material type of fire claddings is a 

very important parameter for FR too. For example, the gypsum plasterboards type F 

(reinforced with glass fibre) compared with type A increase significantly the FR of 

assemblies (see and compare configurations 2, 3 with 8 or 10 and 11 of table 3 and 

configurations 2, 3, 4 and 8 or 2, 7, 9 and 11 of table 4). 

Effect of fire retardants products used for wooden claddings: fire side cladding of a full-

scale floor specimen, fire test n°5 (see table 4), was composed of a plywood layer 25 mm 

thickness. 50% of this cladding was composed by a normal plywood, and 50% by a 

fireproofed plywood. The fire resistances observed were the same. Consequently, even if the 

number of comparisons is limited we cannot consider that fire retardants clearly improve the 

FR. 

Effect of screw spacings: the fire side claddings of full-scale floor specimens of fire tests 11, 

12 and 13 were strictly the same, but the screw spacings changed. As mentioned in §2.1, the 

screw spacings of first and second layer were respectively 600 and 250 mm for the 

configuration 11, and 300 and 150 mm for configurations 12 and 13. The real experimental 

fire resistances of these configurations are EI59, EI89 and EI90. It's easy to see that the 

decrease of screw spacing increases the FR of floor assemblies. The same results have been 

observed for wall assemblies for different private tests. 

5 COMPARISONS OF EXPERIMENTAL AND CALCULATED RESULTS 

5.1 Experimental and calculated fire resistance of wooden walls and floors assemblies 

The fire resistance, in terms of insulation, of some full-scale wooden walls and floors tested 

assemblies have been defined according to chapter 5 "Separating timber structures" of FIT 

guideline [4]. The scope of application of this method is given in the same reference. Table 5 

shows the insulation times (tins) calculated according to FIT method (additive component 

method) and defined experimentally for ten wooden wall assemblies and eleven wooden floor 

assemblies (for configuration numbers see tables 3 and 4). Regarding the insulation time of 

each configuration two values have been calculated, the first one takes into account the glass 

wool in the cavity and the second one without insulation in the cavity. 

 

 



Expermintal Fire Resistance Performance of Timber Lightweight Floor and Wall Assemblies 

   

348 

 

 

Table 5: Comparison of experimental and calculated fire resistance of wooden walls and floors assemblies. 

 

The analysis of these results shows that:  

For wall assemblies consisted of fire side claddings composed by one or two layers of 

gypsum plasterboard (see configurations n° 1, 2, 3, 4, 5) tins,calculated are slightly lower than 

tins,experimental. For these walls we could easily conclude that the FIT method gives satisfactory 

results. For the configuration 6 too, we consider that the calculated value is acceptable even if 

the calculated value is slightly higher than experimental one. For the wall configurations n° 7, 

9,10 and 11 the calculated values are significantly conservative. 

For floor assemblies, four of tins,calculated values are lower than the experimental ones and 

between them two are significantly conservative, while seven tins,calculated values are slightly 

higher than experimental ones. It is important to compare wall configuration l and the floor 

configuration 1. For both of them, tins,calculated values are nearly the same, but the experimental 

results are significantly different. According to these results the FIT method applied for 

calculation of tins,calculated of floor composed with one layer of gypsum plasterboard BA13A 

leads significantly to unsafety results. It is also interesting to compare the calculated and 

experimental values of configurations 11, 12 and 13. The calculated values are strictly the 

same. This means that the calculated values are based only in the composition of different 

layers of the floors or the walls. As explain in §4.2, the difference between experimental 

values of those three configurations is related to screw spacings. Apparently, FIT method 

doesn't take into account the influence of this parameter. In the table 5 are also given the 

Config.

Compositions of fire side claddings, 

insulations and oposite fire side 

claddings

tins-experimental 

fire resistance (min)

tins-calculated fire resistance 

with GW in the cavity 

(min) 

tins-calculated fire resistance 

without insulation in the cavity 

(min)

1 1BA13A+GW+2OSB9 29.0 27.4 24.5

2 2BA13A+GW+2OSB 9 43.0 39.8 38.0

3 2BA13A+GW+2OSB 9 45.0 39.8 38.0

4 1BA18A+GW+2OSB 9 48.0 36.3 34.2

5 2OSB 12+GW+2OSB 9 34.0 27.6 24.7

6 1BA13A+1OSB 9+GW+1MDF 15 36.0 37.5 37.1

7 1Douglas fir 18+1OSB 12+GW+2BA13A 71.0 46.1 46.9

9 1BA13A+1BA18A+GW+1OSB 9 51.0 42.6 40.1

10 2BA15F+GW+1OSB 9 84.0 60.1 62.2

11 2BA18A+GW+1OSB 12 80.0 55.8 54.2

1 1BA13A+GW+1OSB 15 15.0 26.8 24.3

2 2BA13A+GW+1OSB 15 39.0 39.3 37.8

3 1BA15F+GW+1OSB 15 35.0 33.2 37.6

4 1BA18A+GW+1OSB 15 35.0 35.7 34.0

6 1Plywood 22+GW+1OSB 15 26.0 28.8 26.5

7 2BA15F+GW+1OSB 15 58.0 51.7 55.4

9 1BA18A +1B13A+GW+1OSB 15 50.0 51.4 50.3

10 3BA15F+GW+1OSB 15 68.0 68.7 69.1

11 2BA18A+GW+1OSB 15 51.0 56.7 55.6

12 2BA18A+GW/WF*+1OSB 15 89.0 56.7 55.6

13 2BA18A+GW/WF*+1OSB 15 91.0 56.7 55.6

Full-scale wooden wall specimens

Full-scale wooden floor specimens

GW/WF*: Glass Wool insulation for the half of the floor and Wood Fibre for the other half
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insulation times of walls and floors without insulation in the cavities. The aim of these 

calculations was to compare for the same configurations the calculated results with and 

without insulation. The comparisons of calculated results show that in most of configurations 

(16/21) the tins with glass wool in the cavity is higher than tins without insulation. The 

analysis of great number of the private industrial tests and the references [9], [10] and [11], 

show that in general the tins of assemblies with insulation in cavities is lower than tins of 

those without insulation. 

5.2 Comparison of charring and failure times of fire side claddings of full-scale wooden 

wall and floor tested specimens  

In tables 6 and 7 are compared respectively the experimental charring times (tch( xp)) of 

studs or joists situated behind the fire claddings and the experimental failure times (tf( xp)) 
of fire claddings with the calculated charring and failure times tch(c l), tf(c l), of some of 

the full-scale wooden wall and floor tested specimens.  

Wall results 

For the seven configurations of considered walls tch(c l) calculated values are mostly lower 

than the experimental ones (tch( xp)), except for configuration 4 when the difference is 

significant (17.5 minutes) and for the configuration 1 when the calculated value is slightly 

higher than the observed one. 

Regarding the failure time, for 5 configurations tf(c l) is lower than tf( xp) and for one of 

them (configuration 4) the difference is significant (20.5 minutes). For configurations 9 and 

10, tf(c l) is slightly higher than tf( xp). It is important to observe that for walls and floors 

with fire claddings composed of one or two gypsum plasterboard, type BA13A, the FIT 

method leads to satisfactory results, while with gypsum plasterboard type BA18 this method 

leads to very safety values.  

Floor results 

For the seven configurations of considered floors, the observed and calculated charring times 

are of the same order of magnitude, even if for two of them tch(c l) is slightly higher than 

tch( xp). 

Regarding the failure time, for 6 configurations, the observed and calculated times are of the 

same order of magnitude, even if for two of them tf(c l) is higher than tf( xp). For the 

configurations 4 and 8 the difference is more significant, and as observed with tested walls, 

the calculated results obtained with gypsum plasterboard different from BA13A are more 

safety. The configuration 9 is out of range of the formulas given by FIT method. 

As conclusion, the calculated values tch(c l) and tf(c l), obtained for the claddings of walls 

and floors composed by gypsum plasterboard type BA13A, could be considered safe. For the 

other types of gypsum plasterboard, it would be interesting to check the formulas given by 

FIT with other full-scale fire test results and to improve it if necessary. 
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Table 6: Comparison of observed and calculated charring and failure times of fire side cladding of wooden wall 

specimens. 

 

Table 7: Comparison of observed and calculated charring and failure times of fire side cladding of wooden floor 

specimens. 

 

2 -  CONCLUSIONS 

In this paper the experimental results of twenty-six full-scale and three small-scale FR tests 

of wooden walls and floors assemblies have been presented and analysed. Based on 

comparison between experimental versus calculated results, the following conclusions can be 

drawn: 

1) The compositions of fire claddings of wall and floor assemblies is one of the most important 

parameters for obtained FR. The integrity of fire side claddings with two or more layers is 

higher than for single-layer and therefore, FR is higher. 

2) The fire side cladding material type is one of very important parameter for the FR of 

assemblies. The difference of FR for the same thickness of gypsum board type A and F is 

significant.  

3) The screw spacings used for the claddings play a significant role in obtained experimental 

FR. Indeed, the decrease of screw spacings significantly increases the FR of wooden 

assemblies. 

4) The use of fire retardants for wood claddings does not impact the FR. 

5) The use of glass wool insulation conducts to the lowest FR of wooden assemblies. 

6) The fire resistance times, in terms if insulation, calculated according to the FIT method, are 

acceptable for assemblies with fire side claddings composed of one or two gypsum layers 

of plasterboard type BA13A. The method needs to be improved for other types of claddings, 

for different screw spacings and for the configurations without insulations in the cavities. 

7) The calculated charring times (see FIT method) of studs and joists protected by gypsum 

plasterboard claddings are essentially safety and the obtained results could be considered 

Configuration 

(see table 3)
Cladding exposed to fire tch(cal) tch(exp) tf(cal) tf(exp)

1 1 BA13A 15.5 15 16.8 18.0

2 2 BA13A 33.0 38 38.5 41.5

3 2 BA13A 33.0 38 38.5 42.5

4 1 BA18A 21.5 39 21.5 41.0

8 2 BA13F 45.5 46.5 60.0 65.0

9 1 B13A + 1 BA18A 41.8 47.5 49.0 47.5

10 2 BA15F 56.0 64 80.0 83.0

Configuration 

(see table 4)

Horizontal cladding 

exposed to fire
tch(cal) tch(exp) tf(cal) tf(exp)

1 1 BA13A 15.5 14.5 15.5 15.0

2 2 BA13A 31.0 29.0 28.0 29.0

3 1 BA15F 20.0 24.0 25.0 26.0

4 1 BA18A 20.0 29.5 20.0 29.5

7 2 BA15F 46.0 48.5 57.0 53.0

8 1 BA25A 25.5 33.0 20.0 32.0

9 1 BA18A+1 BA13A 39.8 45.0 - 44.0
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satisfactory. The FIT method needs to be improved for claddings composed of gypsum 

plasterboard different from BA13.  

8) The calculated failure times (see FIT method) of fire claddings of wooden assemblies are 

essentially safety and the obtained results could be considered satisfactory.  
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ABSTRACT 

The National Building Code of Canada recognizes the fire resistance of nail-laminated timber 

(NLT) assemblies by assigning fire-resistance ratings based on their thickness; however, 

there is no known test data which confirms this performance. Full-scale fire resistance testing 

was conducted on two wall (nominal 2x6 and 2x8) and one floor (nominal 2x6) NLT 

assemblies to assess their fire performance. The application of protection on the exposed and 

unexposed side of the assemblies was investigated. Due to gaps that can form between boards 

integrity failure is a concern, which highlighted the need for protection on the unexposed side 

of assemblies. Guidance on proper detailing to address smoke leakage and to improve fire 

resistance are provided. 

1 INTRODUCTION 

Building codes around the world are evolving to allow taller wood buildings due to an 

increasing awareness and desire for sustainability.  The fire performance of the wood 

products needs to be well understood to ensure sound fire safety design of these buildings. 

The National Building Code of Canada (NBCC) [1] requires a fire resistance rating (FRR) of 

1 h for buildings up to six stories built using combustible construction, and 2 h for tall 

buildings (not currently permitted to be of combustible construction following the 

prescriptive code provisions).   

Solid timber assemblies have historically been used in Canada for large commercial and 

industrial buildings. The NBCC recognizes the fire resistance of solid timber assemblies by 

assigning conservative fire-resistance ratings based on their use (i.e., floor or wall) and depth 

of section; however, there few test results which verify this performance.  A review of North 

American records yielded no data to directly confirm these ratings.   

Solid timber is now commonly constructed and referred to as nail-laminated timber (NLT).  

NLT is used in the construction of floors, but there are also applications for its use as vertical 

elements for elevator or stair shafts.  These assemblies are comparatively economical, 

sustainable, architecturally appealing, and relatively simple to construct (not requiring any 

specialized equipment for construction). Due to increasing popularity, NLT design guides 

[2][3] have recently been published in North America which provide builders with guidance 

on design and construction, however very limited information is provided on fire 

performance.   

2 PROCEDURE 

A testing program was initiated to address the technical knowledge gaps on the fire 

performance of NLT assemblies to assess fire resistance, smoke leakage, and charring rates 

[4]. Due to natural imperfections in lumber, gaps can form between NLT boards during 

construction which may present an opportunity for smoke migration, as well as localized 
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increased charring rates.  This research is intended to support designers and builders of mass 

timber buildings and to provide scientific justification for Authorities Having Jurisdiction to 

approve this type of construction.   

Full-scale tests were carried out to assess the fire resistance of NLT assemblies in accordance 

with CAN/ULC-S101 [5]. Testing was completed at the National Research Council Fire 

Research Laboratory in Ottawa, ON, Canada. 

Three assemblies were constructed using nominal SPF No.2 lumber, and 75 mm (3”) nails 

spaced 450 mm o.c., as recommended in the Canadian NLT guide [2]. This included: 

1. 2x6 NLT wall (140 mm), 1 layer 12.7 mm (½”)  plywood on unexposed side 

2. 2x8 NLT wall (184 mm), 2 layers 12.7 mm (½”) Type C gypsum board on both sides 

3. 2x6 NLT floor (140 mm), 1 layer 12.7 mm (½”) plywood on unexposed side 
 

2.1 Wall Construction and Instrumentation 

The NLT wall assemblies were constructed using two panels, with total dimensions of 3658 

mm 12’) x 3048 mm (10’). The wall assembly detail is shown in Fig. 1a. The panels were 

fastened together with pairs of 8 x 160 mm screws spaced at 305 mm (12”) o.c., installed at a 

45o angle.  An NLT surface, as installed in the wall furnace, is shown in Fig.1b.   

 

 

 

 

a) Dimensions in mm b) 

Fig. 1. a)  NLT wall construction detail; b) NLT wall surface 

The 2x6 wall was protected on the unexposed side by one layer of 12.7 mm (½”) plywood, 

no protection was provided on the exposed side. A cross-section of the 2x6 wall is shown in 

Fig. 2a, which includes thermocouple installation depths.  The average moisture content of 

the exposed face before the test was 8.6%.  A 335 kN/m load was applied. 

The 2x8 wall was protected with two layers of 12.7 mm (½”) direct applied Type C gypsum 

board on both sides of the assembly.  A cross-section of the 2x8 wall is shown in Fig. 2b. The 

gypsum board was adhered with 57 mm (2 ¼”) Type S screws spaced at 305 mm (12”) o.c. 

and 38 mm (1 ½”) from the edges.  Effort was made to ensure that the gypsum joints did not 
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to line up with spaces between NLT boards, when possible.  The average moisture content of 

the exposed face before the test was 8.9%.  A load of 450 kN/m was applied.   

The assemblies were instrumented with thermocouples embedded within the assemblies at 

five location (depicted in Fig. 1a) to assess charring and failure of the assemblies. Nine 

thermocouples were placed across the unexposed surface of the assemblies, as per the 

CAN/ULC-S101 standard.  Thermocouples were installed at five depths within the NLT, at 

15, 25, 50, and 75 mm from the exposed side. For the 2x6 wall assembly thermocouples were 

placed at the NLT and plywood interface. For the 2x8 wall assembly thermocouples were 

installed at the interface between the NLT and gypsum board on the exposed and unexposed 

sides. For both wall tests two thermocouples were installed in the joint at depths of 15 and 75 

mm from the exposed side.   

  

a) b) 

Fig. 2. a)  2x6 NLT wall and floor detail; b) 2x8 NLT wall detail 

2.2 2x6 Floor Construction and Instrumentation 

The NLT floor consisted of three panels with overall dimensions of 4495 mm (177”) x 3937 

mm (155”) span. The panels were fastened together with 8 x 160 mm spaced at 305 mm 

(12”) o.c.  The floor assembly detail is shown in Fig. 3. Embedded thermocouples were 

installed at the same depths as the 2x6 wall (see Fig. 2a). Nine thermocouples were placed 

across the unexposed surface of the assemblies, as per the CAN/ULC-S101 standard.  A 4.8 

kPa load was applied. 
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3 RESULTS 

3.1 2x6 Wall 

For the 2x6 wall assembly, 33 min into the test 

integrity failure occurred, resulting in a FRR of 30 

min; ignition of a cotton pad was used to confirm 

the failure. This initial failure occurred at a plywood 

joint. Once burn-through was detected a piece of 

plywood was used to cover the spot, allowing the 

test to continue. Additional burn through spots 

occurred at 50 min, 52 min, and 63 min, each of 

which was also covered with a piece of plywood. 

Fig. 3 shows a plywood piece covering the initial 

failure, and a secondary failure that occurred close 

by. These secondary spots were all through the 

plywood layer and not a plywood joint. The test ran 

until structural failure at 71 min.  At failure, the 

maximum deflection was 67 mm at mid-height. 

Despite several locations of integrity failure, the maximum measured temperature increase 

from thermocouples on the unexposed surface was 41oC. This is within the limit according to 

CAN/ULC-S101, where temperatures on the unexposed side cannot rise more than an 

average of 140oC or more than 180oC at any individual point. One thermocouple between the 

NLT and the plywood increased 38oC, whereas the other locations generally stayed at 

ambient. The average thermocouple readings are presented in Fig. 4a. 

After the test the plywood was removed from the back of the assembly to assess areas of 

localized charring, which can be seen in Fig. 4b.  The residual depth of the section was 

measured using a resistograph (which determines depth of sections based on resistance) and 

measured from a cut section.  The remaining depth of the section was roughly 75 mm. 

Fig. 3.  2x6 NLT floor assembly detail, dimensions in mm 

Fig. 3. 2x6 wall integrity failure  
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a) b)  

Fig. 4. a)  Average temperatures in 2x6 wall assembly; b) Localized charring through 2x6 wall, plywood 

removed 

3.2 2x8 Wall 

In the 2x8 NLT wall test, the first layer of gypsum was observed to begin falling off after 90 

min of fire exposure.  The second layer began falling off after 2 h.  The test ran until 

structural failure at 3 h 37 min, yielding a FRR of 3 h; failure of the assembly is shown in 

Fig. 5a. The maximum deflection was 120 mm at mid-height.  There was no evidence of 

smoke leakage to the unexposed side during the test. 

Average temperatures at embedded thermocouple locations in the 2x8 NLT wall are shown in 

Fig. 5b.  Temperatures on the unexposed side did not increase, and the temperatures between 

the NLT and gypsum board on the unexposed side did not increase more than 20oC.   

Following the test, gypsum board was removed from the unexposed side which revealed a 

three small burn-though spots. The residual cross section was determined to be approximately 

100 mm. 

 
 

a) b) 

Fig. 5. a) Structural failure of 2x8 wall; b) Average temperatures in 2x8 wall assembly 
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3.3 2x6 Floor 

During the 2x6 floor test there was some intermittent smoke leakage through the plywood 

joints.  The test stopped after 101 min because the temperature in the exhaust exceeded a 

safety threshold, before failure was reached, however a 1.5 h rating was still achieved. Upon 

inspection of the assembly after the test, it was evident that structural failure was likely 

imminent, had the test not been stopped. There were also a few locations where integrity 

failures were soon to occur.  At failure, the maximum deflection was 87 mm, measured at 

mid-span.  The condition of the exposed floor surface after the test is shown in Fig. 6a. 

Average temperatures at embedded thermocouple locations in the 2x6 NLT floor are shown 

in Fig. 6b. One thermocouple on the unexposed side increased 22oC, and two of the 

thermocouples between the NLT and plywood increased between 60-70oC.   

  
a) b)  

Fig. 6 a) Condition of floor surface after test; b) Average temperatures in 2x6 floor assembly 

4 DISCUSSION 

4.1 Charring Rates 

Thermocouple data was analyzed to assess the time at which the wood had charred, which 

was determined based on a criteria of 300oC. Charring rates were then calculated by dividing 

the thermocouple depth by the time to reach 300oC, using Eq. (1).  Table 1 presents the 

charring rates for each of the tests. 

 𝛽𝑜 = 𝑑/𝑡  (1) 

where βo is the one-dimensional charring rate (mm/min) 

 d is the depth of charring (mm) 

 t is the time from the onset of charring until 300oC is reached (t) 

When protection is provided on the exposed side of a mass timber assembly, the 

encapsulation time can be determined based on the average time that the surface beneath the 

protection increases 250oC or any one point increases 270oC, as is currently being considered 

for acceptance into the NBCC for encapsulated mass timber construction [6].  For this test 

series, the 2x8 wall was the only assembly to include encapsulation; its encapsulation time 

was determined to be 47.7 min, based on a single point. 
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Table 1. Charring rates of NLT assemblies evaluated at embedded thermocouple depths (mm/min) 

 15 mm 25 mm 50 mm 75 mm 

2x6 wall 

12.7 mm plywood on unexposed 
0.56 0.55 0.771 - 

2 

2x8 wall 

2 x 12.7 mm Type C gypsum, both sides 
0.42 0.30 0.43 0.493 

2x6 floor 

12.7 mm plywood on unexposed 
0.47 0.60 0.60 - 4 

1 Only 2 thermocouples exceeded 300oC; 2 Charring did not reach this depth;  

3 Only 4 thermocouples exceeded 300oC; 4 Only 1 thermocouple exceeded 300oC 

A char rate of 0.65 mm/min is commonly used for softwoods, and can also be used for other 

mass timber products such as glulam and structural composite lumber [7].  The charring rates 

presented in Table 1 are generally in line with or less than 0.65 mm/min, only being exceeded 

after longer exposures (greater than 1 h) when the depth of char was 50 mm or more.  

The 2x8 wall exhibited consistently slower charring rates.  This can be attributed to gypsum 

board which stayed in place well beyond the encapsulation time.  The first layer fell off 

around 90 min and the second layer after 2 h.  The inclusion of direct applied gypsum board 

to mass timber not only delays the onset of charring and involvement in the fire, but also 

continues to insulate the wood while it stays in place, thus reducing the charring rate of the 

wood. 

4.2 Protection on the unexposed side 

The CAN/ULC-S101 standard procedure places nine thermocouples on the unexposed side to 

measure surface temperatures and evaluate insulation failure. Alternatively, if flame or hot 

gases, enough to ignite a cotton pad, pass through the assembly integrity failure is deemed to 

have occurred. 

Because of the nature of NLT as a product, using multiple lumber boards laminated together, 

the natural imperfections in the lumber can impact the overall quality of the assembly.  There 

are various defects that are typical in lumber such as twisting, cupping, bowing, wane, etc.  

These can result in two boards not pressed in full contact with each other, which can create 

gaps or pockets between the boards which can lead to localized increased charring rates.  Due 

to the gaps that form between NLT boards, corner rounding and an increased char rate would 

be expected. 

The thermocouple data collected during these tests did not capture all details of the overall 

performance of the assembly. After each test, the protection layers on the unexposed side 

were removed to assess the condition of the NLT itself.  It was apparent in a few locations 

that charring had reached the unexposed side of the assembly (as was shown in Fig. 3b).  In 

the 2x6 wall test, the plywood was not enough to prevent integrity failure, which indicates the 

need for gypsum protection on the unexposed side of the assembly.  Typically, to improve 

fire resistance, protection is added to the exposed side of the assembly; however, in the case 

of NLT, gypsum (or other means of protection) is needed on the unexposed side to delay 

integrity failures at locations of increased charring to achieve longer FRRs. A 15.9-mm Type 

X gypsum board can provide 30 minutes of additional fire resistance to CLT assemblies 
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when used on the exposed side [7]; if this were to be used on the unexposed side of an NLT 

assembly above a layer of plywood, it is expected that it would provide at least the same 

additional protection time (provided the assembly is still capable of supporting any applied 

loads), if not more due to the significantly reduced localized fire exposure.  The gypsum 

board may also limit charring at gaps if it prevents air flow through the assembly.  During 

installation of any protection, it would be prudent to avoid joints lining up with NLT gaps.  If 

multiple layers of protection are used care must be taken to prevent overlap of joints. 

NLT uses a repetitive construction method.  In terms of structural fire resistance, localized 

increased charring does not have a significant impact on the overall residual structural 

capacity of the assembly after fire exposure because the majority of the boards are charring at 

a slower more consistent rate.  Both wall assemblies failed structurally once approximately 

50% of the section depth had charred.  In both tests, localized burn-though of the assemblies 

occurred, but the overall structural fire resistance was not greatly impacted. 

5 CONCLUSIONS 

Three full-scale fire resistance tests were conducted on NLT assemblies, which included a 

nominal 2x6 wall, 2x8 wall, and 2x6 floor. The 2x6 wall and floor had one layer of 12.7 mm 

plywood on the unexposed side and the 2x8 wall had two layers of 12.7 mm Type C gypsum 

board on both sides.  All three assemblies experienced spots of localized charring which 

extended the entire depth of the NLT boards, but were not detected by the thermocouples 

throughout the assembly or on the unexposed side. 

The 2x6 wall assembly experienced integrity failures at several locations early on, but the test 

was able to continue until structural failure.  This highlighted the need for additional 

protection on the unexposed side of the assembly. Had additional protection been provided 

on the unexposed side it is likely a 1 h FRR could have been reached.  The assigned fire 

resistance ratings for the assemblies are given in Table 2. 

The 2x8 wall assembly achieved a 3 h FRR.  The gypsum board on the exposed side provided 

45.9 min of encapsulation; the base layer stayed in place for 2 hours which likely reduced the 

charring rate in the assembly.  The 2x6 floor did not reach failure, but achieved a FRR of 1.5 

h.   

Table 2. Assigned fire resistance ratings for NLT assemblies 

Assembly Load Failure FRR Type of failure 

2x6 wall 335 kN/m 
33 min 

1 h 11 min 

30 min 

1 h 

Integrity 

Structural 

2x8 wall 450 kN/m 3 h 37 min 3 h Structural 

2x6 floor 4.8 kPa 1 1.5 h 1 

1 Test stopped before failure reached 

These test results demonstrate that NLT can be used in the construction of mass timber 

buildings and can be designed to meet various FRRs.  The use of protection on the unexposed 

side of an NLT assembly can delay integrity failures by reducing localized increased charring 

at gaps by limiting air flow through the assembly. 

ACKNOWLEDGMENT 



Fire Resistance of Nail-Laminated Timber Assemblies 

   

360 

 

FPInnovations would like to thank the BC Forestry Innovation Investment Ltd. for funding 

this research.  We would also like to thank our federal and provincial funders as well as our 

members for supporting this project. 

REFERENCES 

[1]  The National Building Code of Canada (2015). Commission on Building and Fire Codes. National 

Research Council Canada. Ottawa, Canada. 

[2]  Nail-Laminated Timber. Canadian Design and Construction Guide v1.0. (2017). Binational 

Softwood Lumber Council. Forestry Innovation Investment Ltd. Canada. 

[3]  Nail-Laminated Timber. U.S. Design and Construction Guide v1.0. (2017). Binational Softwood 

Lumber Council. United States. 

[4] Ranger, L., Dagenais, C., Bénichou, N. (2019) Evaluating Fire Performance of Nail-Laminated 

Timber.  FPInnovations. Ottawa, Canada.  

[5] CAN/ULC-S101 (2014). Fire Endurance Tests of Building Construction and Materials. 

Underwriters Laboratory of Canada (ULC). Toronto, Canada. 

[6] National Building Code of Canada Proposed Change 1027. NBC15 Div.B 3.1. Encapsulated Mass 

Timber Construction (2017).  Canadian Commission on Building and Fire Codes. 

[7]  Dagenais, C. Fire Performance of Cross-Laminated Timber Assemblies. Revised Ch 8. CLT 

Handbook. (2014) FPInnovations.  Québec, Canada. 

  



Fire Performance of Timber-Concrete Composite Floors 

   

361 

 

FIRE PERFORMANCE OF TIMBER-CONCRETE COMPOSITE FLOORS 

 

Erica C. Fischer, Annabel Shephard, Andre R. Barbosa, and Arijit Sinha 

Oregon State University, Corvallis, United States 

ABSTRACT 

Timber-concrete composite floors provide enhance diaphragm rigidity and strength for 

seismic design, and therefore are becoming more commonly used in high seismic regions. 

However, the fire resistance is typically solely based on the strength of the timber portion. 

These tests examined the structural behaviour of two timber-concrete composite systems 

during a standard fire exposure. Both cross-laminated timber and nail laminated timber were 

tested and constructed with self-tapping screws and MiTek truss plates, respectively, to 

transfer forces between the timber and concrete. The results indicate that the systems have 

significant fire resistive behaviour when subjected to a standard fire exposure. 

1 INTRODUCTION 

North America is rapidly adopting the use of mass timber products in mid- and high-rise 

building construction. These mass timber products lend themselves to offsite prefabrication, 

more precision in production, decreased construction time, lighter foundation systems, and 

reduced seismic demands. In many buildings, mass timber floors are designed with a concrete 

topping due to acoustic, vibration, or fire barrier design constraints (Pei et al. 2016). Mass 

timber high-rise building construction in the United States is currently hindered by the 

confines of the building codes (IBC 2018).  

The current version of the International Building Code (IBC 2018) categorizes building 

construction in four Types. Type I construction is non-combustible construction materials 

(i.e. steel and concrete) used in high-rise buildings. Mass timber is Type IV-HT, heavy 

timber Type IV construction, which has a height limitation of 26 m). Tall mass timber is a 

term that refers to mass timber buildings that exceed this height limitation. Due to the 

structural performance and fire resistance of mass timber walls and floors, the International 

Code Council (ICC) voted to split the Type IV construction category into three parts for the 

next version of the IBC (IBC 2021). These three types of Type IV construction, Type IV-A, 

IV-B, and IV-C allow for mass timber buildings of heights 82 m, 55 m, and 26 m 

respectively.  

The current building code does not currently recognize composite systems for strength and 

fire performance of a building. For fire performance, designers are forced to demonstrate life 

safety performance of exposed timber systems through the char-rate calculations (CEN 2004, 

NDS 2017).  

 Concrete toppings are utilized on mass timber floors for vibration, acoustics, and fire 

barriers. Engineers are taking advantage of these concrete toppings by developing composite 

connectors to transfer forces between the timber panels and concrete. These composite 

systems have enhanced structural performance and can span longer distances (Higgins et al. 

2017). There is limited research on the fire performance of timber-concrete composite floors. 

The majority of the research occurred outside of the US and does not consider cross-

laminated timber (CLT) (O’Neill 2009, Frangi et al. 2010), timber-concrete composite 

systems (Fragiacomo et al. 2012, Lineham et al. 2016, Wiesner et al. 2017), and joints within 

the system. Dagenais et al. (2016) tested three timber-concrete composite floors. One CLT-

concrete, one screw laminated timber (SLT)-concrete, and one LVL-concrete composite floor 
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assembly to understand how shear connectors impact heat transfer in the assemblies. CLT-

concrete composite systems were tested using self-tapping screws to transfer forces between 

the timber and concrete, and the SLT-concrete composite floor assembly used truss plates. 

Results indicated that the type of shear connector had little to no impact on the heat transfer 

in the assembly and that the floor assemblies reached a fire-resistance of over three hours. In 

addition, the presence of a shear connector and a concrete topping did not change the char 

rate of the timber. In the US, Type I construction requires two to three hours of fire resistance 

rating (IBC 2018). These tests indicate that composite CLT-concrete floors would meet this 

fire resistance requirement. These assemblies, however, did not include the joint between the 

CLT inter-panel connections.  

The structural efficiency and fire resistance of a floor system depends upon the integrity of 

the fastening system and connection details used to connect the CLT panels together. O’Neill 

(2009) tested LVL-concrete composite systems with screw connections and concluded that 

the thermal expansion of the concrete slab is resisted by the composite action with the timber 

members. The restraint to thermal expansion induces an axial force in the timber members, 

which improves the system’s resistance to gravity loads. O’Neill (2009) did not include 

cooling portions of the fire into experiments leaving a gap in knowledge of how the system 

will perform during the cooling phase of the fire. Frangi et al. (2010) also used screw 

connections to test similar timber-concrete composite floors as O’Neill (2009). The 

conclusion of this research was that the performance of the shear connectors governs the fire-

performance. While these two experimental programs did not use CLT, the results indicate 

that the timber-concrete composite floors can have significant fire resistance. Fragiacomo et 

al. (2012) tested the fire-performance of CLT floors in fire conditions. However, the 

specimens tested in this program did not use a concrete topping used insulating cladding on 

the exposed surface of the CLT panels. Most recently, researchers at the University of 

Edinburgh (Lineham et al. 2016, Wiesner et al. 2017) tested a series of CLT beams under 

four-point bending and fire loading conditions. This testing program used an innovative 

testing approach consisting of radiant panels applying a constant heat flux on the bottom 

surface of the beams. These specimens did not include a composite concrete topping. 

 Composite action between timber panels and concrete toppings are achieved through 

connectors that are embedded both in the timber and concrete to transfer mechanical forces 

between the two materials. Previous tests have used a variety of different connectors. O’Neill 

(2009), Frangi et al. (2010), and Dagenais et al. (2016) used fully threaded screws to transfer 

mechanical loads between the CLT panels and the concrete topping. Dagenais et al. (2016) 

used truss plates between every third lamination of SLT panels to obtain composite action 

between the SLT panel and the concrete. These composite floors are anticipated to have 

higher load carrying capacity, and therefore better fire resistance than the timber alone.  

2 OBJECTIVES 

This paper provides an overview of the testing results from a furnace test of two floor 

systems: (1) CLT-concrete composite floors using fully-threaded screws to transfer 

mechanical forces between the timber and concrete and (2) NLT-concrete composite floors 

using truss plates to transfer forces between the timber and concrete. These tests aim to 

validate the char rates when using composite assemblies and generate data to investigate the 

fundamental mechanics of timber-concrete composite floors in fire scenarios.  
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3 MATERIALS AND METHODS 

Two full-scale timber-concrete composite floors were tested in the furnace at the National 

Research Council of Canada. One specimen was CLT-concrete composite and one was NLT-

concrete composite. The specimens were supported on the edges of the furnace using rollers 

to simulate a simply supported boundary condition. The floors were exposed to the ASTM 

E119 (ASTM 2016) fire curve. A distributed load of 3.8 kPa was applied to each specimen 

and sustained throughout the entirety of the test. This represents a typical design load for an 

office building in the US. The following sections detail the specimens and instrumentation. 

3.1 CLT-concrete composite floor 

The CLT-concrete composite floor consisted of a 5-ply, 175 mm thick, V2 stress grade 

Spruce-Pine-Fir (SPF) CLT conforming to ANSI/APA PRG-320 (2017). Fully-threaded 9.5 

mm diameter self-tapping screws 200 mm in length were drilled into the unexposed surface 

of the CLT panel at an angle of 45 degrees. The screws were embedded 133 mm into the 

CLT, with the remainder length embedded in the 57 mm concrete topping. The concrete had 

a 28-day compressive strength of 34.4 MPa. W152 x 152 (W6 x 6) gauge 9/9 welded wire 

mesh was embedded in the concrete slab for shrinkage reinforcement. No additional tensile 

reinforcement was provided.   

Along the centre of the specimen was a spline connection. This connection represented a 

typical panel-to-panel connection. Timber screws that were 152 mm in length were used for 

the connection and spaced at 102 mm along the length of the specimen. The width of the 

spline was 152 mm and plywood was used for the spline connection.  

 The tested specimen was 1219 mm wide by 4800 mm long. The screws were spaced 

at approximately 305 mm spacing in each direction with a 533 mm spacing at the midspan. 

The first screws were spaced 76 mm from the end of the floor along the length of the beam 

and 152 mm from each end along the width of the beam. The CLT was fully exposed to the 

fire. Figure 1a shows the construction of the CLT specimen.  

(a)  (b) 

Fig. 1. Construction of timber-concrete composite floors: (a) CLT-concrete composite floor, and (b) NLT-

concrete composite floor 
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3.2 NLT-concrete composite floor 

The NLT-concrete composite floor consisted of 38 x 140 mm (nominal 2x6) lumber boards 

of SPF No. 2 species that were joined together in “beams” of 3 boards. Each beam used 3 x 

0.12 nails to attach the boards together. Two rows of nails each at 25 mm from the top and 

bottom edge of the board, and 51 mm from each end of the board. The nails were staggered 

in spacing every 127 mm. The same pattern was used on the opposite side, but staggered by 

127 mm.  

 A shrinkage gap was incorporated into the specimen by removing a lamination at the 

midpoint of the panel. A piece of 6 mm thick plywood was placed above the shrinkage gap to 

support the concrete during construction. A small cut down timber piece was lightly nailed in 

place beneath the gap in the panel. This piece was not the full height of the NLT boards.  

 The tested specimen was 1257 mm wide by 4800 mm long. The composite connectors 

used for the NLT-concrete composite floor were Mitek MT-20 truss plates spaced at 610 mm 

on centre along the length of the floor specimen and placed every third lamination along the 

width. The edge of the first plate was located 140 mm from the edge of the floor specimen on 

both ends. Each truss plate was 254 mm in length and 127 mm in height with 89 mm of the 

plate pressed between the laminations of the timber and the remainder of the truss plate 

embedded in the 76 mm thick concrete topping. The concrete deck used the same mix design 

as the CLT-concrete composite floor specimen and the same welded wire mesh 

reinforcement. Figure 1b shows the truss plates installed in the NLT-concrete composite floor 

and an overall view of the specimen while under construction. 

3.3 Instrumentation 

Both floor assemblies were instrumented with Type K thermocouples to measure the 

temperature distribution through the composite floor cross-section. Thermocouples were 

embedded within the timber panels, attached to the shear connectors, and embedded within 

the concrete. The depths of the thermocouples were chosen such that one thermocouple was 

located within each lamination of the CLT-concrete composite specimen. The same depths 

were used for the NLT-concrete composite specimen. 

3.4 Fire testing 

The two specimens were installed side-by-side with insulation between the two specimens 

and on either side to prevent flame through. The two specimens were allowed to deflect 

independently of one another. Figure 2a shows the fire exposed side of the two specimens 

from inside of the furnace.  This figure also shows the thermocouples inside of the furnace 

that measured the gas temperature throughout the test. The loading apparatus used at the 

NRC has the capability of applying distributed loading to the specimens as shown in Figure 

2b. With the load imposed, the two specimens were exposed to a standard fire (ASTM 2016). 
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 (a)  (b) 

Fig. 2. Fire testing setup at the NRC: (a) view of exposed timber surface from inside furnace, and (b) distributed 

loading apparatus 

4 RESULTS 

4.1 Observations 

Pieces of the CLT specimen began to fall off at around 53 minutes and continued throughout 

the test. One of the disadvantages of testing side-by-side specimens is that when one 

specimen loses load-carrying capacity and collapses into the furnace, the test needs to stop. 

The goals of these tests were to collect temperature and displacement data to inform the 

fundamental behaviour of timber-concrete composite floors in a fire, verify the char rate of 

timber within a timber-concrete composite floor assembly, and collect data that can be used 

to benchmark numerical modelling capabilities. Therefore, to not stop the test prematurely 

and to test both specimens to failure, the slope of the deflection curves was tracked 

throughout the test. At about 90 minutes of standard fire exposure, the CLT-concrete 

composite floor deflection began to increase rapidly. At about 105 minutes, the load was 

removed from the specimen, while maintaining the load on the NLT-concrete composite 

floor. The test continued until 185 min (3 hr 5 min) when structural failure of the CLT-

concrete composite floor occurred.    

4.2 Displacement data results 

After the initial loading the deflection of the CLT and NLT specimens was about 2 mm. For 

the first 103 minutes, the midspan displacement of the NLT specimen was greater than the 

CLT specimen. However, at about 103 minutes, when the CLT specimen began to increase in 

deflection rate, the CLT specimen mid-span displacement began to be larger than the NLT 

specimen midspan displacement. This is about the time when the load on the CLT specimen 

was removed.  

Fig. 3 shows the midspan displacement histories for both of the specimens with the time of 

load removal on the CLT-concrete specimen indicated at 105 minutes. Both specimens had 

achieved runaway deflection at the point of structural failure of the CLT specimen.  
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Fig. 3. Midspan displacement history during tests 

4.3 Temperature data and char rate results 

After the test, both specimens were removed from the furnace and measurements of char 

depth were taken along the length of each specimen. About 25.4 mm and 38 mm of CLT and 

NLT remained uncharred respectively. Throughout the specimen four laminations were 

charred. The layout of the thermocouples allowed for the authors to measure the temperature 

distribution through the cross section of each specimen. Char rates were inferred from the 

thermocouple data by assuming the char front reached the depth of the thermocouple when 

the temperature exceeded 300oC. This is a commonly used method of determining char rate 

from experimental tests (Dagenais et al. 2016).  

The resulting charring rates for the CLT as determined from the thermocouple data were 0.66 

mm/minute for the first lamination, 0.80 mm/minute for the second lamination, and 0.60 

mm/minute for the third lamination. These char rates are assumed to be specific to each 

lamination of the CLT. The char rates are shown in Table 1 and plotted in Fig. 4 for different 

sections where temperature distribution through the full cross-section was measured. CLT-1 

and CLT-2 are located at the approximate quarter points along the length of the floor and are 

offset from the centreline of the panel. The NDS char rate for CLT considering delamination 

is 0.76 mm/min, which is a reasonable approximation for what was measured during the test. 

Because the CLT almost completely charred, the temperature at the CLT-concrete interface 

increased to a maximum average temperature of 474oC by the end of the test. At the point the 

load was removed from the specimen, the temperature at the interface was an average of 

24oC. The temperature of the shear connector at the time of load removal was an average of 

23oC and 65oC at the time of structural failure. These thermocouples were attached to the top 

of the shear connector.  

Figure 4 shows the char depth versus time for both specimens. This plot shows that the char 

depth was not influenced by the removal of load from the CLT specimen. The load was 

removed at 105 minutes, and the slope of the char depth is constant at that time. The CLT 

specimen did, however, exhibit delamination throughout the test. This was evidenced through 

video cameras placed at the viewing holes of the furnace and inside of the furnace. The panel 

used in the test adhered to PRG-320 (2017), and therefore the adhesives did not meet the 

strict requirements for delamination in fire of PGR-320 (2018). The char rate of the specimen 

was therefore higher than it would have been if delamination was limited. 

 The resulting char rate calculated using the data from the thermocouples for the NLT-

concrete composite floor was more consistent than the CLT-concrete composite floor 

specimen. The char rates were 0.68, 0.57, and 0.63 mm/minute for depths 35 mm, 70 mm, 

and 150 mm from the bottom of the 2x6 boards respectively. The NDS char rate is 0.64 
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mm/min and the Eurocode char rate is 0.7 mm/min. The measured char rates for the NLT 

specimen demonstrate the char rates in the NDS and Eurocode are a reasonable 

approximation. The char rates are shown in Table 1 and plotted in Fig. 4 are located at about 

the quarter points along the length of the floor specimen and offset from the centreline, which 

had a shrinkage gap. At the interface of the NLT and the concrete, the average maximum 

temperature was 219oC. The average maximum temperature of the top of the shear connector 

embedded in the concrete was 70oC.  

Table 1. Resulting char rates (average) 

Location 

Charring rate (mm/min) 

CLT NLT 

35 mm 0.66 0.68 

70 mm 0.80 0.57 

105 mm 0.60 0.63 

 

(a)  (b) 

(c) 

Fig. 4. Experimental temperature data (a) average temperature distribution through NLT-concrete composite 

specimen, (b) average temperature distribution through CLT-concrete composite specimen, and (c) char 

depth progression during tests at varying sections 

5 CONCLUSIONS 

Two timber-concrete composite floors were evaluated for fire-resistance. The objectives of 

these tests are to observe and investigate the performance of timber-concrete composite 

floors and any impact the composite system had on the fire resistance of the assemblies. 

These assemblies reached significant fire resistance when subjected to a 3.8 kPa distributed 
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load. Delamination of the CLT contributed to a significant loss of load carrying capacity and 

higher char rate. 

 Due to the delamination of the CLT during the test, additional tests should be 

performed using new CLT adhesive products that adhere to the PRG-320 (2018) standard. 

These tests will demonstrate the fire resistance for using composite CLT-concrete floors. 

Additional tests considering different types of shear connectors that provide more flexibility 

and ease of construction may also yield different results with regards to time to structural 

failure.   
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Abstract 

The research presented in this paper aimed to investigate the structural performance of 

protected concealed wood-steel-wood (WSW) beam connections subjected to fire. In such 

concealed WSW connections, steel T-stub connector and bolts, which mainly cause the rapid 

charring of wood, were protected using wood strips and plugs, respectively. Four full-size 

glulam beam bolted connection test assemblies were experimentally examined: two 

connection assemblies, one protected and the other unprotected, were tested at ambient 

temperature under gradually-increased monotonic loads until failure; whereas the other two 

test assemblies, which were identical to those examined at ambient temperatures, one 

protected and the other unprotected, were subjected to CAN/ULC-S101 standard fire while 

being loaded to 100% of the ultimate design load capacity of the weakest connection 

configuration. The experimental results revealed that, although the protected connection 

configuration had slightly less moment-resisting capacity than that of the unprotected 

configuration at ambient temperature, it had an increased fire resistance time by about 70%. 

Keywords: WSW connections, glulam beams, fire protection, fire resistance testing. 

1  INTRODUCTION 

The use of wood in building construction around the world has considerably increased in the 

past few decades due to its renewability and sustainability. There are mainly two types of 

construction associated with wood: light frame construction and heavy timber construction.  In 

heavy timber construction, structural members are joined together using connections involving 

steel plates and bolts. In case of fire, beam-to-column connections are typically the weakest 

link, as the presence of steel components helps in transferring heat to the interior of the wooden 

connection, and thus increases the charring rate and consequently decreases the connection’s 

fire resistance time.  

Most fire resistance studies focussed on axially-loaded connections (Racher et al., 2010) under 

either compressive or tensile loading perpendicular to wood grain (Audebert et al., 2012), or 

parallel to wood grain (Peng. et al., 2010). Therefore, there is urgent need to investigate the 

structural fire performance of moment-resisting timber connections, to fully understand the 

behavior of such connections that can effectively be utilized in tall wood buildings that are 

susceptible to lateral loads which can develop bending moments on such connections. In a few 

research studies, such as those conducted by Zarnani and Quenneville (2014) and Xu et al. 

(2015), numerical models were developed to determine the moment-resisting capacities and 

failure modes of timber-steel hybrid connections at ambient temperature. 

To better understand the behaviour of wooden connections in fire, a few researches have 

focused on studying large-size experiments of different connection configurations, such as 

exposed steel-wood-steel (SWS), concealed wood-steel-wood (WSW), and seated connections. 

It has been observed that the concealed type connection performs relatively poor in fire because 

of the reduction in member size due to wood removal because of the slotted cut required to 
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accommodate the steel T-stub connector plate that also transmitted more heat to the core of the 

wood section and consequently shortened the fire resistance time (Ali et al, 2016). In this study, 

fire resistance of glulam beams having cross-sectional dimensions of 140-mm wide x 191-mm 

high x 1900-mm long was investigated. All beam sections were connected at their ends to two 

fire-protected steel columns that were 3200-mm long using four A307 bolts. The glulam beams 

were subjected to two-point loads that were one-third beam span length apart. In addition to 

the experimental tests conducted in this study, all beams along their end connections were 

modelled using ABAQUS Standard software. The developed finite element (FE) models’ 

predictions were validated using the experimental results obtained from this study. It was also 

observed from both, experimental and numerical outcomes that, the rate of degradation of the 

connection’s strength during fire resistance tests was mainly dependent on the exposure of the 

steel components, e.g., bolts and plates, to fire. Moreover, the reduction of the cross-sectional 

dimensions due to wood charring initiated brittle failure in all test assemblies, such as wood 

splitting.  

In another study conducted by Petrycki and Salem (2017), the fire performance of full-size 

concealed (WSW) glulam connections using two and three rows of bolts, each of two bolts, 

with four- and five-times the bolt diameter end distances were experimentally investigated. It 

was concluded that increasing the number of bolt rows from two to three rows enhanced the 

fire resistance time of the glulam beam-to-column connections by a greater increment than that 

observed by increasing the bolt’s end distance from four- to five-times the bolt diameter. Also, 

from the failure patterns of the connections of this study, all test assemblies experienced brittle 

failure with minor deformations developed in the connecting steel bolts.  

The research presented in this paper has focussed on studying the structural behaviour of 

concealed WSW glulam bolted connections at both, ambient and elevated temperatures. One 

connection configuration had its steel components fire exposed, whereas the other connection 

configuration had its steel components, e.g., T-stub connector and bolts, fire protected using 

wood strips and plugs, respectively. 

2 TEST SPECIMENS, TEST SETUP AND PROCEDURE 

2.1 Test specimens 

Four 1600-mm long glulam beams of 184 x 362 mm cross-sectional dimensions were used in 

this experimental study. Each beam section was connected to a fire-protected steel column by 

steel T-stub section made of 12.7-mm (1/2”) thick plate and four 19.1-mm (3/4”) diameter 

A325M high-strength bolts. The bolt end distance, edge distance, and spacings were designed 

in accordance with CSA 086-14. The glulam material utilized in all four test specimens was 

black spruce–pine, grade 24f-EX. A slotted cut of 15-mm wide was prepared at the center of 

the beam cross section to accommodate the web of the steel T-stub connector, allowing slightly 

more than 1.0 mm clearance on each side of the steel plate, as per CSA 086-14. A 30-mm 

diameter spade bit was used to create circular holes in the beam front and back faces to 

accommodate the bolts’ heads, washers, and nuts. As shown in Figs. 1(a) and (b), two 

connection configurations were prepared with the beam in each configuration connected to the 

steel plate using four bolts in two rows. Fig. 1(a) shows the unprotected connection 

configuration, labelled (N), in which neither the steel plate nor the bolts’ heads or nuts were 

fire protected. Fig.1 (b) shows the other connection configuration, labelled (P), that was made 

using the same bolt pattern; however, the bolts’ heads and nuts and the steel plate’s top and 

bottom edges were fire protected using glued-in wood plugs and strips, respectively. The wood 

plugs used to cover the bolt’ heads and nuts had thicknesses of 30 mm and 20 mm, respectively. 
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a) connection configuration (N)                            b) connection configuration (P) 

Fig. 1. Test connection assemblies: a) connection configuration (N) without fire protection; b) connection 

configuration (P) with fire protection. 

For the fire resistance tests presented in this paper, the connection configuration (N) had twelve 

metal-shielded K-type thermocouples (TC) installed at different locations: four TC from the 

beam front face (TC1 through TC4); six from the beam back face; one from the beam top side 

(TC11); and one from the beam bottom side (TC12), as shown in Fig. 2(a).  

 

a) configuration (N) thermocouples layout; from the beam front face (left); back face (middle); and top and 

bottom sides (right) 

 

b) configuration (P) thermocouples layout; from the beam front face (left); and back face (right) 

Fig. 2. Thermocouples layouts: a) configuration (N) thermocouples layout; b) configuration (P) thermocouples 

layout. 

Fig. 2(a) also indicates the depth (in mm) at which each TC was embedded inside the wood 

section. For instance, TC1 and TC2 were installed at 60-mm deep from the beam front face; 

TC3 and TC4 at 20-mm deep from the beam front face; TC7 and TC8 at 40-mm deep; and TC9 

and TC10 at 10-mm deep. TC5 and TC6 were employed to measure the steel plate 

temperatures, whereas TC11 and TC12 measured the temperatures of one of the top bolts and 

one of the bottom bolts, respectively. For the connection configuration with fire protection, 
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labelled (P), fourteen metal-shielded K-type thermocouples (TC) were used: six were installed 

from the beam front face and eight from the beam back face, as shown in Fig. 2(b). TC5 and 

TC6 measured the steel plate temperatures. TC11 and TC12 measured the temperatures of the 

bolt nuts underneath the 20-mm thick wood plug, whereas TC13 and TC14 measured the 

temperatures of the bolt heads underneath the 30-mm thick wood plug. All glulam beam 

sections were stored indoor before being tested; hence they experienced between 1- and 2-mm 

shrinkage in their cross-sectional dimensions due to the reduction in their moisture contents 

(MC) by the time the experiments were conducted. The moisture contents of the glulam 

sections were measured right before testing, and the average MC was recorded as 8%. 

2.2 Test setup and procedure 

Both, ambient and fire resistance experiments presented in this paper were conducted at 

Lakehead University’s Civil Engineering Structures Laboratory and Fire Testing and Research 

Laboratory (LUFTRL), respectively. Each glulam beam was connected at one end using T-

stub steel connector that was rigidly attached to a fire-protected supporting steel column. A 

point load was applied 1400 mm away from the beam support using a Universal Testing 

Machine (UTM), as shown in Fig. 3(a). During testing, the deflections of the beam in response 

to the gradually-increased loading were measured using two Linear Variable Differential 

Transformers (LVDTs): one was 200 mm away from the support; and the other was located at 

where the load was applied, near the free end of the beam. All test assemblies were loaded until 

the beam connection failed. 

      

a) ambient temperature test setup                        b) fire resistance test setup 

Fig. 3. Test setups: a) ambient temperature test setup; b) fire resistance test setup. 

The two connection configurations presented in this paper, were tested at ambient and elevated 

temperatures. In fire resistance tests, both connection configurations were exposed to 

CAN/ULC-S101 standard fire while being loaded to 100% of the ultimate design load capacity 

of the weakest connection configuration. The monotonic constant applied load was deliberately 

chosen to be equal to the ultimate design load capacity of the weakest connection configuration 

in order to compare the fire resistances of the two different connection configurations 

independently from their moment-resisting capacities. The supporting steel column and the top 

side of the glulam beams were completely protected using 1.0-inch thick ceramic-fibre blanket. 

Fig.3(b) shows a fire resistance test setup for a general glulam beam installed inside the fire 

testing furnace. During fire test, the beam connection failure criterion was set to a maximum 

beam end deflection that corresponded to a connection rotation magnitude of 0.1 radians. 

However, fire tests were continued beyond this point until the applied load dropped 

significantly, at which the beam couldn’t sustain any load increase. One low-thermal 

elongation ceramic rod was placed vertically through a predrilled small hole in the furnace roof 

and was attached to a displacement transducer installed outside the furnace to allow the 

measurement of the beam vertical displacements at 200-mm distance from the beam supporting 

column. In addition to the mechanical measurements, thermal measurements were recorded 

during fire resistance testing. The measured temperatures were used to determine the average 

wood charring rate since there was total burnout of the beam section as the furnace cooled 
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down overnight. Knowing the actual average wood charring rate helped in determining how 

the bolts contributed to the heat transfer within the wood section. 

3 EXPERIMENTAL RESULTS AND DISCUSSION 

The experimental data measured from both ambient and elevated temperatures tests were 

analysed to determine the connections’ failure loads, rotations, and failure modes. In addition, 

for the fire resistance tests, average wood charring rate and temperatures with respect to time 

were also analysed.   

3.1 Ambient temperature tests 

Table 1 lists the connections’ failure loads and maximum moment-resisting capacities. It was 

noticed that the beam connection configuration (N), where the bolts’ heads and nuts and the 

steel plate’s top and bottom edges were exposed, exerted a maximum moment magnitude that 

is 7% greater than that of the connection configuration (P) with fire protection. This is due to 

the wood section reduction caused by embedding the bolts’ heads and nuts into the glulam 

beam cross section in the connection configuration with fire protection applied.  

 
Table 1. Summary of ambient temperature tests results 

Connection 

configuration 

Failure 

load (kN) 

Maximum 

moment 

(kN.m) 

Maximum rotation 

(Rad) 

Failure mode  

(numerical) 

Failure mode 

 (experimental) 

N 18.9 26.5 0.012 Splitting Splitting 

P 17.7 24.8 0.017 Splitting 
Splitting/Internal row 

shear out 

Fig. 4 represents the moment-rotation relationship developed for the two connection 

configurations experimentally examined at ambient temperature. The beam connection without 

fire protection failed mainly due to wood splitting occurred at the top row of bolts with a beam-

column rotation of 0.012 rad. Hence, a sudden drop in the connection’s moment happened, as 

shown in Fig. 4. However, the beam connection was still able to sustain the applied load that 

was gradually increased after the sudden drop at a rate of 2.0 kN per minute until another wood 

split developed at the bottom row of bolts, as shown in Fig. 5.  For the other beam connection 

configuration with protection, configuration (P), the rotation increased linearly with the 

gradually-increased load until the connection experienced a sudden drop due to splitting of the 

top row of bolts under tensile stresses, Fig. 5. Afterwards and with increased loading, the top 

row of bolts started to exhibit row shear out. It is noteworthy that the reduction in the beam 

section’s effective width due to the circular notches created to accommodate the bolts’ heads 

and nuts in connection configuration (P) contributed to the reduction in the moment-resisting 

capacity of this connection configuration compared to the other connection configuration with 

no fire protection, configuration (N). However, both connection configurations exhibited brittle 

failures, such as splitting and row shear out, as shown in Fig. 5.  
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Fig. 4. Moment-rotation relationships of the beam connection configurations with protection (P) and without 

protection (N) 

   

  

 

 

 

 

 

 

 

Fig. 5. Failure modes of the two beam connection configurations in ambient temperature tests; N (left) and P 

(right) 

3.2 Fire resistance tests 

3.2.1 Time to failure  

The fire resistance tests’ results summarised in Table 2 show that the time to failure of the 

connection configuration (P), with fire protection, was recorded at about 56.0 minutes, which 

is 23 minutes (about 70%) more than that of the other connection configuration (N). 

Therefore, unlike the ambient temperature tests, the connection configuration with fire 

protection significantly performed better than that with no protection in fire condition. This 

confirms that, with simple fire protection means, such as wood plugs and strips to protect the 

bolts’ heads and nuts and the steel plate edges, respectively, a fire resistance rating of 45 

minutes can be achieved for glulam beam WSW concealed connections like the ones 

experimentally examined and presented in this paper.  

Table 2. Summary of fire resistance tests results. 

Connection 

configuration 

Applied moment 

(kN.m) 

Time to failure 

(min) 

Average charring rate 

(mm/min) 
Failure Mode 

N 14.8 33.0 0.67 Splitting 

P 14.8 56.0 0.80 Splitting 

3.2.2 Charring rate 

Both beam connection configurations were completely burnout by the time the furnace was 

cooled down and opened the next day. Therefore, there was no residual glulam sections to be 

assessed to determine the actual wood charring rate. However, using Eq. (1) along with the 

thermal measurements captured during fire testing by the thermocouples installed at depths of 

10 mm and 20 mm into the glulam section, the average wood charring rate was estimated. 
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𝐶 = 𝛽𝑡               (1)           

where C  is taken equal to 10 mm, 

t  is the time difference for heat transferred between 10 mm and 20 mm depth at 

300 ℃ which is the nominal wood charring temperature. 

In addition, the results from Table 2 show that the beam connection configuration (P) had a 

higher estimated wood charring rate compared to that of the connection configuration (N). 

3.2.3 Connection rotations 

Fig. 6(a) shows the time-rotation relationships of the two beam connection configurations 

during the fire resistance tests.  Both connections configurations had rotations that increased 

linearly during the early stages of the tests followed by an exponential rise that started in the 

connection configuration (P) about 25 minutes later than that of the connection configuration 

(N). This can be attributed to the fact that, the protected bolts’ heads and nuts did not 

experience considerable increase in its temperatures at early stage of the fire test; hence there 

was no considerable charring of the wood section inner core, which resulted in much less 

rotations of the connection configuration (P) for longer time in fire condition. Fig. 6(b) shows 

a slight increase in the rotation of the protected connection configuration (P) at about 30 

minutes from the start of the fire test.  

                     
a) connections’ time-rotation relationships                        b) connection configuration (P) in fire 

Fig. 6. Time-rotation relationships of the beam connection configurations (P), with protection, and configuration 

(N), with no protection, throughout fire resistance tests 

3.2.4 Time-temperature curves 

Fig. 7 shows the thermal measurements taken during the fire resistance test of the beam 

connection configuration (N), with no protection. As shown in the figure, wood temperatures 

at 20-mm depth from the beam front face, measured by TC3 and TC4, reached 100°C after 

about 5 minutes from the start of the fire test. At this stage, the moisture trapped in the wood 

section started to evaporate, and consequently the wood started to pyrolyze then eventually 

char at approximately 300°C, at about 12 to 17 minutes. From the time-temperature curves 

shown in Fig. 7, it can also be observed that, at the time of the structural failure of the 

connection, the thermocouples at 20-mm deep from the beam face (TC3 and TC4) had 

recorded temperatures that were extremely higher (about 800°C) than the wood charring 

temperature. In addition, the thermocouples embedded at 40-mm deep from the beam face 

(TC7 and TC8) recorded temperatures around 200°C, while the thermocouples embedded at 

60-mm deep from the beam face (TC1 and TC2) recorded temperatures around only 100°C.  
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 Fig. 7. Time-temperature curves developed using the thermal measurements of the connection configuration 

with no fire protection, configuration (N) 

4. CONCLUSIONS 

In the experimental study presented in this paper, the behaviour of wood-steel-wood  

(WSW) concealed connections, with and without fire protection, was investigated at both 

ambient and elevated temperatures. The study focussed on the performance of the tested 

connections regarding the connection’s rotational behaviour, moment-carrying capacity, and 

failure mode. Outcomes of this study helped in drawing the following conclusions; 

- The connection configuration (N) without fire protection exerted a maximum moment-

resisting failure capacity that is about 7% greater than that of the connection 

configuration (P) with protection in ambient temperature tests; 

- Both connection configurations exhibited initial failure mode of wood splitting at the top 

row of bolts, followed by splitting at the bottom row of bolts in connection configuration 

(N) and row shear out in the top row of bolts in connection configuration (P); 

- The time to failure of the connection configuration (P) was about 56.0 minute in standard 

fire condition, which is 23.0 minutes more than that of connection configuration (N); 

- The connection with fire protection, configuration (P), maintained a slightly increased 

linear rotation-time relationship for about 25.0 minutes more than what the connection 

without fire protection, configuration (N), exhibited; 

- The unique experimental results developed out of this study confirm that, with simple 

fire protection means, such as wood plugs and strips to protect the bolts’ heads and nuts 

and the steel plate edges, respectively, a fire resistance rating of 45 minutes can be 

achieved for glulam beam WSW concealed connections. 

5. RECOMMENDATION 

It is recommended that when considering both, the connection moment-resisting capacity and 

its fire resistance, the top and bottom edges of the steel T-stub connector and the bolts’ heads 

and nuts should be protected as detailed in connection configuration (P) of this paper. Further 

analytical work is to be extended to derive a relationship between the thickness of the wood 

plug protection and the fire resistance time of the WSW concealed connections. 
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FIRE RESISTANCE TESTING OF GLULAM BEAM END CONNECTIONS 

UTILIZING THREADED STEEL RODS IN A PILOT CONNECTION 

CONFIGURATION 
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Dept. of Civil Engineering, Lakehead University, Thunder Bay, Ontario, Canada 

ABSTRACT 

Bolt and plate connections offer a simple yet strong connection in timber buildings; however, 

their fire resistance, when unprotected, is minimal. For the research presented in this paper, 

four full-size glulam beam connections, each utilized two concealed threaded steel rods that 

were inserted into the end of a glulam beam section, near the top and bottom sides, were 

experimentally examined. Two small holes carved into one side of the beam, where the rod 

ends are inserted, were employed to insert a steel washer and a nut, in each hole, to 

mechanically fasten the threaded rod’s embedded end. The main study parameter was the rod 

embedment length; where 200 mm and 250 mm embedment lengths with the use of same 

38.1-mm square washer were experimentally examined to investigate their effects on the 

beam connection strength. A design load reflecting the connection’s ultimate design moment-

resisting capacity was applied at the end of the cantilevered beam that was then exposed to 

elevated temperatures that followed CAN/ULC-S101 standard time-temperature curve. 

Results revealed that, the beam connection of 200-mm embedment length lasted about 58 

minutes in fire, whereas the connection of 250-mm embedment length lasted about 62 

minutes. 

1 INTRODUCTION 

Nowadays, glued-laminated timber (glulam) is one of the most commonly-used engineered-

wood products, which has its potential still being researched to utilize its abilities fully. The 

areas most lacking in the available design guidelines of glulam are embedded-rod 

connections (Hunger et al., 2016) and moment-resisting connections (Petrycki and Salem, 

2017). Glued-in threaded steel rods have been in use and experimentally tested since the late 

1980’s; however, there are no consistent design procedures for their application (Barillas, 

2014; Fragiacomo and Batchelar, 2012). Some design approaches and code models have been 

published; however, there are some discrepancies and even partial contradictions between the 

different available models (Steiger et al., 2006). The interaction between wood, adhesive and 

metal, introduces several variables which need to be carefully considered, making it difficult 

to predict the connection’s failure (Oh, 2016). A primary issue with connections composed of 

glued-in rods in timber sections is when the connection must be made on site. This type of 

application has been shown to carry a high risk of having the rods being improperly bonded 

since the effectiveness of the grouting process cannot be visually checked (Batchelar and 

McIntosh, 1998). Therefore, it is highly recommended that the gluing process is done in a 

controlled environment, where skilled workers can check their work and ensure a proper 

bond between the steel rods and the wood sections. 

Timber connections utilizing embedded rods have the advantage of being superior in fire 

performance compared to other connection types since the steel rods are completely 

concealed inside the wood section. Even a connection where only a slight portion of the steel 

rod is exposed still has considerably high charring rate due to the fact that steel components 

quickly conduct heat into the connection (Barber, 2017). Also, issues with the epoxy at 

elevated temperatures still need to be further investigated. A study done by Di Maria et al. 
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(2017) shows that epoxy deteriorates, and thus the connection can easily fail when the 

temperature surrounding the rod reaches thresholds of only 50°C to 60°C. 

A practical solution to the epoxy problem at elevated temperatures is to mechanically fasten 

the steel rods, instead. In addition, such a connection can be easily assembled in the field, 

eliminating the common possibility of bond failure in the glued-in rods, as well as avoiding 

the epoxy deterioration issues at elevated temperatures. This paper presents the results of an 

experimental study undertaken to investigate the behaviour of glulam beam end connections, 

utilizing mechanically-fastened threaded steel rods and subjected to standard fire.  

2 EXPERIMENTAL PROGRAM 

Four full-size test assemblies were experimentally examined in the study presented in this 

paper. Two configurations were used for the rod-glulam connections. The test variable for the 

two configurations was rod embedment length. 

2.1 Materials 

2.1.1 Glulam sections 

The glulam beam sections (135 mm x 314 mm) used in all test assemblies were S-P-F, 

comprised of 90% black spruce. The beam sections were manufactured to meet the 24F-

ES/NPG stress grade with architectural appearance grade. The individual lamina stocks that 

were used to build up the beam sections measured approximately 24 mm x 47 mm. The 

laminations were finger jointed at their ends and glued together in horizontal and vertical 

layers. Since the beam sections were manufactured to provide symmetrical alignment of the 

laminations along the cross sectional width and depth, the beam sections had a homogeneous 

layup. The main mechanical design properties of the glulam are listed in Table 1, below. 

Table 1: Mechanical properties of glulam sections (Nordic Structures, 2015) 

Property Strength (MPa) 

Bending moment, Fb 30.7 

Longitudinal shear, Fv 2.5 

Compression perpendicular to grain, Fcp 7.5 

Compression parallel to grain, Fc 33.0 

Tension parallel to grain, Ft 20.4 

Tension perpendicular to grain, Ftp 0.51 

Modulus of elasticity, E 13100 

2.1.2 Threaded rods 

The threaded rods used in the experiments had a diameter of 19.05 mm (3/4"), length of 910 

mm and stress grade of SAE J429-Grade 2. Using a band saw, the rods were cut to two 

pieces: 470 mm and 520 mm for the test assemblies with 200-mm and 250-mm embedment 

lengths, respectively. The remaining cut off rod sections was used as tension coupons, and 

thus was tested on a Tinus Olsen Universal Testing Machine at Lakehead University’s Civil 

Engineering Structures Laboratory to confirm the stress grade of the rods. The average tensile 

force exerted by the rods were recorded as 90.0 kN, confirming the rods stress grade. 
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2.1.3 Washers 

The washers used for the experiments were fabricated from a 12.7-mm thick steel flat bar 

with a stress grade of 300W, as specified by CSA G40.20-04/G40.21-13. There were eight 

washers fabricated; all had dimensions of 38.1 mm x 38.1 mm (1.5” x 1.5”). A 20.6-mm 

(13/16") diameter hole was drilled in the centre of each washer to allow the insertion of the 

rods. 

2.2 Test assembly details and fabrication process 

The two threaded rods employed in the glulam beam pilot connection configuration had 

embedment lengths of either 200 mm or 250 mm. Every beam section had a line marked 

perpendicular to the wood grain at the required embedment length, and a line marked parallel 

to the grain down the centre of the 314-mm wide face. Two lines, each was offset 80 mm on 

either side of the centre line, were then marked parallel to the grain. Next, two little 

rectangles were marked directly below the embedment length line and centred on each of the 

offset lines. Rectangles measured 41.3-mm (1-5/8”) wide and 30-mm thick to accommodate 

the washer and nut thicknesses. All rectangles were then carved out into a rectangular prism 

using a wood chisels to a depth of approximately 87 mm, as shown in Fig. 1a. A 20.6-mm 

(13/16”) diameter hole was then drilled in line centred with each carved out hole on the 

beam’s 314-mm wide face and also centred on the beam’s 135-mm wide face at the end of 

the beam section to the required embedment length using a precise portable drilling station as 

shown in Fig. 1b.  

 

  a)   b) 

Fig. 1. a) A beam section being chiselled; b) A beam section being drilled 

2.3 Test assembly design 

The main purpose of this study is to confirm that a fully-concealed connection of a glulam 

beam sized at 135-mm wide x 314-mm high can achieve a one-hour fire resistance rating 

with no additional fire protection. The experimental testing of the pull-out strength of an 

individual steel rod mechanically fastened into a glulam section was conducted and 

documented (Hubbard and Salem, 2018). In the prior study conducted by the authors, the 

average pull-out tensile force of the threaded rod mechanically fastened into glulam beam 

section with 200-mm embedment length and 38.1-mm wide square washer was recorded at 
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69.0 kN, whereas the average tensile force was recorded at 79.0 kN for the connections with 

250-mm embedment length. 

The threaded steel rods in glulam beam-column connections was also tested at ambient 

temperatures prior to conducting the fire resistance tests presented in this paper, and the tests 

outcomes are being prepared to be published as a journal article. Having the top steel rod 

subjected to tensile force and the lower part of the wood section under compression, the 

connection moment-resisting capacity was calculated at 10.0 kN.m, using principles of 

mechanics. The ambient temperature tests performed on the connection assemblies with 200-

mm and 250-mm embedment lengths revealed that both assemblies have an average ultimate 

failure moment of 16.0 kN.m which is about 60% greater than the calculated design value, 

eliminating all design safety factors described in CSA 086-14.  

The nominal charring rate of the glulam sections experimentally tested in the research project 

presented in this paper was about 0.7 mm/min (Nordic Structures 2015). Therefore, after one-

hour fire exposure, a char layer of about 42-mm thick can be formed on the bottom and the 

two sides of the glulam beam, as shown in Fig. 2a. Considering the width of the washer is 

38.1 mm and is located in the centre of the beam width, the beam should still have about 6.5 

mm of wood protection at the washers’ sides. The tests matrix with the corresponding fire 

resistance predicted times to failure is presented in Table 2. 

a) b) 

Fig. 2. a) Beam-to-column connection’s cross section; b) Beam-to-column connection’s side view 

Table 2. Threaded rod in glulam beam-column connection tests matrix 

Test 

configuration 

Test 

replicates 

Embedment 

length 

(mm) 

Washer size 

(mm) 

Safe design load 

applied 

(kN.m) 

Predicted time  

to failure 

(min) 

Test 200-1.5 2 200 38.1 (1.5 in) 10.0 60 

Test 250-1.5 2 250 38.1 (1.5 in) 10.0 60 

2.4 Tests setup and procedure 

Each test assembly was fixed to a strong steel support using two threaded steel rods. The 

carved cut out holes on the beam face, which accommodated the steel rods’ nuts and washers, 
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were then plugged with a small fitting chunk of glulam and glued in place with wood glue as 

shown in Fig. 3a. Both, the glulam beam and the fire-protected steel support were placed 

inside the large-size fire testing furnace accommodated at Lakehead University’s Fire Testing 

and Research Laboratory (LUFTRL), as shown in Fig. 3b. The beam top side was fire 

protected using a 1-inch thick layer of ceramic fibre blanket insulation to simulate the 

existence of a slab on top of the beam. Test beams were loaded to 100% of the calculated 

design moment-resisting capacity of the weakest connection configuration. A hydraulic jack 

mounted to the strong loading steel structure that surrounded the furnace was used to apply 

the transverse load on the beam via an insulated steel post which was installed through an 

opening in the furnace roof. One draw-wire displacement transducer was installed outside the 

furnace and attached to a long ceramic rod that was inserted through the furnace roof at 200-

mm distance away from the face of the steel support to facilitate the measurement of the 

beam’s vertical displacements. Another draw-wire displacement transducer was installed and 

attached to the insulated steel loading post to measure the vertical displacements of the beam 

free end. The measured displacements from both transducers were used to determine the 

rotation of the beam-to-column connections. As for thermal measurements of the wood and 

steel components of the connections during fire tests, twelve metal-shielded K-type 

thermocouples were placed on each specimen: six thermocouples were installed in the wood 

section on the beam front face; and the other six mirrored on the back face of the beam, Fig. 

3b. 

 a)  b) 

Fig. 3. a) Beam’s side holes being plugged; b) A general fire resistance test setup 

As per CAN/CSA-S101, the total transverse load was applied in 25% increments, with the 

total applied load being applied at least 30 minutes before the commencement of the fire 

resistance test. Deflections of each test assembly were measured during fire testing until the 

test assembly could no longer hold the applied load, or the test assembly reached the 

maximum measurable amount of deflection, at which the test was terminated. 

3 EXPERIMENTAL RESULTS AND DISCUSSION 

3.1 Time-rotation relationships 

The test specimens’ failure criterion was determined to be a maximum beam-to-column 

connection rotation of 0.1 radians. It was observed that the test assemblies underwent two 

different trends of increased rotations with time in all four fire resistance tests. The 

connection rotations slightly increased in a linear trend during the first half of the test time 

(about 30 minutes). For the second half of the test time, the beam connection rotations 

increased exponentially over time until failure. Time-rotation relationships for all connection 
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assemblies are shown in Fig. 4. All linear trends of the connection rotation increase with time 

in all four fire tests are very similar; however, the experimental results show that the 

connection configurations with 250-mm rod embedment length were stiffer than those of 

200-mm embedment length. 

 

Fig. 4. Full time-rotation relationships of all four fire resistance tests  

The last 10 minutes of the fire tests show a better representation of the failure modes and 

exact fire resistance times of the tested connections, as shown in Fig. 5. Fire resistance tests 

showed that the 200-mm embedment length connections failed just after about 58 minutes of 

fire exposure. The failure mode in the two 200-mm embedment length connections was 

mainly splitting in the wood section along the steel rod as shown by the sharp increase in the 

connection’s rotation just before the 0.1-radian failure criterion was achieved. Also, the 

termination of these two fire tests was due to the fact that the split beam section could no 

longer hold the full applied load. The other two fire resistance tests conducted on the 250-mm 

embedment length connections failed a few minutes past an hour. The failure mode of these 

two 250-mm embedment length connections was mainly due to bending deformations in the 

steel rods from the very elevated temperatures, as proven by the rapid increase in the 

connection’s rotations just before the 0.1-radian failure criterion was achieved. The 

termination of these two fire resistance tests was due to the beam reaching the maximum 

measurable amount of deflection. It was concluded that the 250-mm embedment length beam 

connections were able to sustain the applied design load sufficiently longer than the 200-mm 

embedment length beam connections at elevated temperatures to allow a one-hour fire 

resistance rating to be assigned for the 250-mm embedment length tested connections. The 

conclusion was made mainly because the longer steel rods had more contact with the wood 

allowing a gradual increase in the connection’s rotations, as well as the rod being bended 

instead of having the wood snaps along the shorter steel rod. 
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Fig. 5.  Time-rotation relationships for all four fire resistance tests throughout the last 10 minutes  

3.2 Failure modes 

The pictures shown in Fig. 6 are in good agreement with the graphed results presented in Fig. 

4 and Fig. 5; where the 200-mm embedment length connections failed in brittle failure modes 

due to the wood splitting as shown in Fig. 6a. The wood splitting caused the test to be 

terminated due to the connection not being able to hold the applied full design load. With the 

wood splitting, the top steel rod did not exhibit noticeable deformations, whereas the bottom 

steel rod experienced slightly more deformations compared to the top one, as shown in Fig. 

6b. 

 

 a)  b) 

Fig. 6. a) Test 200-1.5-A connection just after failure; b) Test 200-1.5-A steel rods after failure 

The pictures shown in Fig. 7 are also in good agreement with the graphed results presented in 

Fig. 4 and Fig. 5; where the failure of the 250-mm embedment length connections was a 

relatively ductile failure mode due to the steel rods deforming, Fig. 7a. The steel rods 

deforming caused the test to be terminated due to the beam reaching the maximum 

measurable amount of deflection. Also, with the longer rod embedment length, there was 

more wood to resist the shear stresses imposed by the top steel rod; therefore, this allowed the 

steel rods to be considerably heated causing the bottom rod to deform excessively, as shown 

in Fig. 7b. 
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 a)  b) 

Fig. 7. a) Test 250-1.5-A connection just after failure; b) Test 250-1.5-A steel rods after failure 

3.3 Summary of test results 

In general, increasing the rod embedment length from 200 mm to 250 mm increased the fire 

resistance time of the tested beam-to-column connections from just under an hour, at an 

average of 58.25 minutes, to just above an hour, at an average of 61.75 minutes. Table 3 

provides a summary of the results of the four fire resistance tests. 

Table 3. Summary of results of the four fire resistance tests on glulam beam-to-column connection assemblies 

Test No. 
Embedment length 

(mm) 

Washer size 

(mm) 

Fire resistance time 

(min) 

Average fire resistance 

time (min) 

200-1.5-A 200 38.1 (1.5 in) 58.2 
58.25 

200-1.5-B 200 38.1 (1.5 in) 58.3 

250-1.5-A 250 38.1 (1.5 in) 60.3 
61.75 

250-1.5-B 250 38.1 (1.5 in) 63.2 

4 CONCLUSIONS 

Based on the experimental outcomes and the analysis of the fire resistance test results 

conducted afterwards, a few conclusions have been driven and are listed as follows; 

• Increasing the steel rod embedment length from 200 mm to 250 mm increased the fire 

resistance time of the glulam beam-to-column connection from slightly under an hour to 

just above an hour, allowing a one-hour fire resistance rating to be assigned for the 250-

mm embedment length tested connections without the need for additional fire protection; 

• The 250-mm embedment length connection exhibited a relatively ductile failure 

compared to that of the 200-mm embedment length connection which failed mainly due 

to wood splitting; 

• Any fire-exposed steel components would cause the beam-to-column connection to fail 

faster in fire; therefore, the protection provided by the wood section greatly helps in 

enhancing the fire resistance of the connections that utilized embedded, mechanically-

fastened steel rods into the glulam beam sections compared to similar connections but 

with fire-exposed steel connecting components. 
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ABSTRACT 

This paper presents experimental and simulation results of the effect of fire and high 

temperature on a Franco-Byzantine Basilica Church in Cyprus. Natural building limestones 

from a local ancient quarry were heated in the laboratory to various temperatures (150-900 

ºC) and their thermal properties at these elevated temperatures were determined 

experimentally. The physicomechanical (density, porosity, uniaxial compressive strength, 

colour changes) characterisation of the test specimens showed that the properties of 

limestones change with heating. These changes influence the strength and durability of the 

stones. The thermomechanical properties of the limestones derived from the experiments 

were used in thermal and structural models to predict the behaviour of masonry monuments 

during a fire and to evaluate their residual strength after exposure to fire. 

1 INTRODUCTION 

Ancient and historical buildings and their protection and restoration are nowadays in the 

focus of interest of the scientific community around the world. Natural disasters like fire may 

potentially damage or even completely destroy such monuments. As performance-based 

techniques become increasingly accepted in the design of fire-safe buildings, the ability to 

predict the response of structural elements exposed to realistic fire scenarios is imminent. 

Hence the study of the behavior of natural building stones subjected to fire attack is important 

in the evaluation of the structural safety of monumental buildings.  

In Cyprus, monumental masonry structures, such as churches, are widespread. In particular, 

Franco-Byzantine Basilica churches[1], dating back to the beginning of the 19th century, are 

found in both cities and rural areas. A total of 30 such monuments is found in the Bishopric 

of Morphou alone[2], whereas an equally significant number is reported to exist in the Kyrenia 

region[3]. In total, the number of Franco-Byzantine Basilica churches on the island exceeds 

250[4-5].  

Despite suffering from fire attacks at different periods of history, the repair and restoration of 

many of these churches did not take into consideration the structural evaluation of the 

monument after fire and did not account for the relevant loss of material. This paper presents 

experimental and simulation results of the effect of fire and high temperatures on a Franco-

Byzantine Basilica Church in Cyprus.    

2 EXPERIMENTAL AND THEORETICAL BACKGROUND  

A field survey was conducted in several churches of the Franco-Byzatine type to determine 

the average fire load. It was found that all churches had similar interior furniture. The average 

fire load was estimated around 55 kg/m² of wood equivalent, which corresponds to 880 

MJ/m2 [6]. 
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Fire in the monument was simulated using the computational fluid dynamic model FDS [7] 

The program solves the governing equations for a specific fire scenario and returns the 

adiabatic temperatures on the inner face of the walls and the arch elements and the hot gas 

temperatures at selected areas. An example of the temperature profile of thermocouples and 

adiabatic temperature devices is shown in Fig 1. 

 

Figure 1. Adiabatic wall temperature (Y = 0~3.8) 

The adiabatic temperatures from fire modeling (FDS) represent convective and radiative 

reference temperatures that can be used as boundary conditions to calculate conduction heat 

transfer in the solid material.  

For this study, the general conduction equation for the two-dimensional grid derived in polar 

coordinates (eq. 1) is used [6]:  

1 1
( ) ( )

T T k T
c rk S

t r r r r r


q q

    
= + +

          (1) 

 

The z-direction of the control volume is assumed to be unity; S is the heat source and c the 

specific heat. 

A computer program in FORTRAN was developed to give the solution of the discretization 

equation. The developed conduction model was used to calculate the temperatures in the 

limestone of the church arch located over the iconostasi (the arch that for the selected fire 

scenario is subjected to the most severe conditions). As boundary conditions for these 

calculations, the adiabatic surface temperatures obtained from FDS near this arch were used. 

The arch was divided into control volumes with dimensions of 1 mm in the radial direction 

and 10.6 degrees in the circumferential direction. Fig. 2 illustrates the arch of the church with 

the stone elements marked with numbers from 1 to 17. Similar points are defined on the left 

hand side of the arch. These points coincide with the points used by FDS to calculate the 

adiabatic temperatures. 
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Figure 2. The arch used in the conduction model 

An example of temperature predictions, which demonstrates the temperature variation with 

time at the right side (84.8°) of the arch is shown in Figs 3-4. The maximum temperature 

reached at different depths is the temperature that was used in the structural model. This 

maximum temperature is recorded by the model. 

From the figures it can be concluded that the arch temperatures induced by the fire scenario 

under consideration, affect the stone elements of the arch to a significant depth. In particular, 

the temperature from the inner face of the elements (approx. 800 ºC) drops to 150 ºC at a 

depth of 80 mm. From that depth the temperature drops gradually to ambient at the outer face 

of the stone elements. The mechanical properties of the limestones corresponding to the 

predicted maximum temperatures are used in the structural model. 

 

Figure 3. Temperature profile (right side of arch) 
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Figure 4. Maximum temperature (right side of arch, full depth (300 mm) 

3 STRUCTURAL MODELING 

Basilica structures usually house a façade, a hall, a presbytery and an apse; often a bell tower 

is present as well. More generally, churches are characterized by the presence of large wall 

panels without internal partition walls, slenderness of some vaulted structures (folded vaults), 

presence of thrusting elements of large span (arches, vaults and domes) and a lack of 

intermediate connections. 

The church under consideration in this study is the Panagia Chryseleousa church (Fig. 5) 

located in the village of Ineia, Paphos. The church was built in 1883 with natural limestone 

from a quarry located adjacent to the village. The interior face of the stone work is covered 

with lime wash and is painted.  

 
 

Figure 5. Exterior (left) and interior (right) photos of the monument under study 

The interior dimensions of the church are 8.0 m wide by 22.0 m long by 8.50 m height 

(intrados of the vault).  The thickness of the arches is 0.30 m wide by 0.30 m height, while 

the thickness of the buttresses is 1.70 m for the corner buttresses and 1.40 m for the five 

buttresses in-between; the thickness of the vault is 0.50 m. From the original drawings kept in 

the Archives of the District Administration of Paphos and from field measurements and 

observations, the digital architectural drawings of the church were produced (Fig. 6). 
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Figure 6. Architectural model of the monument under study 

The mathematical modeling of masonry shows several difficulties that arise from the need to 

take into account the non linear behaviour and the progressive degradation of the stiffness 

when strains increase. In the case of old stone masonry, other irregularities also have to be 

considered. These are the different dimensions and locations of the stones, the non-

homogeneous distribution of the mortar, the great scattering in the mechanical characteristics 

of the elements and the uncertainty on the structural complexity. 

In this study, a structural model which works independently from the heat transfer model was 

developed. The finite element method was used to implement the model. The structural model 

was produced from the digital 3-D architectural drawings using a routine that produces nodes 

and elements by reading these drawings[6]. Material properties were assigned to each element 

by the user following the results of experiments and of the thermal model. The latter produced 

a thermal gradient which was used in the assignment of material properties. In particular, each 

solid element of the arch was sliced in smaller pieces according to the temperature gradient in 

the natural stone. Density and Young’s Modulus of Elasticity derived from experimental work 

(Table 1) were assigned to each piece of the element according to the maximum temperature 

at that point. The number of the divisions of the original stone element relied on its geometry 

and the gradient of the temperature within the element itself. 

Temperature 

(°C) 

Compressive 

strength 

(N/mm2) 

Open 

Porosity 

 (%) 

Average Apparent 

Density 

(kg/m3) 

Young’s 

Modulus (MPa) 

20 24.2 23.0 1961 19 

150 26.9 30.1 1936 21 

300 25.4 27.2 1912 16 

450 22.8 26.0 1895 7 

480 19.6 nd 1892 nd 

600 22 25.8 1888 3 

750 14.2 29.7 nd nd 

900 nd 34.5 nd nd 

Table 1 : Properties of limestone specimens at elevated temperatures  
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The structural analysis computer program used was STAAD.Pro. The structural model was 

produced with 8-node solid elements for walls and arches and with shell elements for the 

vaults of the church. The individual stones of the arches were measured on site and used in 

the model as solid elements to capture the 3-dimensional behaviour of the units.  

For the transformation of the geometrical 3-D and surface elements from AutoCAD to 

STAAD a computer routine was produced in Visual Basic to couple the two programs. This 

routine reads a block from AutoCAD and reproduces a structural (8-node, shell, etc.) element 

in STAAD. The element produced is placed automatically at the reciprocal coordinates of the 

original architectural drawing.  

Fig. 7 represents the corresponding structural model produced from the CAD drawings. 

 
 

Figure 7. Structural model of walls, vaults, arches and buttresses  

For the purpose of this study, the stone elements of the arches were sliced into 8 pieces so 

that better details could be taken from heat transfer modeling at the inner face of the arch 

material. The structural STAAD model of the arches with the sliced stone elements is 

illustrated in Fig. 8. 

 

Figure 8. Structural model of arches and buttresses (Pinned supports)  

The STAAD model was run for several loading occasions including thermal load (load due to 

temperature increase in the structural elements of the arches). Fig. 9 illustrates stresses in 

arches and buttresses of the church from dead loads. 
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Figure 9. Solid stress contours on arches and buttresses from dead loads 

It is obvious that under static loads the arches of the church are working only in compression 

and the thrust in the structural elements is much less than what they can sustain. Fig. 10 

represents stress contours in the arches and buttresses from dead and thermally induced loads. 

The expansion coefficient was calculated at each temperature. Poisson ratio was taken from 

bibliography[8]; for damping the value used in the model is that of concrete.  

 

 
 

Figure 10. Solid stress contours on arches and buttresses from dead and thermally induced loads 

The results shown above indicate that in the bottom three parts (20 mm, 20 mm and 40 mm) 

the stresses exceed the allowable stress derived from the experiments. Comparing these 

results with the results obtained from the heat penetration model, where only the first 10-20 

mm exceeded the temperature of 750 ºC where the material seems to disintegrate, it can be 

concluded that the thermally induced stresses prevail in the evaluation of the safety of the 

arch. 

To account for the damage in the limestone due to both thermal stresses and elevated 

temperatures (over 750°C), a section 80 mm thick was removed from the bottom of the arch.  



Evaluation of Structural Behaviour of a Franco-Byzantine Nasilica in Cyprus After a Fire Attack 

   

396 

 

Compression stresses over this depth exceeded the compressive strength of the limestone 

material. The resulting section of the arch elements was now 30 mm wide by 22 mm in 

height. The resultant stress field in the structure was derived from a new analysis, after 

replacing the elements with their new dimensions. Fig. 11 illustrates the resulting stresses on 

the structure due to dead loads at ambient temperature, while Fig. 12 illustrates the resulting 

stresses on the structure with the reduced height of the arch stones (i.e. from 30 to 22 cm).   

 

 
 

Figure 11. Solid stress contours on arches and buttresses from dead loads (arch stones 30 cm in height) 

 

 
 

Figure 12. Solid stress contours on arches and buttresses from dead loads (arch stones reduced to 22 cm in 

height) 
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Comparing the results shown in Figs. 11-12, it can be concluded that by removing from the 

stone elements the disintegrated part and the part that fails due to thermally induced stresses, 

the resulting stresses are increased by 35%. The increase of the stresses is analogous to the 

reduction of the material section.  

4 CONCLUSIONS 

As far as the structural behaviour of the arch subjected to elevated temperatures is concerned, 

from the results it can be concluded that, at the temperatures of the fire scenario under 

consideration, there is up to 35% loss of material section and a consequent analogous 

increase of the stress field. Using the graph derived by Romano[9] for the arch of the church 

under consideration (Fig. 13), with a=80º and e/R=0.15, we get t/R~0.055 (Fig. 14). This 

leads to t=22 cm as the minimum allowable thickness of the arch. So, according to the theory 

of Limit Analysis, fire reduces the section of the arch to the limits of collapse. 

 

  

Figure 13. Geometrical characteristics of the arch 

under consideration 

Figure 14. Minimum thickness of arch for the church 

under consideration 

The same conclusion can be derived by comparing the resulting thrust lines from dead loads 

(Fig. 15) and dead and temperature loads (Fig. 16). 
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Figure 15. Thrust line from dead loads at ambient 

temperature 

Figure 16. Thrust line from dead and temperature 

loads 

The thrust line from the STAAD elastic analysis (considering the non-linear behaviour of the 

stone material after being subjected to elevated temperatures) is in very good agreement with 

the results of the theory of Limit Analysis.  
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ABSTRACT 

In recent years, the rehabilitation of old urban centers has been a priority in the main great 

cities in the world [1,2,3]. This rehabilitation aims to rebuild old buildings, to provide good 

conditions for people to live in, and visit. However, the great number of old buildings is a 

threat to the fire safety of the whole area. The fire safety is an issue of major importance, in 

these areas, due to the high fire load and also the close proximity between buildings [4]. 

Moreover, the occupancy of heritage buildings, is most of the times by people of older ages, 

which is a factor of aggravated risk for the occupants and for the entire block. This fire safety 

must be assessed by performance-based analyses, putting together the smoke and flame 

spread in the building, with the evacuation of the building. 

1 INTRODUCTION 

In this paper, a fire performance-based analysis will be presented, on a heritage building, in 

the old centre of Viseu, in Portugal [5]. This building is an Old Theater, which is now being 

refurbished to the use of an University for 3rd age people. This brings added problems to the 

fire safety of the building and its occupants, due to their difficulty in evacuating the building, 

with the aggravating fact that in old urban centers, the buildings are very close to each others, 

providing almost instant propagation of a fire. 

The use of softwares Pyrosim and Pathfinder will be adopted to this study, allowing to test 

different fire scenarios, and evaluate the egress conditions of the occupants, in real time. The 

simulations of propagation, smoke spread and evacuation will be carried out simultaneously. 

Results to be expected with this paper, are the real fire safety of the occupants, and the fire 

risk for propagation of a fire to the neighbor buildings in the block. The process of 

rehabilitation of heritage buildings must be adapted, to fulfill fire safety issues, which are 

more critical in old urban centers. 

This paper aims to analyse the fire risk of an old building, more specifically, the old Chorus 

of the city of Viseu, located in the historic centre, in “Rua Direita” and the influence of its 

occurrence in the neighboring buildings located in the same street. 

For this work a performance-based analysis on the fire performance of the building is made 

using the Pyrosim programme. This is a Fire Dynamics Simulator (FDS) software that 

simulates the propagation of flames, temperatures and smokes inside the building in the 

representative three-dimensional model of the building under study. Several simulations are 

carried out with and without fire-fighting measures that allow comparisons and evaluation of 

the influence of the implemented measures and thus to conclude the best solution for fire 

safety of the building. With the same three-dimensional model, a study of the paths to 

evacuate occupants using the Pathfinder programme is also carried out. 
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2 CHARACTERIZATION OF THE BUILDING “OLD CHORUS OF VISEU” 

2.1 Building characterization 

The building was used, from December 1955 by “Old Chorus of Viseu”, to hold meetings, 

shows and cultural events, until the year 2006, being until the date of this work, abandoned 

and in ruins. The building consists of three floors: ground floor, first floor and attic. The main 

elements that characterize the building are (Fig. 1): 

• On the facades, interior and exterior walls at ground level and exterior walls of the first 

floor, the main element is stone (granite) masonry; 

 

 

 

 

 

 

 

 

 

a) Facade of the building;                              b) View of compartment walls 

 

 

 

 

 

 

 

 

 

c) View of an exterior wall;                                 d) View of the attic timber structure 

Fig. 1. Views of the case study building; 

The structure is made of masonry stone walls, and timber structural elements in floors and 

roof. 

The main materials present in the building are granite, lime and plaster mortars, wood, 

ceramic materials such as tiles and mosaics, both inside the building and in the façade, 

elements such as guards and accessories, glass windows; 
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The building has only two exits: the main entrance, and a stairway to the back terrace. 

3 NUMERICAL MODELLING OF THE FIRE 

3.1 Introduction 

The creation of virtual models for fire simulation, makes it possible to analyse the dynamics 

of development of temperatures, smoke and flames in the course of a fire from ignition to 

extinction, as well as the resulting effects, thus allowing to assess the influence of structural, 

material and environmental factors. Using computer simulations, it is possible to verify 

temperatures at various points, visibility and development of smoke, and to analyse the 

efficiency of fire-fighting measures such as sprinkler and smoke control systems 

(active/passive ventilation), allowing a performance-based analysis. Fig. 2 depicts the 3D 

model of the building and the surrounding block. 

 

 

Fig. 2. a) 3D-Model of the building Old Theatre of Viseu; b) 3D-Model of the surrounding buildings 

3.2 Computational modelling FDS with interface Pyrosim 

Parameters such as solid or liquid state, thermal properties (density, specific heat, 

conductivity, emissivity and absorption coefficient) and pyrolysis are defined in the field of 

material editing, and the program allows to add other parameters. The materials library of 

Pyrosim was used to define the parameters chosen for the previously described materials, 

except for the wood and glass which were obtained from the CFast program library, due to 

the lack of parameters of these materials in the. Pyrosim library.  

For the simulation of fire development it is important to define the characteristics of the 

surfaces of the materials present in the model using fire curves that relate the heat radiation 

rate (HRR) to the time from ignition to fire extinction. 

Fig. 3 present some fire curves used in the present study: 

 

 

 

 

Fig. 3. Heat release rate of typical furniture  a) Long sofa [6].; b) Wooden chair [7]. 
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3.3 Computational modelling of the evacuation with Pathfinder interface.  

The purpose of using computer models for the evacuation of occupants is to verify if the 

number of escape routes in the building will be sufficient for the evacuation in good time for 

the number of occupants inside, during the occurrence of a fire [8]. 

The computational modelling allows to simulate the behaviour and movement during 

evacuation, allowing the observation and obtaining valuable information, verifying the 

existence of traffic jams and also if the exits are well positioned, allowing them to be 

effectively used in case of emergency. It is also possible to obtain representations of the 

egress paths and decisions made by occupants in the evacuation. In addition, the modelling 

enables risk assessment, identifying the hazards resulting from evacuation and quantifying 

the risk.  

This software, developed and marketed by Thunderhead Engineering [8], is based on the 

“continuous network” model, in which a two-dimensional (continuous) space is applied to the 

building, and allows occupants to move from one point to another through the building. The 

most important step in modelling the egress of buildings, is the introduction and 

characterization of occupants. It is possible to define the number of occupants (quantity, 

density or type of pre-defined profile), uniform or random arrangement in the space. The 

profile and behaviour of exit choice of the occupants are previously defined, being possible to 

change them during the simulation. Fig. 4 depicts a view of the 3D model used to study the 

evacuation of the Old Theatre of Viseu. 

 

 

 

 

 

 

 

 

Fig. 4. 3D-Model of the evacuation of the Old Theatre of Viseu 

4 FIRE SCENARIOS AND RESULTS 

4.1 Definition of the fire scenarios 

For the present study, four fire scenarios were considered, which are presented as follows: 

Scenario A: It is a model without any fire-fighting measures, and will serve as a basis for 

comparison between the various models. 

Scenario B: In model B an exhaust system was implemented, consisting of three exhaust fans 

placed in the upper windows of the rear wall of the events room, with exits through the rear 

annex of the building (Fig. 5 a)). 

Scenario C: In model C, in addition to the measures implemented in model B, an automatic 

water extinguishing system was implemented using sprinklers of type “total flood”. 
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Scenario D: Due to the concern with the conservation of a historic building which an 

automatic water extinguishing system could cause, an alternative was created to use the same 

system but with gas as shown in Fig. 5 b). In this case argon, was adopted, with a mass flow 

of 1664 kg/m2.s, with a model with the same number of sprinklers as the water, with 

activation programmed for 60 seconds after the start of the fire, due to the asphyxiating effect 

of the gas on the human presence. It should be noted that in this model the measures of 

exhaustion and automatic opening of skylight are maintained. 

 

 

 

 

 

 

 

 

      Fig. 5. View of the 3D model  a)  Scenario B, with exaust fans      b)  Scenario D, with argon sprinklers      

The Pyrosim and Pathfinder software allow simultaneous visualization of fire and evacuation 

simulation results in the same screen, allowing to verify the development of smoke and 

flames and compare with the evacuation of the occupants, allowing the visualization of their 

exposure to the fire hazards at every moment until the exit of the building. 

4.2 Results analysis for fire scenario A 

Some results for the fire scenario A, are presented in Fig. 6 and Fig. 7.  
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Fig. 6. a)  Scenario A  after 5 seconds    b)  Scenario B      

 

 

 

 

 

 

 

 

Fig. 7. a)  Plan view of visibility distances, after 20 seconds    b)  A group of occupants trapped in the main 

room 

It is possible to observe in Fig. 6 that in after 5 seconds of the beginning of the fire, a great 

amount of smoke is already filling in the ceiling of the main room, and some part of the 

escape route of the occupants. In Fig. 7, after 20 seconds it is shown a group of people 

trapped in the main room, due to the great amount of smoke. 

 

4.3 Results analysis for fire scenario B 

In model B, the development of the fire is identical to model A up to 15 seconds, at which 

time the smoke exaust fans placed in the events room and the automatic opening of the 

skylight in the stairs start operation. In Fig. 8. a) it is possible to visualize the improvement 

of visibility in the stairway compared to model A. In Fig. 8. b), the breaking of the windows 

is observed, which occurred at 133, 279 and 282 seconds, respectively. 
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Fig. 8. a)  Stairway view, after 23.6 seconds, scenario B    b)  Breaking of the windows, scenario B 

4.4 Results analysis for fire scenario C 

In model C, as previously described, an automatic sprinkler water extinguishing system was 

implemented. The first sprinkler comes on at 9.80 seconds and the other sprinklers are in 

operation as the respective sprinkler temperatures are reached (Fig. 9).  

 

 

 

 

 

 

 

 

           Fig. 9. a)  Sprinklers functioning in scenario C        b)  View of the access corridor and stairway to the 

terrace 

Despite the improvements in evacuation conditions, there is a group of 22 occupants who 

remain in the event room 38.50 seconds after the onsetbeginning of the fire, encased in 

smoke, exposed to the risk of intoxication. As this point, despite of the expected improved 

conditions fire safety for the occupants, it seems to be necessary to reduce the number of 

occupants in the event room and to create an arrangement of seats with more corridors 

allowing a greater fluidity in evacuation. In fact, the measures implemented in this scenario 

do not seem to be enough to provide full safety to all ocuupants. For sure, the fact that 

occupants in this building are supposed to be old people, must play an important role in these 

results. In fact, numerical simulations were carried out with a reduction of occupants in the 

main room, from 80 to 50 people, and the results were satisfactory.  

4.5 Results analysis for fire scenario D 

In model D, an automatic gas extinguishing system with the use of sprinklers was 

implemented, as shown in Fig. 10 a). In this model the extinguishing system was 
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programmed to act 60 seconds after the beginning of the fire in order to avoid the human 

presence at the place of application. 

The evacuation model was selected with the reduced number of people in the event room, 

since up to 60 seconds the scenario is identical to model B. So, the number of occupants at 

this instant of time, was taken from the scenario B simulation. In this model, there remains 

the problem of visibility reduction in the back annex corridor area, affecting at 12 seconds ten 

occupants as shown in Fig. 10. b). 

Fig. 10. a)  Activation of the gas sprinkler system, after 60 seconds    b)  Occupants surrounded by fire, scenario 

D 

In Fig. 11 it is possible to observe that in scenario D, the glass breaking occurs at 141.6 

seconds, 278.5 seconds and 285.8 seconds. It is verified that the automatic gas extinguishing 

system is not sufficient to contain the fire inside the building. 

 

 

 

 

 

 

 

 

 

Fig. 11.   Breaking of the glass windows, in scenario D   

5 CONCLUSIONS 

The analysis of the results of the four models exposed in the scope of this work allows to 

conclude that in model C, the conjugation of the smoke exhaust system, automatic water 

extinguishing system, opening of the skylight in the roof of the stairway area together with 

the reduction of eighty to fifty occupants in the event hall has effective results in the safe 

evacuation of all the occupants present in the building. It should be noted that the analysis of 

the evacuation model allows to conclude that the existence of two emergency exits on 
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opposite sides of the building allows evacuation of the occupants in a timely manner and 

increases the level of safety of the occupants. It was concluded that the model C, together 

with the limitation of the number of occupants in the event room, obtained the best result in 

terms of safety in the evacuation of people, besides the containment of the fire inside the 

building making it difficult to spread to neighbouring buildings. The elaboration of the D 

model using an automatic gas extinguishing system which despite the high cost of the 

material and the feasibility of its application (only works effectively in enclosed 

compartments) has the main objective to demonstrate the potential of this type of software 

that provide an appreciable amount and variety of fire-fighting solutions to implement and 

verify the extent of their impact on the development of fire and smoke. 
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ABSTRACT 

This paper describes a series of experimental tests performed on uniformly distributed fire 

load made of wood sticks. The aim of this campaign was to define a fuel load arrangement 

that would lead to a fire with the characteristics recommended for office building occupations 

in EN 1991-1-2. This means a fire load density of 511 MJ/m² and a medium fire propagation.  

The ignition procedure that was developed is described as well as the fuel arrangement that 

leads to a continuous isotropic fire propagation. For the 11 tests performed, the evolution of 

the radius of the fire is given as a function of time as well as the constant tα that characterises 

the t² fire. The size of the sticks is not the dominant parameter that influences the fire spread, 

whereas the presence or not of a ceiling has an overwhelming influence and the volumetric 

ratio of wood in the fire load allows controlling the fire spread. Values of the volumetric ratio 

are proposed that should lead to a slow, a medium or a fast fire. 

1 INTRODUCTION 

A huge number of so-called “natural” fire tests have been performed over the years in full 

scale compartments with cellulosic fire load. The objectives of these tests were diverse, either 

linked to the fire dynamics (temperature development, determination of the relationship 

between the opening factor and the rate of heat release, occurrence of flashover, occurrence 

of backdraft…) or to the structural behaviour (development of the tensile membrane action, 

behaviour of particular structural elements) [1]. The recent interest in the so-called “travelling 

fires” brought a renewed attention to these “natural” fire tests. It turned out yet that the lack 

of a standardized procedure lead to the fact that different fuel load arrangements were used in 

these tests. Wood cribs have been used most of the time, but with cribs of different 

dimensions, timber sticks with different sections and different distances between the cribs. In 

some tests the cribs were ignited and the fire was left to develop uncontrolled [2], whereas in 

other tests the cribs have been linked to each other with a steel U channel filled with paraffin 

to guarantee a rapid fire spread and a rapid development toward a uniform temperature in the 

compartment [3]. In some tests the fire did not develop as expected and the scientists in 

charge had to manipulate the fire, either by creating new openings [4], introducing a forced 

ventilation or adding some liquid fuel to the initially cellulosic fire load [5]. This diversity in 

procedures makes it impossible to compare the results between each other and to come to 

conclusive findings. Within the context of the Research Found for Coal and Steel research 

project “TRAFIR” (Characterization of TRAvelling FIRes in large compartments) sponsored 

by the E.U. Commission, the fire lab of Liège University has recently performed a series of 

fire tests with uniformly distributed cellulosic fire loads, with the aim of defining an 

arrangement of the wood sticks that would lead to a desired fire development. The objective 

was, using a fire load density as recommended in Eurocode 1 for office buildings, i.e. 511 



Toward a Standardized Uniformly Distributed Cellulosic Fire Load 

   

410 

 

MJ/m2, to come to a fuel arrangement that would lead to a medium fire development also 

recommended for office buildings [6]. This paper reports the tests that have been performed 

and the results in term of fire spread and time constant tα of the t-square fire. 

2 FIRST SERIES OF TESTS 

A first series of five tests has been performed in the fire lab of Liege University in order to, 

first, establish an ignition procedure that would ensure a reliable and reproducible ignition of 

the fire load and, second, to investigate at a reasonable cost some important parameters, thus 

allowing to take first important decisions before performing the more expensive tests that 

should lead to the final conclusions. 

2.1 Ignition procedure 

After several attempts based on trials and errors, the ignition procedure was based on a steel 

cylinder container with a diameter of 106 mm and a height of 25 mm in which 40 ml of 

denatured ethanol at 96% were placed. This liquid releases enough combustible vapours at 

ambient temperature to ensure an easy ignition, but not that fast that all liquid would have 

disappeared by the time the timber fuel load has been installed. 

Two electrical igniters were located overhead the cylinder as shown in Fig. 1.a to allow 

ignition from a distance by connecting the igniters to the two poles of a 9 V battery (or to a 

19 V transformer taken from a desktop computer, because the battery may fail to trigger the 

igniters if the wires from the battery to the igniter are too long). 

 

 

 

Fig. 1. a) Electrical igniters b) Two layers of lath 

Four laths of 15 mm x 18 mm made of Picea abies (spruce) were placed on the cylinder and 

another layer of 4 similar laths on top and perpendicularly to the first layer as shown in the 

circle drawn in Fig. 1.b. 

In the 11 tests that were performed, ethanol was ignited by a single electrical igniter in 8 

tests, the first electrical igniter failed to ignite the ethanol and the second electrical igniter had 

to be used in 2 tests, and one test needed a third igniter to be inserted to the steel cylinder 

among the wood sticks already installed. For all tests, ignition of the ethanol lead to a 

subsequent ignition of the timber cribs. 
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2.2 Fuel load arrangement 

A 3 mm thick steel plate was used on which 4 steel tube 50 mm x 50 mm were laid to create 

a clear space between the steel plate and the first layer of wood cribs (the steel cylinder of the 

igniter was directly laid on the steel plate). 

It was decided from the beginning that the fuel load would be laid uniformly on the floor 

area, as opposed to an arrangement in wood cribs, in order to lead to a continuous horizontal 

fire propagation, as opposed to a propagation in steps from crib to crib. 

It was also decided that the sticks would not be laid in only 2 perpendicular directions but in 

3 directions rotated by 60 degrees from layer to layer as shown in Fig. 2.a for a test of the 

first series, in order to favour a horizontal fire propagation as isotropic as possible. Fig. 2.b 

for example, shows a nearly circular shape of the burnt area for a test of the second series 

where the upper layers have been removed after the test. 

  

Fig. 2. a) Fuel arrangement before the test b) Isotropic horizontal propagation 

In most tests, the sticks in any direction were located in the same position for different layers. 

This means that the sticks of layer i+3 were laid above the sticks of layer i as shown in Fig. 

2.a. In some tests, the sticks were shifted laterally by half the distance between the sticks. 

This means that the sticks of layer i+6 were laid above the sticks of layer i whereas the sticks 

of layer i+3 and those of layer i+9 were shifted laterally as shown in Fig. 2.b. 

These tests were made with a 2 meters diameter fire load. The test set up was located in the 

horizontal furnace of the fire lab that is 4 meters long, 3 meters wide and 1.41 meters deep. 

As the steel plate was located approximately 0.41 m above the floor of the furnace, the walls 

of the furnace extended 1 meter above the fire load (that is, approximately, 0.8 m above the 

upper layers of sticks). 

Wood sticks were made of Picea abies with an average density between 443 kg/m³ and 478 

kg/m³ and a moisture content, with respect to the dry mass, on the day of the test between 

13.2% and 14.2%. 

2.3 Measurements 

The horizontal fire spread on the upper layer was measured by two different methods. 

1) Visual observation of the flaming appearing on the horizontal surface of the upper layer of 

sticks during the test, as long as the radiation from the fire would allow. 

2) Observations of pictures from a still camera that was taking shot at a 30 seconds interval. 

The evolution of the mass loss was recorded continuously by 3 load cells that supported to 

steel plate. A grid of perpendicular timber beams spaced at 0.57 meter was installed to 
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support the steel plate and transfer the load to the 3 load cells. One layer of gypsum was laid 

on the timber beams to separate them from the steel plate. From the 5th test, an additional 

layer covering the whole surface was installed as combustion of some timber beams had 

started at the end of test LA 4. 

The evolution of the Rate of Heat Release as a function of time, RHR(t), was computed by 

means of a backward finite difference scheme with a time step of 60 seconds, see Eq. (1). An 

effective combustion heat of 14 MJ/kg was used for wood, from a combustion factor m of 0.8 

and a net calorific value 𝐻𝑢 of 17.5 MJ/kg as recommended in Eurocode 1 [6].  

𝑅𝐻𝑅(𝑡) =  −14 
∆𝑚

∆𝑡
 (1) 

where m is the mass (fuel load + steel plates + gypsum layers + timber beams) 

t is the time. 

Other quantities have been measured but are not reported here due to space constrains: 

temperatures on the surface of some sticks of the upper layer, heat flux on vertical and 

horizontal surfaces in some points just above the upper layer, heat flux on a vertical surface at 

some points away at a distance from the fire, vertical flame length above the fire and 

temperature evolution in the centreline of the plume. 

2.4 Results 

The first parameter that was investigated was the influence of the size of the sticks. Three 

tests were performed with respectively 6 layers of B x H = 35 x 30 mm² sticks with a pitch 

(axis distance) of 80 mm for test LA1, 6 layers of 45 x 35 mm² sticks with a pitch of 124 mm 

for test LA2, and 3 layers of 45 x 60 mm² sticks with a pitch of 110 mm for test LA3. 

Although the sticks differed in dimensions of the section, with a specific surface of 

respectively 124 m²/m³, 102 m²/m³ and 78 m²/m³, no significant difference was observed in 

terms of spread rate (0.65 mm/s, 0.7 mm/s and 0.6 mm/s) with no correlation between the 

specific surface and the spread rate. Also the time constant tα of the t-square model did not 

show a clear variation with values of 10.4 min, 13.2 min and 13.2 min (see Fig. 6 that 

illustrates the best fit method used for calculating the values of the time constants). It 

appeared also that the growth rate was far above the target value of 5 minutes that was aimed 

at for an office building. 

A second group of two tests was then performed with the same sections and same pitch as 

those used for tests LA1 and LA2, now rotated by 90 degrees ( B x H = 30 x 35 mm² and 35 x 

45 mm²). The major difference is that a ceiling made of insulating fibre boards was placed 

above the fuel load (vertical distance between the fuel load and the ceiling = 990 mm and 915 

mm). A clear layer of 280 mm was left between the walls of the furnace and the ceiling. This, 

plus the fact that the ceiling covered only 2.66 meters of the 4 meters long furnace lead to the 

fact that the fire was not air controlled. 

The propagation rates were significantly influenced by the presence of the ceiling. In test 

LA4, the spread rate was observed at 0.9 mm/s during the first 10 minutes of the test and 

increased to 2.95 mm/s for the last 3 minutes. In tests LA5, the spread rate was observed at 

0.85 mm/s during the first 11 minutes of the test and increased to 7 mm/s for the last 2 

minutes. The difference between the first 3 tests and the 2 tests with a ceiling can be observed 

on Fig. 3 that gives the evolution of the radius of the fire as a function of time. The time 

constant tα for these tests was 6.9 minutes in test LA4 and 5.5 minutes in tests LA5. 
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Fig. 3. Evolution of the radius of the fire in the tests LA 

3 SECOND SERIES OF TESTS 

A second series of six tests was performed in larger facility where fire loads of 3 meters in 

diameter located on a 4,40 x 4,40 m² steel platform could be tested. 

3.1 Description of the ceiling 

From the results of the first test series, it was decided that all tests would be made with a 

ceiling located above the fire load due to the high influence of the ceiling on the fire 

dynamics (See Fig. 3 ). The ceiling was made of 4 timber columns suporting a grid of timber 

beams under which OSB board were fixed. Mats of insulating fibres were used to protect the 

columns and the OSB boards from the attack of the fire. The lower surface of this ceiling was 

2.50 meters above the steel platform. The dimension in plan were 4.88 x 4.72 m² and a 

downstand of 0.35 m was running on the 4 sides of the ceiling. 

Fig. 4 shows the ceiling during a test, at the beginning of the fire. Plate thermometers used to 

recompute the radiative flux as well as the grid supporting a thermocouple tree in the centreline 

of the fire are also visible. The results of these measurements are still under interpretation at 

the time of writing this paper and will be presented in subsequent communications. 

 

Fig. 4. The ceiling used in the second series of tests 
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3.2 Tested configurations and results 

Different tests were performed in a couple of days, capitalising from each test to define the 

next one, in the limits of the available material that had to be purchased beforehand. In test 

LB5, some laths of 15 x 15 mm² of the species Pinus sylvestris were inserted to see whether 

this would favor a faster fire spread compared to companion test LB1. In test LB4, bands of 

PMMA have been inserted in three layers. Based on a specific mass of 1180 kg/m³ and a 

gross heat of combustion of 26.8 kJ.kg for PMMA [7], a value of 15.215 MJ/kg was used for 

the average heat of combustion to compute the rate of heat release from the mass loss, see Eq. 

1. 

The main parameters of these tests as well as the main results are summarized in Table 1. 

Table 1. Parameters and results of the second series of tests 

Test B 

[mm] 

H 

[mm] 

Number 

of 

layers 

Pitch 

[mm] 

Density 

[kg/m³] 

Moisture 

content [%] 

[%] 

tα 

[min.] 

LB1 30 35 6 80 468 16.9 10.9 

LB2 34 45 6 135 502 16.6 9.4 

LB3 30 35 12 160 468 14.1 2.1 

LB4 34 

100 

45 

3 

5 

3 

135 

270 

502 

1180 

20.2 

(PMMA) 

4.2 

LB5 30 

15 

35 

15 

5 

4 

80 

80 

468 

554 

16.9 

13.5 

7.3 

LB7 30 35 9 120 468 16.9 7.5 

The evolution of the radius of the fire is shown on Fig. 5. 

 

Fig. 5. Evolution of the radius of the fire for the second series of tests 

 

The procedure to derive for each test the best fit t² curve from the experimental Rate of Heat 

Release curve involves a certain degree of human decision. The best fit curve ends at the last 

point that was recorded before water was applied on the fire to stop the tests. It starts with an 
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horizontal tangent on the time axis. A human decision has to be taken as where to fix the 

starting point of the curve. In fact, each test is characterised by an ignition phase when only 

noise is recorded that has to be eliminated. Fig. 6, for example, shows the best fit curve derived 

for test LB7 when the starting time is set to 6 minutes. 

 

Fig. 6. Recorded RHR curve and best fit curve 

The clearest interpretation of the test results is obtained when only the tests made of the section 

30 x 35 mm² are considered. For the tests LB3, LB7 and LB1, Fig. 7 shows the values of the 

parameter tα in minutes that was calculated as a function of the volumetric percentage of wood 

contained in the fuel load. Three values are presented for each test in order to reflect the degree 

of uncertainty linked to the choice of the starting time of the best fit curve. For each test, the 

lowest value of tα (grey dots) is derived from the latest reasonable choice of the starting time, 

whereas the highest value (orange dots) is derived from the earliest reasonable choice and the 

value represented by the blue dots is the best choice if only one value has to be mentionned, 

from the agreed decision of the first two authors. 

From the best linear regression on the three test results, it appears that a fast fire can be 

produced with wood content of 17 ±1%, a medium fire with a wood content of 22.5±1.5% and 

a slow fire with a wood content of 33.5±3%. 

 

Fig. 7. Parameter tα (in minutes) as a function of the volumetric wood content in the fire load 
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4 CONCLUSIONS 

• 40 ml of denaturised ethanol in a 106 mm diameter cylinder on which two perpendicular 

layers of 15 x 18 mm² laths of Picea abies are located is an appropriate means for igniting 

a wood crib. 

• A continuous layer made of several layers of wood sticks turned by 60° from layer to layer 

ensures a progressive and isotropic fire spread. 

• Within the limits of the dimensions tested (from 30 x 35 to 45 x 60 mm²), the size of the 

sticks does not influence the spread rate significantly. 

• The presence of a ceiling above the fire load influences significantly the fire spread. The 

influence of the distance between the fire load and the ceiling has not been investigated here. 

• For a given configuration and dimensions of the wood sticks, the volumic wood content in 

the fire load has a very high influence on the spread rate. 

• With sections of 30 x 35 mm² of pine tree that is commercially dry (moisture content from 

14 to 17%) and with a ceiling that is approximately 2.20 meters above the fire load, a 

medium t² fire is likely to develop with a volumetric wood content around 22.5 % (17 % for 

a fast fire and 34% for a slow fire). The reproduceability of these results could not be 

investigated in this experimental campaign 

• All tests results are available as open data: https://orbi.uliege.be/handle/2268/233374 
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ABSTRACT 

Methods have been developed to calculate heat release rate (HRR) of burning materials. For 

materials with known heats of combustion and mass loss rates burning in controlled, well-

ventilated environments, calculation of HRR is relatively simple and accurate. However, in 

real furniture fires, specifically ones that develop in ve87ntilation-limited environments, there 

is added difficulty due to the unknown values for mass burning rates and heat of combustion, 

irregular shapes of the furniture, and flame characteristics that are greatly impacted by the 

evolution of the smoke layer over time. This paper explores the application of existing 

calculation methods to the estimation of HRR of furniture during real fires in ventilation-

limited environments. Examination and comparison of estimates obtained by the different 

methods demonstrate issues with their use in estimating fire characteristics in these fire 

environments.  

1 INTRODUCTION 

Heat release rate (HRR) is considered to be the most important value for a fire hazard 

assessment as it is essentially a measure of the power of the fire [1]. HRR is used as an 

important input to a variety of models, both computational and numerical, in order to 

determine the risk associated with fire, structural integrity of a specified building during a 

fire, fire growth & spread, and the possible impacts of these factors on human egress [2]. 

Upholstered furniture poses a difficult problem for fire safety engineers and researchers alike 

as the complex nature of the material and the environment the furniture is burning in can 

greatly impact the physics and chemistry of the combustion process [3]. In these situations, 

interactions and characteristics of fire behaviour are poorly understood making it difficult to 

determine which correlation or equation is appropriate to use, even for a defined fire 

scenario. The data used for the methods chosen in this paper were obtained from a series of 

repeatable full-scale fire tests (and therefore deemed suitable for a numerical comparison) 

conducted at the University of Waterloo Live Fire Research Facility [4]. These experiments 

were fuelled by three types of couches tested three times each for a total of nine tests. The 

couches were custom constructed with a standard wooden frame and different combinations 

of polyurethane foam and fabric, some treated with fire-retardant (FR) in adherence with 

certain furniture standards from around the world. Couch A was constructed with both non-

FR foam (0.44 wt% chlorine) and polyester fabric (0.17 wt% chlorine). Couch Type B had 

both FR foam (3.0 wt% chlorine) and FR polyester fabric (5.2 wt% bromine and 3.6% wt 

chlorine). Couch C was constructed with non-FR foam (0.9 wt% chlorine) and non-FR fabric 

(0.11 wt% chlorine). The couches were ignited with a small wooden crib and isopropanol 

wick in adherence with BS 5852 [5]. The tests were conducted in the two-storey ‘burn house’ 

located at the UW lab. The ‘burn house’ was completely sealed during the duration of the 

tests in order to achieve a ventilation-limited environment. The ‘burn house’ was 

instrumented with thermocouples in various locations and a water-cooled heat flux gauge 

positioned 3m away from the couch. The couches were placed on weigh scales and security 

cameras were positioned at various locations to record the fires. The data from each of the 
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nine tests as well as some cone calorimeter results serve as the inputs into the selected models 

discussed in the next section.  

 INPUT PARAMETERS AND CALCULATION METHODS 

This section describes the methods chosen to calculate HRR for each test, as well as how key 

input parameters, such as the heat of combustion and flame areas, were determined. The last 

method described has been developed for the purpose of attempting to correlate bench-scale 

cone calorimeter test data to results from the large-scale tests. The results from this final 

method should be considered preliminary, and other ways of extrapolating cone calorimeter 

data to large-scale HRR estimates could alternately have been explored.  

1.1 Heat of Combustion 

There are several documented values for the heat of combustion for polyurethane foam in the 

literature, however, in a complex fuel like upholstered furniture, the heat of combustion must 

take into consideration the fabric as well as the foam. Furthermore, the heat of combustion 

for treated foam can vary drastically depending on the specific chemical composition, so it 

was determined that finding a specific heat of combustion for the materials used in these nine 

tests was needed. The heat of combustion for the couches was determined from cone 

calorimeter tests in which representative materials in the couch combinations described above 

were tested. Using the Fire Testing Technology (FTT) ConeCalc5 software, [6] the total heat 

released (THR) in kJ/m2, as well as the mass of the sample and the surface area of the sample 

(88.4cm2) were used to generate values for the heat of combustion of each combination via 

Equation (1) below:  

                                                     ∆𝐻𝑐 𝑒𝑓𝑓(
𝑘𝐽

𝑘𝑔
) =  

𝑇𝐻𝑅 (
𝑘𝐽

𝑚2
)∗0.00884𝑚2

𝑚𝑠𝑎𝑚𝑝𝑙𝑒(𝑘𝑔)
                                                (1) 

The resulting heats of combustion for the three couch types are compiled in Table 1 below:  

Table 11: Effective Heats of Combustion for the Couches 

Couch Type 
Heat of Combustion 

(kJ/kg) 

A non-FR 14450 

B FR  9655 

C non-FR  14263 

1.2 Video Footage 

It was found that security camera video footage obtained during the experiments was a 

crucial component in understanding the burning characteristics of the couches as well as how 

the smoke layer impacted fire growth and therefore, the resulting value of heat release rate. 

The video footage was primarily used in the area source radiation approximation method 

described in Section 2.4. First, the pixel dimensions for the height of the back cushion and 

length of the couch along the front of the sitting cushions were determined. Then, a 

screenshot corresponding to the time of peak measured heat flux was spliced from the video. 

A representative screenshot is shown in Figure 1 below. Using an image editing tool, 

rectangles were drawn over two areas on the screenshot: the main flame area (left hand 

rectangle, black, in Figure 1) and any surrounding flame areas (right hand rectangle, grey, in 
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Figure 1). The ratio of the dimensions of the flame areas to the dimensions of the couch, in 

conjunction with knowing the actual dimensions of the couch, allowed for the conversion of 

pixels to meters for the rectangular areas. These were then used as inputs to the area source 

calculation method. Characteristic temperatures of the flame, Tf, in each rectangular area 

were based on a relative scale of colour saturation; the closer the area was to yellow, (or 

white in the case of the grey-scale image below) the closer the chosen value was to 1100K. In 

all cases, the temperature of the flaming area was assumed to be 1100K and the temperature 

of the secondary fire area (grey rectangle) was scaled according to relative colour. The values 

of temperature and dimensions are subject to change based on the person conducting the 

analysis, so efforts to make this process more consistent are currently being carried out. 

 

Figure 1: Example screenshot and areas of the flame area and surrounding area with pixel dimensions and 

temperatures used for Tf input in the area source approximation method described below.  

1.3 Babrauskas Correlations 

Two HRR correlation methods developed by Brabauskas for furniture were used, as given in 

Equations (2) and (3) below. The first uses bench scale data (cone calorimeter) with a mass 

and style factor, and the second uses pre-determined factors based on the characteristics of 

the furniture. Due to differences in the couches used in these tests and the bench scale tests 

compared to the furniture used in the original work, some adaptations to the original formulas 

were made. For the first correlation method, the bench scale tests are supposed to be 

conducted at 25kW/m2 however, the present materials did not ignite at this level of 

irradiance. Instead, ignition was achieved at 35kW/m2, so the co-efficient 0.63 was changed 

to 0.45 to account for this difference in flux [7]. Also, the frames used in these couches were 

wooden, however they did not burn so they are considered to not be part of the combustible 

mass. Therefore, the mass factor used in these calculations was determined by taking the full 

mass of the couch and multiplying it by the wooden frame factor of 0.3. In reality, this 

number is very close to the total volume of combustible foam and fabric in each couch as 

well. This inherently takes into consideration the frame component and so an individual 

frame factor was not included in the calculations. As per the literature, the style factor was 1 

(rectilinear shaped furniture), the padding factor was 1 (for polyurethane foam), for couches 

A and B, the fabric factor was considered to be 1 (thermoplastics) and lastly, couch C fabric 

did not melt, so the factor of 0.4 was used [8].  

                                                  �̇� (𝑘𝑊) =
0.63∗25

35
∗ 𝑞𝑏𝑠̇  [𝑚𝑎𝑠𝑠 𝑓𝑎𝑐𝑡𝑜𝑟][𝑠𝑡𝑦𝑙𝑒 𝑓𝑎𝑐𝑡𝑜𝑟]                                 

(2) 
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                 �̇� (𝑘𝑊) = 210[𝑓𝑎𝑏𝑟𝑖𝑐 𝑓𝑎𝑐𝑡𝑜𝑟][𝑝𝑎𝑑𝑑𝑖𝑛𝑔 𝑓𝑎𝑐𝑡𝑜𝑟][𝑚𝑎𝑠𝑠 𝑓𝑎𝑐𝑡𝑜𝑟][𝑠𝑡𝑦𝑙𝑒 𝑓𝑎𝑐𝑡𝑜𝑟]                
(3) 

1.4 Area Source Radiation Approximation 

The first step in this method is to carry out the video analysis outlined in section 2.2. Once 

the values of the height, L1, and length, L2, of the rectangular flame areas were determined, 

values for  S (L1/L2) and α (L1*L2/R
2, where R is the distance between the fire and the heat 

flux gauge) were calculated to find a corresponding configuration factor for those particular 

areas [9]. Using Equations (4) and (5) below [10], the �̇� of each area was calculated and the 

final, or total �̇�  as seen in the tables below, was the sum of both areas. Tsur was always 273K 

because the heat flux gauge used in the experiments was water-cooled. The gauge was placed 

at R = 3m away from the couch (input for the radius variable) and finally, 𝜒𝑟𝑎𝑑 was 

considered to be 0.3 [10].  

 𝑞 (
𝑘𝑊

𝑚2)
̇

 =  5.67𝑥10−8(𝑇𝑓
4 − 𝑇𝑠𝑢𝑟

4 ) ∗ 𝑐𝑜𝑛𝑓𝑖𝑔𝑢𝑟𝑎𝑡𝑖𝑜𝑛 𝑓𝑎𝑐𝑡𝑜𝑟                       (4)  

                                                                         𝑄 ̇ (𝑘𝑊) =
4𝜋𝑅2

𝜒𝑟𝑎𝑑
                                                                  (5) 

1.5 Mass Loss Rate Method 

Mass loss was recorded over the duration of the burn as the couches were placed on weigh 

scales. The mass loss was multiplied by the effective heat of combustion determined for each 

couch (shown in Table 1) as shown in Equation (6) below [10]. Two values for HRR are 

compared in the next section, one the average HRR over the period of steady burning and the 

second a peak value of HRR seen in that same time period. 

                                                             �̇�(𝑘𝑊) =  �̇� ∗ ∆𝐻𝑐 𝑒𝑓𝑓                                                       (6) 

 

1.6 Cone Extrapolation Method 

In this method, the mass loss rates averaged over the periods of steady burning for the cone 

sample and couch were divided by 0.00884m2 (surface area of cone sample) and 0.97m2 

(surface area of couch most involved in fire) respectively to get a value of �̇�" for each. These 

values were compared to see how many times greater the couch �̇�" was compared to the 

cone. This factor is labelled as X in Equation (8) below. Next, �̇�" for the cone was multiplied 

by the effective heat of combustion as measured in Section 2.1 to get a value of HRR for the 

cone sample, referred to as 𝑄�̇�, shown by Equation (7) below. To get a final ‘extrapolated’ 

value of HRR for the couch, referred to as �̇�𝑒, the value of �̇�𝑐 was multiplied by the area of 

couch burning (0.97m2) and the factor X to adjust for differences between the mass burning 

rate in the cone calorimeter relative to the couch.   

                                                                   𝑄�̇�  (𝑘𝑊) =  �̇�"𝑐𝑜𝑛𝑒  ∗  ∆𝐻𝑐 𝑒𝑓𝑓                                             (7) 

                                                                    �̇�𝑒 (𝑘𝑊) =  𝑄�̇� ∗  𝑋 ∗ 𝐴𝑐𝑜𝑢𝑐ℎ                                               (8) 

2 RESULTS AND DISCUSSION 

In the following section, the results are tabulated for each calculation method and organized 

based on couch type and corresponding test number.  

2.1 Correlations of Babrauskas 

 Table 2: Fire Heat Release Rates for Three Couch Types Using Babrauskas Correlations 
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Tests (Couch Type) Correlation 1  

HRR (kW) 

Correlation 2 

HRR (kW) 

1, 4, 7 (B: FR) 931, 962, 944 3783, 3912, 3838 

2, 5, 8 (A: non-FR) 1251, 1244, 1170 3817, 3798, 3570 

3, 6, 9 (C: non-FR) 571, 614, 573 1318, 1418, 1323 

Values of HRR for Couch A and Couch C are consistent with the expected trends. For Couch 

B, values of HRR estimated using the second correlation are higher than expected. Reasons 

for this are discussed in the next section. 

2.2 Area Source Radiation Approximation 

Table 3: Fire Heat Release Rates for Three Couch Types Using Area Source Approximation 

Tests (Couch Type) HRR  

1, 4, 7 (B: FR)  1091, 1183, 1184 

2, 5, 8 (A: non-FR) 1341, 1464, 1246 

3, 6, 9 (C: non-FR) 1191, 1192, 1198 

Generally, values of HRR estimated using the area source radiation approximation are lower 

than expected. This is most likely due to the difficulty of establishing an accurate flame area 

or flame temperature, partly due to the imaging tool used, and also due to the thick, black 

smoke layer that descends over the flame, making it difficult to assess where the entirety of 

the fire is located. 

2.3 Mass Loss Rate Method 

Table 4: Fire Heat Release Rates for Three Couch Types Using Mass Loss Rate 

Tests (Couch Type) Averaged over Period of 

Steady Burning 

Absolute Peak (during period 

of steady burning)  

1, 4, 7 (B: FR)  1374, 1313, 1385 2386, 2226, 2244 

2, 5, 8 (A: non-FR) 2427, 2469, 2451 3369, 3339, 3353 

3, 6, 9 (C: non-FR) 1214, 1321, 1579 2511, 2721, 2462 

This method demonstrates the expected trends in HRR for the three types of couch. Couch A 

has the highest values, followed by couch C then couch B. It should be noted however, that 

steady burning was achieved for couch B around 300s into the tests, however, for couch C, 

steady burning was established much later, about 600s into the tests. This contrast in fire 

growth is due to the difference in burning characteristics between the fabrics – regardless of 

FR additives.  

2.4 Cone Extrapolation Method 

Table 5: Fire Heat Release Rates for Three Couch Types Using Cone Extrapolation Method 
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Tests (Couch Type) HRR  

1, 4, 7 (B: FR)  1374, 1279, 1180 

2, 5, 8 (A: non-FR) 2115, 3198, 2554 

3, 6, 9 (C: non-FR) 1215, 1278, 2533 

In general, HRR values estimated using the cone extrapolation method were consistent with 

expectation. The differences in predicted HRR between tests, for example test 3 and 9 are due 

to a large difference in the mass loss rate over the time selected as the period of steady 

burning in the full-scale experiments. The mass loss rate was larger for test 9 compared to 

test 3, resulting in a larger factor of how many times greater the couch mass burning rate was 

compared to the cone mass burning rate for test 9. In fact, the couch mass burning rate was 

estimated to be 33 times greater for test 9, and only 16 times greater for test 3. This factor of 

almost double accounts for the large differences in HRR between these tests. As stated 

previously, this method should be considered preliminary, and more investigation into 

making it more consistent across tests should be done.  

2.5 Overall Discussion 

Trends in HRR seen across all methods for the three couch types are that couch A, the non-

FR couch, consistently has the highest values for HRR, followed by the other non-FR couch 

C, and as anticipated couch B has the lowest values of HRR predicted and calculated. The 

only discrepancies in this trend are found when HRR is estimated using the Babrauskas 

correlations. The averaged HRR in the cone is lower for couch C than couch B, which was 

interesting due to the small traces of FR in the couch C materials. However, it was observed 

that the fabric used in couch C has a different burning profile compared to polyester. 

Polyester melted and pooled which caused a quicker ignition to the underlying foam, which is 

registered in cone calorimeter test data in the averaged values of HRR per unit area over the 

first 180s after ignition. However, couch C fabric charred and created a barrier-like effect 

between the flame and the foam underneath, effectively lowering the HRR over the first 180s 

when the foam has not yet ignited. In the second Babrauskas correlation, due to the fact that 

polyester melts, the thermoplastic factor of 1 was used in the calculations for couch B. 

However, it was found that using a value closer to 0.5 resulted in a HRR prediction which 

was lower and more comparable to the HRR values calculated using the other methods. This 

suggests that more investigation should be done to determine a fabric factor for FR fabrics 

and PU foam as well.  

The values for HRR between the radiative, cone extrapolation and averaged HRR from the 

mass loss rate data over a period of steady burning resulted in comparable numbers for couch 

B. Values from the cone extrapolation and averaged HRR over a period of steady burning 

were very comparable for couch C and had some agreement with the values from the 

radiative method. Couch A however, had the least consistent set of calculated values of HRR 

amongst these three methods. Estimates of HRR using the area source radiation method 

seemed extremely low as these values were around 1000kW below the averaged value of 

HRR over the period of steady burning. There was better agreement between the cone 

extrapolation method and the averaged HRR over period of steady burning, but even these 

two values were not as close as seen for the other couches. This is potentially due to the 

evolution of the smoke layer and its impact on overall fire development in these tests. 

As each method requires a different set of input parameters, the calculated values of HRR 

were expected to be different. Methods that are based on similar inputs, like the cone 
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extrapolation and mass loss rate methods, were expected to lead to more comparable values 

of HRR due to the fact that mass loss rate and heat of combustion were key input parameters. 

The differences seen indicate a few points: work is still needed to develop strategies to 

extrapolate values of HRR from bench scale to large-scale estimates, the type of large-scale 

environment greatly impacts the heat release rate, and more investigation into how the 

material chemistry dictates burning characteristics is needed to provide valuable information 

to develop new HRR calculation methods. For example, understanding how the couch C 

fabric burned compared to polyester was key to understanding why the couch C fires took 

much longer to develop and reach a peak time of steady burning, and why with certain 

methods, the predicted values were lower than a couch with FR treated materials.  

A set of correlations and equations should be developed that can take into consideration the 

material interactions and fire environment. It is not anticipated, however, that any one 

method can account for all the physics and chemistry present across the range of possible fire 

situations. Therefore, it is likely that a number of different HRR calculation methods using a 

variety of inputs will have to be applied to obtain the best possible estimate as well as to gain 

insight into multiple possible outcomes. 

2.6 Future Work 

In terms of future work, it was found that video footage was crucial in these analyses. It was 

needed to properly carry out the area source radiation method and was also a key component 

to understanding the trends and differences in values across the tests. A more precise method 

of measuring the flame areas using tools such as edge detection to extract information such as 

flame heights and diameters, as well as to track the smoke layer and determine how it 

interfaces with the fire plume, are being developed. The new information will also provide 

inputs for other methods not explored in this study. Future work should also investigate new 

ways to determine the heat of combustion for complex fuel loads. The values used in this 

study are preliminary as only one set of cone calorimeter experiments was used to determine 

the heats of combustion. Lastly, it should be noted that while having a peak value of HRR is 

useful, a time-resolved curve provides significantly more insight into the details of fire 

development, as well as improved input into computational models used in hazard and/or risk 

assessments. 

3 CONCLUSIONS 

Several conclusions can be drawn from this study: 

The non-FR couch consistently had higher values of peak HRR compared to the FR 

couch B, as well as couch C.  

Methods which had similar input parameters (mass loss rate and heat of combustion) 

resulted in more comparable estimates of peak HRR, compared to methods with very 

different input parameters (such as temperature and area).  

One method was not better than another for this set of full-scale fire scenarios, 

therefore it is encouraged that several different methods be tried to provide more 

information on HRR. Results highlight the need for new strategies based on improved 

understanding and correlation of parameters unique to the materials burning as well as 

key aspects of the fire environment. 
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ABSTRACT 

To design a building against ejected flames from an opening, the trajectories of flame should 

be studied in order to evaluate the heat impact on neighbouring elements. As a classical 

study, Yokoi measured a variety of trajectories depending on the aspect ratio of ejecting 

plane. The data were summarized by diagrams, but explicit functions are not available. Thus 

the engineers have to read the diagram by eye. To facilitate the design, the trajectory data 

were fitted with a mathematical function. The parameters in the function were estimated to fit 

to Yokoi's data and correlated with aspect ratio of ejecting plane. It was found that the overall 

agreement with the Yokoi's data is satisfactory in the range of aspect ratios between 1 and 

6.4. The developed formulae were compared with other experiments published in literatures 

and validated. The set of formulae would be useful in performance- based design of fire 

resistance and fire confinement against ejected flames. 

1 INTRODUCTION 

In the fire safety design of buildings and built environment, consideration on the effect of 

ejected flame from an opening is important. For example, the temperature profile is needed to 

assess the possibility of fire spread to upper floors and/or adjacent buildings and to assure 

satisfactory fire resistance of façade and structural elements affected by an ejected flame.  

As to the behaviour of ejected flame, Yokoi conducted comprehensive research on the 

trajectory and temperature profile [1]. The classical results are still valid and being used for 

performance-based design of buildings [2][3][4]. However, the use of trajectory formulae is 

limited only to the case of ejected flame to an open environment where there is no wall above 

an opening. To calculate the trajectory, engineers must read values from Yokoi's diagram by 

eye and calculate trajectory position by hand in order to obtain temperature values. In 

practice, the task is tedious and needs for closed-form formulae are obvious.  

Law [5] proposed a practical method to identify the area affected by an ejected flame. 

However the area is evaluated with conservative assumptions. Mizuno et al.[6] proposed a 

cubic function to fit to the Yokoi's trajectory data. However the use of cubic function was 

limited because the function could not represent the behaviour of ejected flame adhering to 

wall surface. As to physical modelling, Himoto et al.[7] proposed a model based on 

entrainment characteristics. The results were compared with model-scale experiments of an 

ejected flame from an opening of a pressurized and non-pressurized compartment. However, 

there are still uncertainties in predictions. 

In this study, the classical Yokoi's diagram was investigated and closed-form formulae were 

fitted to trajectory data. The results were compared with experiments conducted by other 

researchers and the formula was validated for wider range of application. 
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2 DERIVATION OF FORMULAE FOR EJECTED FLAME TRAJECTORY 

2.1 Yokoi's trajectory data 

Yokoi conducted systematic model-scale experiments on an ejected flame from an opening. 

The shapes of trajectories were measured and summarized in a diagram shown in Fig.1 as 

relationships between non-dimensional horizontal distance x/(Hu-zn) and non-dimensional 

vertical distance z/(Hu-zn), where x and z are the horizontal and vertical distances from the 

centroid of the ejecting plane [m], (Hu-zn) is the height of ejecting plane, Hu is the height of 

upper edge of opening [m], Hu is the height of upper edge of opening [m], zn is the height of 

neutral plane [m]. As shown in Fig. 1a), the distances x and z are measured from the centroid 

of ejecting surface locating on opening surface at height zn +(2/3)(Hu-zn).  

 

a) 

 

 b) 

Fig. 1 Trajectories of plume axis ejected from an opening, a) notations b) trajectories of plume axis shown by 

symbols. Solid line denotes fitting results described in section 2.2. 

The aspect ratio of ejecting surface, n, is defined by 

/ ( )u nn B H z= −    (9) 

where B is the width of an opening [m] 

 Hu is the upper height of an opening above baseline [m], 

 zn is the height of neutral plane above baseline [m]. 

Yokoi assumed that the neutral plane is located at the middle of opening height, zn=H/2, 

when he summarizes his measured data. 
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As shown in Fig. 1b), the trajectories depends on the aspect ratio of ejecting plane. When the 

aspect ratio is small, the flame goes apart from wall. The trajectory is close to that in open 

space where no walls exist above an opening. As the aspect ratio is increased, the trajectory 

tends to adhere to wall surface. In case of aspect ratio 2.5, the trajectory rises up almost in 

parallel to wall surface. In case of larger aspect ratios, the trajectories bend toward the wall 

surface. 

2.2 Curve fitting to Yokoi's trajectory data 

In order to represent the changes of trajectory by the aspect ratio of an ejecting surface, a 

closed form mathematical function was selected. In case of small aspect ratio, the trajectory 

goes away from the wall. In case of large aspect ratio, the trajectory adheres to the wall above 

an opening. The mathematical function should be able to represent these characteristics. One 

of the possible functional forms is 

( )exp{ ( ) }m

n n n

x z z
C a

H z H z H z
= −

− − −
  (10) 

where the coefficients C[-], a [-] and power m[-] should be determined by fitting the function 

to Yokoi's trajectory data. The value of x is maximized at z=(H-zn)/am1/m and converges to 

zero as z tend to infinite. These features are convenient to express the shape of trajectories.  

Using Yokoi's data, the best-fit coefficients were searched for every aspect ratio. 

Conventional least square method was applied to get the sets of best fit results of (C, a, m). 

The results are shown in Fig. 1b) by solid lines. The overall agreement is satisfactory. 

 

   
a) coefficient C b) coefficient a c) power m 

Fig. 2 Coefficients C, a and power m as fitted to Yokoi's trajectory data 

The resulting values of the coefficients and the power are shown in Fig. 2. The values are 

fairly dependent on the aspect ratio. The relationships were approximated by the following 

functions  

2.36110exp( 0.209 ) 0.945C n= − +   (1 6.4n  ) (11) 

4.133.31exp( 0.0121 ) 1.59a n= − +   (1 6.4n  ) (12) 
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4.321.12exp( 0.00175 ) 1.25m n= − − +   (1 6.4n  ) (13) 

The equations were developed to fit to the data for 1 6.4n  . However it is possible to apply 

the values for n=1 to smaller aspect ratios because the changes of the trajectory are small for 

the aspect ratios smaller than 1. Even if the aspect ratio tends to zero, the trajectory should 

converge to the one for open space as shown by dotted line in Fig. 1b). In case of large aspect 

ratios, n>6.4, the equations are out of range. However it is possible to apply the equations 

because the ejected plume only adheres to the wall surface above the opening.  

2.3 Consideration on pressurized fire room  

If the fire compartment has more than one opening, or if the compartment is pressurized by 

mechanical system, the neutral plane does not necessarily locates between upper and lower 

edge of an opening. If zn < Hl, the compartment is pressurized and the fire gas is pushed 

strongly out from the opening. In that case, the equivalent height of ejection could be used to 

account for the effect of pressure rise. 

As shown in Fig. 3a), the neutral plane is located below an opening. The mass flow rate of 

fire gas ejected from the opening is 

3/2 3/2

0

2
2 ( ) {( ) ( ) }

3
ex s s u n l nm B g H z H z   = − − − −   (14) 

where mex is the mass flow rate of gas ejected from the opening [kg/s], 

  is the flow coefficient of the opening [-], 

 B is the width of opening [m], 

 s is the density of room gas [kg/m3], 

 0 is the density of outside air [kg/m3], 

 g  is the gravitational acceleration [m/s2], 

 Hl is the lower height of the opening [m]. 

 

Fig. 3. a) Ejected mass flow from overall height, b) equivalent mass flow from an opening with a neutral plane 

inside 
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* 3/2

0

2
2 ( ) ( )

3
ex s s u nm B g H z   = − −   (15) 

where zn
* is the effective height of neutral plane that gives equivalent mass flow rate [m].  

By equating Eq. (14) and Eq.(15), the effective height of ejecting plane, Hu-zn
*, would be 

* 3/2 3/2 2/3{( ) ( ) }u n u n l nH z H z H z− = − − − .  (16) 

By replacing the term H-z with Hu-zn
* in Eq. (10), trajectory can be calculated for any 

locations of neutral plane. 

2.4 Distance along trajectory 

Distance along axis of ejected flame is important to calculate the temperature distribution. 

Using Yokoi's data shown by symbols in Fig. 1b), the distances along axes were calculated 

numerically. The non-dimensional additional distance was defined by (z'-z)/(Hu/zn) where z' is 

the distance along flame axis [m].  

The calculated results are shown in Fig. 4. Non-dimensional additional distances increase 

sharply right after ejection. Then the distances converge to constant value as the trajectories 

rises up in parallel to wall surface. When the aspect ratio is small, the additional distance is 

large. As the aspect ratio is increased, additional distances are reduced.  

 

  

a) notation b) calculated and fitting results of additional distance 

Fig. 4. Distance along axes of elected flame  
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a) Coefficient C' b) Coefficient a' c) Power m' 

Fig. 5. Estimated parameters for additional distance 

The calculated values of additional distances were fitted with the following equation 

''
'[1 exp{ '( ) }]m

u n u n

z z z
C a

H z H z

−
= − −

− −
  (17) 

where the coefficients C', a' and the power m' were estimated by fitting Eq.(17) to calculated 

data. As shown in Fig. 5, the results were correlated with aspect ratio as 

1.07' 0.345exp( 0.297 ) 0.0833C n= − + ,  (18) 
2' 0.321 2.09 1.54a n n= − + + ,  (19) 

2' 0.0230 0.122 0.571m n n= − + + .  (20)  

3 COMPARISON WITH OTHER EXPERIMENTS 

In order to validate the developed formulae, comparisons were made with other experiments 

conducted independently. 

3.1 Model scale experiments with an opening of various aspect ratios  

Ohmiya et al.[8] conducted a series of model scale experiments for various aspect ratios of 

ejecting plane. The sizes of model-scale compartments were 0.5m cube or 1.5m cube. Among 

the experiments, trajectory data for aspect ratios 1 and 4 are available. Asimakopoulou et al. 

[9] conducted a series of experiments using a model box sized 0.6 x 0.6 x 0.9 m. Trajectory 

data are available in case of aspect ratios 0.8 and 1.0. These trajectory data are compared with 

the proposed equations, Eq. (10) to Eq. (13). 

The calculated trajectories are in fair agreement with those in literatures. As a general 

tendency, trajectory tends to adhere to wall as the aspect ratio is increased. The tendency was 

well reproduced. In case of aspect ratio 0.8, the condition is out of the range of original 

Yokoi's data. Even though the trajectory is slightly away from wall surface, the shape of 

trajectory was reproduced well. 
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a) Asimakopoulou, n=0.8  b) Asimakopoulou, n=1.0 c) Ohmiya, n=1 d) Ohmiya, n=4 

Fig. 6. Comparison of calculated trajectories with experiments by Ohmiya et al. [8] and by Asimakopoulou et 

al. [9]. (Solid lines: literature data, dashed lines: calculations) 

3.2 Ejected flame from a pressurized compartment 

Himoto et al.[10] carried out a series of experiments using 0.9m cubic model-scale box. In 

some of the experiments, the room was pressurized with supplied air. As a result, the neutral 

plane was located at lower positions. By considering the location of neutral plane, the 

agreement is satisfactory. 

 

    

a) n=0.59  b) n=0.65 (pressurized) c) n=1.36 d) n=1.67 (pressurized) 

Fig. 7. Comparison of calculated trajectories with experiments by Himoto et al.[10]. (Solid lines: literature data, 

dashed lines: calculations) 

3.3 Ejected flame from an upper opening  

Li et al.[11] investigated the behaviour of elected flame out from upper opening of a model 

box. The box was equipped with two openings at different heights. One opening was located 

at the bottom of one wall. Another opening was located at the top of opposite wall. As a 
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result, the neutral plane was located below the lower edge of an opening ejecting a flame. To 

account for the location of neutral plane, Eq. (16) was applied to calculate the effective height 

of ejecting plane. As shown in Fig. 8, the agreement is satisfactory.  

    
a) n=0.43 b) n=0.64 c) n=0.97 d) n=1.67 

Fig. 8. Comparison of calculated trajectory with experiments by Li et al.[10]. (Solid lines: literature data, 

dashed lines: calculation) 

4 CONCLUSIONS 

To develop a practical method to calculate the trajectory of ejected flame from an opening, 

Yokoi's data was analysed and mathematically reformulated. The main developments are as 

follows: 

- The classical Yokoi's trajectory data were fitted with mathematical formulae describing the 

shape of trajectory. The parameters were estimated by least square method to fit to Yokoi's 

data.  

- The formula was extended so as to include the cases when neutral plane is located below the 

lower edge of an opening.  

- The developed mathematical formulae were verified and validated against other trajectory 

data published in literatures. 
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ABSTRACT 

The University of Waterloo Fire Research Group conducted a series of full-scale fire tests 

involving couches with different combinations of polyurethane foam and fabric in 2015. 

Videos were analyzed to rank the amount and relative optical density of smoke produced by 

each couch during the full-scale fires. Representative foam and fabric samples were then 

tested to the ISO 5659-2 standard in the smoke density chamber. Optical density estimates 

from the full-scale and smoke density chamber tests were compared to assess the potential 

use of small-scale results to estimate smoke production in these full-scale, ventilation-limited 

fire scenarios. Results suggest that the values of specific optical density from the smoke 

density chamber may not be appropriate for direct use in assessing smoke production in the 

larger-scale fires since smoke density chamber results were not a good indicator of pattern, 

rank, or value of smoke produced in the 2015 fire scenarios. 

1 INTRODUCTION 

A series of nine well-instrumented, full-scale test burns involving couches made from three 

different polyurethane foams and fabrics with varying levels of fire retardant [1] were 

conducted at the University of Waterloo Live Fire Research Facility. Each type of couch was 

tested three times in a ventilation-limited environment intended to mimic energy-efficient 

homes [1]. The repeatability of the tests has previously been reported [2]. Video recordings 

were analyzed to rank the amount and optical density of smoke produced during the fires. 

Subsequently, the smoke density chamber was used to test the three different couch foams 

and foam/fabric combinations to rank the optical density at small-scale for comparison to the 

apparent behaviour in the full-scale test burns. Together, the foam and fabric made up the 

majority of the material that burned during the tests with only a small portion of the frame 

and other materials involved in the fire. Similarly, the foam (without fabric) comprised more 

than 50% of the fuel loading for the portion of the full-scale tests considered in the smoke 

production from the fire. Therefore, in this paper the smoke density chamber results for the 

foam alone and the foam/fabric combinations are used to rank the optical density at small-

scale for comparison to the observed smoke evolution in the full-scale test burns. 

The smoke density chamber is a small-scale test used to measure specific optical density of 

smoke from a sample of material. A 75 mm by 75 mm sample of the material is subjected to 

a constant surface radiant heat flux of up to 50 kW/m2 [3]. The test can be completed with or 

without a piloted ignition. The quantity of smoke produced is measured via attenuation of a 

light beam within the sealed test chamber. The smoke density chamber can be used to test 

samples in accordance with several standards including ISO 5659-2, ASTM E662, NFPA 

258, and BS 6401 [4]. With the addition of Fourier transform infrared spectroscopy (FTIR) 

data, results are sometimes used via the ISO 19703 standard to characterize fire effluents for 

risk and hazard assessments [5]. This paper focuses on use of the ISO 5659-2 standard, which 

first came into effect in 1994 [3], for testing smoke production from a series of different 

combinations of polyurethane foam and fabric used in the furnishings which were burned in 

full-scale fire tests. The ISO standard was chosen over the other standards listed above 
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because the sample is oriented horizontally (rather than vertically) and can be exposed to a 

heat flux up to 50 kW/m2 (rather than only 25 kW/m2) [3,6]. The change in sample 

orientation allowed the specimen mass to be measured throughout the test via a load cell 

mounted beneath the burning sample [3,6].  

The repeatability (within lab) and reproducibility (between labs) of results with the smoke 

density chamber depend on the material being tested and the orientation of the sample [3,6,7]. 

Uncertainty increases when the material changes shape or the surface of the material changes 

its position relative to the heater during the test (for example with a melting sample) [7] or if 

the material does not readily ignite at 25 kW/m2 [3]. The polyurethane foams and some of the 

fabrics used in the present testing melted when exposed to heat so they could not be tested in 

the vertical orientation used in ASTM, NFPA, and BS standard test methods [6,7]. In 

addition, they did not readily ignite at 25 kW/m2 even in well-ventilated conditions. Due to 

the factors above, however, it is expected that the uncertainty in the smoke density results 

will be well above stated repeatability and reliability values (±25%) for the smoke density 

chamber [3,7,8]. In contrast, the ISO standard indicates values of repeatability and 

reproducibility for flexible polyurethane foam of ±36% and ±70% respectively [3] so the 

intent here is only to rank the materials for their relative smoke density. Even when used for 

this purpose, previous round robin studies have shown that if smoke density values of 

different materials are within 12% of each other, there can be disagreement on their relative 

ranking from lab to lab in terms of their propensity to produce smoke [7]. Some research 

appears to advocate the use of maximum optical density measured to estimate visibility in 

fire situations [9], while other findings appear to contradict this [3,6-8].  This paper compares 

optical density estimates obtained from video recordings in full-scale furnishing fire 

experiments and smoke density chamber tests of the same furnishing materials to assess the 

potential use of small-scale results to estimate smoke production in these full-scale, 

ventilation-limited fire situations. 

2 EXPERIMENTAL APPARATUS AND PROCEDURE 

2.1 Smoke Density Chamber 

A smoke density chamber with an enhanced photomultiplier control unit was used for the 

small-scale tests [10]. The data was recorded using the SmokeBox software package version 

3.7 [11]. The ISO 5659 conical radiant furnace modification was used to comply with the 

ISO 5659-2 standard for testing [3,4]. Calibration and testing procedures used were based on 

the ISO 5659-2 standard and the user’s manuals for the smoke density chamber and 

SmokeBox software package [3,10,11]. 

All samples were conditioned to constant mass before testing, cut to size within the 

requirements of the standard and wrapped in aluminium foil [3]. All foam and fabric samples 

were cut from scraps of the material originally used to build the couches in 2015. Foam 

samples were cut to 25 mm in depth, so the ratio of foam to fabric in the test specimens are 

not the same as those in the actual couch. The assembly, with fabric on top of the foam, was 

consistent to that in each couch. First, three samples of each foam type were tested in mode 

three (50 kW/m2, no pilot ignition source) [3]. Three samples of each foam and fabric 

combination were then tested in mode three as well. Mode three was selected because 

experience within the University of Waterloo Fire Research Group has indicated that the 

foams did not ignite at 25 kW/m2 even in well-ventilated conditions. Piloted ignition was not 

used to more closely match the radiant ignition that occurred in the full-scale furnishing fire 

tests. After each test, the chamber was wiped down thoroughly with a damp cloth; it was 

wiped with a cleaning agent between tests of different materials. The optical windows were 



Comparing Smoke Density Chamber and Full-Scale Test Results 

   

436 

 

cleaned using a micro-fibre cloth and isopropyl alcohol until no residue remained between 

every test as well. 

Results obtained in the smoke density chamber test include, among others, the maximum 

specific optical density, corrected maximum specific optical density, time to maximum 

specific optical density, and the time to reach 90% of the maximum specific optical density. 

The optical density of smoke is a measure of the degree of opacity of smoke, taken as the 

negative common logarithm of the relative transmission of light [3]. The maximum specific 

optical density is the highest value recorded during the test and was selected here as an 

indicator of the overall smoke production capability of the sample. A higher rank was 

assigned for a higher specific optical density because it indicated that the smoke from a 

sample was more dense. The clear beam specific optical density was not used in this analysis 

because this correction accounts for smoke residue that is deposited on the optical windows 

during the test and there was no equivalent measure for residue deposited on the video lens in 

the full-scale tests. To compare the speed of smoke production, the time to 90% of maximum 

specific optical density was selected for this analysis instead of using the time to maximum 

specific optical density. By using this parameter, a shorter time indicated faster smoke 

production and thus that material was assigned a higher rank in terms of how quickly it might 

have generated smoke in the real fire situation. 

2.2 Full-Scale Burn House 

The University of Waterloo steel ‘burn house’ is a two-story, fire hardened structure with 120 

m2 of floor space. The 2015 tests in the structure had a standard layout with a couch, chair, 

coffee table, and side table situated in the “living room”. Three different foam and fabric 

combinations were used to produce the three different sets of couches and chairs on a 

common frame design [1]. Details of the tests have previously been reported [2]. In this 

paper, the foam and fabric combinations will be referred to as Type A, B, and C for 

simplicity.  

Before each test, the house was sealed to mimic an energy-efficient home with low 

ventilation to the exterior. After ignition of the couch using a BS 5852 crib [1], the fire 

progressed unimpeded and a ventilation-limited environment developed. This low ventilation 

environment should be similar to that developed in the sealed smoke density chamber 

although it is clear that they are not direct analogues of one another. 

In the full-scale tests, smoke and fire growth were monitored using thermocouples, weigh 

scales, gas sensors, a heat flux meter, smoke detectors, and video cameras located throughout 

the house. There was no specific instrumentation to directly measure the optical density 

during the tests. Instead, in this study video recordings from the camera facing the couch, 

with a view of the East window on the first floor as shown in Fig.1, were analyzed to 

estimate the amount and density of smoke in the burn house. 

Once the smoke layer descended below the top of the window, the density of the smoke in 

front of the window could be observed. Therefore, an image from when the smoke layer was 

part way down the window was selected for analysis. An image in which the smoke layer had 

increased to the bottom of the window could have been used, but in some cases by this time 

the fire was in front of the window or the camera had changed to infrared due to low lighting 

conditions. This is a very rudimentary method for determining visual density of the smoke 

(an estimate of opacity), given the potential impacts of fire proximity, overall light levels and 

exterior back lighting. As it is also subjective, three different individuals completed 

independent analyses to assign a rank to the smoke density from 1 (most dense) to 9 (least 

dense) for each test based on the same set of nine images.  
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Fig. 13. Sample Video Image 

The rate of smoke production for a fire from each couch type was estimated based on how 

long it took, after ignition of the crib, for the smoke layer to descend to the top of the window 

as judged from the video recordings.  Three different individuals again completed 

independent analyses of this indicator and reported the corresponding test times. Shorter 

times indicate faster smoke production and are assigned a higher rank. 

3 RESULTS 

3.1 Smoke Density Chamber 

The average and standard deviation of the three repeat smoke density chamber tests and 

subsequent ranking for each material combination are reported in Table 1 [3]. Both the mean 

and standard deviation are provided here so differences between each rank can be better 

understood.  

Table 12. Smoke Density Chamber Results 

Type Foam Fabric 

Max. Specific Optical 

Density 

Time to 90% of Max. Specific 

Optical Density (s) 

Mean Std.Dev. Rank Mean Std.Dev. Rank 

Foam Only 

A 1 N/A 114.0 0.3 2 58.7 2.9 2 

B 2 N/A 110.5 8.2 3 69.0 8.5 3 

C 3 N/A 116.3 0.1 1 53.0 4.4 1 

Foam and Fabric 

A 1 1 119.9 0.9 1 108.0 9.5 3 
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B 2 3 94.3 24.9 3 60.7 5.7 2 

C 3 2 119.3 0.5 2 46.3 6.1 1 

3.2 Full-Scale Burn House  

The estimated mean, standard deviation and consequent ranking for the visual density of the 

smoke and rate of smoke production observed during the three full-scale tests of each couch 

type and each operator (i.e. N=9) are shown in Table 2.  

Table 13. Burn House Results 

Type 
Ranked Visual Density Time to Top of Window (s) 

Mean Std.Dev. Rank Mean Std.Dev. Rank 

A 6.1 1.1 2 283 26 2 

B 6.6 2.1 3 582 31 3 

C 2.0 0.9 1 253 44 1 

4 DISCUSSION 

The smoke density chamber test results shown in Table 1 indicate that type A and type C 

materials had low standard deviations in values of optical density compared to type B 

materials. During the small-scale tests, unlike the other materials, individual samples of type 

B materials ignited at significantly different times after the start of the test (having both the 

longest and shortest times to ignition). This led to large differences in the amount and density 

of the smoke produced. However, on average, type B materials had the least dense smoke. 

These observations were reflected in the visual density results from the full-scale tests as 

well; mean values reported in Table 2 for this material are comprised of a wider range of 

values than either of the other materials as reflected by the higher standard deviation. In 

contrast, type C materials very clearly have the most dense smoke in the full-scale tests; 

however, results of optical density obtained in smoke density chamber tests do not clearly 

indicate whether type A or type C materials have more dense smoke. This is not unexpected 

because the differences in measured data for type A and type C materials are well below the 

previously established limit of 12% that would be required to ascertain a clear ranking [7].  

From smoke density chamber data, type C materials appear to have slightly faster smoke 

development than the other materials (10% and 24% faster for the foam only and foam/fabric 

tests respectively). This general pattern is reflected in the full-scale test results where the type 

C materials showed approximately 10% faster smoke development. The smoke development 

estimates for type A and type B materials in the smoke density chamber based on foam only 

and foam/fabric results suggest contradictory rankings for rate of smoke production between 

the two. In contrast, type B materials very clearly have the slowest smoke development in the 

full-scale tests. Type B fires took almost twice the amount of time as type A or type C to 

produce enough smoke to reach the top of the window. 

Generally speaking, the small-scale smoke density chamber results were inconsistent in 

capturing the patterns of behaviour and magnitude of smoke evolution observed at full-scale 

in the burn house. Even within results from the smoke density chamber, foam and fabric 

combination data (which arguably better represents the full-scale furniture) did not agree with 

data from foam only tests with respect to value or ranking from highest to lowest smoke 
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production. Thus, for this series of tests and these materials, the smoke density chamber 

results were not a good indicator of smoke production at full-scale in terms of overall 

behaviour, ranking, and especially magnitude of smoke produced. Further tests are required 

to see if similar inconsistencies would be found for other materials at small and full-scale. 

Nonetheless, based on this small series of tests, it is evident that caution should be exercised 

in applying optical density values from the smoke density chamber to life safety and risk 

assessments. 

5 CONCLUSIONS 

Based on this test series the following conclusions can be drawn: 

− The smoke density chamber results and rankings based on foam samples differed from 

those when both foam and fabric were tested. 

− The smoke density chamber results inconsistently matched estimated patterns and 

magnitudes of smoke evolution that were observed at full-scale.  

− The smoke density chamber results were not a good indicator of patterns, ranking, or 

values for smoke production at full-scale. Caution should be exercised in interpreting and 

using these values. 

− Further tests are required to determine whether similar trends amongst results hold true 

for other materials in other scenarios. 
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ABSTRACT 

For the use of flammable and combustible liquids, the National Fire Code of Canada (NFCC) 

requires that ventilation shall be sufficient to ensure that flammable vapour concentrations 

outside the zone identified as Class I, Zone 0 or 1 do not exceed 25% of the lower explosive 

limit of the flammable vapour. At the same time, it states that a mechanical ventilation 

system is deemed to comply with the requirement if it is capable of exhausting at least 18 

m3/h/m2 of room area, but not less than 250 m3/h, and notes that the ventilation rate is 

normally adequate for rooms with low floor to ceiling height or small enclosed spaces. 

However, it does not provide a prescriptive minimum ventilation rate for rooms with high 

floor to ceiling height or large enclosed spaces, and the applicability of the ventilation rate. 

The paper proposes correction factors for ventilation rates for these cases and discusses the 

applicability of the ventilation rates. 

1 INTRODUCTION 

The use of flammable and combustible liquids often produces flammable vapors. When 

flammable vapors mix with air and form mixtures with the concentration in the range of 

flammable limits, the mixtures can produce flash fires or explosion. To prevent flash fires or 

explosions, preventive measures are required. One of the measures is ventilation, through 

which flammable mixtures are limited to smaller areas. 

The National Fire Code of Canada (NFCC) requirement for ventilation rates for the use of 

flammable and combustible liquids is performance-based, i.e., ventilation … shall be 

sufficient to ensure that flammable vapour concentrations outside the zone identified as Class 

I, Zone 0 or 1, do not exceed 25% of the lower explosive limit of the flammable vapour [1]. 

Similar performance requirement can be found elsewhere, such as NFPA (National Fire 

Protection Association) 30 and 69 [2, 3]. 

The NFCC also states that a mechanical ventilation system is deemed to comply with the 

requirement if it is capable of exhausting at least 18 m3/h/m2 of room area, but not less than 

250 m3/h [1]. Similar prescriptive requirements can be found elsewhere, such as NFPA 33 

[4]. However, the NFCC does not provide application conditions of the ventilation rate, while 

the note to the NFCC provision states that “a mechanical ventilation rate of at least 18 m3/h 

per square metre of floor area, but not less than 250 m3/h, is normally adequate for rooms 

with low floor to ceiling height or small enclosed spaces where Class I liquids are dispensed” 

[1], and indicates that the ventilation rate applies to rooms with low floor to ceiling height or 

small enclosed spaces. 

Other assumptions frequently found in codes and standards include the lower limit of the 

explosive range of vapors of flammable and combustible liquids of 1% in air [4] and perfect 

mixing [3, 4]. Flammability limits and explosive limits are used interchangeably in different 

references and the paper will use the explosive limits for uniformity. 
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NFCC does not provide a prescriptive minimum ventilation rate for rooms with high floor to 

ceiling height or large enclosed spaces, and the applicability of the ventilation rate. The paper 

will propose correction factors for ventilation rates for these cases and discusses the 

applicability of the ventilation rates. 

2 CORRECTION FACTORS FOR VENTILATION RATES FOR LONG 

DURATION OF VAPOUR AND GAS RELEASE 

For cases with long duration of vapour and gas release, rearranging Equation D.15 of NFPA 

69 [3], 

( )KNe
Q

G
C −−= 1           (1) 

where C is the concentration 

G is the release rate [m3/min] 

Q is the airflow rate [m3/min] 

K is the mixing efficiency factor 

N is the required number of air changes 

with the assumption that the effective air changes, i.e., the product of the mixing efficiency 

factor and the required number of air changes, is sufficiently large, produces 

C

G
Q =            (2) 

Based on the equation, the minimum ventilation rate of 18 m3/h/m2 required for small spaces 

in the NFCC [1] produces a steady-state concentration of 0.25%, 25% of LEL (Lower 

Explosive Limit) of 1%, for a release rate of 0.045 m3/h/m2 or 0.015 m3/h/m3 space within a 

height of 3 m. The ventilation rate is for small spaces as provided in NFCC and for liquids 

with an LEL not less than 1%. 

For the cases with significant differences from the basic application conditions or 

assumptions, to keep the effective ventilation rate or effective air changes for each small 

space the same as those for the basic application conditions or assumptions, the minimum 

ventilation rate need be increased with the following coefficients  

− The coefficient for the mixing efficiency: this coefficient is unnecessary for small rooms 

as mixing closes to perfect. However, for rooms with high height or large area, mixing is 

far from perfect and this coefficient becomes necessary. It is recommended that the 

coefficient be taken as the reciprocal of the mixing efficiency based on specific ventilation 

design, and given in NFPA 69 or by other good engineering practice. 

− The coefficient for the high room height: this coefficient is unnecessary for low room 

heights because the ventilation rate is provided for the case. For high room heights, 

additional ventilation is necessary for space above 3 m height in a similar way to that for 

the space within 3 m height. It is recommended that the coefficient for the high room height 

be taken as the ratio of the height in meter to 3, the assumed low room height in meter. 

− The coefficient for the lower LEL: this coefficient is unnecessary for liquids with an LEL 

not less than 1%. For those with LEL less than 1%, the ventilation rate need be increased 
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to sufficiently ventilate the space so that the concentration of the mixture is below 25% of 

the LEL, instead of 25% of LEL of 1% typically assumed. 

The overall coefficients are a product of the above coefficients because each coefficient 

addresses a separate factor that affects the concentration of vapour in air. The ventilation rate 

equation with these coefficients can be written in the form 
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where G" is the release rate per area [m3/min/m2] 

 A is the area [m2] 

K is the mixing efficiency 

H is the height [m] 

C is the 25% of LEL 

0 is the base scenario 

For the cases with K0 = 1, G0" = 0.045 m3/h/m2 (or 0.015 m3/h/m3 space and H0 = 3 m), 

Equation (3) reduces to 
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The factor 18 in Equation (4) is the 18 m3/h/m2 provided in the NFCC as the minimum 

ventilation rate. If it is used as the base ventilation rate to calculate a required ventilation rate, 

coefficient for mixing efficiency (1/K), coefficient for ceiling height (H/3), and coefficient 

for LEL (0.25%/C) need be incorporated. 

3 CORRECTION FACTORS FOR VENTILATION RATES FOR SHORT 

DURATION OF VAPOUR AND GAS RELEASE 

For cases with short duration of vapour and gas release, Equation D.11 of NFPA 69 [3] gives 

KNe
C

C −=
0

           (5) 

V

Qt
N =            (6) 

where C is the concentration 

C0 is the initial concentration 

K is the mixing efficiency factor 

N is the required number of air changes 

t is the time duration [h] 

V is the volume [m3] 
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The ventilation rate of 18 m3/h/m2 provided in the NFCC produces 6 air changes per hour for a space 

with a height of 3 m and reduces the initial concentration from 100% to 0.248% within 1 h. The 

concentration of 0.248%, less than 25% of 1%, complies with the requirement of NFCC for liquids 

with an LEL of 1%. 

For liquids with a lower LEL, the effective air changes per hour required to reduce the concentration 

from 100% (C0) to 25% of the lower LEL within 1 h can be calculated by rearranging Equation (5) 

into 

0

ln
C

C
KN −=            (7) 

and the ventilation rate can be calculated by rearranging Equation (6) 

t

NV
Q =            (8) 

For cases with large spaces or high floor to ceiling heights, to keep the effective ventilation 

rate or effective air changes for each small space the same as those for the basic application 

conditions or assumptions, coefficients for mixing efficiency and for high floor to ceiling 

height also need be applied in similar way to those for the ventilation rates for the long 

duration of vapor and gas release. 

The overall coefficients are a product of the above coefficients because each coefficient 

addresses a separate factor that affects the concentration of vapour in air. The ventilation rate 

equation with these coefficients can be written in the form 
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Based on the implicit conditions indicated by the NFCC [1], N0 = 6 with a mixing coefficient 

of 1, and H0 = 3 m. Therefore, Equation (8) reduces to 

C
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Q 0ln
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=          (9) 

The factor 18/t in Equation (9) is the 18 m3/h/m2 provided in the NFCC as the minimum 

ventilation rate. If it is used as the base ventilation rate to calculate a required ventilation rate, 

the coefficient for the mixing efficiency (1/K), the coefficient for the ceiling height (H/3), 

and the coefficient for the lower LEL (1/6 ln(C0/C)) need be incorporated. 

4 APPLICABILITY OF VENTILATION RATES 

NFCC does not provide clear limitations for which certain ventilation rates can be applied. 

Instead, the limitations need be derived from good engineering practice. For applications with 

long duration of vapour and gas release, the limitations can be derived from the following 

provisions: 

− The area within 915 mm (3 ft) in all directions from any open containers, supply containers, 

waste containers, spray gun cleaners, and solvent distillation units or such equipment and 

extending to the floor or grade level shall be classified as Class I, Division 1 or Class I, 

Zone 1 [4]. 
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− Ventilation shall be sufficient to ensure that flammable vapour concentrations outside the 

zone identified as Class I, Zone 0 or 1, do not exceed 25% of the lower explosive limit of 

the flammable vapour [1] 

− For processes similar to spray, ventilation is required at a rate of 75 m3/L liquid evaporation 

for solvent with a lower flammability limit of 1% [4]. 

− For processes similar to open liquid surface, ventilation is required at 0.50 to 0.75 

m3/sec/m2 (30 – 45 m3/min/m2, 100 to 150 cfm/ft2) liquid surface for liquid with an LEL of 

1% [5]. 

To comply with these provisions, ventilation need be provided for 915 mm of the vapour and 

gas source to ventilate vapour and gas releases to 25% of the LEL of the flammable vapour. 

Over a floor area with a 3 ft radius, for the effective air changes of 6.0/h (18 m3/h/m2 space 

with a height of 3 m) or 0.1/min and liquids with LEL of 1.0%, 

− The volume of a semi-sphere with a radius of 915 mm is 1.52 m3. 

− Effective ventilation in a volume of 1.52 m3 is 1.52 x 0.1 = 0.15 m3/min, which complies 

with the requirement for 

o Liquid evaporation of 0.15 m3/min / 75 m3/L = 0.002 L/min. 

o Liquid surface of 0.15 m3/min / 45 m3/min/m2 = 0.0033 m2. 

Clearly, the specific values produced above for the applicability of ventilation rates are based 

on the electrical area classification. As a result, these values could change when the electrical 

area classification changes. However, the methodology used to produce the specific values 

remains valid for the general use of flammable and combustible liquids. 

5 DISCUSSION 

The proposed correction factors for ventilation rates for the use of flammable and 

combustible liquids are to address the performance requirement that flammable vapour 

concentrations do not exceed 25% of the lower explosive limit of the flammable vapour. 

While the actual ventilation rates will be higher than 18m3/h/m2, the increased ventilation 

rates are considered to comply with only the minimum code requirements because the 

increase is to address the conditions that are significantly different from those for which the 

minimum requirements in codes and standards are developed, specifically, high floor to 

ceiling heights, large enclosed spaces, and lower LELs. No safety margin above the 

minimum code requirements is included in these coefficients. 

The proposed correction factors for large enclosed spaces and high floor to ceiling heights are 

the same for long and short durations of vapor and gas releases, and those for lower LEL are 

different for long and short durations of vapor and gas releases. 

6 CONCLUSIONS 

− Correction factors for ventilation rates for the use of flammable and combustible liquids 

are proposed to consider the effects of large enclosed spaces, high floor to ceiling heights, 

and lower LELs. 

− The proposed correction factors for large enclosed spaces and high floor to ceiling heights 

are the same for long and short durations of vapor and gas releases, and those for lower 

LEL is different for long and short durations of vapor and gas releases. 

− Applicability of ventilation rates for the use of flammable and combustible liquids is given 

in the form of liquid evaporation and liquid surface. The results depend on the electrical 



Correction Factors and Applicability of Ventilation Rates of Use of Flammable and Combustible Liquids 

   

446 

 

area classification but the methodology used to produce the results remains valid for the 

general use of flammable and combustible liquids. 
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ABSTRACT 

The present research work examines theoretically and numerically the emptying-filling box 

problem in a room subject to fire. The fire plume fills the room gradually which is 

simultaneously emptied thanks to its connections with the outside. The process is studied as a 

displacement ventilation flow once the steady state is reached. A theoretical description to 

predict the interface position is presented in this paper. The theoretical solutions are based on 

the recent works of Vauquelin [1] and Koutaïba [4] in the general non-Boussinesq case. In 

particular, it is shown that those relations depend on two geometrical parameters.  

Mainly, we investigate to what extent a difference between the inlet and outlet areas and the 

associated discharge coefficients can have a significant impact on the smoke layer 

characteristics. 

The problem is also studied numerically by performing simulations using the code Fire 

Dynamics Simulator (FDS, NIST)[15]. Numerical results are compared to the analytical 

relations. 

Keywords: Emptying-filling box model; layer interface height; stratification. 

1 INTRODUCTION 

In fire safety engineering, design methods for smoke management systems are more and 

more oriented towards complex and precise approaches to deal with fluid and fire dynamics 

using CFD models such as FDS. If these tools allow a more realistic modeling of physical 

phenomena and thus the finding of the most appropriate optimized solution to fulfill the fire 

safety goals, they do not, conversely, allow their users to catch and understand the 

dependencies between the different physical or geometrical parameters involved in the 

simultaneous emptying filling process. The relatively simple fire models, often referred to as 

two-zone models are more suitable when parametric studies or simple rough estimations are 

needed. This kind of approach was first studied by Thomas [17] for fire safety engineering 

and later by Linden et al. [7] for thermal comfort purposes. Many more recent research 

investigated this process ([9], [18] and [19]) to study the different existing transient modes of 

the simultaneous filling and emptying process. However, very few tries to highlight some 

important dependencies and mainly one of the most important ones when the question is 

about designing smoke management systems. Thus, the present work investigates to what 

extent a difference between the inlet and outlet areas and the associated discharge coefficients 

can have an impact on the smoke layer characteristics. 
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2 THEORETICAL MODEL 

As shown in figure 1, we consider the simultaneous filling and emptying of a cuboid box. The 

studied room height is denoted H and its surface is denoted S. the room communicates with 

the outside through an opening at the bottom part of the room (doors or openings on the 

floor) of surface 2 and an exhaust vent in the ceiling of surface 1. This surface areas are 

characterized by the discharge coefficients Cd1 and Cd2 parameterizing the effect of the 

vena contracta at the outlet and inlet of the room. We consider that the fire is set at ground 

level and creates a continuous source of buoyancy in the form of a plume of buoyancy flux 

denoted B which rises, entraining fresh air in its ascent. The buoyancy flux generated by the 

fire can be related to the convective heat Q̇c using ideal gas law such as B = gQ̇c/ρaTacp, ρa 

being the ambient air density, cp the specific heat of air at constant pressure and Ta the 

ambient temperature. 

The fire plume reaches the ceiling and creates instantaneously a thin smoke layer. The plume 

continuously supplies the smoke layer, but simultaneously, a part of the smoke is evacuated 

naturally through the ceiling exhaust vent due to the hydrostatic pressure difference between 

the inside and outside of the box caused by the higher temperature of the smoke layer.  

 

Fig. 1. Schematic of the studied configuration. 

A situation of ideal displacement flow is assumed, which supposes a box aspect ratio H/S1/2 

sufficiently small that the effect of plumes ‘overturning’ is negligible (Kaye & Hunt [8])  and 

a base opening (for the incoming ambient air) large enough to overcome bidirectional flows 

at the vent or an inlet jet strongly mixing the interface (Coffey & Hunt [9]; Hunt & 

Coffey[10]). 

The work of Koutaïba [4] presents a theoretical model to predict the position of the 

dimensionless smoke-free height denoted ζ at steady state based on the buoyancy and mass 

flow rate balance equations on the control volume defined by the upper layer. The turbulent 

plume was modeled based on the similarity solutions developed by Morton et al.[11]. Most 

of the empirical correlations used in fire safety engineering ([12],[13] and [14]) are based on 

this model which represents of turbulence by introducing a simple entrainment coefficient α. 

The steady state equation formulation by Koutaïba [4] is: 
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2
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−  
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Where ζ = z/H is the dimensionless smoke-free height, η = (ρa-ρ)/ ρ  the density deficit in the 

smoke layer (ρ being the smoke layer density and ρa the ambient air density), ω = w/ gh  

the dimensionless outflow mean velocity (w being the outflow mean velocity), Θ can be 

interpreted as an indicator of the source strength relative to the local height, Λ and Λ’ are two 

geometrical parameters, κ1 and κ2 are two constants depending on the entrainment coefficient 

α. g is the gravitational acceleration. 

The unique real root of the equation (1) gives the value to ζ at the steady state. Assuming that 

the entrainment coefficient is constant, it can be seen that the smoke layer height depends on 

four main physical quantities. The first one is the local height then the opening areas 1 and 

2 defined by the geometrical variables Λ’ and Λ. This latter has been already defined by 

Linden et al. [7]. However, the model presented here is defined in the general non-

Boussinesq case contrary to the one developed by the latter. This approach shows a fourth 

dependence on the power of the fire contained in the variable Θ but also on the second 

geometrical variable Λ’. 

3 EFFECT OF THE INLET AND OUTLET SURFACE AREAS 

It can be noted from equation 1 that two cases seem more interesting regarding the 

geometrical variables Λ and Λ’. The first one corresponds to the case where the two surface 

areas 1 and 2 are equal. The geometrical variables become 
22 H =   and 1 2 = . 

Equation 1 can be written: 
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5/3 5/3
2 22 2
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+   
+ =  

−  
  (22) 

The problem then depends on the two parameters Λ and Θ. From this formulation, one can 

find the two-dimensional evolution (on both variables Λ and Θ) of the dimensionless smoke-

free height ζ. Figure 2 shows, in the case where the openings have the same surface area, the 

evolution of ζ as a function of the geometrical parameter Λ, and the parameter Θ (source 

strength relative to the local height). We can notice that Θ has a greater influence for small 

values of the geometric variable Λ. 

In the second case, we investigate the situation where the opening surface area Σ2 is largely 

greater than the exhaust vent Σ1. Considering this assumption, one can assume that the 

opening surface area tends towards infinity, the two geometrical parameters become 0 =  

and 1 / H =  . Equation 1 takes the form already presented by Vauquelin [1]: 
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Fig. 4 The geometrical parameter Λ curves as a function of the dimensionless smoke-free height ζ and Θ. The 

case of equal surfaces is presented in dashed line and the case when the inlet surface area tends towards infinity 

is presented in continuous line 

Figure 4 shows a comparison between the two cases where the inlet surface area tends 

towards infinity and the one where it is supposed to be equal to the exhaust vent surface. We 

can note, for example, that for the same Θ = 0.1 value, a huge difference can be seen between 

the two cases for Λ=0.02.  

Indeed, the theoretical model expects that with equal surfaces the room is almost fully filled (

0  ). Whereas, with an inlet surface area much bigger than the exhaust vent it is expected 

that the room is almost half-filled ( 0.45  ). 
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Fig. 5 The geometrical parameter Λ curves as a function of the density deficit in the smoke layer η and Θ. The 

case of equal surfaces is presented in dashed line and the case when the inlet surface area tends towards infinity 

is presented in continuous line 

Figure 5 presents another comparison concerning the density deficit in the smoke layer. For 

the same Θ = 0.1 value, the case with an inlet surface area that tends towards infinity gives a 

density deficit of about η=0.39, which corresponds, for an ambient density of 1.2 kg/m3, to a 

smoke layer density of 0.24 kg/m3. When the surfaces are equal the density deficit will tend 

towards the fire source density deficit. 

 

 

Fig. 6 The geometrical parameter Λ curves as a function of the dimensionless outflow mean velocity ω and Θ. 

The case of equal surfaces is presented in dashed line and the case when the inlet surface area tends towards 

infinity is presented in continuous line 

Figure 6 presents the last comparison concerning the dimensionless outflow mean velocity. 

The same observations can be made regarding this quantity. Indeed, the two cases show a 

huge difference for the same value of the parameter Θ = 0.1. This difference is normal since 

the smoke layer height is bigger when the surfaces are equal which increases the hydrostatic 

pressure difference and thus the flow velocity at the exhaust vent. 

Application 

This application consists of confronting the theoretical model to numerical simulations 

performed using the CFD model FDS (Fire Dynamics Simulator v6). Comparisons with small 

scale experimental results from Koutaïba [4] and Haouari Harrak et al.[3] are also 

demonstrated in this section. The comparisons are made qualitatively in order to ascertain the 

results found earlier and emphasise the dependencies observed. This latter will concern only 

the smoke layer height once the steady state is reached.  

A simple cuboid box, of dimensions 10 m × 10 m × 10 m, is modeled with a centrally located 

fire. The mesh is uniform. The grid cell size is fixed to  =10 cm i.e. *9.65 / 18.3D    

where *D  is the characteristic diameter of the plume such as: 
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The walls are assumed adiabatic and radiation is disabled in FDS. This assumption is made 

since the theoretical model does not take into account the radiation transfer. This hypothesis 

implies mainly that the lower layer temperature will remain equal to the initial temperature. 

The fuel considered is heptane (C7H16).  

In FDS, the location of the interface between the smoke upper layer and the cool lower layer 

is estimated using Janssens and Tran [16] method which evaluates the layer height and the 

average temperature from a continuous vertical profile of temperature. 

In the theoretical model, the use of the similarity solution model assumes that the plume is 

released from a source point of buoyancy. For fire plumes released from a source of finite 

area, to consider the real source characteristics, a correction on the origin position is 

introduced. Multiple studies are found in the literature concerning the position of the virtual 

origin of a fire plume. The best known being the one presented by Heskestad [13] based on 

the flame height. A more recent work by Haouari Harrak et al. [3] has been conducted based 

on small-scale tests and on the theoretical work of McCaffrey [14]. This recent work on the 

virtual origin correction of Haouari Harrak et al. [3] is used in this comparison. 

Also, the discharge coefficient used to consider the effect of the vena contracta at the outlet 

is based on the work done by Vauquelin et al. [6] which defines it as a function of the smoke 

characteristics and the outlet geometry. 

 

Figure 7. Predictions of interface height 

Figure 7 compares numerical and experimental results to the theoretical predictions. In the 

numerical simulations six values 1 are considered: 1, 4, 9, 16, 25 and 36 m2. A constant 

prescribed HRR varying from 1 MW to 5 MW is used. A good agreement is observed 
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between the two approaches with a maximum difference of about 22 %. The theoretical 

model correctly predicts the experimental results found in [3] and [4]. 

4 CONCLUSION 

We have examined the theoretical model presented by Koutaiba [4] concerning the emptying 

filling problem in naturally ventilated compartment in case of fire. In particular, it is shown 

that the emptying filling box model in the general non-boussinesq case depends on the fire 

power and two geometrical parameters (that depend themselves on the inlet and outlet areas).  

We investigated to what extent these two geometrical parameters can have a significant 

impact on the smoke layer characteristics. In fact, we highlighted how the hydrostatic 

pressure difference can drastically prevent the smoke layer from flowing out freely. It is 

shown that this effect depends on the fire power inside the compartment, and for some values 

the difference can go from fully filling the room with equal inlet and outlet surfaces to a half-

filled room if the inlet opening is much bigger than the exhaust vent.  

The model is confronted by 3D simulations using the CFD code FDS and small-scale 

experiments, a good agreement is found between the approaches. These results highlight the 

dependencies on the emptying filling problem. It also describes the physics and entrainment 

models used in two zone codes. The comparison between the theoretical and the CFD 

approaches shows that the two are viable and can be both used to help the engineer to find the 

best possible smoke control solution. 
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ABSTRACT  

Modern homes are being constructed for energy efficiency which brings many societal 

benefits; however, many associated changes have been made to building codes without 

characterizing potential fire safety implications. This paper strives to build a stronger 

foundation for scientific understanding of ventilation-limited of fires by investigating the 

effects of a ventilation-limited environment on the burning characteristics of three different 

furniture types. Oxygen and carbon monoxide concentrations are measured at various 

locations in a two-storey burn structure and correlated to the heat release rate and mass loss 

of the fuel. To complement the data, video footage is analyzed to enhance understanding of 

the evolution of the smoke layer and its interconnections with the above parameters. It was 

found that oxygen levels in both storeys decreased below 10% which was found to have an 

impact on the mass loss and heat release rate.  

1 BACKGROUND  

Modern homes are being constructed for energy efficiency which brings many societal 

benefits; however, many associated changes have been made to building codes without 

characterizing potential fire safety implications. For example, when fires start in energy 

efficient homes the fire environment can become ventilation-limited, which substantially 

alters the associated fire risk to occupants and firefighters when compared to the better-

understood ventilated fire development. This paper reports research intended to build a better 

foundational understanding in two key areas: 1) how ventilation-limited burning affects the 

physics and development of compartment fires, and 2) how this mode of burning affects the 

quantities and time evolution of fuel pyrolysis and incomplete combustion products (such as 

CO). Better understanding in the above areas will provide key insight into the impacts of 

ventilation-limited fire environments on human safety and egress as well as potential 

implications in terms of firefighter safety and response. 

As a starting point, it is important to review the overall physics of well-ventilated (fuel-

controlled) and ventilation-limited fires. Well-ventilated fires occur in situations where there 

is sufficient oxygen available for combustion [1]. Fire growth and heat release are entirely 

dependent on the rate at which the fuel is pyrolyzed, mixed with oxygen and burned. On the 

contrary, ventilation-limited fires can occur when overall oxygen levels decrease, so there is 

no longer sufficient oxygen available to combust all of the pyrolyzing fuel [1]. The heat 

released from the fire then depends on the quantity of oxygen available. Due to reduced 

levels of oxygen, combustion is less efficient and more soot, fuel pyrolysis products and 

products of incomplete combustion are released [1].  

As modern homes shift towards being more energy-efficient, building envelopes are 

becoming better insulated, and buildings are increasingly designed to limit energy and mass 

transfer from the controlled interior to the ambient and variable conditions of the exterior 

environment. Thus, the interior environment is effectively mechanically controlled thereby 

limiting the ventilation in the event of a fire. In the few experimental studies where low 
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ventilation fire environments have been investigated, oxygen levels as low as 6% in the hot 

layer have been measured [4] with overall levels of oxygen in the compartment observed to 

range from under 10% to 18% depending on the fuel source and details of the ventilation 

pathways [5,6,7]. At these levels of oxygen, combustion is not very efficient and consistent 

with this, yields of incomplete combustion products increased and a dense smoke layer filled 

the compartment space. When sufficient fuel was available, as the fire grew and the smoke 

layer descended, the oxygen concentrations continued to decrease until the fires self-

extinguished [5,6,7]. The impacts of ventilation pathways, oxygen deprivation and smoke 

layer development on mass loss rate of the fuel, heat release rate, and gaseous transport 

between compartments and levels of a structure are not well understood from a scientific 

perspective. Yet, these fire situations pose several major fire safety concerns. Development of 

ventilation-limited fire environments inside a structure can lead to increased yields of soot, 

carbon monoxide and material-specific products such as hydrogen cyanide (HCN) or other 

toxic gases, potentially exposing occupants to increased risk of life-threatening health effects. 

Secondly, it is important to understanding the impact of the different fire environment on 

traditional firefighting tactics [2]. Traditional firefighting ventilation tactics may include 

opening windows and doors, potentially increasing the rate of fire growth risking onset of 

flashover [1], thereby exposing firefighters to increased hazard [2, 3].  

This investigation explores key elements of the behaviour of ventilation-limited furniture fires 

in a two-storey structure.  Fire development is examined by evaluating gaseous transport and 

the smoke layer/fire interface to determine the resultant effects on the mass loss and heat release 

rate. The impacts on occupant tenability and firefighter safety are examined in the context of 

measured levels of oxygen and time to oxygen depletion, as well as increased carbon monoxide 

and smoke production. Results form a first step towards identifying and addressing potential 

fire safety concerns associated with modern home construction in hopes to benefit occupants 

and firefighters.  

2 METHODS   

A series of nine furniture tests were conducted in the two-storey burn structure at the 

University of Waterloo’s Live Fire Burn Facility. The burn structure has a steel outer frame 

and is outfitted with interior steel stud walls covered in gypsum wall board throughout the 

lower floor. An additional layer of concrete board is installed on the areas of the walls and 

ceiling directly exposed to fire. Non-combustible fiber insulation is installed in the burn room 

to provide additional fire resistance at the ceiling where the couch fires were conducted. The 

structure has an open stair and was largely airtight with the exception of leakage associated 

with functional window and door openings. 

Fuel for the nine furniture fires consisted of three different furniture types, with each tested 

three times. Fires were initiated with a small wooden crib and isopropanol wick consistent 

with BS 5852 [8]. Each couch combination was specially built to have the same wooden-

frame and similar amounts of foam and fabric, some of which was fire-retardant (FR). Couch 

A was constructed with non-FR (0.44% wt chlorine) polyurethane foam and non-FR (0.17% 

wt chlorine) polyester fabric. Couch B was constructed with FR (3.0% wt chlorine) 

polyurethane foam and FR (5.2% wt bromine; 3.6% wt chlorine) polyester fabric. Lastly, 

Couch C was constructed with lightly-FR (0.9% wt chlorine) polyurethane foam and non-FR 

(0.11% wt chlorine) fabric.  

For these tests, the structure was instrumented with thermocouples, a heat flux gauge and 

video cameras to monitor overall fire development. The couches were placed on load cells to 
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record mass loss with time. Electrochemical sensors, placed in three different locations (the 

burn room, the other main floor compartment and a second level compartment), were used to 

measure carbon monoxide (CO) and oxygen with time. The sensors were placed at a height 

of approximately 24 inches from the floor in each location. During post-processing, the heat 

release rate was calculated as the product of the mass loss rate of the couch and an effective 

heat of combustion [9]. For this, the current output from the weigh scale was smoothed using 

a 10-point moving average before the mass loss rate, used in the heat release rate calculation, 

was determined. There are many documented heats of combustion for polyurethane foam. 

Because the couches each contained different combinations of foams and fabrics, however, a 

specific value for the heat of combustion was determined for each couch type via a cone 

calorimeter test of each material combination. The effective heat of combustion was 

calculated using Equation (1), based on the measured value of total heat released (THR), the 

surface area and the mass of the sample [10].  

                                                           ∆𝐻𝑐 𝑒𝑓𝑓 = 
𝑇𝐻𝑅 (

𝑘𝐽

𝑚2
)∗0.00884𝑚2

𝑚𝑠𝑎𝑚𝑝𝑙𝑒 (𝑘𝑔)
                                                               (1) 

The calculated heats of combustion for couches A, B and C respectively are: 14,450 kJ/kg, 

9,655 kJ/kg and 14,263 kJ/kg. Output voltages from the electrochemical sensors were 

converted into percent volume and parts per million (ppm) for O2 and CO, respectively, using 

linear calibration curves.   

3 RESULTS 

Based on preliminary analysis of video recordings of the overall progression of the fire, a 

number of times have been noted that correspond to key events in each test. These times 

correspond to the following events: ignition of the BS 5852 crib, ignition of the couch, smoke 

layer descent to window level, and measured peak heat release rate (PHRR). The series of 

images below (page 5) provides qualitative information from the security camera video 

footage during the tests at each of the key event times. While the importance of the other 

event times is routine and understood, in this test series, the time of smoke layer descent to 

top of the window is also important as it is reflective of the time at which the smoke layer has 

descended sufficiently to significantly interact with the top of the visible fire plume. It 

alsoroughly corresponds to when the smoke layer descends below the stairway threshold 

allowing flow of the smoke up the stair to the second floor. The time of this event 

corresponds to the time in the video at which the top frame around the window cannot be 

seen and smoke can be seen coming down over the window itself. Table 1 provides results 

for key measurements obtained during the testing, including PHRR, O2, and CO 

concentrations. As can be observed, O2 concentration drops to 10% or below in all locations 

for all tests indicating that ventilation-limited conditions are observed through the entirety of 

the structure. Peak CO values exceeded 1700 ppm in most locations, thereby surpassing the 

Acute Exposure Guideline Levels (AEGL) value associated with life-threatening health 

effects or death over a 10-min duration [11]. Even in the second-floor compartment peak CO 

concentrations exceeded the AEGL limit of 420 ppm associated with irreversible or other 

serious long-term adverse health effects [11].  

Table 14 Summary of Important Measurements from Each Test 

Test, Couch 
Peak HRR 

(kW) 

Lowest Oxygen 

%vol 

(BR/1F/2F)* 

Peak CO 

ppm+ 

(BR/1F/2F) 
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Test 2, Couch A  

non-FR 
2300 8 / 7 / 7 

2200/ 1800 / 

1500 

Test 4, Couch B  

FR 
1300 8 / 9 / 10 

2500 / 2100 / 

1900 

Test 3, Couch C 

lightly-FR foam; 

heavy fabric 

1400 9 / 6 / 8 
2300 / 2000 / 

1600 

*BR stands for burn room, 1F stands for first floor and 2F stands for second floor; + actual magnitudes of CO 

peaks may be capped by saturation of the detectors used in the BR. 

4 DISCUSSION  

As seen in the series of images and Figures 1-6 below, there are several qualitative 

differences in the burning characteristics of the three couches. The HRR at the time that the 

smoke layer reaches the top of the window frame varies for each couch type. Couch B (Fig 

3), the FR couch, has the smallest fire size when the smoke layer reaches the top of the 

window. This supports the notion that due to the FR additives the combustion process is less 

efficient, resulting in a slower increase to the PHRR and higher yield of products of 

incomplete combustion. This is also intuitively consistent with the image taken at the point of 

PHRR as there appears to be more smoke in the compartment at that time in comparison to 

what is observed for the other couches. For couches A and C (Fig 2 and Fig 4), the fire size is 

visually similar at the point where the smoke descends to the top of the window, though 

couch A is likely slightly larger. At the time of PHRR, more smoke had been produced by the 

fire on couch A, enough that the far arm rest was obscured from view, compared to couch C. 

As expected, the fire on non-FR couch A takes the least amount of time to reach its peak heat 

release rate (346 s). Smoke also descended to the top of the window in the least amount of 

time for this test (322 s). The second fastest times for smoke to fill to window level (377 s) 

and the fire to reach peak heat release rates (433 s) are found for the FR couch B, both 

significantly slower than values seen for couch A. The lightly-FR couch C with fabric cover 

took the longest time for both smoke descent (629 s) and peak heat release rate (686 s). This 

may be attributed to properties of the fabric cover, since the fabric on couch C chars and 

effectively creates a barrier between the flame and surface of the foam underneath. While 

these results may seem counter-intuitive, it is postulated that the FR properties of couch B 

enhance smoke production and simultaneously lead to a lower PHRR, though that peak is 

reached earlier in the fire which can, in part, be attributed to the difference in fabric 

performance resulting in earlier exposure of the polyurethane foam.  

As seen in Figures 1-6, the evolution of heat release rate, mass loss, oxygen concentration 

and carbon monoxide concentration with time all follow the expected trends. As the heat 

release rate starts to increase, the mass loss decreases while the CO levels increase and O2 

levels decrease. The O2 levels in the burn room are lowest very near the time of peak heat  
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Fig 1. Mass loss and Gaseous Trends from non-FR   

Couch A. 

 
Fig 2. Heat Release Rate, Event Markers, Oxygen and 

Carbon Monoxide Trends from non-FR Couch A 

 
Fig 3. Mass loss and Gaseous Trends from FR Couch B 

 
Fig 4. Heat Release Rate, Event Markers, Oxygen and 

Carbon Monoxide Trends from FR Couch B. 

 
Fig 5. Mass loss and Gaseous Trends from non-FR 

Couch C. 

 
Fig 6. Heat Release Rate, Event Markers, Oxygen and 

Carbon Monoxide Trends from non-FR Couch C 
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release rate. Measured peak concentrations of CO and lowest concentrations of O2 occur in the 

burn room first, followed by the other first floor compartment and finally the second-floor 

compartment. It is interesting to observe that when the smoke descends to the top of the window, 

the slope of the time resolved plot of second floor CO concentration increases, supporting that 

when the smoke layer descends to top window height, there is significant flow of smoke up the 

stairs to the second-floor compartments. Oxygen levels decrease to under 10% in each 

compartment and in both levels of the structure, which is consistent with values previously 

reported in the literature for compartments with minimal to no openings or ventilation [4,5,6,7]. 

As oxygen levels decrease on the main floor, the fire pulls oxygen from other areas of the house 

to support burning which is clearly seen in the figures above. In fact, the lowest concentrations of 

oxygen measured at each location are all reached near the period of peak mass loss and steady 

burning of the fires.  

It is clear from the present results that oxygen depletion in the environment and descent of the 

smoke layer impact overall fire growth and development in several different ways. It is reported 

in the literature that pool fires self-extinguish when oxygen levels between 15%-18% are reached 

or when the compartment space completely fills with smoke and no additional oxygen is 

introduced [4,5,7]. In the three furniture fires considered here, the foam and fabric in the couches 

nearly completely burned. Thus, it did not appear that the upholstery materials self-extinguished 

even though recorded O2 levels decreased well below 15%-18% levels in the burn room (8%), 

the other main floor compartment (6-10%) and the upper level (7-10%). This indicates that, even 

as O2 levels in the burn room decreased, there was sufficient combined heat feedback to the fuel 

surface from the hot smoke layer and flaming fire plume that fuel was still vaporized and a 

portion of that fuel mixed with sufficient air to remain involved in the combustion process. 

Measurements point to a potential staging of ventilation in these fires. As O2 became limited in 

the burn room, additional O2 to support burning was drawn first from the adjacent main floor 

compartment and then from the second level continually providing the fire with new O2 to 

support combustion. Heat flux from the flame and smoke layer, in conjunction with the available 

O2, facilitated continuing pyrolysis and combustion of the foam and fabric. Despite the values of 

PHRR reached, the wooden frames did not significantly participate in the fire. In this respect, it 

can likely be considered that the fires self-extinguished as the foam and fabric was consumed; 

past that point, combined levels of oxygen availability and heat feedback to the fuel could no 

longer support combustion. 

5 CONCLUSIONS 

As can be observed through the present results, the different types of fuel across the three 

couches had an impact on the specifics of the fire growth as well as generation of smoke and 

products of combustion. It is also evident that independent of the type of fuel, the fires became 

ventilation-limited in all cases with production of large quantities of smoke. While prior 

literature indicated that fires may self-extinguish for O2 concentrations in the range of 15-18%, 

mass loss and burning continued for O2 concentrations significantly below these levels in the 

present fires. This indicates that when heat flux to the fuel, from both the flame and smoke layer, 

is sufficient, pyrolysis of the fuel and combustion can continue as long as O2 can be locally 

supplied to the fire. The quantity of CO produced in the test fires, combined with evidence that 

fires can be sustained at vastly reduced O2 levels, are sufficient to raise concerns with regards to 

occupant safety and potentially merit reassessment of current firefighting best-practices for 
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ventilation-limited fires in new energy efficient building environments. These results show that it 

is important to understand how the modification and building of homes to fit into any energy–

efficient model affects fire growth and development. Further attempts to more completely 

characterize both physical and chemical aspects of fire environments should be made, 

particularly with the emergence of many new green and sustainable construction practices.  
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ABSTRACT 

An accurate prediction of the carbon monoxide which is the main cause of the life death in a fire 

is critical for reducing the fire casualties.  In this work, the chemical reaction pathway for the 

oxidation of cellulose is analyzed by using the molecular dynamics simulation with the reactive 

forcefield, and the carbon monoxide release mechanism is revealed.  It is found that even in the 

situation where the oxygen is sufficient of complete combustion, carbon monoxide is mainly 

released from the thermal decomposition of the carboxyl group formed during the combustion, 

and then it is oxidized to form carbon dioxide.  Our works enable us to accurately predict the 

formation of carbon monoxide in wood combustion.  The fundamental knowledge of chemistry 

in the combustion can help to improve the fire safety codes and lay a foundation for a safer 

design of timber building with a reduction of fire risk.   

1 INTRODUCTION 

Wood has long been a conventional construction material in human history before the wide use 

of concrete and has regained its popularity in modern society as the concept of the green building 

becomes the mainstream [1].  Since wood is a combustible material, the fire safety issue of 

timber buildings becomes very critical.  The ability to predict wood combustion behavior has 

become increasingly important as fire safety engineering moves toward a performance-based 

approach to building design.  As the majority of fire deaths within buildings are a direct result of 

exposure to carbon monoxide (CO) generated in a fire [2], reducing the CO release is an efficient 

way to minimize the fire losses.  However, the mechanism of formation CO in wood combustion 

remain ambiguous resulting in the difficulty in CO control.  

Although the experimental and numerical approaches can asses the CO generation in wood 

combustion, they are challenging to disentangle the CO release mechanism [3-4].  As an 

approach that can clearly characterize the atom configuration and rearrangement, molecular 

dynamics (MD) simulation is a powerful means to disentangle the fundamental mechanisms 

which are difficult to be revealed by the experiment [5].  The reactive forcefield (ReaxFF) 

developed in MD simulation enables the breakage and formation of bonds with the associated 

charge rearranged [6].  MD simulation with ReaxFF has been the only technique capable of 

providing the spatial and temporal resolution necessary to characterize a variety of fundamental 

issues of chemical reactions such as the initial chemical steps of decomposition, detailed 

chemical reaction pathways and the molecular structure of products [7].  Recently, MD with 

ReaxFF has successfully utilized in the analysis of hydrocarbon oxidation, the decomposition 

and reaction of energetic materials, and the thermal decomposition of epoxy resin etc [8, 9] 

Wood mainly contains cellulose, hemicellulose, and lignin [10].  During the wood combustion, 

one important product char can significantly affect the reactivity because it can act as a thermal 
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barrier between fire and virgin wood [11].  This char is mainly formed as a result of cellulose 

decomposition.  Moreover, for the structure application of wood, the mechanical properties of 

wood highly depend on the cellulose.  Understanding the combustion behavior of cellulose not 

only enables us to figure out the reactivity of wood combustion but also provides an insight into 

the wood performance in a fire.  

The objective of this work is to develop an approach that can accurately predict the chemical 

reaction of cellulose in the combustion and figure out the CO release mechanism.  The 

combustion system where cellulose molecules are mixed with oxygen molecules is first 

constructed.  The combustion process is simulated by equilibrating the system at a specific 

temperature with ReaxFF.  The reaction pathway can be figured out by characterizing the 

products generated during combustion.  As the temperature can significantly affect the reaction 

pathway and products generated [12], the combustion under different temperatures is simulated.  

The formation of CO is detailedly analyzed.  This understanding of CO release mechanisms in 

wood combustion can help us to reduce the deadly injury caused in a fire attack. 

2 SIMULATION METHODS 

2.1 Simulation details 

Fig. 1 shows the structure of cellulose fibril at different scales.  The cellulose fibril has a 

crystalline structure revealed by experiments [13].  The crystalline cellulose Iβ has been found to 

be predominant in wood and accordingly is chosen as the representative cellulose model [14].  

The cellulose has a monoclinic unit cell with dimensions of a = 7.8 Å, b = 8.2 Å, c = 10.4 Å and 

an angle γ = 96.5  at the ab plane.  There are two parallel chains in the unit cell where one chain 

(the origin chain) is positioned at the corner of the unit cell parallel to the c axis direction, and 

the second chain (the center chain) passes through the center of the ab plane.  Each chain in the 

unit cell is made up of two glucose residues linked by the β (1-4) glycosidic linkage [15].  To 

simulate the combustion of cellulose, a periodic system containing a chain with glucose residues 

bonded and 100 oxygen molecules is created in Materials Studio software from Accelrys [16].  

The MD simulations are performed in LAMMPS [17] with a constant number of atoms in a 

constant volume where we control the temperature using a thermostat.  The geometry 

optimization and energy minimization by conjugate gradient method are performed to the 

modeled structure.  The structure is equilibrated for 1 ns in the isothermal and isochoric 

ensemble at different temperatures namely 2000 K, 2500 K and 3000 K.  The total simulation 

time for the system is determined by the extent of oxidation for the bonded glucose residues and 

simulations are terminated when no further oxidation is observed.  

2.2 Reactive forcefield  

In the ReaxFF, all connectivity-dependent interactions (bond energy, valence angle energy, 

torsion angle energy, conjugation energy, the energies of van der Waals interaction and Coulomb 

interaction) are bond order dependent ensuring that the energy contribution disappears upon 

bond breaking.  The bond order (BO`) in the ReaxFF is calculated directly from the 

instantaneous interatomic distance rij as expressed by [7]: 

,2 ,4 ,6'

,1 ,3 ,5

0 0 0

exp[ ( ) ] exp[ ( ) ] exp[ ( ) ]bo bo bop p pij ij ij

ij bo bo bo

r r r
BO p p p

r r r p pp
= + +                                                          (1) 
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where r0 is the equilibrated distance between atom i and atom j; the pbo,1 and pbo,2 are the 

coefficient of the  bond; pbo,3 and pbo,4 are the coefficient of the first p bond; and pbo,5 and pbo,6 

are the coefficient of the second p bond.  Since the bond orders and partial charges of atoms are 

updated in each MD time-step iteration, the connectivity of the system continuously changes 

over time [9].  ReaxFF can provide a good description of the structure and reactivity of the 

chemical systems with the CO traced formation and the CO variation quantified.  The parameters 

of ReaxFF for hydrocarbons have been developed [18, 9] and used as the initial parameters.  MD 

simulation with ReaxFF can be served as an effective approach to predict the chemical reactions 

involved in the combustion of various hydrocarbons.   

 

Fig. 1. (a) Structure of cellulose fibril where the linear chain is made up of glucose molecules.  (b) the structure of a 

unit cell for the crystalline cellulose consisting of two parallel chains. (c) the molecular structure of each chain in the 

unit cell where two glucose residues are linked by the β (1-4) glycosidic linkage. 

3 RESULTS AND DISCUSSIONS 

Fig. 2 shows the examples of bond breaking and formation involved in the combustion 

simulation by using ReaxFF.  The covalent bond between two glucose residues is firstly broken 

with the formation of the levoglucosan and the glucose at 2000 K and 2500 K as shown in Fig. 

2(a).  Then these molecules decompose into small molecules with low carbon content associated 

with dehydration as shown in Fig. 2(b).  More energy can be provided at 3000 K leading to the 

bonded glucose residues directly break into molecules with low carbon content.  Through 

analysis the reaction occurs MD simulation with ReaxFF the decomposition process, CO mainly 

comes from the decomposition of carboxyl group independent of the temperature as shown in 

Fig. 3.  To validate the results predicted by MD with ReaxFF, the decomposition of the bonded 

glucose residues is also performed by quantum mechanical with density functional theory (DFT) 

calculation.  The covalent energy terms including bond energy term, angle energy term and 

torsion angle energy term varied during the decomposition process predicted by ReaxFF is 

similar to that obtained by DFT.  For a more robust validation, the experiment such as 
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thermogravimetric analysis coupling Fourier-Transform-Infrared spectroscopy will also be 

conducted to reveal the reaction mechanism in the combustion of cellulose.   

 

Fig. 2. Details of bond breakage and formation in the combustion of bonded glucose residues by 

MD with ReaxFF.  The initially bonded glucose residues suffer from the thermal decomposition 

to form the levoglucosan and the glucose.  During the decomposition, the intermediate product 

glyceraldehyde generated is decomposed to the 3-hydroxyacrylaldehyde by dehydration.  

  

Fig. 3. Details of the decomposition for the carboxylic group with CO released. 
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After thermal decomposition, CO formed reacts with oxygen to form carbon dioxide (CO2).  

Fig .4 shows the probability of CO and CO2 formation during the combustion process.  It is clear 

that the CO is firstly released during the decomposition of the intermediate molecules.  The 

number of formed CO is increased with the combustion time elongated.  During the 

decomposition stage, CO2 is also released.  When the bonded glucose residues are totally 

decomposed into CO and CO2, the content of CO is maximum.  After that, the number of CO is 

reduced because of the oxidation of CO.  Meanwhile, the peak value of CO formed rises with the 

temperature increased.  This is because with the increment of temperature, small molecules with 

low carbon content are prone to form.  The probability to form CO in increased temperature is 

improved.  Comparing with the CO formed during the decomposition process, more time is 

required for the oxidation of CO into CO2.  Furthermore, with the increment of temperature, the 

time needed for complete oxidation is shorter.  This is due to a higher temperature promotes the 

decomposition and improve the collision probability among atoms.  

  

Fig. 4. The probability of CO and CO2 formation at different temperatures (a) 2000 K; (b) 2500K; (c) 3000K.  The 

CO is firstly formed following by CO2 released during the decomposition process.  The formed CO becomes to be 

oxidized with the formation of CO2 when the number of CO reaches the peak.   

In summary, although the oxidation is sufficient for complete combustion, CO is also formed 

during the combustion process.  An adequate time of combustion can ensure that all the formed 

CO is oxidized to form CO2.  Generally, the combustion of bonded glucose residues can be 

divided into two stages.  The first stage is related to the thermal decomposition of the bonded 

glucose residues with the formation of CO, CO2, H2O and intermediate molecules.  Here, CO is 

mainly from the decomposition of the formed carboxyl group.  The second stage is the oxidation 
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of CO to form CO2.  By comparing the time consumption for the two stages, the time for the 

oxidation process is several times longer than that for the thermal decomposition process.     

4 CONCLUSIONS 

As CO released in a fire of timber building severely threatens the life of human beings, an 

accurate understanding on the formation mechanism of CO is critical for its control.  In this 

work, the chemical reaction pathway for the oxidation of cellulose is analyzed, and the CO 

release mechanism is revealed by using the MD with ReaxFF.  The results of this work can be 

summarized as follows: 

(1) The bonded glucose residues are firstly decomposed into molecules with low carbon content 

with the release of CO and CO2.   

(2) CO mainly comes from the carboxyl group formed which are independent of the temperature.  

(3) When the bonded glucose residues are totally decomposed into CO and CO2, the content of 

CO reaches the peak.  The peak value is increased with temperature. 

(4) CO is oxidized to form CO2 after thermal decomposition.  The time to complete oxidation is 

significantly longer than that for the completion of decomposition.     

Our work provides an approach to establish the reaction mechanisms in the combustion because 

the details of the chain reaction for the combustion, including the intermediates, free radicals, the 

combustion products, and the energy change can be obtained.  The ability to predict the 

combustion behavior lays a foundation for safe timber building design by controlling the CO 

generation.   
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ABSTRACT 

This work discusses the effect of char burning mechanism on overall wood heat release rate 

(HRR). Five different kinetic models for char combustion were used in numerical simulation of a 

cone calorimeter experiment. Results of heat release rate per unit area (HRRPUA) from the 

simulations were compared against the experimental results. The investigated models were 

variations of oxidation and gasification mechanisms. Oxidation mechanisms overestimated the 

char consumption and the overall HRR. The gasification mechanism underestimated the char 

consumption and the overall HRR from the wood sample. The best performance was obtained 

from a combined oxidation-gasification model. The model assumes parallel partial oxidation by 

oxygen and gasification by carbon dioxide forming carbon monoxide in the gas phase.             

 INTRODUCTION 

Wood is a common fuel in compartment fires and is the primary fuel in wood based 

constructions. A validated wood combustion model would be valuable in simulating fire 

incidents involving wood as a fuel. Under fire conditions, wood undergoes pyrolysis then char 

combustion. This work investigates different char combustion models and their effect on overall 

HRR of wood. The evaluation was based on comparing the HRRPUA from a cone calorimeter 

experiment with a simulated cone calorimeter test. In the simulations, the wood pyrolysis model 

was kept the same while changing the char combustion model only. The software used for the 

simulations is the Fire Dynamic Simulator (FDS) [1]. FDS is a computational fluid dynamics 

(CFD) model of fire-driven fluid flow. The software uses Large eddy Simulations (LES) for 

modelling turbulent flow. FDS is developed by the National Institute of Standards and 

Technology (NIST) and VTT Technical Research Center of Finland [2].  

The following subsections show the operating conditions for the cone calorimeter experiment and 

the numerical simulations parameters. 

1.1. Experimental conditions for the cone calorimeter  

• Heater temperature: ~760oC (incident heat flux ~ 50 kw/m2) 

• Sample surface dimensions: 10 × 10 cm 

• Wood type: SPF #2 

• Approximate density: 430 kg/m3 

• Moisture content: ~ 10% 

• Backing: ~20 mm insulation and 3 mm steel plate 

1.2. Numerical simulations parameters 

• Domain dimensions: 0.4 m × 0.4 m ×  0.4 m 

• Cell size: 0.01 m × 0.01 m × 0.01 m 

• Number of meshes: 16 
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• Heater temperature: 760°C 

• Density: 430 kg/m3 

• Auto ignition temperature: 250°C [3] 

• Moisture content: 10% 

Figures 1- a, b and c show photos of the cone experimental setup, the numerical model and a 

snapshot of the temperature profile from the simulations; respectively.   

 

Fig. 2. Cone calorimeter a) experimental set and b) numerical modeling domain c) temperature distribution 

1.3. HRR from the cone calorimeter experiment 

The experimental HRR is presented together with the simulation results in the results and 

discussion section. The material used was an SPF wood sample. Experimental results show two 

distinct peaks of HRR; one peak at the beginning of the test and another peak around 2500~2800 

seconds. There is a semi flat behaviour of HRR between these peaks followed by another semi flat 

section after the second peak. The second flat portion might be attributed to drift behaviour 

emanating from the gas analyzer in the cone. Ideally a gradual decay to zero HRR was expected 

when combustion has ceased. 

 GLOBAL WOOD REACTION MECHANISM  

Figure 2 shows the global wood reaction mechanism that is used in the numerical simulations. The 

model was adopted from TGA experiments conducted by Bilbao et al. [4], [5]. In this model, wood 

consists of cellulose, hemicellulose and lignin. Each component undergoes thermal decomposition 

to generate volatile matter and char according to different kinetics. Then volatiles burn via a mixing 

controlled step to form combustion products. Char undergoes subsequent conversion to 

combustible gases or combustion products depending on the char burning mechanism. The effect 

of moisture was considered by including a mass percentage of moisture in the wood that evaporates 

at 100°C.   

Heater 
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Fig. 3. Wood combustion model 

Shown below are the stoichiometric coefficients and heat of reaction for each reaction step. 

Tables 1 and 2 present the kinetic parameters for each reaction and thermodynamic properties for 

each material; respectively. 

Hemicellulose ➔ 0.8 Volatiles + 0.2 Char, H = 450 kJ/kg, kH = AH EXP[-EH/RT] (1) 

Cellulose ➔ 0.8 Volatiles + 0.2 Char, H = 450 kJ/kg, kC = AC EXP[-EC/RT] (2) 

Lignin ➔ 0.8 Volatiles + 0.2 Char, H = 450 kJ/kg, kL = AL EXP[-EL/RT] (3) 

Moisture ➔ Water vapor, Reference temperature = 100°C (4) 

Volatiles + 6.37(Air) ➔ 7.37(Combustion Products), H = -19313 kJ/kg (5) 

Char ➔ Combustible gases, H & kchar are mechanism dependant (6) 

Combustible gas + (Air) ➔ Combustion Products, H = mechanism dependant (7) 

Table 15. Kinetic parameters table 

Material Reaction rate A (1/s) E (kJ/kmole) NS (-) Notes 

Hemicellulose kH 9.83 4.27E4 1  [5] 

Cellulose kC 3.02E7 1.13E5 1  [4] 

Lignin kL 6.28E5 1.12E5 1  [4] 

Char kchar Model 

dependant 

Model dependant Model 

dependant 

 

Moisture NA NA NA NA evaporate @ 100OC 

Volatiles NA Infinity NA NA Mixing controlled 

Combustible gas NA Infinity NA NA Mixing controlled 

Table 16. Thermodynamic properties [6] 

Material Conductivity (W/m.K) 
Specific heat 

(kJ/kg.K) 

Absorption 

Coefficient (1/m) 

Emissivity 

(-) 

Density 

(kg/m3) 

Wood (all three 

components) 
0.182(T/293)0.679 1.68(T/293)0.649 1000 0.76 380 

Char 
0.089(T/293)0.304 + 

(2.9E-3)(T)3 
1.445(T/293)0.266 7000 0.973 76 

where T is temperature in Kelvins and  is Stefan–Boltzmann constant (5.67E-8 W/m2⋅K4) 

 CHAR REACTION MECHNAISMS  

Five reaction mechanisms for char combustion have been considered to model char consumption. 

The simulated HRRPUA from each mechanism was compared against the HRRPUA from a cone 

calorimeter experiment. The five mechanisms are: 
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• No char combustion 

• Single step char combustion 

• Two-step char combustion 

• Char gasification 

• Combined oxidation-gasification model 

The following subsections discuss each mechanism tested in the simulations and the results are 

further shown in section 4.  

3.1. No char combustion 

First, char combustion was neglected in the simulations. The reaction rate of char combustion is 

relatively slow compared to pyrolysis reactions of wood components (i.e lignin, cellulose and 

hemicellulose). Accordingly, in a fire incident, the contribution of char combustion to the HRR 

was expected to be much less than that of wood components. In this simulation char layer keeps 

growing and never gets consumed.  

3.2. Single-step char combustion 

The first and simplest model to be considered as a char combustion mechanism is a single-step 

oxidation by oxygen producing carbon dioxide (Eq. (8)). 

Char (~Carbon) + O2 ➔  char combustion products (~CO2)              (8) 

Ideally, if char is purely made out of elemental carbon and CO2 is the only product, the heat of 

reaction should be H=-393.5 kJ/mole or ~32.8 MJ/kgcarbon. However, char produced from wood 

pyrolysis has some ash content and its chemical composition might contain trace amounts of 

hydrogen, oxygen and nitrogen. Also, char combustion, in a fire scenario, might not be 100% 

complete (i.e. trace amount of carbon monoxide might exist in the combustion products). So, a 

value of 25 MJ/kgchar was used as a total heat of combustion of char in this study.  
In this model, the total heat of combustion is generated within the char (i.e. within the solid phase). 

This results in exponential acceleration of the reaction rate of char combustion. This is because 

reaction rates in the Arrhenius expression are exponential function in temperature.  

Several values of kinetic parameters were selected from the literature to be used in the numerical 

simulations. In all cases, the kinetic parameters were obtained using TGA experiments of char 

reacting with air or oxygen. The kinetic parameters from each reference are shown in Table 17.      

Table 17. Kinetic parameters from each reference 

rate # A E ns nO2 Reference 

1 2.38E8 1.25E5 0.49 0.53 [7] 

2 9.02E13 1.926E5 1.51 1.91 [6] 

3 5.67E9 1.6E5 1 0.78 [8] 

4 1.4E11 1.826E5 0.9 - [9] 

5 4.85E14 2.286E5 1.16 - [9] 
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3.3. Two-steps char combustion 

A possible mechanism for char combustion is the two-steps char oxidation mechanism; the first 

step is partial oxidation of char/carbon to form carbon monoxide (CO) that diffuses outside the 

char layer and into the gas phase. The second step is CO combustion to CO2.  

The mechanism for the two-step model can be expressed using the following reactions: 

Char (~C) + ½ O2 ➔ partial combustion products (~CO)                (9) 

Partial combustion products (~CO) + ½ O2 ➔ complete combustion products (~CO2)  (10) 

Ideally, if char is purely made out of carbon and CO2 is the only end product, heat of reactions for 

Eq. 9 and 10 should be H= -110.5 kJ/mole or ~-9.21 MJ/kgcarbon and H= -283 kJ/mole or ~ 

23.58 MJ/kgcarbon ; respectively. Realistically, the ideal heat of reactions for Eq. 9 and 10 were 

scaled down by the realistic total heat of combustion of char (i.e. multiplied by 25/32.8) to account 

for ash content and incomplete combustion of char to CO.  

The kinetic parameters of this mechanism are the same as the single step mechanism. However, 

the major difference is the portion of the overall char heat of combustion that occurs within the 

solid phase versus the portion that occurs in the gas phase. Although, the total heat of combustion 

form both mechanisms are equal and the kinetic parameters for the solid phase pyrolysis are the 

same, the rate of char consumption and overall rate of wood combustion are slower (see 

subsections 4.2 and 4.3). In this mechanism only 28% of the total heat of combustion occurs in the 

solid phase. To put this into perspective, the following governing equations are considered [2]; 

𝝆𝒔𝒄𝒔
𝝏𝑻𝒔

𝝏𝒕
=

𝝏

𝝏𝒙
( 𝒔

𝝏𝑻𝒔

𝝏𝒙
) + �̇�𝒔

′′′   (11), where   �̇�𝒔
′′′ = �̇�𝒔 𝒄

′′′ + �̇�𝒔 𝒓
′′′    (12) 

Equation 11 is the solid phase conduction heat transfer equation. Where Ts is the solid phase 

temperature, x is the depth, ks is the thermal conductivity, cs is specific heat and �̇�𝑠
′′′ is a heat source 

term in the solid phase consisting of heat from chemical reactions and radiation heat transfer. 

Where, �̇�𝑠 𝑐
′′′  is the heat production/loss rate per unit volume as a result of the solid phase reactions 

The chemical source term  �̇�𝒔 𝒄
′′′   is expressed as follows: 

�̇�𝒔 𝒄
′′′ (𝒙) = −𝝆𝒔(𝟎)∑ ∑ 𝒓𝜶𝜷(𝒙)𝑯𝒓 𝜶𝜷

 𝒓 𝜶
𝜷=𝟏

 𝒎
𝜶=𝟏                                  (13) 

where Hr, is the heat of reaction and “r” is the reaction rate.  is an index for material 

components.  is an index for the number of reaction. The reaction rate expression within the solid 

phase would be:  

𝒓𝜶𝜷 = (
𝝆𝒔 𝜶

𝝆𝒔(𝟎)
)
𝒏𝒔 𝜶𝜷

𝑨𝜶𝜷𝒆𝒙𝒑 (−
𝑬𝜶𝜷

𝑹𝑻𝒔
) [𝑿𝑶𝟐(𝒙)]

𝒏𝑶𝟐 𝜶𝜷                     (14) 

Where, 𝒏𝒔 𝜶𝜷 is the solid phase reaction order, A and E are Arrhenius kinetic parameters, 𝑿𝑶𝟐(𝒙) 

is the oxygen volume fraction at depth (x) and 𝒏𝑶𝟐 𝜶𝜷 is the reaction order with respect to oxygen 

volume fraction within the solid phase.    

Looking at the governing equations 11 to 14, one can see that the reaction rate “r” depends on the 

solid phase temperature “Ts” which depends on �̇�𝒔 𝒄
′′′  which depends on “Hr” and “r”: Higher “Hr” 

results in higher �̇�𝒔 𝒄
′′′ , which results in higher 

𝝏𝑻𝒔

𝝏𝒕
 (i.e. faster heating rate of the solid phase) which 
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results in faster reaction rate “r”. This explains the theoretical difference between the two 

mechanisms.     

3.3.1. Effect of diffusion depth 

Oxidation of char is a heterogeneous reaction which involves the diffusion of oxygen into the solid 

phase (i.e char). The concentration of oxygen within the solid phase is calculated in FDS based on 

the assumption of simultaneous diffusion and consumption of oxygen so that the concentration 

profile within the solid phase is in equilibrium. The volume fraction of oxygen (𝑋𝑂2)at any depth 

(x) within the solid phase is calculated in FDS using the following equation [2]: 

𝑿𝑶𝟐(𝒙) =  𝑿𝑶𝟐 𝒈 𝒆𝒙𝒑(
−𝒙

𝒍𝒈
)              (15) 

Where 𝑿𝑶𝟐 𝒈 is the gas phase oxygen volume fraction and lg is the diffusion depth. The diffusion 

depth is an input to the model. A higher value assigned for lg means higher 𝑿𝑶𝟐(𝒙) , which 

consequently increases the rate of char oxidation (See Eq. 14). In this study, four different diffusion 

depths were investigated; 1, 0.1, 0.01 and zero mm.  

3.4. Char gasification  

Another mechanism for char consumption is gasification. In this mechanism, char is gasified by 

its combustion product, carbon dioxide (CO2), to form CO. CO then reacts with oxygen in the gas 

phase, to form CO2. This model is usually called the two film model [10]. The first/outer film is 

the CO2 film. The second/inner film is the CO film. This mechanism is well known in the field of 

coal combustion. The conditions for this mechanism are fast reaction rates that results in a short 

chemical time scale in comparison to the diffusion time scale. Under these conditions, oxygen 

doesn’t reach the surface of char. Oxygen is consumed by carbon monoxide (CO) to form a high 

concentration of carbon dioxide (CO2) film. In this model, the rate of char consumption is limited 

by the rate of CO2 gasification reaction. Ideally, if char is purely made out of elemental carbon, 

the mechanism would be as follows: 

C(s) + CO2 ➔ 2CO H = +172.51 kJ/mole or 14.37 MJ/kgcarbon    (16) 

CO + ½ O2 ➔ CO2 H = -283 kJ/mole or -47.17 MJ/kgcarbon         (17) 

The ideal heat of reactions from Eq. 16 and 17 have been scaled down by the realistic total heat of 

combustion of char (i.e. multiplied by 25/32.8).  

There are two main differences in this mechanism compared to the previous combustion 

mechanisms. The first difference is that the solid phase reaction is endothermic. The second 

difference is that the reaction rate is much slower than the combustion rate even at the same 

temperatures. Given the governing equations 11 to 14, this mechanism should result in slower char 

consumption and a lower HRR curve in general.  

3.5. Combined oxidation-gasification model 

The last model is a combined oxidation-gasification mechanism. Based on the results from the 

previous models (section 4), it became clear that a better mechanism to model char combustion is 
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to consider the combustion route as well as the gasification route. If the temperature of char was 

low (i.e. 300 ~ 500C), the two-step oxidation mechanism would be a suitable model since reaction 

rate would be slow allowing for oxygen to diffuse into the char. However, if the char temperature 

was very high, gasification by CO2 would be the most probable scenario. For intermediate 

temperature range both mechanisms would contribute to the char consumption. In the proposed 

model, char is being consumed partially by O2 and partially by CO2. It is important to note that the 

O2 reaction is exothermic and CO2 reaction is endothermic. The reactions of this model should be 

as follows: 

Char(~C) + CO2 ➔ 2CO    (18) 

Char(~C) + ½ O2   ➔ CO   (19) 

CO + ½ O2  ➔ CO2            (20) 

Ideally, the governing equations of species transport (the convection-diffusion equation) and 

species diffusion inside the solid phase should determine the contribution of each reaction in the 

overall char consumption. However, in FDS, the profile of O2 concentration within the solid phase 

is imposed by defining a gas diffusion depth parameter in the input file. Also, the resolution of the 

gas phase mesh is not fine enough to resolve the gradient of O2 and CO2 near the char surface 

which is important to determine the diffusion rate of O2 and CO2 through the gas phase towards 

the char surface. Because of that, Eq. 18 and 19 were combined. The combined reaction is given 

in Eq. 21. The complementary gas phase reaction would be Eq.22.  

Char (~C) + xO2 + yCO2 ➔ zCO     (21) 

zCO + lO2➔ mCO2                          (22) 

The kinetic parameters and heat of reaction for Eq. 21were obtained by finding values that provides 

the best possible fit for the experimental HRR curve. Kinetic parameters and the heat of reaction 

were limited within the range of kinetic parameters and heat of reactions corresponding to partial 

oxidation and gasification. The final kinetic parameters and heat of reactions are given in Table 

18. 

Table 18. Combined oxidation-gasification kinetic parameters (Best cone calorimeter HRR fit) 

Reaction # A(1/s) E(kJ/Kmol) ns nO2 H 

R. 16 2E4 1.2E5 1 - +1000 kJ/kgchar 

R. 17 Mixing controlled Mixing controlled  NA NA -26000 kJ/kgchar 

 RESULTS AND DISCUSSION 

4.1. No char combustion 

Figure 3 shows the experimental HRRPUA compared to the simulation result. As discussed in 

section 3.1, it was assumed in this simulation that char is formed and gets accumulated with no 

further reaction. Generally, the figure shows lower heat release from the simulation relative to the 

experiment. Moreover, the simulation was not able to capture the second heat release peak from 

the experiment. This model overestimates the protective effect of char since char forms a non-

reactive layer on the wood surface. However, this is not the real behaviour observed from the 
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experimental results. Consequently, char oxidation models were explored in the following 

simulations. 

4.2. Single step char combustion 

First, oxidation of char to carbon dioxide in one step was conducted using the 5 rates stated in table 

3. The results are presented in Fig. 4a.The figure shows that, assuming one step oxidation of char 

resulted in very high heat release in a very short period. This is attributed to the fact that all the 

exothermic heat of char oxidation was released within the wood sample in this model. 

 

  

Fig. 4. Experimental and simulations results for HRRPUA. Simulations are assuming no further char reactions 

 

Fig. 5. Experimental and simulations results for HRRPUA. Simulations are assuming (a) single step char oxidation, 

(b) two-step char oxidation; both using 5 rates 

4.3. Two-step char combustion 

Simulations were then performed using the same 5 rates in table 3 using the two-step char oxidation 

model. Details of this model are given in section 3.3. The simulation results are compared to the 

experimental HRRPUA in Fig. 4b. The HRRPUA from the simulations using the different reaction 

rates are still much higher than the experimental one and the wood is completely consumed in 

shorter time in the simulations. On the other hand, the results showed lower heat release and longer 

duration compared to the results of one-step oxidation mechanism presented in Fig.4a. This is due 
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to the release of all the heat of char combustion within the solid phase in the one-step mechanism, 

while only ~28% of the heat of combustion is released in the solid phase in the two-step 

mechanism. This resulted in different rates of consumption of wood components as demonstrated 

by Fig. 5a.  

Figure 5a shows the profiles of the density of cellulose; as a representative of wood components 

versus time. Those profiles are from the simulations using 4 different mechanisms; one-step 

oxidation, two-step oxidation, gasification and the combined model. It can be clearly seen that, the 

rate of consumption of cellulose in case of the one-step mechanism is higher than that in case of 

the two-step mechanism.  

 

Fig. 6. (a) Cellulose density profiles from simulations using four different mechanisms; one-step oxidation, two-step 

oxidation, gasification and the combined model, (b) Experimental and simulations results for HRRPUA. Simulations 

are assuming two-step oxidation of char and using the rate parameters from Takashi and Numba [8]. Four diffusion 

depths are used; 1, 0.1, 0.01 and 0 mm. 

4.3.1. Effect of diffusion depth 

In all the simulations presented earlier; the diffusion depth applied in the model was 1 mm. 

However, diffusion depth of O2 into the solid material (i.e char) might be another factor affecting 

the rate of char consumption. Four different diffusion depths; 1, 0.1, 0.01 and zero mm were 

investigated. In the four simulations, the rate from Takashi and Numba [8] was used and two-step 

char oxidation was assumed. The results are shown in Fig. 5b. Decreasing the diffusion depth 

decreases the rate of char consumption where less char mass is allowed to react with O2. Smaller 

diffusion depth resulted in lower heat release over a longer duration. It is worth mentioning that 

the results from 0 mm diffusion depth simulation (surface reaction assumption) are similar to those 

neglecting the char reaction (Fig. 4). 

4.4. Char gasification 

Gasification of char by CO2 was also tested in our simulations. The results are shown in Fig. 7a. 

As expected, the HRRPUA from the simulation is lower than the experimental one. This is 

attributed to the fact that, the reaction is highly endothermic compared to the oxidation reactions 

which lowers the pyrolysis rates of the wood components. This can be seen when comparing the 

density profile of cellulose (as a representative of wood components) in case of gasification and 

two-step oxidation in Fig. 5a.  
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Fig. 7. Experimental and simulations results for HRRPUA. Simulations are (a) assuming char gasification 

mechanism, (b) using the combined model 

4.5. Combined combustion-gasification model 

The rates presented in table 4, for the combined combustion-gasification model, were applied in 

the simulation and resulted in a good fit with the experimental data as seen in Fig. 6b. The model 

predicted the magnitudes of the initial HRR peak and the second peak around the 2200 ~ 2500 

seconds mark. This confirms the hypothesis that char consumption in fire scenarios is best modeled 

by considering gasification as well as partial oxidation routes. Oxidation models seem to 

overestimate char consumption. While gasification model seems to underestimate the char 

consumption. It is worth noting that the heat of reaction for the combined model is endothermic, 

indicating that the combined model leans slightly towards the gasification route.         

On the other hand, in this model, the rate of cellulose consumption is higher than that using the 

gasification and less than that using the two-step oxidation model (see Fig.5) 

 CONCLUSIONS 

• The effect of different mechanisms for char consumption on wood combustion was 

investigated 

• It was concluded that different mechanisms, diffusion depth and distribution of heat 

release between solid and gas phases affect the HRR profile. 

• A best fit model that represents a combination of char oxidation and gasification was 

developed 

• Results from the combined combustion-gasification model was compared against 

experimental HRR data from a cone calorimeter experiment and predicted the trend of the 

HRR curve with good accuracy.    
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ABSTRACT 

Fire represents a severe condition for tunnels due to (a) the geometric features of the 

compartment which favours the achievement of very high temperatures and makes the 

intervention by fire brigades difficult, (b) the structural redundancy leading to significant indirect 

actions, and (c) the sizable sensitivity to fire spalling due to the relevant compression generally 

characterizing the lining. Repair time and cost past the fire are also critical issues, since the 

revenue loss connected to traffic disruption must also be considered. Within this context, this 

paper addresses the effect of structural choices in tunnel fire resistance, by comparing the 

performance of two different solutions: (1) cast-in-situ and (2) pre-cast segmental tunnel linings. 

To this aim, finite element analyses have been performed, proving that (I) increasing thickness 

and redundancy does not necessarily lead to a higher safety factor and (II) fire cooling phase (if 

any) must be properly taken into account. 

1 INTRODUCTION 

Fire represents a very stressing condition for tunnels, due to several features. On the one hand, 

the geometry of the compartment and the type of combustible materials (such as fuel) can lead to 

very high temperatures (even higher than 1000°C [1]). On the other hand, the structural layout 

and the mostly compressive stress state foster the introduction of significant indirect actions, 

which can lead to a marked increase of the initial state of stress. The aforementioned reasons 

strongly push for the proper evaluation of fire performance in the design phase of tunnels. 

Generally speaking, concrete proves to have a satisfactory mechanical behaviour in fire owing to 

its incombustibility and thermal insulation capability. Fire spalling, however, due the violent 

expulsion of debris from the exposed layers, can jeopardize the thermal protection of the rebars, 

dramatically increasing the overall decay of the bearing capacity. Furthermore, time and cost of 

the repair phase after the fire should be properly taken into account, since the revenue loss 

connected to traffic disruption can be very high. Hence, avoiding spalling (for instance by 

introducing polypropylene fibres in the concrete mix) is of primary importance for this kind of 

structures. 

When addressing the structural performance in natural/parametric fires, namely fires with both 

heating and cooling phases, another critical aspect is represented by the material properties 

variation. EN 1992-1-2 [2], in fact, provides all the main materials’ properties as functions of 

temperature for concrete and steel in hot conditions, while just a few (and not so comprehensive) 

indications are given for the residual (after the fire) conditions. However, the structural 

behaviour in the cooling phase must be verified, so to guarantee the safety for the fire brigades. 

In this regard it is worth noting as the irreversible chemo-physical changes taking place in heated 

concrete make material properties dependant on the maximum temperature reached at a given 
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point rather than on the actual one [3], thus making it necessary to adopt approaches based on 

thermal envelopes. 

In the following, the comparison in terms of fire resistance between two different technological 

solutions for a tunnel lining is presented, namely (1) cast-in-situ and (2) pre-cast segmental 

tunnel linings. Finite element analyses have been performed in order to study the effect of lining 

thickness and to highlight possible critical points regarding the cooling phase of the fire. 

2 STRUCTURAL CASE 

2.1 Geometry and construction technology 

The study focuses on the comparison in terms of fire performance between two different 

solutions considered as alternatives for a concrete tunnel lining: (1) cast-in-situ lining (Fig.1a) 

and (2) pre-cast segments (Fig.1b). The first solution is characterized by the typical shape for this 

kind of structures, with a lining thickness of 0.9 m, consisting of ordinary concrete (fck = 

28 MPa). On the other hand, the segmental tunnel lining consists of 7 segments with a thickness 

of 0.32 m, made of polypropylene fibre concrete (fck = 50 MPa). The cast-in-situ solution is 

consistent with traditional boring methods, while the pre-cast segmental tunnel lining is 

compatible with the use of Tunnel Boring Machine (TBM). 

 

 
 

 

 

 

(a) 
 

(b) 

Figure 1. Cast-in-situ (a) and pre-cast segmental (b) tunnel lining.   

2.2 Fire scenario 

In order to assess the fire performance of the two tunnel linings, Standard Fire has been adopted 

(Fig.2) as requested by the designers in accordance to the Italian codes, with a heating duration 

of 180 minutes (chosen as common reference in the practice). In addition to the heating phase, 

the subsequent cooling phase has been also considered, by adopting the temperature decay curve 

suggested in EN 1991-1-2 (Fig.2). Accounting for the cooling phase is instrumental for 
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monitoring the structural safety factor during the whole fire duration, and to verify the 

compatibility of the intervention by fire brigades. 

 

Figure 2. Standard Fire curve according to EN 1991-1-2 [2]. 

3 FINITE ELEMENT MODELLING 

3.1 Material properties of concrete and steel under heating 

Thermo-physical properties of concrete, such as thermal deformation, density, thermal 

conductivity and specific heat, have been defined according to EN 1992-1-2, neglecting the 

presence of moisture in concrete when calculating the specific heat (this being the most severe 

condition). The density at room temperature is assumed as 2350 kg/m3 (typical value for 

concrete), while the proposed lower limit of EN 1992-1-2 is considered for the variation of 

thermal conductivity. 

The overall deformative behaviour can be expressed as the sum of 4 different contributions: 

εtot(σ,T,t) = εth(T) + εσ(σ,T) + εtr(σ,T) + εcr(σ,T,t) (1) 

where εth is the free thermal dilation, and the other terms depend on the load and are the 

instantaneous load-induced strain, the thermal-transient strain and the thermal creep, 

respectively. 

The implicit approach of EN 1992-1-2 is based on lumping the load-related contributions as 

follows: 

εtot(σ,T,t) = εth(T) + εσ,tr,cr(σ,T) (2) 

As a consequence, the total load-induced strain in compression εσ,tr,cr can be defined as: 

σ(T) = 3 . (εσ,tr,cr / εc1
T) . fc

T / [2 + (εσ,tr,cr / εc1
T)3] (3) 

Such stress-strain low is known once the values of hot compression strength fc
T and related peak 

strain εc1
T are defined. Such values are given by EN 1992-1-2 as functions of temperature, for 

siliceous or calcareous aggregates. To be conservative, in the following, siliceous concrete is 

considered. Although not explicitly reported in EN 1992-1-2, the decay of the elastic modulus 

with the temperature can be defined by evaluating the elastic modulus (tangent to the origin or 
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secant) of the constitutive law of Eq. (3). In this document the secant elastic modulus at 50% of 

the compressive strength is used, for all temperatures. 

As regards the steel reinforcement, the behaviour is fully described in EN 1992-1-2, 

differentiating between ordinary and pre-stressing steel, and between hot-rolled or cold-worked 

steel. In this paper, the decay curve for hot-rolled steel is implemented. 

3.2 Material properties in the cooling phase 

As regards concrete, the decrease in density and thermal conductivity, as well as the increase in 

specific heat, are linked to the evaporation of free and chemically-bound water in the pores and 

to the increase in porosity. Since these processes are mostly irreversible, density, conductivity 

and specific heat during cooling are defined at any point of the model referring to the maximum 

temperature reached up to the given instant of analysis, and not as a function of the actual one. 

The same approach has been used for elastic modulus and strength, since their decay is linked to 

irreversible processes such as (1) micro- and macro-cracking that takes place in the cement paste 

during heating due to shrinkage, thermal incompatibility between cement paste and aggregates, 

and self-stresses, and to (2) intrinsic degradation of the concrete constituents. 

With regard to thermal expansion, the experimental tests indicate a partial recovery in the 

cooling phase. Therefore, total reversibility is conservatively assumed in the analyses. 

3.3 Geometry and boundary conditions 

Thermo-mechanical numerical analyses have been performed via the commercial finite element 

code Abaqus. 

The two different solutions have been modelled via 3D 8-nodes finite elements in order to duly 

take into account the thermal gradients along the thickness and the subsequent thermal stresses. 

The geometrical models are reported in Fig.3, where the exposed surfaces are highlighted in red 

colour. 

 

 

(a)  (b) 

Figure 3. Finite element models for (a) cast-in-situ and (b) pre-cast segmental tunnel linings. 

Fire load is applied by inputting the temperature of the hot gases (through the Standard Fire 

curve) and imposing the heat exchange with the exposed concrete via convection and radiation 
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following the provisions of EN 1992-1-2 (thermal convection coefficient of 25 W/m2 K and 

thermal emissivity of concrete equal to 0.7). All the other surfaces are considered adiabatic, so to 

simulate the condition of several lining rings exposed to fire. In a conservative way, the heat 

dispersion through the soil is neglected. 

For the pre-cast solution, one ring only with the average width of 1.5 m is modelled. In order to 

achieve comparable results (in terms of axial force and bending moment), the same reference width 

is adopted for the reference ring of the cast-in-situ solution. 

Great attention has been devoted to the definition of internal and external constraints, being of 

primary importance in the evaluation of the indirect actions because of the constrained thermal 

dilation. For the cast-in-situ solution, perfect continuity has been restored both radially and 

longitudinally, since the structure is monolithic. The lateral faces of the lining ring (with normal 

in z-direction in Fig.3a) have been rigidly restrained in z-direction only. 

In the case of the pre-cast solution, the load transmission between adjacent segments of the same 

ring, or between adjacent rings, is based on the contact between rigid bodies. Thus the constraint 

“hard contact” has been imposed at such interfaces allowing the transmission of compression only. 

On the other hand, the separation of the surfaces is allowed in the presence of tensile stresses. This 

aspect plays a key role, because such constraints are closer to a hinge rather than to flexural 

continuity (as in the case of the cast-in-situ solution). 

Finally, it should be noted that reinforcement is expected to play a minor role in the structural 

behaviour, the lining being mostly subjected to compression. For this reason, rebars have not 

been included in the model, also because the main goal is to evaluate the internal actions in the 

lining. Hence, in the finite element models just concrete is modelled with a linear-elastic 

behaviour taking into account the variation of the elastic modulus with temperature (as 

previously mentioned). The reinforcement will be considered in the resistance checks. 

3.4 Soil-structure interaction 

Soil-structure interaction has been introduced by imposing the static pressure of the soil and 

constraining the external surface of the lining via linear-elastic springs, according to a simplified 

elastic approach (as in [4]). 

Once the effective vertical pressure σv,eff (ideally evaluated at the centre of the tunnel) and the 

effective water pressure σw are defined, the lateral pressure acting in radial direction (namely, 

orthogonal to the lining) can be calculated as follows: 

σr(θ) = σv,eff
 . [cos2(θ) + k0

 . sen2(θ)] + σw(θ) (4) 

where k0 is the coefficient for soil static pressure (assumed to be 0.4). 

The stiffness per unit area of the radial elastic springs, ksoil, is defined according to the following 

expression [4]: 

ksoil = 0.5 Esoil / Rext (5) 

being Esoil the soil elastic modulus and Rext the external radius of the lining. 

If the centre of the tunnel is 25 m deep, and if the specific weight of the soil is γsoil = 20 kN/m3, 

σv,eff = γsoil
 . h = 500 kN/m2 = 0.5 N/mm2. The water pressure can be disregarded in the case at 

issue. 
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With a soil elastic modulus Esoil = 5000 MPa and an external radius of the lining equal to 5.58 m 

for the cast-in-situ solution and 5.12 m for the pre-cast solution, it results ksoil = 448029 and 

488281 kN/m3 for cast-in-situ and pre-cast solution, respectively (average value 

ksoil = 468155 kN/m3). Hence, the value ksoil = 500000 kN/m3 has been used. 

3.5 Concrete spalling 

In the analysis, concrete explosive spalling should be considered for a more reliable estimation 

of the fire performance [5,6]. Spalling is the more or less violent detachment of concrete debris 

from the exposed face due to the combined action of thermal stresses and vapour pressure in the 

pores (due to water vaporization). Concrete spalling leads to the reduction of the cross-section 

bearing capacity and, eventually, to the direct exposure of the reinforcing rebars to the flames, 

this dramatically speeding up the decay of the structural fire resistance. 

Many experimental tests from the literature demonstrated that the introduction of polypropylene 

fibre in the concrete mix allows to dramatically reduce the propensity to spalling, thanks to the 

reduction of pore vapour pressure allowed by cement past micro-cracking (induced by fibre 

melting at 160-170°C). 

Since in the pre-cast solution polypropylene fibre can be easily introduced in the mix, spalling is 

neglected in this case. On the other hand, the introduction of polypropylene fibre in the cast-in-

situ solution is less affordable due to the lower level of quality control in in-situ casting and to 

the larger volume of concrete involved. Thus, in this latter case, spalling is more likely and in the 

numerical modelling a limited spalling scenario is considered by assuming a detachment of the 

concrete cover (50 mm). This assumption has been made based on the idea that rebars represent 

a preferential plane for cracking. 

In the following section, the results of the numerical analyses are presented together with the 

strength checks performed via two different methods. 

4 RESULTS 

4.1 Thermal profiles 

Thermal profiles in the 0.25 m next to the exposed face are reported in Fig.4a at different fire 

durations for both solutions. As expected, thermal profiles are very similar. 

In Fig.4b, the temperature at the EPDM (Ethylene-Propylene Diene Monomer) sheath is reported 

as a function of time. This temperature is very important, since too high values could jeopardize 

the effectiveness of the joints between segments. In the case at hand the temperature remained 

rather limited. It is worth noting that the maximum temperature is reached much later than the 

peak of the fire curve, due to the high thermal inertia of the concrete lining. 

4.2 Internal actions 

For both solutions, 3 reference sections are studied (sections A, B and C in Fig.3), by evaluating 

the evolution of the applied axial force and bending moment during the fire (Fig.5). Thermal 

dilation of concrete, in fact, induces an elongation of the lining which is partially constrained by 

the surrounding soil (simulated via the Winkler approach), thus increasing the compression in the 

lining. A curvature is also induced by the thermal gradient, since the hotter layers dilate, while 

the inner (and colder) core maintains its initial dimension. 
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Figure 4. (a) Thermal profiles along the 0.25 m next to the exposed face of the lining at different fire durations, 

and (b) temperature of the EFDM sheath in the pre-cast lining. 

  

Figure 5. (a) axial force and (b) bending moments in the reference sections for cast-in-situ and pre-cast solutions as 

functions of fire duration. 

This thermal curvature is restrained by the flexural stiffness of the lining, thus fostering the 

increase of the flexural bending moment. In Fig.5, axial force (positive if compression) and 

bending moment (positive if the internal fibres of the lining are in tension) are reported for the 

reference sections as a function of time. 

It is worth noting that: 

• the axial force increases more in the pre-cast solution than in the cast-in-situ solution, because 

of the higher average temperature in the former case due to its lower thickness, thus leading to 

a higher average dilation; 

• the bending moment, on the contrary, increases much more in the case of the cast-in-situ 

solution due to its high flexural stiffness. The pre-cast solution in addition to its lower thickness 

(hence, lower flexural stiffness) results to be partially released at the segment-to-segment joints, 

this once more leading to smoothing down of the bending moments. 

Both aspects are detrimental for the cast-in-situ solution, since the condition characterized by 

lower compression and higher bending moment is generally more severe for reinforced concrete. 

In both solutions, however, bending moment and axial force increase even in the cooling phase, 
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due to the high thermal inertia of concrete that leads to a progressive release of the heat stored 

during the heating phase in the hotter layers to the inner (and stiffer) part. 

4.3 Strength checks 

Since linear-elastic analyses have been carried out, the collapse of the structure cannot be 

evaluated numerically. Hence, strength checks must be performed in the most stressed sections 

(continuity sections and/or segment joints). In this context, a critical issue is represented by the 

lack of a clear procedure for performing simplified sectional strength checks during cooling. 

For this reason, two possible methods have been adopted in the following for evaluating the 

resistant bending moment as a function of the axial force: 

• classic limit analysis, in which the design compressive strength of concrete at any point of the 

section is considered according to the maximum temperature reached up to the time of 

verification (Fig.6); 

• 500°C isotherm method, in which, however, the envelope of the maximum temperature up to 

the time of verification is used. (If the actual temperature was used instead of the envelope, 

during the cooling phase a complete – and unrealistic – recovery of compressive strength would 

take place). 

Evaluating the resistant bending moment, steel temperature is assumed to be the same of the 

adjacent concrete fibre (as suggested in EN 1992-1-2). As abovementioned, no recovery of 

compressive strength and elastic modulus during cooling takes place for concrete. 

As regards the yield strength of steel, complete recovery is implemented for maximum 

temperatures lower than 500°C, and negligible recovery for higher temperatures. 

In Table 1, the main parameters implemented in the strength checks are reported, assuming γM = 

1 according to EN 1992-1-2 provisions. 

In Fig.7, the comparison between resistant bending moment MRd and the external bending 

moment MEd is shown for both solutions in section B, which is the most stressed one (Fig.5). 

On the basis of the above-discussed assumptions, the fire resistance is higher than the demand 

for the whole fire duration for the pre-cast solution only, while in the cast-in-situ solution 

sectional failure is reached after almost 7 hours (hence in the cooling phase!). In Table 2, safety 

factors are reported for both solutions. 

The difference between limit analysis and 500°C isotherm method depends on the different way 

concrete decay is addressed. In the former case, each concrete fibre is considered able to attain 

the compressive strength related to the maximum temperature reached, while in the latter 

method, concrete which has never reached 500°C is considered as in virgin conditions and 

otherwise it is considered completely damaged (fcd = 0 MPa). 

The higher compression in the pre-cast solution makes the contribution to the bending resistant 

moment of concrete more important, thus making the difference between limit analysis and 

500°C isotherm method more evident. In the case at issue, in fact, a negative bending moment 

occurs, yielding to a decrease of the resistant bending moment during fire driven by the decrease 

of the internal lever arm (due to the degradation of hot concrete). This decrease is limited in the 

case of the cast-in-situ solution (because of the larger thickness), this explaining why the 

difference between limit analysis and 500°C isotherm method is negligible. On the opposite, in 
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pre-cast solution the much lower thickness emphasizes such process. The difference between 

limit analysis and 500°C isotherm method is however always lower than 10%. 

Table 1. Parameters adopted in the sectional strength checks. 

solutions fcd = fck [MPa] fyd = fyk [MPa] A’s As ctotal [mm] 

cast-in-situ 28 450 7  Ø24 7  Ø24 62 

pre-cast 50 450 6  Ø10 6  Ø10 55 

 

 

Figure 6. Limit sectional analysis at high temperature. 

  

Figure 7. Comparison between resistant moment MRd and applied moment MEd, as a function of the fire duration, for 

the (a) cast-in-situ and (b) pre-cast solutions (reference section B). 

Table 2. Safety factor (Fs = MRd / MEd). 

 limit sectional analysis 500°C isotherm method 

 minimum Fs minimum Fs 

cast-in-situ solution 1.00  (7 h) 0.99  (7 h) 

pre-cast solution 1.12  (6 h) 1.03  (6 h) 

5 CONCLUSIONS 

In the present paper the fire performance of tunnel linings is discussed by comparing two 

possible solutions, namely cast-in-situ and pre-cast segmental linings. In particular, it is shown 

the strong effect of indirect actions induced by restrained thermal dilation, which lead to an 

evident increase of compression (up to 2.5 and 1.7 times in pre-cast and cast-in-situ solutions, 

respectively) and – especially – of the bending moment. This is more evident in the cast-in-situ 

solution (characterized by higher thickness), where the maximum acting moment is up to 5 times 

higher than in the pre-cast solution, while the axial force is 1.8 lower. Such behaviour entails a 
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high damage to the lining, since the static regime is characterized by a predominantly bending 

action, and therefore a high level of cracking. On the other hand, the adoption of pre-cast 

segmental lining showed some advantages in term of overall fire performance, since it allows to 

significantly reduces the bending moment (meaning that segments mainly work in compression), 

thanks to the lower flexural stiffness and to the quasi-hinges at the segment-to-segment joints. 

Furthermore, in this latter case, spalling is expected to be more easily avoided via a proper 

design of the concrete mix, in particular by adding polypropylene fibre. Finally, it is worth 

noting that the most severe conditions (namely, lowest safety factors) were observed to occur in 

the cooling phase for both solutions. 
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ABSTRACT 

When considering origin and cause fire investigations, it is postulated that certain building 

materials can be exposed to low level heat flux for prolonged periods before ignition. The 

systematic application of the scientific method and the basic methodology proposed by the 

NFPA 921 requires that a hypothesis be tested before selecting a final probable fire scenario. 

Common methods for testing the time to ignition and minimum heat flux required for flaming 

ignition are the Cone Calorimeter and Lateral Ignition and Flame Test (LIFT). However, these 

methods both use relatively high heat flux levels and evaluate the behaviour of a material under 

exposure for a period of less than 30 minutes. This paper, based on a series of experiments, 

examines the minimum heat flux required for piloted flaming ignition of four common wood 

products used as construction materials. Different orientations were tested for each material. 

Wood, plywood, oriented strand board and low-density fiberboard samples were exposed to heat 

fluxes ranging from 4 kW/m2 to 14 kW/m2 for durations up to 4 hours. The heat flux was 

generated by common construction lamps equipped with 500 watt halogen bulbs. Distance 

between the bulb and samples was varied in order to increase or decrease the magnitude of heat 

flux applied to the surface of the specimens. A total of 115 samples were tested and their 

response to heating documented. The lowest recorded heat fluxes leading to piloted flaming 

ignition were: (1) wood: 9.9 kW/m2, (2) plywood: 10.7 kW/m2, (3) oriented strand board: 7.3 

kW/m2, (4) low-density fiberboard: 4.6 kW/m2.  

1 INTRODUCTION 

The most common methods for testing the time to ignition and minimal heat flux required for 

piloted flaming ignition are the Cone Calorimeter1 and Lateral Ignition and Flame Test2 (LIFT). 

Both these methods evaluate this parameter on a time period of less than 30 minutes. When 

considering fire dynamics, ignition of secondary fuel packages and flame spread within a 

compartment that has already reached ignition, these values are adequate. However, when 

considering origin and cause investigations, the initial materials ignited and the heat source at 

which they are exposed become the predominant parameters of interest. In such cases, certain 

materials can be exposed to low heat flux levels for much longer periods than 30 minutes. This 

experimental study examines the minimum heat flux required for piloted flaming ignition of four 

common construction materials. For this, wood, plywood, Oriented Strand Board and low-

density fiberboard samples were exposed to heat fluxes ranging from 4 kW/m2 to 14 kW/m2 for 

durations up to 4 hours. 
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2 BACKGROUND 

Literature review shows that much work regarding the ignition of wood and cellulosic materials 

has been done. The SFPE handbook3 gives a very detailed description of how the heating of solid 

fuels leads to flaming ignition. The pyrolysis process, production of gaseous fuel, heat transfer 

mechanism as well as piloted ignition is well explained by Torero3. Early studies by Lawson and 

Simms4 established that the critical heat flux for ignition of wood was 12 kW/m2. This value is 

widely used in literature5 and the scientific community as the minimum heat flux required for 

ignition; however, it is based on radiant exposures of duration below 30 minutes. 

The Ignition Handbook6 gives a very detailed review of ignition for many solid fuels. For wood, 

different modes of ignition are proposed by Babrauskas6: glowing, glowing to flaming and 

flaming. At low heat flux levels, it is shown that glowing may be visible and is considered as a 

localized ignition that may also serve as a pilot for later flaming ignition. Babrauskas7 published 

a state-of-the-art review which showed that the surface temperature of wood is approximately 

250oC at the minimum heat flux for ignition, in the glowing mode. As the heat flux rises, the 

surface ignition temperature also rises. Most studies reviewed were done at heat fluxes ranging 

from 15 to 40 kW/m2 and showed piloted ignition of wood at surface temperatures ranging from 

300 – 365oC. 

Janssens8 established an interesting difference between ignition of hardwoods and softwoods. He 

showed that oven-dried specimens of hardwood ignited at surface temperatures ranging between 

300-311oC as opposed to softwoods between 349-364oC. Early work by Buchanan9 supports 

these results revealing that hemicellulose ignites at lower temperatures than cellulose and lignin 

ignites at even higher temperatures. As hardwoods are generally known to have higher fractions 

of hemicellulose than softwoods, this supports their lower ignition temperatures. 

When considering ignition scenarios leading to how a fire began (i.e. Origin and Cause 

Investigations), materials may be exposed to lower heat fluxes for much longer periods. In most 

cases, the lower the heat flux imposed on the specific combustible, the longer the time to 

ignition. Few experiments and results have been published on ignition for heat fluxes below 15 

kW/m2. Spearpoint and Quintiere10 did some very interesting research in which they examined 

the minimum heat flux for piloted ignition of 50 mm thick samples of several wood species in 

the cone calorimeter. Four types of wood were tested under heat fluxes ranging from 8 to 40 

kW/m2 in 2 different orientations: across grain and along the grain. The lowest incident heat flux 

for piloted ignition of hardwood was 10 kW/m2. Across grain samples showed lower critical heat 

fluxes for ignition than along grain specimens with some experimentally obtained values of 

critical heat flux as low as 8 kW/m2. It was also noted that the ignition mechanism under low 

heat flux appeared to be different than for high heat flux exposures. 

A study performed by Babrauskas11 on low temperature, long-term ignition of wood revealed 

stunning results. Even though an average surface temperature of 250oC is accepted for the 

ignition of externally heated wood samples, his study reveals that samples exposed to 77oC for 

long periods of time can self-heat and ignite. In low temperature long-term heat exposures, self-

heating becomes the dominant phenomenon leading to ignition. This phenomenon was 

investigated more in depth by Gratkowski et al12 who investigated the role of self-heating in the 

smouldering ignition of ¾ inch maple plywood exposed to radiant heat fluxes ranging between 6 

and 15 kW/m2. These experiments were done in the cone calorimeter for durations up to 8 hours. 

In order to evaluate the role of self-heating in smouldering ignition, the plywood samples were 
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monitored with multiple thermocouples installed at different depths in the specimen. The study 

revealed that higher internal (subsurface) temperatures in the sample profile indicated that self-

heating was an important factor in the ignition of the specimen. Experimental data showed that 

the lowest, non-piloted heat flux leading to smouldering ignition was 7.5 kW/m2. One of four 

criteria had to be present for ignition to be achieved: (1) observable glowing, (2) recorded 

temperatures above 400oC, (3) evidence of smoulder propagation wave or (4) evidence of 

decomposition or residual white ash. Although much research has already been done on the 

ignition of wood, very few studies were found for exposure at low heat flux and longer exposure 

times. 

Ignition characteristics for plywood are often grouped with those for whole wood in the 

literature, for example Babrauskas6. As noted above, Gratkowski et al12 determined that the 

lowest heat flux for smouldering ignition of maple plywood was 7.5 kW/m2. In 1961, Shoub and 

Bender13 tested ½ inch thick plywood and achieved ignition at heat fluxes of 4.3 kW/m2 after 5.2 

hours of exposure. This value is much lower than any other study examined, but it should be 

noted that during these experiments, no direct heat flux measurements were taken, so the 

uncertainty in level of heat flux is high and the value will not be used as a benchmark here. 

Dillon14 proposed a critical heat flux of 8 kW/m2 from data obtained in the cone calorimeter; 

however, this value was an estimate only and no ignitions were achieved when testing samples at 

this level of heat flux. Considering the similarity between plywood and whole wood then, the 

lowest piloted flaming ignition heat flux will be considered as 10 kW/m2 10. 

Very few studies are reported on ignition of Oriented Strand Board (OSB). Hirle and Balog15 

examined the influence of heat flux on the self-ignition of OSB. Heat fluxes ranging from 31 to 

55 kW/m2 were applied to 8mm, 14 mm and 25 mm samples. These tests were conducted 

without a pilot and no lower heat fluxes than 31 kW/m2 were studied. The lowest heat flux 

leading to ignition reported in the Ignition Handbook6 is 14.8 kW/m2 for ½ inch OSB so this 

value is adopted here. 

Similarly, there is little information in the literature related to ignition characteristics of 

fibreboard. This material is commonly used in the construction industry for sheathing board, for 

flat roof insulation and also as ceiling tiles (suspended ceilings) so it comes with different 

coatings and density. Zichermand and Allard16 tested the ignition of fiberboard in a Setchkin 

furnace. They achieved glowing ignition at surface temperatures of 250oC similar to those 

observed for ignition of wood7. NBS tested high density fibreboard (900 kg/m3) in the LIFT and 

found that the minimum heat flux for piloted radiant ignition was 9.7 kW/m2. Cone calorimeter 

tests by Babrauskas6 for low-density fiberboard (270 kg/m3) found ignition to occur under 

incident heat fluxes of 8 kW/m2. No details regarding the time to ignition or the specific coating, 

thickness or type of fiberboard were given. Shoub and Bender13 found that low-density 

fiberboard (290 kg/m3) auto-ignited in 0.92h when exposed to heat flux of 4.3 kW/m2; however, 

considering that no direct heat flux measurements were taken in the study, the uncertainty related 

to reported levels of heat flux is high. Therefore, these values will be considered later, but will 

not be used as a benchmark for this material. The lowest heat flux leading to ignition reported in 

this literature review is 8 kW/m2 6. 

Table 1 summarizes the lowest heat fluxes found in the literature leading to piloted flaming 

ignition for the materials in this study:  

Table 1. Lowest reported incident heat flux leading to flaming ignition [kW/m2] 
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Wood Plywood OSB Fiberboard 

10 10 14.8 8 

3 EXPERIMENTAL SETUP AND PROCEDURE 

Experiments were conducted in a 4’x8’ open face mechanically ventilated enclosure. Standard 

construction lamps with 500 watt halogen (Globe T3 J-Type 00458) bulbs were used as a heat 

source. In order to vary the heat flux imposed on the samples, the distance between the heat 

source and the samples was varied. To allow accurate positioning of the heat source, a steel 

holding mechanism composed of threaded rods, plates and bolts was fabricated.  

The heat flux emitted by the heat sources was measured during every test run with copper 

calorimeter heat flux gauges fabricated as per ASTM F2701-1538. Two different methods of 

piloted ignition, spark and flame, were manually applied. The spark ignition system was 

composed of a modified electronic barbecue ignition system. The two probes were positioned in 

the most thermally damaged area of the sample and a spark was produced. In some instances, the 

flame from a butane long nose lighter was directed for a very short period in the most thermally 

damaged area. 

Wood, plywood, oriented strand board and low-density fiberboard were tested under exposure to 

heat flux from the halogen bulbs. Wood samples with dimensions of 5 inch x 5 inch x 1½ inch 

were cut from 2 inch x 6 inch by 8 foot long boards of typical construction lumber (spruce). The 

grain orientation was alternated vertical and horizontal. Plywood samples (5 inch x 5 inch x ¾ 

inch) were cut from a 4’ x 8’ sheet of standard ¾ inch plywood (spruce). The grain orientation 

was alternated vertical and horizontal. OSB samples (5 inch x 5 inch x 7/16 inch) were cut from 

a 4’ x 8’ sheet of standard 11mm (7/16 inch) OSB sheeting from LP Building Products. 

Considering the finishes on the front and back sides of the OSB are different (smooth and 

rough), the sides were alternated. Finally, fibreboard samples (5 inch x 5 inch x ½ inch) were cut 

from a 4’ x 9’ sheet of standard BP rigid sheathing ½ inch tar-coated low-density fibreboard 

(wood fiber sheathing, or Tentest). Only one side was tested since the finish on both sides and 

directions were the same. Before testing, all samples were conditioned for a minimum of 3 days 

in a 20 oC ±2oC and 30 % relative humidity environment. 

4 RESULTS 

Results of the testing are contained in Figures 1 through 4. Figure 1 summarizes data for time to 

ignition obtained through exposure of 25 wood samples to different heat flux levels while Figure 

2 illustrates similar data obtained from the exposure of 24 plywood samples to the same range of 

heat flux levels. In Figure 3, results of time to ignition for varying levels of heat flux are shown 

for exposure of 34 OSB samples, while Figure 4 summarizes data obtained for 32 samples of 

low-density fibreboard. Finally, a summary of the minimum measured values of heat flux 

leading to flaming ignition for the 4 materials is in Table 2. 
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Figure 1: Time to Ignition vs Heat Flux - Wood 

 

Figure 2: Time to Ignition vs Heat Flux - Plywood 
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Figure 3: Time to Ignition vs Heat Flux - OSB 

 

Figure 4: Time to Ignition vs Heat Flux – Fiberboard 

Table 2. Lowest measured incident heat flux leading to flaming ignition [kW/m2] 

Wood Plywood OSB Fiberboard 

9.9 10.7 7.3 4.6 



Mimum Heat Flux Required for Poloted Flaming Ignition of Wood Products 

   

498 

 

5 ANALYSIS AND DISCUSSION 

5.1 Wood and Plywood 

A total of 49 samples of wood and plywood were tested under exposure to heat fluxes ranging 

from 9.5 kW/m2 to 14 kW/m2. 21 of the samples showed no sign of imminent ignition after 4 

hours of exposure. In cases where samples did ignite, the measured values of time to ignition 

were very similar for wood and plywood and fell within the ranges expected based on previous 

studies. The lowest incident heat flux leading to piloted flaming ignition was 9.9 kW/m2 which 

appears very comparable to the value of 10 kW/m2 reported in the literature10. However, in 

contrast to the present study using softwoods exposed along the grain, the literature value is 

based on ignition of hardwoods in the across grain orientation. This is an interesting result since 

studies by Janssens8 and by Buchanan9 showed that hardwoods, due to their higher 

hemicellulosic composition, have lower ignition temperatures so it might be expected that 

hardwoods exposed in the across grain orientation would require lower minimum heat flux for 

piloted flaming ignition than the 9.9 kW/m2 measured here.  

During this experimental study, very minor differences were noted in times to ignition for 

samples exposed in both vertical and horizontal orientations along the grain. Any differences 

observed could not necessarily be linked to the orientation. When considering wood, many other 

factors impact the behaviour and time to ignition. It was noted that knots, cracks and 

imperfections in wood and plywood played significant roles in ignition of the samples. In 

particular, specimens that had knots in the exposed region decomposed more rapidly and ignited 

at lower heat fluxes and shorter time periods than samples without such imperfections.  

5.2 Oriented Strand Board (OSB) 

The results for OSB showed much less variability than wood and plywood. This was expected 

because it is an engineered product. The fabrication of these types of panels is very controlled 

and the inherent defects of wood are not present. The lowest heat flux that led to piloted ignition 

was 7.3 kW/m2. This value is less than half the value of 14.8 kW/m2 that was found in the 

literature6 possibly because most of the work reviewed had been done at much higher heat flux 

levels, with no pilot. 

Since OSB has a different finish on its backside than its front, the orientation of the samples was 

alternated. When comparing the results, only very minor differences were observed. The overall 

behaviour of OSB was markedly different than that observed for wood and plywood. Initially, 

not much pyrolysis from the OSB samples was observed but eventually, thermal degradation 

began and very rapidly conditions favourable for ignition were met and ignition occurred. 

Certain specimens exhibited signs that suggested a form of self-heating or smouldering ignition 

was ongoing before the flaming ignition as well. These specimens showed considerable thermal 

decomposition on the backside of the sample, although no ignition had occurred. It was also 

observed that areas of the OSB that had ink markings showed more rapid thermal decomposition 

than adjacent areas.  

5.3 Fiberboard (low-density) 

The results gathered for low-density fiberboard were very interesting. The minimum recorded 

heat flux for piloted flaming ignition was 4.6 kW/m2. Samples tested at 4.6 kW/m2 and 4.7 

kW/m2 ignited in 57 and 52 minutes, but the samples tested at 4.1 kW/m2 and 4.3 kW/m2 did not 

show any visible smoke or sign of imminent ignition after 4 hours of exposure to the heat source. 
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The value observed here is almost half the value of 8 kW/m2 that was reported in the literature6; 

however, there was no mention as to the type of fiberboard tested, the duration of the test, nor the 

coatings. In fact, very little data was found regarding the minimum heat flux required for ignition 

of fibreboard in general and there was none specifically related to tar coated fiberboard panels. 

The results for fiberboard showed much less variability than wood and plywood most likely 

because the fabrication of these panels, as for OSB, is very controlled and the inherent defects of 

wood are not present. The tar coating applied on the fiberboard proved to have a considerable 

effect on the ignition of the samples. The overall behaviour of the fiberboard specimens was 

much different that wood, plywood and OSB. Within the first minute of exposure to the heat 

source, thermal decomposition had begun. Volatiles were clearly visible in most instances within 

30 seconds. When testing at heat fluxes in the range of 4 to 5 kW/m2, pyrolysis and visible 

smoke production either occurred rapidly, or did not occur at all. When observing the sample 

surface prior to the moment when ignition conditions were favourable, very minimal thermal 

damage was visible. Even though much visible smoke was produced, the surface of the specimen 

seemed barely decomposed. Even after ignition had occurred and extinguishment was done, very 

little thermal damage was visible. The extinguished samples continued to smoulder even after 

being well soaked to put out the flames; two samples left aside (intentionally) were completely 

consumed overnight. 

6 CONCLUSIONS 

Table 3 summarizes the experimental results for minimum heat flux for flaming ignition from 

this study compared to the values found in the background literature. 

Table 3. Lowest incident heat flux leading to flaming ignition [kW/m2] 

  Wood Plywood OSB Fiberboard 

Literature  10 10 14.8 8 

Measured  9.9 10.7 7.3 4.6 

The main observations from this experimental study were: 

− Measured minimum heat flux values for ignition of wood and plywood results were very similar to the 

values found in the literature 

− Measured minimum heat flux values for ignition of OSB and Fiberboard were half the values found in 

the literature 

− Grain orientations had minor impact on time to ignition, while knots, cracks, imperfections and ink 

markings accentuated thermal decomposition and thus tended to shorten times for ignition 

Certain samples exhibited signs of self-heating and smouldering combustion under exposure to these very 

low levels of incident heat flux 
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ABSTRACT 

A series of experiments was conducted using Redwood to explore the critical thickness at which 

self-extinction (auto-extinction) of timber does not occur for a constant heated area. Timber 

samples with uniform area (95x95mm) were exposed to a constant external heat flux from a 

vertical mass loss cone heater. Each sample varied in thickness (45-95mm) and the occurrence of 

self-extinction of flaming combustion was recorded. The critical mass loss rate of 2.98 ± 0.4 g/s-

m2 was determined at the point of extinction and was compared to other critical mass loss values 

recorded in literature.  It was found that the average critical mass loss rate observed for 45mm 

and 95mm samples were within 0.11 g/s-m2 of one another, indicating that sample thickness does 

not affect the phenomenon of extinction for the thicknesses and conditions of the methodology 

used.  

1 INTRODUCTION 

Timber has ironically served both as one of the earliest construction materials for mankind as 

well as our most common fuel source. It is no surprise that timber burns -  however it is 

commonly misunderstood that in many cases, timber cannot sustain flaming combustion on its 

own.  Without an external heat flux, flaming timber will often experience self-extinction due to 

an insufficient mass loss rate to maintain the flame and overcome heat losses. Self-extinction is 

an occurrence that is well documented [1-4], but further investigation into the phenomenon is 

required as many questions remain about the factors that may affect this.  

The use of timber in the built environment has gained popularity on a global scale as building 

designers pursue more sustainable practices. To ensure safety, timber construction must survive 

burnout of the contents in the compartment and maintain structural integrity [5]. Achieving and 

maintaining self-extinction is fundamental to survive burnout. While the self-extinction of timber 

has been studied, there remains little understanding of the effect that sample thickness has on the 

phenomenon. Self-extinction has not been observed for thin specimens (e.g. match sticks) but 

has been observed in relatively thick specimens (100-150mm). This demonstrates a critical 

dimension exists at which timber can sustain combustion without an external heat flux.  

Structural timber varies greatly in size and thickness; conventional light-frame timber is 

generally used to describe timber on the order of 2 in x 4 in (50mm x 100mm) through 2 in x 12 

in (50mm x 300mm), while heavy timber describes structural members having a minimum 

dimension of no less than 4 in (100mm) [6]. Due to this variation in construction timber, the 

effect of sample thickness on self-extinction must be characterized. This paper serves to explore 

the bounds of which a sample can be treated as a semi-infinite solid as well as the self-extinction 

threshold of sample thickness. 
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2 SELF-EXTINCTION THEORY 

The phenomenon of self-extinction has been observed in both solid timber and engineered 

timbers in a variety of species [2-4]. Parameters for self-extinction can be quantified through an 

energy balance of the char and pyrolysis layers within the timber, as seen in Figure 1.  

For a given section of timber exposed to a sufficiently large incident heat flux, a heated layer 

undergoes pyrolysis, producing flammable gases and a carbonaceous char layer. The released 

gasses eventually exist within the flammable limits and then ignite either through piloted 

ignition, or through auto-ignition upon the gas reaching a critical ignition temperature. Sustained 

ignition can only occur when the net energy into the heated surface is enough to overcome heat 

losses due to in-depth conduction, convection, and re-radiation while still providing enough 

energy to create sufficient pyrolysis gasses.   

 

 

Figure 1. A depiction of the energy balance over the char layer (Left) and the layer of timber further in depth 

undergoing pyrolysis (Right). It should be noted that this figure assumes that the sample has been burnt for a 

sufficient time to develop a char layer.  

The external heat flux acting on the front of the sample represents the incident heat from the 

radiant source, while a separate term represents the radiation feedback from the fire once a flame 

sheet is established on the ignition face. Losses from the char layer are attributed to re-radiation 

and convection. Oxidization in the char layer serves to generate heat as the char experiences 

further combustion [4]. Other energy that is not stored in the char layer, effectively raising the 

local temperature of the char, is then conducted into the pyrolysis layer.  

Of the energy entering the pyrolysis front,  ΔHpṁ''f is used to gasify the timber into volatiles. 

The remaining energy is conducted further in-depth into the sample. As long as a sufficient 

amount of energy is put into degrading the timber, a mass loss rate will continue to be produced 

and sustain flaming combustion. Based on the observation of self-extinction alone, there must 

exist a critical mass loss rate at which flaming combustion can no longer be sustained. Values of 

such critical mass loss rates are well documented in literature [2-4]. Energy balances over both the 

char layer and the pyrolysis zone in Figure 1 can be combined to yield an equation similar to that 

presented by Emberley, et al. [2] . 
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Many terms presented in Eq. (1), such as generation in the char layer and the radiant feedback 

from the flame sheet, can be difficult to quantify and require additional testing. Determining the 

point at which self-extinction occurs within a timber sample has been previously described with 

two parameters; a critical mass loss rate, and a critical external heat flux at the point of self-

extinction [2,4].  

As a timber sample burns, there is an initial transient period of mass loss, which is characterized 

by rapid mass loss. This transient phase often features spikes in mass loss due to accelerated and 

uneven burning or flare-ups on the surface (see Figure 2). Based upon previous testing, self-

extinction is generally observed within the steady state portion of the test.  

 

 

Figure 2. Mass loss data for a test of a 45mm Redwood sample. The vertical dashed line indicates an approximate 

transition from the transient burning phase to a steady state.  

If there exists a portion of the sample sufficiently far from the exposed face such that heat does 

not transfer through the entire thickness of the sample, the sample can be treated as a semi-

infinite solid. This assumption renders the sample thickness irrelevant so long as there always 

exists a portion that does not see thermal penetration from the heat source [7].  

Due to the surface regression of the char, a specimen will inevitably stop representing a semi-

infinite solid at some point if it is allowed to continue burning indefinitely. The semi-infinite 

solid assumption has been built into self-extinction testing thus far in literature. However, the 

nature of investigating the effect of sample thickness will inherently cause a breakdown in the 

semi-infinite assumption. By reducing the thickness (i.e. the characteristic length scale) of the 
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sample, the heat being conducted through the sample takes less time to penetrate the back-

boundary condition. Once the timber no longer behaves as a semi-infinite solid, the heat 

conducted into the remaining timber will be stored in the virgin timber (or lost through the rear 

boundary conditions) as opposed to being further conducted into the sample. The increased 

energy storage could serve to raise the temperature within the timber and increases the rate of 

pyrolysis within the portion of unburnt timber. A higher rate of pyrolysis could then create a 

scenario that prevents, or at least delays, self-extinction.  

The criteria for semi-infinite conditions are set by a specified increase in the back-face 

temperature. If a value of 0.5% of the difference between the back-face temperature and the 

ambient temperature is used as this criterion, then the time at which a material ceases to behave 

as semi-infinite can be described as t ≈ L2/(16α) – where L represents the thickness of the 

material and α represents the thermal diffusivity [1]. When considering light-timber (45mm 

thickness for nominal 50mm timber) and heavy-timber (95mm thickness for nominal 100mm 

timber), each would cease to be a semi-infinite solid in approximately 25 minutes and 113 

minutes, respectively (assuming thermal properties for Yellow Pine as a generalization) [1].  

The distinction of whether a timber member is thermally thick or thermally thin speaks to the 

thermal gradients within the sample. These two conditions are defined by the Biot number such 

that, B = hlch/k, where a sample can be considered thermally thin if its Biot number is 

significantly less than one [1]. The Biot number serves as a ratio between the rate heat will 

conduct through a material, compared to the heat lost to convection. Therefore, a thermally thin 

material will have little to no temperature gradients in-depth for any one-dimensional heat 

transfer. It is important to clarify that self-extinction in timber is consistently observed with 

thermally thick materials, but it has been supposed that thermally thin samples of timber could 

sustain flaming combustion without an external heat flux due to this geometry [1]. Previous work 

has characterized the effect that a thin cylindrical geometry on burning due to flaming on a larger 

surface area [8]. However, varying the thickness of a timber samples with a uniform surface area 

has not been tested, particularly in the context of self-extinction. 

3 TEST METHODOLOGY 

In order to observe the effects of sample thickness on the phenomenon of self-extinction, 

samples of various thickness were allowed to burn unimpeded until the sample receded to the 

point at which self-extinction was observed. For the sake of these tests, both the surface area 

exposed to the heat source and the incident heat flux remained constant between trials.  

As seen in Figure 3, an ISO Mass Loss Cone Calorimeter at the University of Edinburgh was 

used in the vertical orientation to supply the external heat flux to the sample and remained on for 

the duration of the test. The scale associated with the cone was also used to record the mass loss 

of each sample. Each sample was exposed to 35 kW/m2 and ignited with the pilot of the Mass 

Loss Calorimeter. Based on preliminary testing, 35 kW/m2 was chosen to produce a more 

uniform char surface compared to higher heat fluxes.  Trials were conducted for sample 

thickness of 95mm and 45mm, which correspond to the nominal dimensions for light-timber and 

heavy-timber as defined previously. All samples were Redwood with a moisture content of 9.7% 

(determined in accordance with ASTM D4442) [9]. 
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Figure 3. The Mass Loss Cone Calorimeter used for testing. Samples were tested in the vertical orientation with all 

sample sides uninsulated, as seen in testing conducted by Emberley, et al [2].   

Each test was conducted until self-extinction occurred and all flaming visibly extinguished. 

When observed, the time to self-extinction was recorded. For each sample that extinguished, 

both the depth of unburnt timber and the thickness of the remaining char layer were measured. 

The critical mass loss rate for self-extinction was determined from the data recorded for each 

test. These values were compared to existing values in literature, and also served to signify any 

variation in self-extinction conditions for differing thicknesses. Additionally, the critical external 

heat flux at the point of extinction was measured by placing a Schmidt-Boelter heat flux gauge at 

the given distance from the cone at which the sample extinguished (i.e. the location of the 

regressed char surface).  

4 RESULTS & DISCUSSION 

Results from experiments so far have shown a consistent critical mass loss rate for self-extinction 

across different thicknesses. A value of 2.98 ± 0.4 g/s-m2 was recorded at the point of extinction 

across the experiments; an example of which can be seen in Figure 4.  

While there is no existing literature that defines the critical mass loss rate for Redwood 

specifically, the value determined from experimentation is within the realm of results seen in 

previous studies on self-extinction; Radiata Pine for example, has been recorded to have a 

critical mass loss rate of 3.65 ± 0.2 g/s-m2 at the point of self-extinction [2]. Samples of both 
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95mm and 45mm consistently demonstrated self-extinction (n=4 for both 95mm and 45mm 

samples).  

 

Figure 4. Mass loss data recorded for a single 95mm sample and a single 45mm sample exposed to 35 kW/m2. The 

sample was visibly observed to self-extinguish at approximately 40 minutes. The mass loss rate at the point of 

extinction is indicated by the horizontal dashed line.  

As seen in Table 1, both the 95mm and 45mm samples experienced self-extinction within similar 

time scales. The 45mm samples extinguished on average 6 minutes sooner than the 95mm 

samples, and receded 2mm less than the 95mm samples. Based upon the semi-infinite solid 

theory described previously, the 95mm samples extinguished before ever losing the semi-infinite 

condition. The 45mm samples however would not be expected to remain as a semi-infinite solid 

for the duration of the test. According to theory, the thermal wave will reach the back-face of the 

45mm samples in approximately 25 minutes. The resulting extinction of the 45mm samples 

suggests that a semi-infinite solid condition is not required for the phenomenon of self-

extinction.  

These results however can only be used to describe one-sided heating at 35 kW/m2; further 

testing is required to gain insight into self-extinction behaviour if the sample was to be heated 

from multiple sides. The reduction in receded distance and time to extinction observed in the 

45mm samples could be attributed to the thermal wave breaching the back face and allowing for 

higher convective losses at the back face, which then expedites the process of extinction.   
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Table 1. A summary of the averaged results across the 95mm and 45mm trials. The total receded distance describes 

the distance the char front regressed from the plane at which the sample face was placed at the beginning of the test 

– the same location where the 35 kW/m2 was calibrated. 

Initial 

Thickness 
Burn Time Total Receded 

Distance 

Critical Mass Loss 

Rate 

[mm] [min:sec] [mm] [g/s-m2] 

95 44:50 ± 6:42 13.71 ± 1.7 3.03 ± 0.1 

45 38:47 ± 2:43 11.67 ± 1.3 2.92 ± 0.4 

The range of receded distances between trials varied from 10.5mm to 15.5mm, considering both 

95mm and 45mm samples. After testing, the heat flux was recorded at both 10.5mm and 15.5mm 

from the plane at which the 35 kW/m2 was originally determined. The resulting critical external 

heat flux ranged from 30.8 kW/m2 to 29.5 kW/m2, at 10.5mm and 15.5mm, respectively. 

Additional trials of 25mm samples were attempted, however vertical samples warped over the 

course of the experiment and flame spread along the sides and top of the samples instead of 

maintaining the flame sheet on the front face. Therefore, those results were not considered in this 

analysis.  

5 SUMMARY & FURTHER WORK 

The established methodology of this experimental series was aimed at illustrating the effect 

sample thickness has on the self-extinction of timber. A consistent value was established for the 

critical mass loss rate, and a fairly consistent regression distance was used to determine a range 

for the critical heat flux at extinction. This work is ongoing, and the authors intend to continue 

expand on the results presented here. Preliminary results indicate that sample thickness does not 

affect the critical mass loss rate at extinction or the distance the sample will recede prior to 

extinction. These results are applicable to the methodology used, however this testing should be 

further expanded to other species, heat intensities, orientations, and sample sizes. 

Additional experiments must also be conducted to see the effect of samples smaller than 45mm, 

in an effort to characterize a critical thickness at which extinction may not occur. Testing using 

25mm samples resulted in a condition in which the sample was no longer burning on only the 

front face. An investigation into sizes between 45mm and 25mm could require a change in 

methodology to prevent such warping. Further research should also work to relate the critical 

external heat flux at extinction, as measured in this experimentation, to the energy balance 

described in Eq. (1). While additional testing will be required, these results lay the groundwork 

for further investigation into the interaction of self-extinction and geometric aspects of timber 

samples.  
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ABSTRACT 

Safe evacuation is becoming a major concern due to the increase of population density and 

disabilities associated to obesity or aging of some populations [1]. 

The goal of evacuation engineering is to demonstrate the safe egress of all occupants of a 

building before the sustainability conditions become death threatening.  

The RSET (Required Safe Egress Time) is often used as a safety criterion. Many recent 

modelling tools present input data linked to behavioral parameters (associated to each occupant) 

expressed as statistical distributions. Thus, the output of the model is expressed as a distribution. 

The main challenge today is to construct the framework for evacuation safety engineering based 

on a statistical approach. This paper is one of the first steps to build it. 

1 INTRODUCTION 

The evacuation safety engineering relies on evacuation modeling tools. During the last years, 

several evacuation modeling tools have been proposed on the market (BuildingEXODUS, 

Pathfinder, Pedestrian Dynamics, …). A broad review of the existing models has been 

established by the National Institute of Standards and Technology [2]. Fueled by the increase of 

numerical capability, many of these software rely on microscopic models. The amount of 

required entry data for these models has boomed in the attempt to describe in detail physical 

(reaction time, walking speed) and behavioral characteristics (leadership, patience) of each 

pedestrian individually. Many of these parameters are proposed with default values in the 

different software facilitating the preparation of the simulation. As a consequence, the influence 

of some parameters cannot be clearly identified by users without in depth knowledge of the 

models. 

To use the existing simulation tools in a performance-based engineering of evacuation, two 

issues must be addressed. 

− First, as any engineering analysis, it is required to choose the adequate entry data associated 

to the hazard and scenario. Given the number of input parameters proposed by some 

evacuation tools on the market, it is not feasible to declare representative distributions for all 

variables. It is therefore necessary to identify the key parameters that condition the RSET. A 

sensitivity analysis methodology is proposed to do it. 

− Secondly, it is necessary to define a RSET safety criterion. Since the input of the stochastic 

models are partially expressed as statistical distributions, the definition of the safety RSET 

should be expressed statistically (associated to a failure probability). 
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The goal of this paper is to address these two issues using a statistical analysis run on case 

studies using the software BuildingEXODUS to illustrate a method potentially applicable to 

other tools and building geometries. 

2 BUILDINGEXODUS OVERVIEW AND GEOMETRIES 

The numerical tool used in this study is BuildingExodus. It is based on a discretization of space 

by interconnected nodes of 50 cm x 50 cm using Moore’s connection model. Each occupant has 

his own characteristics. Two occupants cannot be on the same node. 

Several input geometries were used for the statistical analysis to quantify the architectural impact 

on the output. This impact can be observed through similarities or differences in outputs. The 

output of the simulations is the RSET defined as the exit time of the last occupant of the 

building. The geometries may yield second order phenomena such as congestion phenomena 

induced by reduction of the path sections (doors, corridors). These phenomena modify the RSET 

output. Furthermore, the geometry also modifies the weight of the different parameters on the 

RSET. For example, long escape distances will provide substantial importance to pedestrian 

walking speed while short exit distances might favor reaction time in conditioning the escape 

time. 

To include the effect of geometry on the statistical analysis, 6 different geometries [A, B, C, D, 

E, F] were selected: 2 with very different evacuation distances and 4 with different numbers of 

bottleneck (called congestion levels thereafter). The two different evacuation distance geometries 

are composed of a 5 m x 5 m room where the occupants are initially. This room is considered 

connected to a 10 and 85 meters long corridor leading to the exit (respectively Fig. 1 and Fig. 2). 

 

Fig. 1. Geometry ‘A’ with a 10 meters evacuation corridor 

 

Fig. 2. Geometry ‘B’ with a 85 meters evacuation corridor 

The geometry without congestion level is represented by a 35 meters long corridor where the 

occupants are initialized on the leftmost nodes (Fig. 3). 

 

 

Fig. 3. Geometry ‘C’ without level of congestion 
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The other three geometries with different levels of congestion are composed of a 5 m x 5 m room 

where the occupants are initially. The rooms are connected to 1, 2 or 3 levels of congestion, then 

to a 10 meters long evacuation corridor (Fig. 4 a) and b) and Fig. 5). 

a) b) 

Fig. 4. a) Geometry ‘D’ with 1 level of congestion; b) Geometry ‘E’ with 2 levels of congestion 

 

Fig. 5. Geometry ‘F’ with 3 levels of congestion 

3 SENSITIVITY 

The sensitivity analysis proposed here uses three steps:  

− the Latin Hypercube Sampling (LHS) method, 

− the Sobol indices, 

− the Bootstrap confidence interval. 

It allows to sort out the input data in regard to their influence on the RSET. This sensitivity 

analysis method is independent from the software to perform the egress simulations. 

3.1 Sampling 

A sensitivity analysis requires to explore the entire definition domain of each input variable. 

However, this is not suitable to an engineering approach due to high computational time. Thus, 

since most of the input variables are quantitative in nature (speed, leadership, reaction time), 

these variables need to be sampled to work on a subset of values representative of their 

theoretical density. Sampling is performed using an iterative algorithm, with one sample selected 

for each iteration. With enough iterations, the sampled values become distributed in a way that 

approximates the theoretical distribution of the population. There are several sampling methods, 

the main ones being the Monte Carlo method and the LHS method. The LHS method [4] is 

selected due to its ability to sample uniformly each definition interval of each variable. The 

process of the LHS can be summarized as follows: 

− Divide the theoretical distribution into N intervals of equal width; 

− Randomly select a cumulative probability from each interval; 

− Transform each cumulative probability into a random value from the specified theoretical 

distribution using the inverse function of the cumulative probability (here a walking speed). 
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− Randomly match the values of each variable with all other variables 

Table 1 represents modifiable input parameters available on BuildingEXODUS with the 

probability laws they follow or with their possible discrete values set (from BuildingExodus 

manuals and the literature). The geometry of the building studied, the number of occupants and 

their spatial position are defined as constants. Indeed, the geometry is represented by a fixed 

graph. The number of occupants and their initial positions are set constant from one simulation to 

another to only study the influence of the other parameters. The fixed initial positions allow to 

keep a coherence on the exit times of the occupants according to their own parameters. 

Table 1. Modifiable parameters used in BuildingEXODUS 

Input Nature Type [unit] Law followed/Fluct. set 

Exit target Qualitative 
Digit of 

door 
{Nearest;1;2,…} 

Gene (use to create a social 

group) 
Qualitative Integer {0;1;2,…} 

Group leader Qualitative Binary {0;1} 

Building geometry 
Set of nodes and 

edges 
- Constant 

Number of persons Quantitative Integer Constant 

Spatial positions Vector of positions - Constant 

Leadership Man : Drive M. Quantitative Real Uniform([5;15]) 

Leadership Woman : Drive W Quantitative Real Uniform([1;10]) 

Mobility coefficient Quantitative Real {1;0,95;0,94;0,89;0,81;0,69;0,57} 

Patience Quantitative Integer [sec] Uniform({1;…;1000}) 

Pre-evacuation time Quantitative Integer [sec] Uniform([0;30]) 

Walking speed Man Quantitative Real [m/sec] Normal(1,30;0,13) 

Walking speed Woman Quantitative Real [m/sec] Normal(1,24;0,14) 

Within each simulation, the panels of persons are composed of 50 men and 50 women with 

identical characteristics (except leaderships and travel speeds which are gender-specific). Each 

simulation is therefore characterized by 7 input parameters. In order to limit the number of 

separated parameters and reduce the computational time, these 100 persons have similar 

characteristics. This way, only 7 parameters must be studied rather than 500. To further reduce 

the number of factors, it is interesting to consider a new factor "walking speed". Its probability 

density is the concatenation of the densities of walking speed for men and walking speed for 
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women, weighted by mobility coefficients. In this way, the number of factors decreases from 7 to 

5. 

3.2 Sobol indices 

This part describes briefly the Sobol indices principle and its asset to the sensitivity study. 

Mathematical details are available in [5], [6] and [7]. In this section, a theoretical set of factors X 

= (X1, X2, … , Xn) represents a set of physical parameters like X = (age, weight, height, …). Ui = 

(Xi1, Xi2, … , Xik) represents a ith subset of these parameters. 

Each sensitivity index related to the set of factors Ui is theoretically between 0 and 1 because 

according to the variance decomposition formula, V(Ui) is less than or equal to V(Y) where Y 

represents the output, in this study the RSET. The Y analytic formula is unknown and obtained 

using egress simulations. The factors or sets of factors with the highest sensitivity indices most 

influence the response of the model. They are therefore the most important factors or sets of 

factors within the model. 

There are several kinds of indices: 

− First-order indices, Si: Si are associated with the main effect of the Xi factor alone. It 

corresponds to the percentage of the variance of Y induced by Xi alone. For example, S1 = Sage 

represents the part of variability of the considered output inducted by the age factor. 

− Higher-order indices, Si,j,Si,j,k, … : SUi = Si1,i2, … ,ik are associated with the effect of the 

interaction between the set of factors Ui = (Xi1, Xi2, … , Xik). For example, S1,3 = Sage,height 

represents the part of variability of the considered output inducted by the interaction between 

the factors age and height. 

− Total indices, ST
Ui: They are associated with all effects associated to the set of factors Ui = 

(Xi1, Xi2, … , Xik). It’s the sum of indices associated with Xi1, Xi2, … , Xik. 

Fig. 6 below illustrates the composition of each sensitivity index among each combination of 4 

theoretical factors. 

 

  

 Main effect of X1 

 Interaction between X1 and X2 

 Total effect of X1 

 Main effect of X2, X3 and X4 

Fig. 6. Different kinds of Sobol indices 
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3.3 Bootstrap 

Bootstrap techniques are statistical inference methods that assess the sensitivity of statistical 

indicators in a sample by analyzing its possible subsamples [8]. The bootstrap creates “new 

samples” only by drawing in the old one, with replacement from the initial sample. This is called 

resampling. The bootstrap technique goal is to assign a confidence interval to the sensitivity 

indices. 

We are interested in the statistical variable X distributed according to a specific law in a 

population P. We do not have the global population census, but we do have the observed values 

of X on a sample size n: x = (x1, x2,…, xn). The basic idea of the bootstrap is the following: 

- A parameter T of the population P is estimated from the sample by the statistic s(x) ; 

- To improve the knowledge that one has of T over P, one proceeds to a resampling by 

drawing with B samples of size n in the sample x. These "bootstrap samples" are 

designated by x1*, x2*,…,xB* ; 

- Then s(xb*) is calculated for each bootstrap sample and statistical indicators of the 

distribution of s(xb*) are considered. 

In order to determine a confidence interval from the B values obtained by bootstrap, the standard 

error method can be used. This is based on the estimated mean t*, on the estimated standard 

deviation s* of the distribution of s(xb*) and on the order quantile 1 - α/2 of a Student law at n-1 

degrees of freedom, q1-α/2,n-1, where α represents the significance level. The proposed interval is 

Eq. (1). 

       
 (1) 

3.4 Results 

The 90% confidence intervals obtained for the geometries A and B relative to the evacuation 

corridors are represented in Fig. 7. As one can see, the longer the evacuation corridors, the 

higher the walking speed is, to the detriment of reaction time. Indeed, in the 10 meters’ corridor 

geometry, the RSET is greatly controlled by the pre-evacuation time because occupants can cross 

the corridor rapidly. But in a longer corridor geometry, the RSET would rather be controlled by 

the walking speed because the evacuation distance would be longer. Regarding leaderships 

(Drive) and patience, they are negligible because the geometry does not lead to substantial 

congestion phenomena. 
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Fig. 7. Sensitivity indices obtained for the geometries relative to the evacuation corridors 

The 90% confidence intervals obtained for the geometries C, D, E, F relative to the number of 

levels of congestion are represented in Fig. 8. The reaction time really impacts the RSET 

variations because the geometry is relatively small, however it remains very similar. 

 

 
Fig. 8. Sensitivity indices obtained for the geometries relative to the levels of congestion 
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3.5 Synthesis 

The sensitivity indices obtained for geometries A and B relative to corridors emphasize that the 

longer are corridors, the more speed walking influences the RSET variations. It shows that speed 

walking has to be known with accuracy for large-scale geometries. Because these geometries are 

quite large, leaderships (Drives) are less influential because there are a few number of travel 

conflicts. The indices estimated for geometries relative to congestion (C, D, E and F) follow the 

same trend. For these geometries, levels of congestion do not seem to be important into RSET 

variations. It can be noted that leadership may become more influential if the density of 

pedestrians increases. Among all sensitivity analysis, the reaction time is important. It must 

absolutely be known with precision, so the simulations are as close to reality as possible. 

4 DETERMINATION OF AN RSET SAFETY CRITERION 

The RSET is compared to the ASET (Available Safe Egress Time) to determine if a safety 

evacuation is possible. However, the ASET is usually deterministic whereas, by opposition, the 

RSET as said before is stochastic due to statistical distributions of the entry parameters. Thus, it 

is necessary to establish a safety criterion to compare properly ASET and RSET. 

4.1 Distribution function 

From a set of evacuation simulations, it is possible to draw the estimated RSET distribution 

function. This kind of graphs shows the probability for the RSET to take a value less or equal to 

a fixed x to define a safety criterion that is referred hereafter as the “safety RSET”. The Fig. 9 a) 

and b) respectively represent the distribution functions associated with previous geometries. 

They also emphasize the bigger RSET found which can be interpreted as a safety RSET. But it is 

severe. In Fig 9. a), it’s possible to notice that the evacuation distance plays a significant role on 

the safety RSET as expected: the longer the evacuation distance, the longer the safety RSET is. 

On the contrary, in Fig 9. b), the number of levels of congestion does not seem to be 

significantly important about the safety RSET: RSET variations are relatively slight. 

a) b) 

Fig. 9. Distribution functions obtained for the geometries characterized by their a) corridors; b) levels of congestions 
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4.2 Knowledge of parameters 

A distribution of RSET being subject to a random part due to the stochastic part of simulators, 

they can be framed using confidence intervals with specific thresholds. More specifically, each 

quantile α of the distribution can be framed as explain in Eq. (2) [3]: 

     (2) 

where  represents the quantile of RSET of order x, α represents the quantile to frame, c1-

p/2 represents the quantile of the normal centered and reduced distribution of order 1-p/2 (p 

represents the significance level, generally, p = 0.1 or 0.05) and n represents the length of the 

sample. 

The interval length LIα is given by Eq. (3): 

     (3) 

which contains three constants: α, c1-p/2 and n. Since the function  returns a specific quantile 

of a distribution, when a sample is added in this distribution, the interval can vary. So, with an 

iterative algorithm, it is possible to study the convergence of LIα. Likewise, when 2 parameters 

among α, c1-p/2 and n are fixed, it is possible to find the third. 

Sometimes, just one boundary of an interval is interesting. For example, in the case of RSET, the 

lower boundary is not meaningful whereas the upper boundary can provide information like 

safety RSET or the number of simulations which went wrong. In this way, the confidence 

interval can be asymmetrized: admitting significance levels p1 and p2 for lower and upper 

boundary respectively. Eq. (4) gives the expression for this interval. If one of the two boundaries 

is calculated with a 0% significance level, this boundary becomes identical to the estimated 

distribution function. 

      (4) 

4.3 Synthesis 

The determination of a safety criterion allows to compare easily ASET and the RSET. At first 

sight, the calculated maximum value appears satisfying, but it is not a reliable criterion: as a 

stochastic approach is used extreme values can be omitted by the study even with a LHS method; 

on the contrary, they can also be overestimated and give extremely severe criteria. Thus, a 

quantile and particularly the 95th percentile associated to a confidence level of 90% (which are 

commonly used values in the field of statistics) can be suitable to define a safety RSET criterion. 

As written above, the length of the confidence interval is linked to the number of simulations. 

The convergence on the confidence interval length can be used to statue on simulations number. 
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5 LIMITATIONS 

The selected geometries are simple enough to test robustness of the method. Calculated results 

are in good agreement with expected results on such simple configurations and demonstrate the 

approach relevancy. Indeed, it can be expected that reaction time and speed would be the most 

influent parameters. Nevertheless, generalizing of this result would require a deeper exploration 

of more complex geometrical configurations. Furthermore, only five parameters are studied in 

this paper. Thus, the scope of reachable conclusions is limited. Increasing the number of 

simultaneously studied parameters would require a huge number of calculations. Therefore, 

using this approach in an engineering context requires to improve the method to reduce this 

calculations number. 

Finally, results also rely on input parameter ranges presently coming from the literature and 

default values. A study on these ranges should be done too to be able to generalize results. 

6 CONCLUSION 

This paper presents two methodologies to better characterize the influence of the entry 

parameters on the RSET and to give a RSET safety criterion. It is part of a broader work to 

propose a framework in France for evacuation safety engineering. As said previously, this paper 

is one of the first steps. Indeed, only two test case geometries and their variations have been 

presented. The geometries are humble but give interesting and expected results. Further test 

cases will be studied to continue to test methodologies robustness.  

A great advantage of these methodologies is their universality. Thus, a current work with 

authorities is under development: assess the applicability of these methods to other evacuation 

modeling tools through a benchmark. 

Moreover, these methodologies and particularly the one on the sensitivity analysis can be 

improved. Some works have already begun on the use of other methods for indices calculation. 

In addition, an analysis has started to treat persons with different characteristics and/or more 

parameters simultaneously. Then, the probabilistic nature of the safety criterion implies to share 

an acceptable failure probability level and further discussions must be held on that topic.  

Finally, in parallel to the reliability and statistic approaches to determine safety thresholds, 

physical analysis is carried out to increase the representativity and robustness of the calculations 

of egress times. In particular, the sensitivity analysis results can allow to identify the most 

influential input data and get a better knowledge of them. 
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ABSTRACT 

Building occupants are typically informed about fire evacuation routes through coloured and 

illuminated emergency exit signs. The presence of other coloured illuminated signs may distract 

occupants when searching for safe exit. Such distractions could lead to confusion and even 

harmful outcomes if occupants misinterpret the sign colours, mistaking non-exit signs for exit 

signs. This contribution presents data from a virtual reality experiment that tested which coloured 

signs people would walk toward in an emergency. Participants were immersed in a virtual room 

with two doors straight ahead from the starting position. An illuminated sign with different 

coloured vertical bars was placed above each door (green, red, yellow, magenta, blue, and grey). 

On each trial, a fire alarm sounded, and participants walked toward the door that they thought 

was the exit. Participants were most likely to walk toward green signs. However, in a post-

experiment survey most participants reported that exit signs should be red  [1]. This 

demonstrates a dissociation between the way self-reported expected behaviour in emergency 

situations and actual behaviour. These results have implications for the design of exit signs. 

Occupants, and maybe building designers too, may not always correctly anticipate how 

occupants will use information that should guide them towards safety. Overall, this result 

emphasizes the importance of behavioural experiments of evacuation behaviour.  

1 INTRODUCTION 

Emergency exit signs are used to inform building occupants about safe egress routes in 

emergency situations. Exit signs should provide guidance when needed, but be unobtrusive 

otherwise. Building and safety codes typically require exit signs to either display white 

illuminated pictogram/text (“EXIT/SORTIE”) on a coloured background, or a coloured 

pictogram/text on a white or clear background [e.g., 2]. Most building codes around the world 

prescribe green as the colour for exit signs. However, certain codes, such as the National Fire 

Protection Association (NFPA) 101 let users choose between red and green exit signs.  

Colour is an important design feature because it can convey information under low visibility, 

when pictograms or text may be illegible. Low visibility conditions, for example smoke filled 

environments, also tend to be ones under which building occupants may require guidance about 

evacuation routes. However, other coloured signs near exit signs might be distracting, confusing 

building occupants about which routes afford safe egress. A particularly dangerous scenario 

could arise if occupants inferred that the colours of non-exit signs were more likely to signal 

‘exit’ than the colours of exit signs do. Thus, it is important to understand how occupants 

interpret the colour of exit signs.  
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Here, we present data from a study investigating people’s inferences about which colours are 

more likely to signal ‘exit’ in a simulated emergency, i.e. their colour inferences. Understanding 

colour inferences is important for effective exit sign designs because designs are easier to 

interpret when the encoded mapping between perceptual features and concepts (e.g., the colour 

of actual exit signs) matches people’s expectations (e.g., their prediction about the colour of exit 

signs) [3-6].  

Some previous work suggested that people associate green signs with exit signs [e.g., 7, 8, 9]. 

Most of these studies, however, were conducted in countries that require exit signs to be green. 

Consequently, it is unclear if participants were more likely to choose green because it mimicked 

the colour of exit signs in their immediate environment, which we refer to as the local exposure 

hypothesis, or because green was associated with concepts that signalled “safe exit,”, which we 

refer to as the semantic association hypothesis. Although context shapes how people infer 

meaning from colour [5, 10, 11], the green-associated concepts of “go” [12] and “safety” [13] 

seem particularly relevant for signalling “safe exit” in emergencies. In contrast, the concepts of 

“stop” [12] and “danger” [14-16] which are associated with red could have the opposite effect. 

We dissociated the local exposure and semantic association hypotheses by evaluating exit choice 

in a region where exit signs are mandated to be red. In addition, participants in our study walked 

by multiple red exit signs on their way to the testing laboratory. If participants still infer that 

green signs are exit signs, that would support the notion that colour inferences for exit signs are 

not based on local exposure but rather due to semantic associations.   

We tested the two hypotheses in a controlled virtual reality laboratory setting. Immersive virtual 

reality (VR) experiments allow balancing ethical considerations with those of data validity [17, 

18]. Previous VR studies found that egress behaviour improved when participants were guided 

by exit signs compared to no signs [19], and attention improved with dynamic exit signs 

compared to standard exit signs [20]. We present results from a study in which participants chose 

one of two exits while walking in VR. Above each door there were differently coloured signs (all 

pairs of red, yellow, green, blue, magenta, and white). After the walking task was completed, 

participants were asked which colour exit signs typically were in their environment and what 

colour they thought exit signs should be. We found that responses to these questions were at 

odds with the results from the walking task: participants reported that red would be best for exit 

signs, yet they were most likely to walk toward green signs [1]. 

2 METHODS  

2.1 Sample 

Twenty-four undergraduate students (twelve female, mean age 19.79 years, SD 1.28) 

participated in the study. All of them had normal or corrected to normal vision, gave informed 

consent, and were compensated for their participation. The study was approved by the Brown 

University Institutional Review Board.  

2.2 Test setup 

The virtual environment consisted of a virtual replica of the physical lab space. However, instead 

of facing a single door, in each trial participants saw two identical exit doors on one end of the 

room. A coloured backlit exit sign with four vertical bars was placed over each of the two doors. 
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Testing was conducted in a 14x16 m laboratory space at Brown University. The VR set-up 

allowed participants to physically walk in VR does not require input devices for navigation. 

Orientation and head position were recorded using a hybrid ultrasonic-inertial tracking system 

(sampling rate of 60 Hz; IS-900, Intersense, Billerica MA). The system can track position and 

rotation at 360° at an angular resolution of 0.10° in the trackable area. The virtual environment 

was presented using an untethered head-mounted display (HMD; Rift DK1 for the first 16 

participants, Rift CV1 for the last eight participants; Oculus, Irvine CA; 110° diagonal field of 

view; set at 6.4 cm IPD (no individual adjustments). A mobile battery pack carried in a small 

backpack, along with the DK1 control box was used to power the HMD. The virtual environment 

was generated on a workstation pc (frame rate of 60 fps), using the Vizard 4 software package 

(WorldViz, Santa Monica CA). The displays were transmitted wirelessly to the HMD using two 

HDTV transmitters, and presented stereoscopically. Head position and orientation coordinates 

from the tracker were used to update the display with a latency of 50-67 ms (3-4 frames).  

2.3 Design, Displays, and Procedure  

The study used a within-subjects repeated measures design. Participants were presented with all 

15 pairwise combinations of 6 exit sign colours (red, yellow, green, blue, magenta, and white).  

Each pair of colours appeared four times, twice with one of the colours over the left door and the 

other over the right, and twice with the opposite left/right assignments. This resulted in a total of 

60 trials. By having each colour appear an equal number of times on the left and right, we 

ensured that any tendency to walk to one colour over another was not driven by a bias towards 

one of the two doors. The trial order was pseudo-randomized for each participant.   

At the beginning of each trial participants were placed 10.87 m equidistant from two identical 

doors (one to the left and one to the right). Each door had a coloured backlit sign over the door 

frame. Two seconds after trial start, a fire alarm sounded and participants picked whichever door 

seemed to be appropriate to walk toward. A trial ended when participants reached one of the 

doors. Participants then returned to the starting position. Prior to testing, participants completed 

two practice trials in which the signs were both coloured white. Short breaks were interleaved 

every 15 trials to reduce the risk of simulator sickness. 

After participants had completed the walking task, they answered a series of questions in which 

they rated the alarm’s realism (4 point Likert scale from very unrealistic to very realistic) and 

answered free-response questions about exit sign colours. One question asked them to report the 

typical colour of an emergency exit sign in their home state, the state where the study was 

conducted, and inside the university building where the testing took place. They were also asked 

to report which colour they deemed most appropriate for emergency exit signs.  

3 RESULTS 

3.1 Walking task 

Figure 8A illustrates the proportion of times each colour was chosen. The green exit sign was 

chosen most often. A binary logistic regression was used to predict which exit choice (left/right) 

by exit sign colour. We tested models for each of the two hypotheses (local exposure vs. 

semantic association) by defining the reference category (intercept) of the logistic regression 

model according to the hypothesis (i.e., green for the semantic association hypothesis and red for 

the local exposure hypothesis).  
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Figure 8. (A) Proportion of times participants walked toward each of the coloured signs, averaged across 

participants. Error bars represent standard errors of the means. (B) Reported appropriate colours for exit signs. Error 

bars represent multinomial confidence intervals 

In the first logistic regression, participants were significantly more likely than chance to pick the 

door with the green exit signs (Odds = 1.64, p < .001), and significantly less likely to pick a door 

with a sign with any other colour except the magenta sign (all ps < .001, see [1] for more detailed 

results). These results support the semantic association hypothesis. 

In a second logistic regression, we used red exit signs as the reference category to test the local 

exposure hypothesis. There were no differences between red and any other colour except for 

green as described above, Odds = 1.97, p < .001, and white, Odds = 0.61, p < .01, where green 

was chosen more often than red, and was chosen less often. These results challenge the local 

exposure hypothesis. 

3.2 Post-experiment exit sign questionnaire 

All participants stated that exit signs in their home-states and in the state where the study was 

conducted were typically red.  Three quarters of the participants correctly reported that the 

colours in the university building where testing was conducted were red; three stated that these 

were green, and three reported that they did not know. 62.5 % responded that red would be the 

appropriate colour for an emergency exit sign, whereas only 20.9 % reported that green was most 

appropriate, Χ2(4) = 29.333, p < .01 (see Figure 8B). These results directly contradict the finding 

that the same participants had a robust tendency to walk toward the green sign (Figure 8A). 

Finally, 91.7 % of participants rated the alarm as either realistic or very realistic.  

4 CONCLUSIONS 

The data discussed here and originally reported in [1], found that participants were most likely to 

walk to doors with green signs in simulated emergency. Later on, however, the same participants 

were most likely to report that exit signs should be red. These results lead to two conclusions:  

1. The results challenge the local exposure hypothesis because participants did not walk 

toward the signs that had the colour of exit signs in their local environment. It was 

especially surprising by how infrequently participants walked toward the red sign, given 
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that our sample had grown up and lived in an environment with predominantly red exit 

signs. In addition, the results lend some support to the semantic association hypothesis; 

participants may have walked toward green doors because of associations between green 

and concepts of “safety” and/or “go.” Future research will need to determine how specific 

semantic associations influence interpretations of colours during fire evacuation.  

2. Observed behaviour contradicted verbal report. This dissociation has implications for 

design and testing of evacuation signage. We argue that exit signs should be studied 

behaviourally in ecologically valid environments, rather than exclusively relying only on 

people’s subjective reports. Although interviews and questionnaires can yield important 

insights on how occupants think about design, relying on subjective reports risks 

reproducing the status quo and may not correctly predict how occupants will behave during 

evacuations.  

This study had two main limitations. First, participants were always aware that the fire alarm was 

part of a simulation, even though the virtual environment replicated the physical environment of 

the lab as closely as possible. Second, the nature of a lab study is more similar to the character of 

an announced fire drill than a real fire emergency.  

All in all, the present study contributes to the growing body of  literature demonstrating that 

people form inferences about the meanings of colours, which influence their interpretations of 

the world [1]. Understanding these inferences will enable more effective use of colour in design, 

which is especially critical for emergency egress when occupants make fast decisions that 

influence the safety of themselves and others.  
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ABSTRACT 

This paper presents the results of a numerical modeling on the fire evacuation of a hospital 

infirmary. Although it is a case study, the results obtained can be extrapolated to hospitals’ 

infirmaries in general. The modelling considered bedridden and not bedridden patients. The 

using of lifts was also evaluated, being the time needed for evacuation, the average number of 

patients evacuated and the number of lifts needed to evacuate determined. Five fire scenarios, 

four considering horizontal evacuation and one vertical evacuation using lifts, have been 

considered. The horizontal evacuation consisted on transferring the patients from a compartment 

in fire to another safe in the same floor and the vertical evacuation consisted on the evacuation of 

the patients using lifts from the compartment in fire to the ground-floor and then to outside the 

building. The effect of the pre-movement time, the origin of the fire, the type of occupants 

(bedridden and non-bedridden), among other parameters have been tested. The results showed 

that the horizontal evacuation was more effective than the vertical one using lifts.  

Keywords: patients, fire, evacuation, numerical simulation, risk. 

1  INTRODUCTION  

The fire safety regulations state in general that in case of fire the occupants should not use the 

lifts for evacuating a building. The occupants can be trapped in the lift in case of fire and the 

lift’s shaft can be filled of smoke being fatal for the users. The fire safety regulations state that in 

case of fire the lifts must stop the gear and travel to the reference floor and stop there with the 

doors open [1 and 2]. Only the stairs should be used for evacuation, which is not always the best 

way due to the different type of people that may arise there, as for example disabled, elderly, 

obese and in some cases bedridden. 

Some authors say that in certain cases the use of lifts in evacuation of a building in case of fire, 

can be an appropriate mean of escape, for example in high-rise buildings or hospitals. In these 

case the lifts have to be provided with additional warranties, such as duplicate power supplies or 

protected communication systems [3]. The vertical evacuation using lifts in hospitals is practical 

for situations where patients cannot evacuate by their own means or need to take with life 

support systems. The patients with walking capabilities should use the stairs while the disabled 

may use the lifts. 

In extreme situations, the patients without motion problems and the hospital staff can use the lifts 

for evacuation in order of not being subjected to hazardous conditions such as toxic gases and 

smoke and also high temperatures. However, this vertical evacuation in large hospitals should be 

to shelter areas, if possible, two floors below the fire [4 and 5]. 

Some studies in high-rise buildings evaluated the lifts' capacity for evacuation people in normal 

situations. They have concluded that in peak times the lifts can transport between 5 and 7.5% of 



Comparison of Evacuation Strategies in a Hospital Infirmary in Case of Fire 

   

 

528 

 

the occupants in residential buildings and 13 and 18 % in office buildings. This means that 

occupants can be transported to the upper floors in 67 to 100 min in residential buildings and 29 

to 40 min in office buildings [6]. A Building Traffic Simulator (BTS) studied the influence of the 

modern lift call system on the number of occupants carried between the down-peak and up-peak. 

The BTS found that in down-peak lifts have carried between 22.5% and 27% of the occupants 

and in up-peak 15% the occupants. The reason for these figures is that lifts have fewer calls and 

can reverse the movements easier in down-peak. This reduces the round-trip time and increases 

the carrying capacity of the lifts.  

Depending on the location of the lifts in relation to the fire origin, the effects of the fire mainly in 

terms of smoke may occur sooner or later. This period of time is important for the evacuation 

between floors using lifts [7]. In these cases, the lifts should prioritize being the evacuation of the 

affected floors first and only then the other floors. This strategy may ensure an efficient 

evacuation of the building in case of fire. 

In this paper, they are presented the results of the evacuation modeling of a hospital infirmary 

block in case of fire and compared the horizontal with vertical evacuation using or not lifts. The 

impact of the pre-movement time in the evacuation, the location of the fire origin and the type of 

occupants (bedridden and non-bedridden) have been analyzed. The study has used the Fire 

Dynamics Simulator (FDS) software with the evacuation model (Evac) [8]. 

2 CASE STUDY 

The infirmary block (IB) studied is developed in the horizontal plane, with an area of 1058 m2, 

having 23 m length and 46 m width. A smoke control system in the horizontal evacuation routes, 

with four smoke extractors and two air insufflators (red rectangles are smoke extractors and 

green are air insufflators) (Fig. 1a) has been considered. Three lifts (Elev-1, Elev-2 and Elev-3) 

of 7.5 m2 area each for evacuating bedridden patients have also been considered (Fig. 1a). The 

IB has also two emergency evacuation exits (EE-1 and EE-2) with 2 m width each. The IB has in 

terms of rooms, four infirmary rooms (R6, R7, R8 and R9), two isolation rooms (R4 and R5), 

two treatment rooms (R10 and R14), two offices (R11 and R13), one meeting room (R1) one 

living or dining room (R2) and one medicine preparation room (R12) (Fig. 1b). In addition, there 

were two horizontal evacuation routes (HER-1 and HER-2) with 1.80 m and 2.71 m width, 

respectively (Fig. 1b). 
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The study considered the influence of two type of occupants on the evacuation, bedridden or 

large size occupants (LSO) and not bedridden or normal size occupants (NSO). For these types 

of occupants, different displacement speeds have been considered. Thus, the ONS moved at 0.60 

m/s and the LSO moved at 0.22 m/s. The displacement speeds adopted for each group of 

occupants were based on the studies of Proulx and Jiang [9, 10, 11 and 12]. 

2.1  Parameters adopted in the simulation 

The numerical simulations have used the FDS+Evac software. Several parameters have been 

considered such as the age of the occupants (elderly of both gender), occupants' location, 

displacement speeds, normal and disabled occupants, geometry of the building (stairs, evacuation 

routes, walls and dimensions, etc.), type of fire, existence and location of the smoke control 

system. 

The general parameters and respective values adopted to guarantee the minimum evacuation 

conditions were: 

Table 1. smoke control system 
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Fig. 1. Fire compartment - Infirmary block (IB). 
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• The devices for measuring the Fractional Effective 

Dose (FED), temperature and visibility were placed 

along the evacuation routes HER-1, HER-2 and 

HER-3 with a distance between them of 2.25m in 

horizontal and 0.25m in vertical. 

• The average displacement speed adopted was 

between 0.1 and 1.02m/s corresponding to people 

moving with a walking frame [11 and 12]; 

• A fire load was 280 MJ/m2 considering that the fire 

compartment under study is part of a hospital [13]. 

• Maximum temperature for evacuation of 80°C 

measured at a minimum height of 1.75 m above the 

floor [14]; 

• The toxic gases (FED) with a value less than 0.1 [15 

and 16]; 

• A burner with an area of 1 m2 and a heat release rate of 5 MW, [13]; 

• A visibility measured at 1.80 m height for a right foot of 3.00 m [1, 16, 17, 18 and 19], 

however, the present study adopted 1.75 m since it is multiple of the mesh used (0.25 m); 

• The smoke extraction devices were at a height of 3 m and the air insufflation devices were at 

0.5 m from the floor; 

• The fire curve used is of average growth rate as recommended for hospital rooms (Fig. 2) 

[13].   

For the infirmary block (scenario_IB) they were considered a fire origin in room R3 or R12 

(FFR3/R12), with or without lifts (Elev) and smoke control system (RSCS). The fire scenarios 

studied were of type: scenario_IB_FFR3_RSCS, scenario_IB_FFR12_RSCS, and 

scenario_IB_Elev_FFR6_RSCS. 

2.2  Fire origins 

Two fire origins were considered, one in the medicine’s preparation room-R12, compartment 

with occupants, (Fig. 3a) and another in the bed disinfection room-R3, compartment without 

occupants (Fig. 3b). The medicine’s preparation room-R12 was chosen because it was located 

almost at the center of the IB and the fire can easily spread to rooms with a lot of patients (R7 

and R8) (Fig. 3a). In another way, the fire in the bed disinfection room-R3 was chosen because it 

is located far away from compartments with occupants and the fire can be known by the 

occupants with the fire alarm (Fig. 3b). The number of occupants to evacuate were 100 (Fig. 3c) 

that has already the increasing of more 30% as recommended for hospital rooms [1]. 

 

Fig. 2. T-square set of growth curves [20] 
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a) b) c) 

Fig. 3. Infirmary Block; a) fire origin in the preparation of medicines room, b) fire origin in the disinfection of beds 

room and c) distribution of the occupants by room. 

For the analysis of the vertical evacuation, the fire was considered in the medicine’s preparation 

room-R12 because if considered in the bed disinfection room it would block the access to the 

lifts. Thus, the pre-movement ended at 30s for the first fire origin, consisting on both horizontal 

and vertical evacuation, and at 180 s for the second fire origin, consisting only on horizontal 

evacuation. 

3 RESULTS 

In this section only results of two of a total of the five fire scenarios analyzed, are presented. The 

two fire scenarios considered the origin of the fire in room-R12 (medicine’s preparation room), 

one with horizontal evacuation and another with vertical evacuation. The room had two type of 

occupants, reason for which the time of the pre-movement reduced considerably and was fixed in 

30 s (Fig. 4a). The nurse-R11 ward (Fig. 4b) ended the pre-movement at 60 s, nurses' rooms R7 

and R8, (Fig. 4c) ended after 90 s, nurses' rooms-R6 and R9 and the treatment rooms-R10 and 

R14 (Fig. 4d) ended at 120 s. The pre-movement in the remaining rooms was up to 180 s (Fig. 

4e). For the rooms which the end of the pre-movement was before 180 s, their proximity to the 

origin of the fire was taken into account as well as the alert due to the entrance of the smoke in 

the rooms. 

 

Medium 



Comparison of Evacuation Strategies in a Hospital Infirmary in Case of Fire 

   

 

532 

 

 a) 

pre-movement of room R12 

 b) 

pre-movement of room R11 
c)  

pre-movement of rooms R7 and R8 

 

d) pre-movement of rooms R6, R9, R10 and R14 

 

e) pre-movement of rooms R1, R2, R4 and R5 

Fig. 4. Location of occupants and smoke spread for pre-movements times: a) 30s; b) 60s; c) 90s; d) 120s d) 180s 

3.1  Scenario_IB_NSO_FFR12_RSCS  

The evacuation of the fire compartment for scenario_ID_NSO_FFR12_RSCS was completed in 

318 s, through the two emergency exits (EE-1 and EE-2). The end of the pre-movement time was 

at 30 s after starting the numerical simulation. Through the emergency exit EE-1 abandoned the 

fire compartment 54 occupants, being the last one at 314 s (solid lines and dashed in black) and 

through the emergency exit EE-2 abandoned 46 occupants, being the last one at 348 s (solid lines 

and red dashed lines) (Fig. 5). 

In the horizontal evacuation route HER-1 the temperature of the gases was below 80°C at 1.75m 

above the floor and visibility was very high on the safety side (Figs. 6 and 7). In certain zones, 

for distances from 6.75 to 18 m, at a time instant of 348 s, the maximum temperature of 80ºC 

was reached slightly below the 1.75 m of height but this does not affect the evacuation. 

 

 

x 
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Fig. 5. Number of occupants that evacuated the fire compartment through each emergency exit 

 

Fig. 6 Temperature of 80 °C along HER-1 

 

Fig. 7 Visibility points along HER-1 

The results in the horizontal evacuation route HER-2 for the temperature (Fig. 8) and visibility 

(Fig. 9) were worse than the ones for the evacuation route HER-1. This is justified by the fire 

origin that was in this case was near the HER-2. After 240 s of numerical simulation the 

maximum temperature of 80 ºC registered oscillations all over HER-2, at some points above and 

in others below the 1.75 m in height. Nevertheless, 84% of the occupants had evacuated the fire 

compartment (Fig.8). From 314 to 348 s the temperature of the gases was above 80 °C, between 

1 and 1.25 m above the floor, in most of the HER-2. This means that the 6 occupants that left the 

fire compartment on that time may have suffered serious burns.  

In what concerns the visibility (Fig. 9) along HER-2 it was different than the temperature 

because after the 13.5 m it has descended from the 2.25 m to 1.25 of the floor, especially after 

314s. This means that the occupants had in this case some difficulties in the evacuation. 

Although the temperature of the gases above 80 °C was recorded for only 0.75 m from the floor, 

the HER-2 was passable because the critical visibility of 1.25 m from the floor was only 

registered further than 13.5 m of the emergency exit.  

 

Fig. 8 Temperature of 80 °C along HER-2 

 

Fig. 9 Visibility points along HER-2 
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3.2 Scenario_IB_Elev_FFR12_RSCS 

The results of the evacuation using lifts (lift-1, lift-2 and lift-3) is presented in Fig. 10. The 

number of occupants as well as the time at which the last occupant evacuates the fire 

compartment are presented. From the 100 occupants to evacuate in 450s using lifts, all not 

disabled, 65% had and 35% hadn’t evacuated (blue line). Lift-1 had evacuated 16 occupants 

(black lines), lift-2 evacuated 22 occupants (red lines) and lift-3 evacuated 26 occupants (purple 

lines) in approximately 400s. The occupants per lift are indicated in Table 2. The last occupant in 

lift-1, on its third movement, was at 392s, in lift-2 was at 398s and on lift-3 was at 401s.  

Table 2. Number of occupants carried in each movement of the lifts and evacuation times 

Lifts  

Number of occupants 

carried in the three 

movements  

Time for the last 

occupant leaving 

the lift (s)  

Remarks  

1st  2nd  3rd  

Lift-1 6 8 2 392 lines in bold and black dashed (Fig. 10) 

Lift-2 10 6 6 398 lines in bold and red dashed lines (Fig. 10) 

Lift-3 9 11 6 401 lines in bold and dotted with purple (Fig. 10) 

Total 25 25 14 - 35 occupants hadn’t evacuated the building. 

 

 

Fig. 10. Number of occupants evacuating by lift 

Fig. 11 shows the development of temperature along HER-1 showing that from 0 to 18 m the 

temperature of 80 ºC was recorded at nearly 1.25 m above the floor, that is, below the minimum 

height of 1.75 m adopted in the present study for a normal and safe evacuation. After the 18 m 

the temperature was recorded on the safe side for a normal evacuation. The visibility only 

reduces after the 18m when the temperature reduces for heights below 1.75m (Fig. 12). 
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Fig. 11. Temperature of 80 °C along HER-1 

 

Fig. 12. Visibility points along HER-1 

In what concerns the HER-2 the maximum temperature for the gases of 80 °C was registered at 1 

m above the floor, however near the lifts’ doors (distance of 36 m) was at least 1.75 m above the 

floor (Fig. 13). That is, the lifts area had temperatures on the safe side compatible with the 

evacuation. On the other hand, at 335.5 s, all occupants were already in the elevator shaft (safe 

zone). The visibility for the HER-2 was recorded on the safety side between the distances of 0 to 

9 m, however from 11.25 to 36 m the same visibility was at only 1.25 m above floor (0.5 m 

below the minimum height of 1.75 m) (Fig. 13). 

The temperature and visibility were unfavorable to evacuate in large part of HER-2, but they 

were good in the lift shaft. The 35 occupants which had not evacuated the fire compartment were 

not consequence of the maximum temperature or visibility but due to the insufficient number of 

lifts for evacuating the occupants in the same time as in a horizontal evacuation. The time 

necessary for the lifts open and close is usually a problem in the evacuation process. In this study 

it was observed that increasing the number of lifts from 3 to 4 could solve the problem. 

 

 

Fig.12 Temperature of 80 °C along HER-2 
 

Fig. 13 Visibility points along HER-2 

 

3.3. Summary of results 

A total of five scenarios have been tested and the results are presented in Table 3.  
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Table 3. Comparison of the results between the fire scenarios  
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scenario_ID_NSO_FFR12_RSCS 

100 

100 2 - 318 

scenario_ID_Elev _FFR12_RSCS 65 - 401 - 

scenario_ID_LSO_FFR12_RSCS 100 6 - 317 

scenario_ID_NSO_FFR3_RSCS 100 - - 262 

scenario_ID_LSO_FFR3_RSCS. 100 5  332 

The scenario_ID_Elev _FFR12_RSCS (in red) was the worst of the analyzed ones because only 

65% of the occupants evacuate. However, from all occupants that evacuate the fire compartment, 

none was injured because during the evacuation with the lifts the conditions of visibility and 

temperature were good. The lifts were not a good choice on the evacuation since the time taken 

for the tips up and down, doors to open and the occupants enter and leave them, were critical and 

the 3 lifts existing in this infirmary block were not enough for the evacuation. One more lift or 

maybe larger lifts or with higher carrying capacity could solve the problem. 

The scenario_ID_NSO_FFR3_RSCS (in green) was the best since the evacuation totally 

occurred in 262 s. It was assumed that this scenario led to possible injuries, although the critical 

temperature as well as the visibility was only 1.0 m and 1.25 m above the floor, respectively. The 

values in reference were registered in only a few locations of the evacuation route thus not 

constituting an obstacle to the evacuation.  

4 CONCLUSIONS 

The results of this study on the evacuation of an infirmary block of a hospital, using the 

FDS+Evac software, showed that the fire safety system was in some extent effective. The smoke 

control system, the widths of the evacuation routes and emergency exits, as well as the 

convenient distribution of the emergency doors, helped on the safe evacuation of this fire 

compartment. The occupants evacuated in general with a temperature of the gases under 80°C 

and a visibility of at least 10 m. 

The lifts were not efficient on the evacuation due to the lower carrying capacity and the 

necessary movements for the occupants enter and leave them. This problem is even worse if they 

are bedridden among the occupants. The evacuation by the normal evacuation routes was better 

when compared with the evacuation using lifts for the same number of occupants. This can be 

even improved by using a correct distribution of emergency exits with an appropriate width and 

using an efficient smoke control system.  

The horizontal evacuation is also preferable to the evacuation by lifts because the occupants 

don’t need to wait as in the case of the lifts. The intermittency than can occur in a horizontal 

evacuation is due to the displacement speed of the occupants. The intermittency in the case of 

evacuation by lifts is due to among other factors the displacement speed of the occupants, the 
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closing and open of the doors of the lifts, the time necessary to enter and leave the lifts, the 

carrying capacity of the lifts, as well as the time needed for the up and down trips of the lifts. 

Another disadvantage of using lifts on the evacuation was the convergence of all occupants on 

the entrance. This could also occur in the entrance of the stairs’ boxes but the process is not so 

worst as for the lifts because in this case the occupants need to wait for the lifts. Nevertheless, a 

building should never have only one stair for evacuation. The lifts could help in the evacuation 

of a hospital when there are disabled people as for example bedridden. 
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ABSTRACT 

Managing smoke in spaces with low ceiling heights and large area using Smoke and Heat 

Exhaust Ventilation (SHEV) systems poses a challenge as the smoke reservoir depth often 

breaches the clear height required. In this context, this work uses CFD to (a) estimate the 

minimum reservoir depth (ho) required by an axisymmetric plume in a low ceiling space (b) 

estimate the parameters of low ceiling – large space where ho is below the clear height of 2.5 m 

(c) understand the effect of beams on the ceiling jet and ho (d) analyze 3 smoke extraction 

strategies using an open office model. A ceiling height lower than 4.5 m with a ceiling jet travel 

distance greater than 20 m was concluded as a low ceiling –large space. The minimum smoke 

depth required is 45% of the ceiling height. Obstruction of beams further deepened the reservoir 

while decelerating the ceiling jet flow. Dividing the area into smaller zones and extracting smoke 

closer to the fire source was observed to be the most efficient. 

1 INTRODUCTION 

Buildings such as open offices and under-ground carparks usually have low ceiling heights with 

large open space. Managing smoke in the event of a fire in such low ceiling large spaces is a 

significant design challenge. The lack of safe depths for a smoke reservoir magnifies the 

practical problem of smoke control as the smoke layer lowers swiftly to human head height, 

obscuring the visibility levels of the evacuees and raising the toxicity levels. Thus, controlling 

the smoke reservoir depth to a clear height is the primary design challenge in such low ceiling 

large spaces. 

As available depth for forming a smoke reservoir often breaches tenability criteria in such 

spaces, well designed passive and active management of smoke is necessary to maintain a 

tenable environment during the evacuation. Impulse jet fans have shown to be highly effective 

[1] [2] to control smoke for safe evacuation in underground car parks which is an example of a 

space with low ceiling-large space. However, in spaces with higher occupancies like open office, 

ducted transverse ventilation is suitable to maintain a stable smoke layer height for evacuation 

and avoiding smoke logged areas for available egress routes. Zhang [3] performed numerical and 

experimental studies on the smoke movement and its control strategy in a low ceiling-large space 

with flat ceiling using transverse ventilation systems. They increased the effectiveness of smoke 

control systems by increasing the exhaust rate and the number of openings. Wu et al [4] 

experimentally studied the efficiency of the smoke control system in a low ceiling-large space 

with barriers. They considered the influence of exhaust rate, the number of exhaust opening and 

area of the smoke zone on the effectiveness of the smoke control system. The results showed that 

the smoke exhaust effectiveness in the case with more smoke exhaust openings showed 

improved smoke management. Though these studies addressed strategies to control smoke in low 

ceiling-large spaces, critical parameters where transverse smoke control strategies fail due to the 

lack of adequate height for smoke reservoir formation are not clearly defined.  
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For smoke extraction systems to be effective, a smoke reservoir needs to be established. The 

minimum smoke depth defined in the design requirements of NFPA 92 [5] is at least 20% of the 

floor to ceiling height. This depth accounts for a ceiling jet depth of 10% that impinges on a wall 

and folds back below it to form an additional 10% fold back jet, which then travels back to the 

fire origin. Though it is a good start to use 20% as the minimum smoke depth, further 

engineering analysis may be necessary [5], especially with low ceiling heights. However, the 

definition of a large space with a low ceiling where the smoke reservoir depth is below the clear 

height is not well defined. 

In this context, this study uses Fire Dynamics Simulator (FDS) [6] to estimate the critical ceiling 

height and smoke depth to define low ceiling - large spaces and explore strategies to control the 

smoke spread and tenability breach. Following studies are presented in this paper, 

− Estimation of the minimum depth of the smoke reservoir  

− Parametric study to understand the influence of ceiling height, smoke reservoir length and 

beam depth on minimum smoke reservoir depth and define a critical ceiling height and 

smoke depth for a low ceiling large space 

− Simulate smoke extraction strategies in an open office model with a ceiling height lower 

than the critical height 

− Active control of the ceiling jet using multiple extraction points 

− Passive control of the ceiling jet using smoke barriers and multiple smoke 

reservoirs 

− Zonal activation of extraction vents to concentrate smoke extraction closer to the 

fire source. 

2 SET- UP OF NUMERICAL SIMULATIONS 

The CFD simulations in this study were 

conducted using Fire Dynamics 

Simulator (FDS) v6.6 [6]. FDS is a low 

Mach number, thermally driven flow 

simulator for modeling the evolution of 

smoke and heat transport during fire. 

The software uses Large Eddy 

Simulation (LES) version of the 

Navier-Stokes Equation and is 

optimized to give reasonable 

predictions on smoke and heat transport 

using course mesh sizes. The chemistry solver uses a single step mixing controlled combustion 

model assuming infinitely fast chemistry. The goal of this study is not to examine flow 

phenomena like the flow around the fire source or the entrainment of air into the smoke, rather 

predict and visualize the smoke patterns and its transport. To that purpose, FDS is capable of 

obtaining predictions within reasonable computation times.  

Smoke barriers 

Beams 

1 

Smoke extraction vents 

Exit 1 Exit 2 

Figure 43: CAD geometry of the computational domain (a) fire at 

the middle (b) Exits at each ends along the length of the office (c) 

smoke barriers under alternating beams (10 m apart) 

10 m 
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2.1 Computational models  
Figure 44 shows an open office dimensions: 20 m (width) x 60 m 

(length) x 4 m (height) with a 1 MW fire in the center. 

− Mesh cells size: 0.25m x 0.25 m x 0.1 m  

(Refinement near the fire plume: 0.125m) 

− Models: 

− Combustion: default mixture fraction model  

− Fuel: Polyurethane 

− Smoke production: soot yield of 0.1  

− Baroclinic generation of vorticity is considered 

− Turbulence: Standard Smagorinsky LES, CD = 0.20. 

− Visibility factor (C): 8 (for illuminated exit signs) 

 

2.2 Smoke extraction design 
 

The smoke extraction rate required for maintaining the 

necessary smoke layer height for a design fire is calculated 

from the empirical results described in BR368 [7]. The fire 

used in this study is classified as a large fire according to the 

condition given below,  

For large fires, 

𝑌 ≤ 10(𝐴𝑓)
0.5 

Where, 𝑌 is the height of the plume (2.5 m), and 𝐴𝑓 is the area of the fire (4 m2). As stated in BR 

368 [7], Hansell [8] derived a relation between the air entrainment rate (𝑀𝑓) into the smoke 

plume rising above the fire as a function of the perimeter of the fire (𝑃) and the smoke plume 

height (𝑌) given as, 

𝑀𝑓 = 𝐶𝑒𝑃𝑌
1.5(𝑘𝑔𝑠−1) 

Where 𝐶𝑒 = 0.21 for large open rooms like open-plan offices with a low ceiling [7] and 

perimeter of the fire is 14 m as per the requirements set by SCDF in the design of the smoke 

control system [9]. As per the empirical relations specified in BR368 [7], the total volumetric 

extraction of smoke required to establish a stable smoke reservoir at the clear height of 2.5 m (𝑌) 
is 12 m3/s.  

An axisymmetric smoke plume is used in this study, located in the middle of the smoke 

reservoir. Effects of fire placed near a wall are not evaluated in this study. The office model used 

in section 3.2 is assumed to have a grated ceiling at 2.75 m with 75% free area, which is not 

however modeled in the simulation to lower computation times. Influence of the perforated 

ceiling will be added in future publications. Other obstructions like air-conditioning ducts are not 

included in the current study. Though the design heat release rate (1 MW) corresponds to a 

sprinkler-controlled fire, the influence of the sprinkler on smoke is not modeled in the present 

study. 

Top view 

Vent 1 

Vent 2 

Vent 1 

Vent 2 

Vent 1 

Vent 2 

Vent 3 

Vent 4 

Vent 1 

Vent 2 

Vent 3 

Vent 4 

Ceiling vent 

SV1 

SV2 

SV3 

SV4 

Figure 44: Smoke extraction vent 

positions for estimation of min. smoke 

reservoir depth (section 3.1) 

1MW 

fire 
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3 RESULTS AND DISCUSSION 

The critical obstacle in designing a 

smoke management system in low-

ceiling spaces like open offices is to 

form a smoke reservoir above a 

minimum clear height (hc) of 2.5 m [7]. 

This minimum reservoir depth (ho) 

corresponds to the space needed by the 

ceiling jet to fold back from a wall or 

barrier and form a stable reservoir. The 

instances where this minimum reservoir 

depth (ho) breaches below 2.5 m (hc) can 

be used as a critical parameter to classify 

low ceiling spaces. In section 3.1, the 

minimum smoke reservoir depth (ho) is 

defined and used to identify the critical 

case of large spaces with a low ceiling 

(ho is below hc) using parametric 

analysis. In section 3.2, strategies to 

manage smoke in such a large space with a 

low ceiling are discussed.  

3.1 Minimum smoke reservoir depth 

(ho) 

Figure 45 shows the mechanism of smoke reservoir formation for a 60 m x 20 m x 4.5 m room 

which is a typical case of a low ceiling large space (defined in subsection 3.1.1). A 1 MW fire is 

placed in the middle of the room. At 120 s, the buoyant ceiling jet has traveled a length of 30 m, 

thickening along the way due to air entrainment into the jet [10]. Thereafter, the jet impinges on 

to the wall and travels along the wall as a wall jet (130 s). As the wall jet is hotter than the 

ambient air, the buoyant forces fold it back below the ceiling jet as seen at 150 s. The fold-back 

jet continues to travel back to the source of the reservoir and forms a stable smoke reservoir at 

220 s (To) and corresponds to the minimum smoke reservoir depth (ho). Thereafter the reservoir 

deepens with time, and at 280 s (Tp) the global deepening of the reservoir becomes uniform.  

The smoke reservoir depth at To and Tp are shown in Figure 46 with and without smoke 

extraction. Four choices of extraction locations (SV1, SV2, SV3, SV4) were chosen as described 

in Figure 1. The blue bars in Figure 46 show the average smoke depths at To, and the yellow bars 

show the increment in smoke depth till Tp. The red dotted line represents a clear height (hc) of 

2.5 m. It is observed that the smoke depth at To is same when smoke extraction systems are 

active and inactive. To represents the time when the fold-back jet reaches back to the fire and 

forms a stable reservoir. Beyond To the SHEV systems are capable of maintaining the smoke 

near the clear height. Hence, To (220s) represents a good indication of the time taken for reaching 

a minimum stable smoke reservoir depth. Before To, the effect of smoke extraction vents is 

localized to their location as a global smoke reservoir depth has not formed making the 

extraction process ineffective. Further increase in smoke extraction rates yielded no reduction in 

smoke depth at To. 

Figure 46: Minimum smoke depth required when 

using a SHEV system  

(a) t = 120 s 

(c) t = 150 s 

(d) To = 220 

s 

(e) Tp = 280 

s 

Figure 45: Formation of a smoke reservoir 

(b) t = 130 s 
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The minimum smoke reservoir depth (ho) advised by NFPA 92 [5] after considering the depths 

of ceiling jet and the fold-back jet is 20% of the ceiling height (H) that is ho/H = 0.2. However, 

for a large space (60 m) with a low ceiling (4.5 m), the simulations (Figure 46) showed a 

minimum reservoir depth of 45% (ho/H = 0.45). Further analysis on the variation of ho/H is 

studied in the next section where a parametric study on the effect of ceiling height and 

compartment length on ho is studied to define critical parameters for a large space with a low 

ceiling. 

3.1.1 Ceiling height 

Figure 48 (a) shows the variation of minimum smoke layer depths with ceiling height for a 60 m 

long reservoir with fire in the middle. 60 m is also 

the maximum reservoir length permitted by most 

codes [9] [7] after which chances for smoke cooling 

and sinking are high. The red dotted line represents 

the clear height (hc) of 2.5 m for the respective 

ceiling heights (H). The linear increase of ho (blue 

bars) with increasing H is attributed to the increasing 

air entrainment into the plume. However, ho/H is 

inversely proportional to the ceiling height (red 

marker) as the increment in h0 is outweighed by 

increase of H.  The linear decrease of the required 

smoke depth (ho/H) with ceiling height is however 

not drastic and a minimum smoke reservoir depth of 

0.45 or above is required to ensure that the smoke 

removal systems can control the smoke depth. It can also be concluded that the critical ceiling 

height feasible to maintain the smoke layer above the clear level height is 4.5 m (Hcr) for a 60 m 

long smoke reservoir with an axisymmetric plume.   

As H increases, for instance, in an atrium space, the fraction of minimum smoke depth can be 

close to the recommendations in NFPA 92 [5]. Future work will explore the height dependence. 

Further analysis in this paper is based on a 4.5 m high room. 
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Figure 47: Evolution of ceiling jet bulb with travel 

distance of the ceiling jet (Figure shows half of the 

reservoir length) 
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3.1.2 Smoke reservoir length 

Figure 48 (b) shows the variation of minimum smoke layer depths with the reservoir lengths for 

a compartment of ceiling height 4.5 m with an axisymmetric fire plume. ho/H for a 20 m long 

reservoir is 0.25 which is closer to the recommendation in NFPA 92 [5]. However, the increase 

of ho/H from 20 m reservoir to a 60 m reservoir is steep. This increase can be accounted for from 

the bulging of the ceiling jet with travel distance as seen in Figure 47. The bulging is observed 

when the ceiling jet with higher momentum which is generated during the steeper growth stage 

of the t2 fire pushes past the ambient air and slow-moving incipient jet. This interaction results in 

a hydraulic jump [1, p. 450] leading to increased air entrainment.  This effect was observed to be 

pronounced between a travel distance of 20 m and 40 m and will be studied in our future works.  

Beyond a 40 m long reservoir, ho/H shows a slow linear increase between 0.40 and 0.50 as seen 

(a) (b) 

(c) (d) 

Figure 48 : Factors influencing the minimum smoke depth (a) variation with ceiling height (b) variation with 

compartment length (c) variation with structural beam depth (d) decelerating effect on the ceiling jet by structural 

beams 
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in Figure 48(b).  Such effects can also be observed when the location of the fire is offset from the 

middle along the length of the reservoir. 

Considering the linear variation of minimum smoke depth (ho/H) due to change in ceiling height 

Figure 48 (a) and reservoir length Figure 48 (b), it can be concluded that the minimum smoke 

reservoir depth between 45% - 50% of the ceiling height is recommended for large spaces with a 

low ceiling. Also, a 4.5 m ceiling height is a reasonable estimate to define the critical height 

below which the minimum smoke reservoir depth is below the clear height. Thus, a low ceiling–

large space can be defined with a critical ceiling height lower than 4.5 m with a ceiling jet travel 

distance of more than 20 m.  

It is also observed that the critical ceiling height (Hcr) of 

4.5 m is relaxed as the travel length of the ceiling jet is 

shorter than 20 m due to a much thinner ceiling jet from 

the lower entrainment. Hence it is recommended that 

multiple shorter smoke zones be used in large spaces with 

a low ceiling. 

When the fire is located at the far end of a 60 m reservoir, 

the mass flow from the plume can drastically increase due 

to the wall effect resulting in a higher Hcr  and will be 

investigated in future works.  

3.1.3 Interaction with structural beams 

When designing smoke control strategies for low ceiling 

spaces, it is a usual practice to use the space above the 

visual ceiling to form a smoke reservoir by employing 

grated ceilings or highly perforated ceilings. With such 

designs, the ceiling jet encounters obstructions such as 

structural beams or air ducts. Figure 49 (a) shows the thin 

ceiling jet of a flat ceiling which impinges on the wall and 

folds back at 120 s. In contrast, the presence of a 0.7 m 

deep beam causes the ceiling jet to become thicker and 

slower in its spread ( Figure 49 (b)). The ceiling jet shows 

a snaking motion as it dips below the transverse beams 

and rises back up once the beam is cleared. This snaking 

motion results in considerable turbulent mixing which 

results in a thicker smoke layer behind the ceiling jet. 

Also, the loss of momentum of the ceiling jet while 

impinging on the transverse beams leads to slower smoke 

spread as seen in Figure 49. As seen in Figure 48 (d), the 

average speed of the ceiling jet in travelling 30 m 

decreases linearly with increasing beam depths. The 

deceleration of the ceiling jet can, in turn, increase the 

Available Safe Egress Time (ASET) for evacuation if the 

ceiling is high enough to maintain the initial smoke depth 

behind the ceiling jet. However, once the thick ceiling jet 

folds back from the wall and forms the smoke reservoir, 

Figure 49: Interaction of structural beams 

with the ceiling jet 

(a) 

(b) 
(t = 120s) 

RSET: 162 s 

RSET: 162 s 

Time: 115 s 

Figure 51: (a) Flat ceiling at RSET (b) Flat 

ceiling at 2 x RSET (c) Ceiling with beams at 

RSET 

Visibility contour at 2.5 m above floor 

(b) 

(a) 

(c) 

RSET: 162 s 

2 x RSET: 324 s (d) 

(c) 

Figure 50: Active control of ceiling jet: 

Extraction vents are (a) extraction vents at the 

exits (b-d) uniformly distributed between 

beams  

(a) 

(b) 

RSET: 115 s 

RSET: 115 s 
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ho increases considerably with increasing beam depths, as seen in Figure 48 (c). That is, in 

comparison to a flat ceiling, the minimum smoke reservoir depth required dips below the 

required clear height as seen in  Figure 48 (c).  Hence, it is imperative to account for the effects 

of beams, if present, while designing smoke removal systems in low ceiling large spaces. 

Thus, for space with H < 4.5 m or when an obstruction such as beams are present in the ceiling, 

the following section discusses alternate strategies to control and manage smoke to reduce the 

smoke spread and tenability breach. 

3.2 Strategies to control smoke reservoir  

In this section, three approaches to control the smoke layer depth and smoke spread in a low 

ceiling - large space is explored in an open office model (Figure 44). A 1 MW fire is placed in 

the middle of the office. Figure 51 (a) and (b) shows the visibility at 2.5 m above the floor for a 

flat ceiling space (60 m x 20 m x 4 m). Tenability conditions are breached (red regions) when the 

visibility drops below 10 m. Required Safe Egress Time (RSET) was calculated for 166 

occupants as 162 s using FDS+EVAC. Before impinging the wall, the ceiling jet depth is 

maintained well above the clear height. However, the exits are made untenable when the jet fold 

backs below itself at the wall (Figure 51 (a)). The rest of the space is rendered untenable as the 

fold back jet travels back to the location of the plume 

(Figure 51 (b)). In contrast, as seen in (Figure 51 (c)), 

the presence of beams of depth 0.7 m contribute to 

slowing down the ceiling jet and maintains tenable 

conditions at Required Safe Egress Time (RSET). 

However, the depth of the ceiling jet is below the clear 

height thus rendering the space below it untenable 

(visibility < 10 m). 

3.2.1 Active control of the ceiling jet  

As seen in Figure 46, the use of smoke extraction vents 

at the ceiling (SV4) contributes to a lower ho/H by 

directly extracting from the ceiling jet before the reservoir forms. The black boxes in Figure 50 

represent the position of the extraction vents in the open office which are activated by the spot 

type detectors placed on the ceiling and ramps up to full power in 60 s. In Figure 50 (a), a single 

extraction vent at the ceiling is positioned near the exit to reduce the strength of the ceiling jet 

and reduce the fold back of the jet from the wall. In Figure 50 (b), the extraction points are 

uniformly distributed along the length of the office. It is however observed that such active 

control of the ceiling jet is not feasible as the 

momentum of the ceiling jet is high enough to brush 

past the smoke extraction vents and fold back the wall. 

The tenability at the exit is breached (visibility < 10 m) 

at the same time as Figure 51 (a) where smoke 

extraction is absent. Hence it can be concluded that 

controlling the ceiling jet is not feasible for flat ceilings. 

2 x RSET: 324 s 

RSET: 162 s 

(b) 

(a) 

Fire 

zone 

Figure 52: Passive control of smoke 

spread using 1.5 m deep smoke barrier 

 

RSET: 162 s 

2 x RSET: 324 s (b) 

(a) 

Fire 

zone 

+1 

zone 

-1 

zone 

Figure 53: Activation of SHEV in 3 zones 

simultaneously (fire zone and two adjoining 

zones) 
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However, if the office has exposed structural beams (Figure 50 (c)), the space between the 

transverse and longitudinal beams trap the ceiling jet as it loses momentum when obstructed by 

the beam. This local reservoir improves the efficiency of the smoke extraction vents and thins 

out the ceiling jet and diminishes its momentum further. As seen in Figure 50 (b), the ceiling jet 

does not reach the exits at RSET and the local visibility 

breach < 10 m at 2.5 m height is controlled in comparison 

to Figure 51 (c). However, the visibility breach at 2 x 

RSET (Figure 50 (d)) over the entire space as the 

minimum smoke reservoir height (ho) of a 4 m office is 

below the clear height of 2.5 m. 

3.2.2 Passive control using smoke barriers 

As controlling the ceiling jet fails for a flat ceiling, an 

alternative method is to limit the spread of smoke and 

breach of tenable conditions by step by step accumulation 

of smoke in multiple smoke zones. The zones are separated by smoke barriers positioned below a 

structural beam and dropped down till 2.5 m from the floor as shown in Figure 44. The ceiling jet 

forms a much shorter reservoir (10 m x 20 m) in the fire zone and once filled, spills over to the 

successive zones. Figure 53 shows that the smoke spread and visibility breach is limited to just 3 

zones at RSET and the exits are rendered with tenable conditions. However, the smoke spreads 

and tenable conditions are lost in all zones at 2 x RSET. 

3.2.3 Zonal activation of smoke extraction vents 

Smoke extraction from the shorter reservoir established by the smoke barrier can further restrict 

the smoke spread and limit areas with visibility breach < 10 m. In addition, the activation of 

smoke extraction vents closer to the fire source can reduce wastage by increasing the ratio of 

smoke to ambient air extraction. Extraction vents are activated in the fire zone and the two 

adjoining zones simultaneously in Figure 52. It is observed that the visibility breach and smoke 

spread is limited to the 3 zones at 2 x RSET. The ratio of smoke to ambient air extraction can be 

further increased by individually activating the extraction vents in each zone by their respective 

detectors (Figure 54).  With such a sequential activation of the extraction vents, the smoke 

spread can be further reduced. 

4 CONCLUSIONS 

In this paper, smoke reservoir formation and control for a large space with a low ceiling are 

studied using FDS. Following conclusions were drawn from the simulations. 

− Minimum smoke reservoir depth is below the clear height of 2.5 m for ceiling heights lower 

than 4.5 m and ceiling jet travel distance greater than 20 m. Such spaces can be classified as 

low ceiling – large space. Presence of beams further exacerbates the smoke depth. 

− The minimum reservoir depth for low ceiling – large space is 45% - 50% of the ceiling height 

− When the minimum smoke depth is below the clear height, dividing the space into multiple 

smoke zones and distributing the extraction around the fire and the adjoining zones minimizes 

the smoke spread and increases smoke extraction efficiency. 

RSET: 162 s 

2 x RSET: 324 s 

Figure 54: Activation of SHEV in 3 zones (fire 

zone and two adjoining zones) sequentially by 

respective smoke detectors  

(b) 

(a) 
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ABSTRACT 

Plume entrainment and smoke management theory assumes a quiescent environment with 

velocities driven solely by temperature differentials. The presence of other velocity sources is 

important in fire analysis because ambient disturbances can significantly change plume 

entrainment. To investigate this phenomenon and the potential consequences, a review of smoke 

management and Heating, Ventilation, and Air Conditioning (HVAC) standards was conducted. 

A fire modelling analysis on allowable velocities and subsequent effects on plume behaviour was 

completed using the Fire Dynamics Simulator (FDS). Standards and guidelines were examined 

and compared across the duration of air handling usage before and after smoke detection and 

management. Comparison of the impact of cross-flows, fire location, and HVAC systems was 

completed with a generic fire (1.0m x 1.0m). 

1 INTRODUCTION 

The presence of other velocity sources is important in fire analysis because ambient disturbances 

can significantly change plume entrainment. Entrainment rate analysis is complicated by the fact 

that entrainment rates are known to vary depending on the location of a fire with respect to 

obstructions.  Furthermore, ambient velocities can create cross-flows which lead to a breakdown 

of axis-symmetric plume correlations. To investigate this phenomenon and the potential 

consequences, a review of smoke management and Heating, Ventilation, and Air Conditioning 

(HVAC) standards was conducted.  

A fire modelling analysis on the allowable velocities and subsequent effects on plume behavior 

was completed in Fire Dynamics Simulator (FDS). Standards and guidelines such as the 

American Society of Heating, Refrigeration, and Air Conditioning Engineers (ASHRAE) 

Handbook, National Fire Protection Association (NFPA) Standard 92, Standard for Smoke 

Control Systems, and Approved Document F, Building Regulation in England for the Ventilation 

Requirements to Maintain Indoor Air Quality were examined and compared across the duration 

of air handling usage in a space before and after smoke detection and management. Even with 

these guidelines, HVAC design intrinsically depends on individual spaces and engineering 

judgement.  

To assess the impact and significance of HVAC-induced flows per the various regulatory design 

requirements on smoke management, the requirements were then implemented in an FDS model 

of a generic room. Velocity profiles within the space before and after detection were compared 

and the duration of time to a quiescent environment was determined. Finally, a comparison of the 

impact of cross-flows, fire location, and HVAC systems or plume entrainment and smoke 

movement was completed with a generic fire (1.0 m x 1.0 m). 
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2 BACKGROUND 

  HVAC system designs vary depending on the location, geometry and functionality of a 

space. While the goal of HVAC systems in providing thermal comfort and fresh air circulation to 

building occupants is universal, several techniques may be used to achieve this. There are three 

types of air that can be entering or exiting a space. These are supply, return, and exhaust air. The 

primary focus of this study is supply air, which is the conditioned air that enters an occupied 

space and has the largest effect on the indoor environment. The most common HVAC systems 

are mixed air systems. Mixed air systems use high velocity diffusers placed overhead to deliver 

supply air horizontally along the ceiling. When exit velocity is high enough, a low pressure area 

is created between discharged air and the surface of the ceiling or surrounding walls causing the 

air to cling to the surface [1]. This is referred to as the “Surface Effect” and can be used to 

induce critical circulation in a mixed air system. Partially mixed systems and full thermal 

stratification systems use lower discharge velocities and the negative buoyancy of cool air to 

keep only the lower occupied portion of a space cool. This study will not focus on stratified 

systems as the compartment environment is less affected by impinging supply air velocities from 

these systems. 

Diffuser design is another critical component effecting the indoor environment. Outlets can 

be located on the ceiling, walls or floor of a space. Overhead diffusers typically have the highest 

velocities especially in a heating mode where buoyancy forces need to be overcome in order to 

reach the occupied area. Sidewall outlets are typically located close to the ceiling and are angled 

towards the ceiling to take advantage of the surface effect. Floor mounted outlets are frequently 

used for large applications and discharge vertically with relatively low velocities. Diffusers can be 

spaced using the T50/L ratios supplied in the ASHRAE handbook after a total required CFM has 

been determined and diffuser type selected [2]. Because the throw distance is typically ten ft., 

diffusers are usually spaced within ten ft. of each other to ensure complete coverage of an area. 

The ratio can be multiplied by a characteristic length in order to determine the throw distance 

(distance from the diffuser where air reaches a specified velocity, typically 50-150 fpm) of a 

diffuser which corresponds to diffuser spacing.  

It is also necessary to note the response of the building in a fire scenario in order to understand 

the indoor environment. Approximately 85% of buildings use a containment strategy where 

dampers shut off ductwork to limit the spread of fire and smoke throughout the building [3]. Some 

newer buildings use engineered smoke control to positively pressurize the space surrounding the 

fire and limit the spread of smoke. These systems can be categorized into dedicated smoke control 

systems and non-dedicated systems. Dedicated systems are installed specifically to perform a 

smoke control function while non-dedicated systems share components with another system such 

as the building HVAC system [4]. Fans and ducts used for stairwell pressurization are an example 

of a dedicated system while HVAC systems with added smoke control functionality are considered 

non-dedicated systems.  

The focus of several studies on the effects of make-up air systems has been on atrium smoke 

control systems. Such systems have supply and exhaust rates that are orders of magnitude greater 

than those produced by an HVAC system. However, previous studies have shown that velocities 

below those mandated by codes and standards can impact plume and smoke layer behavior. The 

study by Kerber [5] indicated that velocities as low as 1 m/s may lead to rapid smoke-layer 

descent as the make-up air deflects the plume. This same study posited that asymmetrical vent 

location with respect to the fire lead to plume rotation which in turn dramatically increased the 
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turbulence of the plume. Studies performed by Pongratz [6] and Hilditch [7] confirm that 

additional velocities, such as those from HVAC systems may tilt the flame, disturb the plume 

trajectory, and even enhance entrainment of fresh air into the plume. These conclusions 

corroborate an earlier study by Hadjisophocleous and Zhou [8] which also determined 

numerically that flame deflection may occur at velocities around 1 m/s. A study by Ayala [9] 

combined different vent areas and configurations, heat release rates, and fire locations into 84 

simulations. Adverse conditions were found to develop at values below the velocity threshold of 

1 m/s prescribed by international codes. 

NFPA 92, Chapter 6 covers the standards for non-dedicated systems. Stipulations include using 

smoke dampers to keep interconnected supply and exhaust systems distinct, sequencing of 

supply and exhaust fan activation, smoke control mode having the highest priority of an HVAC 

system, and the provision of outside air for pressurization [10]. The maximum makeup air 

velocity permitted is 1.02 m/s as significant plume deflection and smoke layer disruption may 

occur above this velocity. When the HVAC system has no smoke control functionality, it will be 

shutoff when fire is detected in a zone. However, residual temperature and velocity gradients may 

still be present in the space. Initiation of smoke control mode must take place within 10 seconds 

of receiving an activation command. Therefore, depending on the detection mechanism and fire 

characteristics, an HVAC system could be operating for several minutes after ignition takes place.  

In the UK, Approved Document F requirements have similar objectives. However, the standard 

is adjusted for performance-based design in that performance criterion and tenability limits are 

outlined without specifying how such conditions are to be met. Supply rate for buildings other 

than dwellings is mandated to be no less than 10 L/s/person as the incidence of health effects 

below this rate becomes significant [11]. Exposure levels to various pollutants including carbon 

monoxide and nitrogen dioxide are regulated by concentration. Assumptions made in 

determining the values for these performance criteria are described in the appendices of the 

document. 

3 DATA AND METHODS 

In order to investigate the interaction between residual velocities and combustion products, a 

case study was conducted using a roughly 3,000 SF lecture hall in the Engineering IV building at 

California Polytechnic State University. The HVAC system was modelled as a mixed air system 

with angled diffusers and return air grills located on the ceiling. Pyrosim and FDS were used to 

model the space and simulate several scenarios. The geometry of the room was modelled in 

Pyrosim with dimensionally accurate obstructions for the floor slab, walls, and ceiling. All doors 

and windows were assumed to be closed and diffusers were modelled as two ft. by two ft. vents 

with a volumetric flowrate of 350 CFM. The return grills were modelled as openings that 

allowed air to exit the model without creating a pressure drop at the vent. The model was run 

first without a fire to investigate the baseline conditions inside the space. Figure 1 shows the 

steady state velocity slices at a time of 354 seconds. After thirty minutes of simulation time, the 

volumetric flowrate was set to zero in order to observe the residual velocities in the space after 

the HVAC was shut off. The results can be seen in the figures below. The room reached 

quiescent conditions approximately 16 minutes after the system was shut off and had residual 

velocities for 5 minutes after shutoff. Quiescent conditions were reached when the overall 

velocities within the compartment were reduced to such an extent as to have an insignificant 

impact on fire behaviour. 
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Figure 1. Steady State Velocities with HVAC on 

 

Figure 2. Velocities Immediately After HVAC Shutoff 
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Figure 3. Velocity Slices Approximately 1 Minute and 16 Minutes after Shutoff 

Velocity probe trees were placed at the approximate quarter points of the room at five different 

heights (Figure 4). A steady-state 500 kW fire was added at the approximate center of the space 

to create a fire scenario. The fire used exhibited no growth period. HVAC vents were disabled in 

order to obtain baseline velocities within the compartment due solely to fire effects. A third 

model with both a fire and active HVAC was created to analyse the contributions of both types 

of velocity sources. In order to allow air movement within the compartment to reach the no-fire 

steady state conditions, ignition was delayed until 1,800 seconds. Probe trees were placed in the 

same locations as the baseline simulation. Additionally, four Cleary Photoelectric smoke 

detectors were placed within the room. A generic spacing of 30 ft. (9.14 m) was used in 

accordance with the requirements of NFPA 72 (Figure 5). The HVAC vents were controlled such 

that upon activation of any detector a 10 second delay would occur before the vents were 

shutdown. This was to simulate the maximum time allowed by NFPA 92 between receipt of a 

detection signal and smoke control system activation. To aid in visualization, 2D soot 

concentration and visibility slice files were added every 0.5 m from the floor to the ceiling. 

               Figure 4a. Probe Tree Location                           Figure 4b. Smoke Detector Location 
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4 RESULTS 

Velocity probes at the same elevation showed agreement for the no-fire case. When the data is 

plotted, the velocities are shown to reach a maximum when the HVAC system first starts. As the 

air within the space becomes assimilated into the motion induced by the HVAC system, the 

velocity decreases to a steady state value. HVAC shutoff occurred 10 seconds after smoke 

detector activation, between 1,810 and 1,816 seconds. Correlation between probes in the scenario 

with fire was also high. Similar trends are present for all the probes. Due to the way in which the 

model was setup, the buoyant effects of the fire plume dominate the velocities in the 

compartment. The velocities induced by the HVAC system are much lower than those induced 

by the fire. This is most evident when velocities for the three scenarios are plotted together as the 

fire only and fire and HVAC cases can be shown on the secondary axis while the HVAC only 

case must be shown on the primary axis if it is to be visible at all (Figure 5). The velocities in the 

scenarios with fire are at least one order of magnitude greater than those without a fire.  

 

Figure 5. Comparision of Tree 2 Probe at 3.5m for all three cases 

The similarity between the four probe tree results may arise from the nearly symmetric 

arrangement of HVAC components within the compartment. The fire location was also chosen 

with symmetry in mind. Another factor that contributes to these results is the relatively low 

diffuser velocity. Higher diffuser velocities would cause greater disturbance of the ambient 

conditions and potentially have a greater effect on the fire plume. A fire that showed a more 

standard growth rate would also impact the results in terms of detector activation and HVAC 

shutoff. Currently the fire is either “on” or “off”. This causes the buoyant effects of the fire 

plume to supersede the effects of the HVAC system quickly instead of growing such that 

ambient velocities transition from HVAC dominated to buoyancy dominated.  

This does not prevent the HVAC velocities from influencing products of combustion. Visibility 

slice files placed every half meter from the floor to the ceiling were used to assess the influence 

of HVAC in the presence of buoyancy dominant conditions. The contrast between the fire only 

and fire and HVAC cases was most evident at 2,192 seconds when the fire had been burning for 

392 seconds and the HVAC had been shut down for 374 seconds. Slice files at two and three 
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meter elevations were viewed simultaneously to visualize the effect of elevation on smoke 

movement. Visibility of ten meters was used as a benchmark visibility distance in accordance 

with values recommended by Yamada and Akizuki [12].  In the fire only case, visibility was 

worse with increasing distance from the fire, a trend which persisted regardless of elevation. 

When HVAC effects were included the visibility range was more varied throughout the discrete 

planes regardless of elevation. Slice files at two and three meter elevations are shown at 2,192 

seconds or roughly 6.5 minutes after the fire was started (Figure 6). Despite having been shut 

down for over six minutes and being smaller than the buoyant velocities, the residual velocities 

from the HVAC system still impact smoke movement within the compartment. 

 

          Figure 6a. Fire Only Case                                   Figure 6b. Fire and HVAC Case 

5 CONCLUSIONS 

The presence of velocity sources beyond those generated by the buoyant smoke plume impacts 

the behaviour of the fire and smoke plume. Previous research indicates that even velocity sources 

less than code or standard requirements can disturb the flame, alter plume trajectory, and 

increase entrainment. The velocities produced as part of HVAC systems have the potential to 

cause the aforementioned effects on a fire. The effects generated by the HVAC system are 

dependent on the configuration of the system and size of the space. Both factors contribute to the 

velocities in ways that are not fully understood. More evidence, both qualitative and quantitative, 

is necessary for refining and advancing the understanding of HVAC impact on smoke behaviour 

and management. Specifically, the impact of compartment dimensions and non-symmetric 

HVAC location on fire and plume dynamics should be studied. 
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ABSTRACT 

The fire protection for most of the automated storage and retrieval system (ASRS) warehouses is 

not covered by the National Fire Protection Association (NFPA) standards. The design of the fire 

protection will depend on the ASRS configuration, type of storage containers, materials to be 

stored and configuration of flue spaces. The tote handling ASRS usually have open top 

containers that may accumulate water from sprinklers, this may increase the weight of containers 

and reduce the water penetration within the system.  The fire protection design requires analyses 

of the required protection and life safety of occupants within the building. Given the value of the 

equipment, stored goods and cost of downtime, a reliability study should also be completed to 

help to determine the required redundancy of the fire protection system. The fire protection 

engineer plays a major part in the design team and his/hers input to all members of the design 

professionals is important to ensure that all systems affected by the fire protection design are 

properly designed.  

1 INTRODUCTION 

A number of new modern warehouses have automated storage and retrieval systems. These 

systems increase the efficiency of the warehouse and in most of the time increase the storage 

density. The fire protection design criteria for these systems is very limited and major changes 

can be expected in the event that the fire protection design is not considered during the design of 

the buildings and its various systems. As the conditions vary from one ASRS to another, the fire 

protection engineer’s input is crucial for the design of a safe building and adequate fire 

protection of the ASRS.  

2 GENERAL 

2.1 Base building  

Most of the buildings with ASRS are large (vary from 100,000 ft2 to 1,000,000 ft2) and they 

frequently over 75 ft high. These buildings have number of loading dock doors with a receiving 

dock area and a shipping dock area. Depending of the type of goods stored, the warehouse can be 

subdivided into multiple climate sections, for example a freezer section, a cooler section, a 

controlled humidity section etc. In many cases there may be a complex HVAC system as well as 

a refrigeration system. The base building fire protection design generally includes water supplies, 

fire pumps, underground water supply piping and a ceiling sprinkler system. 
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2.2 Automated Storage and Retrieval System 

There are number of different types of ASRS. ASRS can be classified into the following 

categories: Pallet handling system – Crane type; Pallet handling system – Shuttle type; Tote 

handling system – Shuttle type; Tote handling system – Crane type; Tray handling system – 

Crane type; Tote handling system – Top access; and Crane systems 

The crane type systems use a crane that will access pallets, trays or totes frequently two deep and 

will deliver the load to a conveyer system. The pallet storage is frequently over 70 ft high and 

would have approximately 5 ft crane aisle. The storage is similar to a double or multiple row 

rack system. In some installations, the pallet storage at the ground level will be used for manual 

picking of products. The tote or tray systems are usually divided to multiple levels with levels 

between 30 to 40 ft high. The storage in these systems is usually very dense with very limited 

flue spaces for water penetration. 

The shuttle type systems have normally one shuttle per level of storage of totes. These systems 

usually have access aisles located at approximately every 10 ft of elevation. The shuttles in this 

type of systems pick up the totes and deliver the totes to an elevator system located at one 

extremity of the system. The other extremity is usually used for access into the system and has 

platforms at each walkway level. Most of these systems will have open top containers (totes) 

with limited drainage capabilities. The storage is very dense and, in some configurations, has 

very narrow transverse flue spaces and in some cases the transversal flue spaces are completely 

blocked. 

The top access system stores totes resting on top of each other. These systems have tracks for 

robots that can move in 4 directions on the railing. The robots will lift the totes from the storage 

area (usually referred to as hive) and move the totes to another location within the hive or to an 

elevator usually located within the hive. This type of systems are up to 30 ft high with access to 

the storage only from the top.  

2.3 Storage classification 

Most of the ASRS trays or totes are made of plastic. The majority of the totes have open tops. 

The typical classification, because of the totes or trays, is class A exposed plastics. The open top 

totes if not provided with adequate drainage will accumulate water that is normally required to 

cool and wet the storage surfaces. The weight of accumulated water should be added to the 

weight of stored items in the totes and the structure of ASRS is to be designed for this additional 

load. Some ASRS systems will handle oils, aerosols or other products that may require a higher 

level of protection than exposed plastics.  

The pallet ASRS will probably have storage of idle pallets within the system. It is important to 

determine where and how the idle pallets will be stored within the ASRS. The sprinkler system 

should be designed accordingly.  

3 CODES AND APPROVALS 

3.1 Building Codes 

Depending on the country, the local building codes will determine the minimum level of safety 

required for the building and for the occupants. Most of the modern building codes have an 



Fire Protection Design for Automated Storage and Retrival Systems (ASRS) Warehouses 

   

561 

 

option to provide an alternative solution (code equivalence) to provide the required level of 

building safety and occupant safety.  

3.2 Reference Codes 

Most Building Codes will refer to other codes and standards for the design of the sprinkler 

systems and the fire alarm systems. In North America the building codes require that sprinkler 

systems and water supply meet the requirements of NFPA. Usually in case of a discrepancy 

between the building code and the referenced code the building code has precedence. Note that 

generally the building code specifies the version of the reference code (for example NFPA 13 – 

2013).  

3.3 Good Engineering Practice 

Several times the Building Code or the referenced code by the Building Code does not have a 

method on how to protect the ASRS system. FM Global [1][2] has datasheets that provide a good 

guideline for the protection of ASRS systems. Good knowledge of fire protection and the ASRS 

system is essential to determine adequate fire protection for ASRS. The fire protection engineer 

should be careful when using multiple codes. If the engineer selects the least demanding from 

each code the overall protection may be less than when a single code is used in its entirety.   

3.4 Authorities Having Jurisdiction 

In order to obtain a building permit most of the municipalities will review compliance with the 

Building Code. As most of these installations will require alternative solutions to provide the 

code required level of safety, the review will take longer, and the fire protection engineers should 

be prepared to explain and defend the alternative solutions.  

3.5 Owners 

Some of the owners will impose operational conditions and budget limitations. The fire 

protection engineer should be prepared to provide reasonable cost estimates of the fire protection 

systems and to take into consideration the operational requirements. Note that the level of safety 

required by the codes cannot be reduced. 

3.6 Insurance Representatives 

Some insurance brokers and insurance representatives are very knowledgeable, and some have 

never encountered projects with ASRS. Insurance requirements may exceed the code 

requirements or may recommend and accept a lower level of protection. The design engineer is 

responsible to design the fire protection system to meet the level of safety required by codes, 

even if the insurance company would accept a lower level of protection.  

3.7 Design Team 

The design of fire protection and life safety for the building and the ASRS system is generally 

under the direction of the fire protection engineer. It is essential that the fire protection engineer 

works closely with the architect and all the members of the engineering team. This should 

include the design team of the ASRS. In some occasions the ASRS design team will advise how 

to design the fire protection for the ASRS. If this is the case the fire protection engineer should 

carefully evaluate the recommendations. The ASRS design team may not have a good fire 

protection knowledge but base the design recommendation on previous projects or other non-

applicable codes.  
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The fire protection engineer will be required to provide information and instructions to the entire 

design team. For example, the architect will require the location of sprinkler rooms, pump rooms 

etc. The structural engineer will require loads for the water mains. It is not unusual to have 

differential movement between the building columns and the ASRS columns near the roof of 

over 2 ft. This creates a challenge in feeding sprinklers within the ASRS system from the roof.  

The following are some areas that need special attention: 

The fire protection engineer should assure that the underground piping is designed to resist high 

pressures if fire pumps will feed the underground piping.  

Seismic movements are dependent on soil conditions and the seismic zone. Most of the building 

codes will require seismic design to meet the building code rather than the NFPA 13. [3] 

The electrical and mechanical engineers will require information as to the coordination with the 

fire protection design.  

Any special conditions generated by the alternative solutions should be discussed with the design 

team. 

Due to the building height, the ventilation systems may force air with high velocity that should 

be shut in case of fire. 

Any conveyers, shuttles and cranes should be shut down in case of fire. 

4 FIRE PROTECTION DESIGN 

4.1 Water supplies 

The fire protection engineer should determine the water flow demand of the fire protection 

system. If municipal water supplies are available, a water test should be made to determine the 

available flows and pressures. Note that the actual flow should be in the same range as the actual 

fire protection water flow demand.  

When required the fire protection engineer should determine if a water reservoir is required, if 

fire pumps are required and to determine the size of the underground piping and the location of 

hydrants, control valves and water entrances into the building.  The fire protection engineer 

should specify the hydrostatic testing procedure and flushing rates of the piping.  

4.2 Reliability 

Due to the high cost of the ASRS system, the size of the building, the cost of products that will 

be stored in high density and high business interruption costs, the evaluation of the reliability of 

the fire protection system is essential.  

To increase system reliability the system should be designed with some redundancies. For 

example, two independent water supplies and two fire pumps may be considered. Consideration 

should also be given to loop the underground main, location of control valves and the number of 

sprinkler entrances. In some cases, an emergency generator may be required, which brings 

additional requirements.  

The design of the fire protection systems should take into consideration that the access to storage 

is limited and the fire-fighters may not be able to reach high elevations within the ASRS system. 
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Because of this a fire protection system that will extinguish the fire rather than just control it 

should be considered. Additional redundancy may be required by the fire department. 

4.3 Required space - Building 

The fire protection system may require numerous sprinkler systems and will have large 

manifolds for sprinkler risers. The required space for the manifolds must be coordinated with the 

architect. For tall buildings, there will be requirement to brace the sprinkler risers to the wall. 

The structural engineer must design the structure so that it can support the load from the 

sprinkler risers. These loads will be quite large in areas with expected seismic movements. In 

case of a freezer or cooler, the sprinkler room should be insulated and heated. 

Most of the sprinkler systems protecting the ASRS will require a fire pump. Two pumps may be 

required for reliability. The architect should be advised on the size of the pump rooms. The 

engineer should advise if the pump will be electric driven or diesel. The size of the room should 

be able to accommodate the mechanical equipment. The ability to service the equipment should 

be taken into consideration when sizing the rooms.  

4.4 ASRS protection 

The fire protection engineer should obtain information as to the longitudinal and transversal flue 

spaces. Frequently these flue spaces are completely blocked with tote support and guidance 

structures. The fire protection engineer should be able to evaluate the water flow obstructions 

within the flue spaces. 

If the system uses totes, boxes or trays as storage carriers, the combustibility of the carrier may 

increase the classification of combustibles. The fire protection design will change if the totes are 

to be considered as “open top containers”. 

The NFPA has little or no guidance for the protection of ASRS. FM Global has a data sheet 8-34 

[1] that provides guidance for the protection of ASRS system as well as guidance when standard 

rack protection can be used. Note that FM standards are usually accepted by the insurance 

companies but require an alternative solution to be used, which has to be permitted by the 

authority having jurisdiction. 

The location of sprinklers and piping should be coordinated with the ASRS manufacturer to 

make sure that the sprinkler system will not interfere with the operation of the ASRS. Special 

attention should be given to allow access in case of required repairs to the sprinkler system.  

Most of the ASRS have multiple levels of platforms and conveyer systems. Most of the time 

sprinkler protection will be required under the platforms and under some conveyers.  

4.5 Conventional storage  

These warehouses will have areas to deal with goods that are not compatible with the ASRS and 

will be stored separately. The fire protection engineers may have to do fire modelling to 

determine the effect of building height on sprinkler activation. Studies have shown that the fire 

will be much larger due to the delay in sprinkler activation and sprinkler densities based on 

NFPA 13 for low storage may not provide adequate protection [2].  
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4.6 Roof sprinkler system 

Depending on the design of the fire protection within the ASRS the roof sprinkler system must 

be designed to be compatible with the ASRS fire protection and to protect the conventional 

storage. 

5 LIFE SAFETY 

5.1 Exiting 

In many occasions the ASRS manufacturers have a designs that limit access into the ASRS and 

sometimes the ASRS design will have very long dead end aisles that may trap maintenance staff 

in the case that a fire starts near the egress from the ASRS.  The fire protection engineer should 

identify these problems and demand that the ASRS be modified to eliminate dead end aisles to 

meet the Building Code level of safety. 

In most cases an alternative solution will be required with the demonstration that all personnel 

can safely evacuate the building. The Ontario Building Code has an equation that can be used to 

calculate time to exit. The sprinkler design should provide adequate structural protection to 

minimize the potential collapse of ASRS or the building. 

5.2 Fire Alarm Systems 

In some instances, a very early smoke detection system may have to be used to reduce the delay 

until the sprinkler system will activate the fire alarm system and initiate the evacuation signal. In 

some cases, additional fire or smoke detection may be required to activate the fire alarm system 

and to stop ventilation, conveyers, cranes shuttles etc. 

The fire alarm system design should take into consideration access for inspection and 

maintenance as some areas will have no or very limited access due to the ASRS. 

6 CONCLUSIONS 

The design of fire protection system is very complex and requires a fire protection engineer who 

has experience and good knowledge of the ASRS, fire modelling, codes and insurance 

requirements, costs and design of sprinkler systems. The fire protection engineer will be called 

upon to assure fire safety of the building and life safety.  
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ABSTRACT 

Following tunnel fires in Europe at the turn of the centuries, fire safety/security has become an 

issue for transportation infrastructures. There are however, significant differences between 

tunnels and bridges regarding both aspects; safety of people and security of structures. Safety of 

people, an important aspect for tunnels, is practically not an issue for bridges; security of 

structures however, poses serious problems. While tunnels are simple “bored holes” or 

reinforced concrete frames, bridges can present a variety of structural systems more or less fire 

resistant. Fire scenarios for tunnels are quite easily predictable; in the case of bridges, they 

depend on many parameters. Gasoline tankers and other dangerous goods are normally 

prohibited in tunnels but they are allowed on roads; cargo trains and ships represent even a 

bigger hazard for bridges. The differences between bridges and tunnels result therefore in a 

different approach in dealing with fire hazards. 

1 INTRODUCTION 

Fire as risk for transportation infrastructures has become increasingly an issue as cases of fire 

and subsequent losses of tunnels and bridges have become a reality in the recent years. The 

series of tragic events in tunnels, which have occurred in Europe in 1996-2001 and have caused 

the loss of lives (over 200 persons perished) and an important economic impact, have led to 

changes in codes and standards. An upgrading of many tunnels has followed. Bridge fires, which 

have occurred over the years, with some exceptions, did not have the same impact. There was no 

loss of lives and the economic impact was less important; the status quo has basically prevailed 

in dealing with fire hazards. The aim of this paper is to shed some light on the differences 

between tunnels and bridges from the perspective of fire hazards and related issues. 

2 FIRE HAZARDS FOR TRANSPORTATION INFRASTRUTURES 

Fire hazards for transportation infrastructures are related to combustible loads of road vehicles, 

trains, ships, public utilities and storage. Main hazards on roads come from gasoline tankers and 

other dangerous goods; the combustible load of tankers is about 300 MW compared to 100 MW 

for heavy goods vehicles ([1] to [3]); an example of a gasoline tanker on fire is shown in Fig 1. 
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Fig. 1. Fire of a gasoline tanker under The Paramount Blvd. Bridge (Montebello, CA 2011) 

Hazards on railways are related to combustible loads of transported cargos, these loads are much 

bigger than those on roads. As example of fire of a cargo train Fig 2 shows the fire of the 

seventy-four cars freight train carrying crude oil; the fire has occurred in Lac Megantic in 

Quebec in 2013 causing the death of 47 people and a complete destruction of the downtown. 
 

    

Fig. 2. Fire of the cargo train in Lac Megantic (Québec, 2013) and the consequences.  

Combustible loads of subway or intercity cars are relatively small when compared to cargo trains 

but the full scale tests conducted recently ([4] and [5]) have shown that such fires can reach more 

than 50 MW at the peak. Fig 3 gives examples of two passenger train fires. 
 

 a)    b) 

Fig. 3. Fires of passenger trains: a) The Samleshwari Express (India, 2011), b) The Chester Train (Australia, 2010)  

Hazards on waterways are related to combustible loads of cargo ships; the highest category of 

fire hazards. There are few reported cases of ship fires but the one in New York in 1973 shown 

in Fig 4, can serve as example; two ships collided near the harbor and have caught fire; one of 
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them loaded with light crude oil. The ships were interlocked when passing under the Verrazano-

Narrows Bridge and the flames have reached the bottom of the bridge. 
 

    

Fig. 4. Ship fire near the Verrazano-Narrows Bridge in New York in 1973  

Material stored or vehicles parked below bridges and public utilities carried by bridges can 

represent also fire hazards and examples are given in Fig 5. On the left, fire of dismounted 

wooden service decks stored under The Łazienkowski Bridge over the Vistula River in Warsaw 

(Poland) [6]; the propagation of an intense heat through the superstructure causing fire of public 

utilities, has led to the loss of all spans. On the right, fire of trucks parked under The Mathilde 

Bridge over The Seine River in Rouen (France) [7]; following the overturning of a tanker which 

caught fire on the bridge, the fuel has spilled over and reached the trucks below. 
 

  a)    b) 

Fig. 5. Fires of material/vehicles below bridges: a) The Łazienkowski Bridge (Poland), b) The Mathilde Bridge 

(France)  

3 SAFETY-SECURITY ISSUES 

The difference between bridges and tunnels with regards to the exposure of users and 

infrastructures to fire hazards can be summarized as follows:  

- Fire scenarios can be quite easily defined for tunnels while for bridges they depend on 

combustible loads on and below bridges, both hazards are independent from each other; 

- Safety of users in tunnels is the most important aspect while in the case of bridges it is 

almost not an issue; 

- Security of tunnel structures is easy to control while the security of bridges depends on the 

type of the structural system and the specific fire hazards. 
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3.1 Tunnels 

Safe evacuation of users requires ventilation of tunnels to ensure a smoke free environment in 

the early phase of the fire, this phase is reflected in fire curves and it is one of the basic 

parameters for the design of ventilation systems and egress routes. 

As far as the security of structures is concerned, there are two categories of tunnels; tunnels 

bored in rocks and tunnels built as structural frames. The consequences of fire in both cases are 

very different and The Mont Blanc Tunnel after the fire of a trailer loaded with butter and flour 

in 1999 shown in Fig 6, explains the difference. After 52 hours of burning the bored hole in the 

mountain remained while in the case of a structural frame a complete collapse of the sector 

would have to be expected. Fortunately, the cases of big fires in structural tunnels have not been 

reported until now. 
 

    

Fig. 6. The Mont Blanc Tunnel after the fire in 1999 

The preservation of structural tunnels faces the problem of very high temperatures (over 1000°C) 

in a confined environment, reached within minutes. Such temperatures are beyond the limit of 

the resistance of concrete; the loss of resistance begins at ± 300°C (spalling at ± 250°C) and 

600°C is viewed as the practical limit for concrete as material ([8] to [11]). Concrete structures 

require therefore protection to reduce the temperature on the surface of the elements; passive and 

active protections are in use for this purpose. 

• Road Tunnels 

Fires are caused mainly by the collision of vehicles and the seize of fire depends on the 

characteristics of the traffic and the number of heavy goods vehicles (HGV) in the tunnel. HGV 

are considered for the combustible load as the dangerous goods (gasoline tankers) are generally 

prohibited in tunnels. The fire scenario for a specific tunnel and the corresponding fire curve are 

established from the engineering analysis. In tunnels where an occasional passage of dangerous 

goods must be allowed, such operation is usually under escort and when the tunnel is closed for 

the traffic, otherwise, a higher design fire has to be considered. 

• Railway Tunnels 

There are no standards for hazards related to cargo trains; such hazards are however different 

from those in road tunnels as the problem of safety of people is limited to train operators. 

Furthermore, the risks of derailment in railway tunnels and subsequent fires are rather small. In 

addition, a moving cargo train on fire can be easily evacuated outside a tunnel reducing hazards. 
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3.2 Bridges 

Bridges are open-air structures, well exposed to the natural ventilation and they normally provide 

users with enough time and space for a safe evacuation; the safety of people is therefore not an 

issue. Security of structures however, poses serious problems and should be investigated for each 

and every bridge with respect to its specific hazards. There are two categories of hazards: 

- Combustible loads and their location on bridges (gasoline tankers, cargo trains, public 

utilities) and below bridges (gasoline tankers, cargo trains, cargo vessels, storage); 

- Hazards related to the performance of bridge structures exposed to fire; simple or 

continuous slabs, beams or girders, frames, trusses, arches, suspended bridges, cable stayed 

bridges, etc…; the list of structural systems is quite large. 

• Hazards related to combustible loads 

As hazards from combustible loads below bridges are the most important and independent from 

the use and the type of bridges; no distinction should be made between road and railway bridges. 

Considering combustible loads on roads, railways, waterways and in free spaces; there are many 

possible fire scenarios for bridges and they represent important hazards when compared to 

tunnels. 

• Hazards related to the performance of structures 

The structural performance of bridges depends not only on their systems but also on the material 

(steel or concrete) the superstructure is built of. The response to fire of concrete and steel and 

their use for construction of bridges, can be briefly summarized as follows: 

– Concrete is a “bad” heat conductor with the performance limit reached after a longer period 

of time; concrete is in use for many short and medium span bridges; 

– Steel is a “good” heat conductor with the performance limit reached after a shorter period 

of time; steel is in use for almost all medium and long span bridges, plus many short span 

bridges built as composite (steel girders with concrete slab). 

Based on these characteristics, it could be expected that the response to fire of concrete bridges is 

better than of steel bridges; to some extend it is true and for small combustible loads, concrete 

bridges are a logical solution when dealing with fire hazards. For larger fires however, it is not 

the case and as demonstrated in many publications ([12] to [20]) on bridge fires, the 

consequences are quite similar as shown in examples in Fig.7:  

- Collapse of the McArthur Maze Bridge in Oakland (2007) after a gasoline tank fire; bridge 

built as composite (steel girders with concrete slab). 

- Loss of concrete and exposure of the rebar of the I-270/I-70 Bridge in Ohio (2015) after an 

ethanol tank fire; bridge built as thick concrete slab. 

The extend of damages was different but the consequences were the same; both bridges had to be 

demolished and rebuilt. 
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 a)    b) 

Fig. 7. Example of losses: a) The McArthur Maze Bridge, Oakland (2007), b) The I-270/I-70 Bridge, (Ohio) (2015)     

3.3 Safety/security issues of tunnels and brides - Summary 

Safety/security issues of bridges vs road tunnels is summarized in the table below. 

Table 1. Safety/Security Issues - Bridges versus Tunnels 
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- NFPA 502 “Standard for Road Tunnels, Bridges, and Other limited Access Highways” 

[21]; 

- NFPA 130 “Standard for Fixed Guideway Transit Passenger Rail Systems” [22]. 

In both standards an engineering analysis is an essential part of the design/evaluation procedure 

to address safety/security issues in both, tunnels and bridges. An assessment of risks and 

appropriate measures aiming the reduction of risks are the key elements in this procedure. 

4.1 Tunnels 

To reduce fire hazards, continuous detection and monitoring of heat and gazes, traffic control 

with cameras in real time, barriers, traffic signs, etc.…, are the tools in use in modern tunnels.  

In case of fire, ventilation systems provide a smoke free environment for the evacuation of users; 

security of structures is assured by passive or active protection. Passive protections consist of 

boards or sprayed coatings and their thickness is function of the ability of the structure to resist 

the temperature loads [23]. For fire of a HGV they are usually about 30 mm thick and cover 

completely the inner face of a tunnel; boards are attached to structures with stainless steel bolts 

resistant to high temperature. Active protections or fixed fire fighting systems (FFFS), are also in 

use to damp the heat and control the temperature on the inner face of a tunnel; they act like 

sprinklers in buildings using water of mists to cool the air in the tunnel. The impact of 

water/mists on ventilation should however be considered in the design. Dealing with fire hazards 

in tunnels is covered by many publications and examples are given in references ([24] to [27]); 

as said, an engineering analysis is a key element in the procedure and an adequate selection of 

the design fire for the concept of ventilation and protection of structures, is an important element 

in such analysis. 

4.2 Bridges 

• Protection 

As mentioned earlier, safety of users is not an issue but protecting/preserving bridge structures is 

a problem. Using for protection boards or thick sprayed coatings like in tunnels, would be a very 

complicated and costly approach. Such protections would have to correspond to the fire seize of 

a gasoline tanker and its thickness would result in an additional weight plus related wind and 

earthquake loads acting on a structure. For existing bridges to be upgraded for fire hazards and 

affected by years of service (corrosion), this could present a real problem; in addition, such 

protection would hide structural elements making them inaccessible for inspection. Cargo trains 

and vessels with much bigger combustible loads represent another type of hazards and assuring 

protection would enter in a different category. Such solution is good for buildings but for bridges 

exposed to environmental attacks [28], other means are necessary to assure the structural 

security. Contrarily to tunnels where passive or active protections solve the problem, the dealing 

with fire hazards in the case of bridges should be focused on a general concept and measures 

aiming the reduction of fire hazards. 

• Concept 

One solution which could be used for the concept of new bridges and provide an adequate level 

of protection is a sacrificial cover of the rebar; the resistance of concrete girders or slabs to 

temperature loads would be part of the concept [29] thus preventing a bridge from collapse, 

repairs however, would be unavoidable after fire. 
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Limiting the exposure of a structure by increasing the height of a bridge, would help reducing 

temperature in structural elements; however, the case of The Wiehtal Bridge (Germany) fire 

[30], proves a rather relative character of such measure. After a collision with a car, a gasoline 

tanker has fallen from the bridge and caught fire; part of the span had to be replaced. 

• Reduction of risks of fire 

The reduction of risk of fire would be the only way of addressing effectively fire issues; such 

risks would be part of parameters considered in an overall design of new bridges and the 

evaluation of existing bridges ([31] to [34]). The probability of fire is already very low and it can 

be further decreased, by controlling the elements of risks. 

The control of the fire hazards should however be always put in the perspectives of other design 

parameters, which determine life-cycle performance of bridges; this aspect does not necessary 

apply to tunnels where the introduction of passive or active protections does not affect such 

parameters. 

5 LIFE-CYCLE PERFORMANCE 

5.1 Tunnels 

From the perspective of the life-cycle, the “good” long-term structural performance of most 

tunnels reflects their character, tunnels are built as buried concrete structures with limited 

exposure to environmental attacks and this aspect makes an important difference when compared 

to bridges. 

5.2 Bridges 

The life-cycle performance of bridges resulting from an exposure to environmental attacks such 

as sunrays, temperature changes, de-icing salts used on roads in norther countries, etc.…, should 

not be affected by dealing with fire hazards.  

Based on the probability of occurrence it is doubtful the risk related to fire would prevail in 

many cases. As example, the deterioration of concrete bridges affected by de-icing salts in 

Quebec and the actual leaning towards steel structures, is not necessary “in line” with the 

philosophy of the design of bridges against fire hazards. 

The risk related to fire hazards will always remain one of the parameters in the design or the 

evaluation bridges. There are many examples of “poor performance” of bridges due to a “poor 

design” of standard projects, and in some cases, such performance has resulted in failure. 

Introducing the dealing with fire hazards, as new parameter in conceptual design should not be 

done to the detriment of the existing parameters, many engineers have still the difficulty to deal 

properly in spite of decades of experiences ([35] and [36]). 

6 CONCLUSIONS 

Higher combustible loads below bridges on one side and different types of bridge structures on 

the other, result in a variety of fire scenarios when compared to tunnels, making the dealing with 

fire hazards for bridges much more complex. The dealing becomes a new aspect for bridges and 

measures aiming to assure the control fire hazards new design parameters; a very different 

context than in the case of tunnels.  
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The “extended family” of parameters requires an integrated, holistic approach in design of 

bridges to take care of all parameters at the same time; the life-cycle performance being a 

paramount criterion. High-level skills will always be required from structural engineers to 

guarantee that the design of a bridge for fire does not have a negative impact on the overall 

performance of the infrastructure. This situation seems to be behind some reluctance to tackle the 

issues related to fire safety/security of bridges at a larger scale. 
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ABSTRACT 

Fire and explosion hazards of cellular phones crowded enclosure such as in train cars should be 

carefully watched as many passengers are using phones or even charging phones while travelling 

for long distance trips. The thermal behavior of two cellular phone models (labelled as Phone A 

and Phone B) which were complained to be too hot were studied experimentally and reported in 

this paper. Three sets of experiments were carried out on the phones. Both phones A and B 

appeared to be safe under proper working conditions, though for phone A the battery was 

swollen with sparks observed in accelerated tests in which thermal insulation was imposed. 

1 INTRODUCTION 

The frequency of fires caused by electronic devices is increasing, with many such fires arising 

from cellular phones [1]. Sparkling flames were reported [2] while charging the cellular phone 

on the bed. Cellular phones might catch fires accidentally [3-5]. Such a fire incident was reported 

to burn down a house a few years ago in Hong Kong [3]. A cellular phone even exploded by 

itself in a train car [4]. This could be very hazardous as almost every passenger has a cellular 

phone and improper uses of cellular phones are likely to trigger electrical fire. Cellular phones 

themselves might not catch fire easily. However, they can become overheated if left in the 

charging mode for a long time. In most cellular phone fire accidents, the cause of fire or 

explosion was ascribed to the batteries. 

Lithium-ion batteries are widely used in cellular phones since they offer better performance than 

many other types of battery. The advantages of lithium-ion batteries include high energy and 

power density, longer life time and higher charging rate, making them much more attractive for 

consumer products [6]. However, lithium-ion batteries contain reactive and flammable materials, 

and billions of lithium-ion cells are used in cellular phones. Thus, there are concerns on thermal 

hazards [7,8] as several serious lithium-ion battery related fire incidents have been reported [9]. 

Thermal hazards of lithium-ion battery-pack is a function of the cells, pack, system design and 

manufacture in IEEE 1625 and 1725 standards [10,11]. The hazard of lithium-ion batteries 

should be addressed by a system-level approach combining cells, battery pack, host device, 

power supply or adapter end user/environment. Each of these components has a role to play in 

ensuring pack safety. Besides, the operating temperature range for lithium-ion cell specified by 

IEEE is between 10°C and 45°C with a charging cutoff voltage 4.25 V and a maximum specified 

charging rate [10]. Battery cells with higher state of charge are more thermally reactive [6]. An 

internal circuit is used to monitor the state of the battery including temperature, charge level of 

the battery core section and the charging/discharging rate. The circuit controls the battery cell 
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including charging of the battery [12]. Lithium-ion batteries have potential safety issues and 

thermal runaway [13] is the most important phenomenon to consider. Under overcharging 

conditions, cells with Circuit Interrupt Device will be activated. The chance for cell temperature 

becoming close to that triggering separator shutdown is very low. When cell temperature reaches 

the melting point of the separator material, a faulty cell safety device will be activated to avoid 

overheating. When the separator shuts down, internal resistance of the battery increases and the 

current decreases. Once the pores of the separator close up due to softening, charging or 

discharging of the battery is discontinued to prevent thermal runaway [6]. If lithium-ion batteries 

are overheated, exothermal reactions will take place and will lead to thermal runaway with 

excessive amount of heat generated to give fire or even explosion [14,15].  

In the present study, the thermal hazards of two cellular phone models, phone samples A and B, 

were investigated by measuring the temperature rise under different conditions. The goal is to 

study phone overheating under different scenarios. 

2 EXPERIMENT 1 

Two phone samples were selected in the present study: Phone A is the same brand of the 

exploded phone reported in a house fire [3], and Phone B is another brand which users frequently 

complain to be very hot. 

There are two parts in Experiment 1 on thermal hazards of the two phone samples (Fig. 1): 

− Part I: 

The cellular phone was checked to ensure that it was operating properly and it was not being 

charged. The back cover was removed from the cellular phone. Key components of the 

cellular phone including back cover, battery, antenna, speaker, LCD screen and circuit board 

were connected to the thermocouple by using silver paste. The temperatures of all the 

components of the cellular phone were recorded by connecting them to the data logger. The 

test was carried out under various cellular phone activities including running applications in 

the background, playing games, watching movies, listening to music and searching websites. 

Temperatures were measured at one-minute intervals up to about 100 minutes. This test was 

intended to study the thermal behavior in different activities.    

− Part II: 

The measurements in Part I were repeated with the cellular phone in the charging mode. 

The variations of temperature of different components of the phone operated without charging in 

Part I are shown in Fig. 2(a). The ambient temperature was kept between 22 and 23 oC. The 

temperature of the back cover was close to that of ambient temperature. Temperatures of all 

other components were higher than the ambient temperature. Temperature of the circuit board 

was the highest and about 20 oC above the ambient. During the first 20 minutes, temperature of 

the circuit board sharply increased since the load of the phone was increasing. The temperature 

of the circuit board was then fluctuated between 38 to 43 oC. Since the highest temperature of the 

cellular phone was 43 oC, ignition of cellular phone itself is impossible.  



An Experimental Study on Possible Thermal Hazards of Cellular Phones 

   

577 

 

Fig. 1. Different components of phone: 1 back cover, 2 battery, 3 antenna, 4 speaker, 5 LCD screen, 6 circuit board, 

for Phone A in Experiment 1 

a) 

  b) 

Fig. 2. Transient temperatures of different components for Phone A in Experiment 1. a) Part I; b) Part II 
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For Part II, Phone A was being operated and charged at the same time and the temperature 

variations are shown in Fig. 2(b). The back cover (or ambient) temperature was around 25 oC and 

the temperatures of all other components of the cellular phone were higher than the ambient 

temperature. During the first 10 minutes, the temperature of circuit board increased rapidly from 

33 oC to 46 oC, and remained almost constant at around 45 oC from 10 to 50 minutes. After that it 

started increasing again to reach the highest temperature of 50oC and dropped slightly 

afterwards. The possibility of ignition of cellular phone with charging is negligible. 

From the experimental results, playing games would consume the battery faster and then heat up 

the cellular phone faster. Besides, online browsing is another process that consumes more power 

in discharging the battery. While browsing a web, the cellular phone would operate many 

functions including Wi-Fi connections to display online content, support the wireless data 

transfer, and display the video information. The discharge current can be very high, up to 4A, 

and is likely to cause overheating and a temperature well above 50 oC. Therefore, the cellular 

phone may be overheated after some time. The circuit board was heated up to the highest 

temperature among other components in all activities. Phone A is operated with a powerful CPU 

generating more heat without a cooling device. The more powerful the CPU used, the hotter it 

became and the easier to be overheated.  

Comparing the results on the temperatures of different components in Part I and II, it is observed 

that the cellular phone was heated up more quickly when simultaneously in use and charging 

than without charging. This is natural as both operations generate heat. Given the small size of a 

cellular phone, it is more difficult to have the heat dissipated efficiently. As a consequence, the 

battery can be overheated. Higher complexity in circuit design with higher power consumption 

coupled with higher compactness of cellular phone will be difficult to keep cool, leading to 

thermal hazards.  

From Experiment 1 on Phone A, it is observed that using the phone while it is being charged can 

give high temperatures.  

Phone B was tested by repeating Part II, that is, in the charging mode. Transient temperatures of 

different components of the cellular phone are shown in Fig. 3. The temperature of the back 

cover reached up to 43 oC. The corresponding temperature for Phone A was only about 25 oC 

(ambient temperature). This indicates the large difference in thermal behavior of different brands 

of cellular phones, possibly due to difference in battery quality. 

3 EXPERIMENT 2 ON LIMITING HEAT DISSIPATION BY THERMAL 

INSULATION 

An additional thermal hazard scenario was carried out to study battery fire for Phone A. The 

phone was put between thermal insulation materials to limit thermal dissipation as shown in Fig. 

4. Application software was activated while charging the batteries. The objective was to observe 

the effect of thermal insulation materials on the temperature of the phone battery. This testing 

condition is intended to simulate charging from a power bank while the phone was put inside a 

bag.  

Variations of the temperatures of the battery and circuit board are shown in Fig. 5. When the 

temperature of the battery rose to 53.9 oC, charging was terminated. The phone was then allowed 

to cool down for about 20 minutes to 43.8 oC and phone operation and charging were re-started 

again. When the temperature of the circuit board increased to 74.8 oC, all the applications 
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stopped running automatically. However, the temperature of the battery kept rising. At 63.5 oC, 

the battery had no response and a small spark was observed. The battery was swollen but it was 

neither ignited nor did it explode. 

As expected, the cellular phone reached a higher temperature when lagged with thermal 

insulation. Lithium-ion battery used in the phone should have internal protection devices to cut 

off the charging status, or to stop running applications when the temperature of the device was 

too high. This provision would protect the phone, and would also prevent thermal ignition and 

explosion. When the temperature of the battery increased to 53.9 oC, the phone stopped charging 

until cooling down to an acceptably low temperature. As the phone was a second-hand product, 

the functions of the internal protection device might have been damaged and failed to operate the 

second time. The use of second-hand phone is intended to simulate phones encountered in 

general. 

Fig. 3. Transient temperatures of different components for Phone B in Part II of Experiment 1 

 a)               b) 

Fig. 4. Experiment 2 for Phone A. a) Experimental setup; b) Thermal insulation materials 
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        a) 

 

 

      b)      c)      d) 

 

Fig. 5. Results for Phone A in Experiment 2. a) Transient temperatures measured; b) Warning signal 1; c) Warning 

signal 2; d) Back of phone, with brand blinded 

4 EXPERIMENT 3 ON USING NON-GENUINE BATTERY 

Many users would replace an old battery by a battery not manufactured by the same company 

because of lower cost. Another scenario was carried out with a non-genuine battery with 

procedures following Experiment 1 for Phone A (Fig. 1). Except for the battery, other 

components of the phone remained unchanged. 

The temperatures of the non-genuine battery and the circuit board were observed to increase at a 

faster rate (Fig. 6) than when using the original battery (Fig. 3). When the temperature of the 

battery reached 55 oC, the phone stopped charging until it cooled down to 45 oC. The phone was 

then recharged until the temperature reached 56.2 oC, and then charging stopped. 
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The built-in internal protection device of Phone A was activated to protect the phone even when 

using a non-genuine battery. However, the efficiency of the internal protection device was lower 

in the second time. Cooling rate of the phone was much slower.  

A non-genuine battery may not meet the safety standards and would result in hazardous 

consequences. 

 

 

Fig. 6. Transient temperatures on Phone A for Experiment 3 

In order to avoid battery fire or explosion, fire safety management [16] should be implemented in 

high-speed railway system:  

− Passengers should not use the phone while charging, particularly in a crowded moving train 

inside a tunnel in a high-speed railway system.  

− Adequate ventilation should be provided in train cars [17] to have better cooling effect. Note 

that battery in notebook computer also caught fire recently [18]. 

− Avoid using low quality non-genuine batteries in the train car. The high-speed railway system 

security guard should check this before boarding the train. 

5 CONCLUSIONS 

The thermal hazards of cellular phones leading to fire and explosion should be watched 

carefully. The consequences could be very hazardous if explosion occurs in a crowded space like 

the train car. The passenger loading could be very high and each person might carry more than 

one cellular phone while travelling in high-speed railway system across cities. Having phone 

explosion accident as experienced in 2013 [3] in an empty train would give very different 

consequences. 

The above experiment shows that using cellular phone while charging it, the phone can be heated 

up to high temperatures. When the temperature of the battery exceeds the limit, the internal 

protection device would be activated to provide safety precautions. The tested cellular phones 

should be safe if one is not using non-genuine batteries, or the battery protection can cut off the 

current when heated up to a high temperature. Nevertheless, the use of non-genuine batteries is 
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quite common, and thermal hazards, even when not involving explosion, could be dangerous 

when it occurs in a crowded enclosure like the train. This could trigger panic among the 

passengers, and over-reactions could be much more dangerous than the thermal hazard itself. 
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ABSTRACT 

A large-scale wall fire test unit was developed at University of Waterloo to study response of 

materials, assemblies, and in-wall systems to thermal gradients similar to real fires. A 1.8m x 

1.8m wall section, with depth to 0.3m, is exposed to a symmetric, repeatable fire exposure. This 

paper reports results from tests on in-wall crosslinked polyethylene (peroxide crosslinking 

method) PEX-a pipe systems. Sections of 0.013m and 0.051m diameter pipe, with and without 

fittings, insulation or water-fill, are installed horizontally and vertically in wood and steel stud 

walls exposed to fire. Fire room, wall, and in-wall pipe temperatures are measured. Thermal 

gradients on the wall result in higher temperatures and larger horizontal deflections in pipes at 

the top of the wall. Fittings, insulation and water-fill decreased temperatures. Further tests are 

needed to better understand the full response of in-wall pipes to real fire exposure. 

1 INTRODUCTION 

This paper details results from a preliminary series of experiments aimed toward investigating 

the response of a wall and in-wall crosslinked polyethylene (PEX-a) pipes to a thermal gradient 

similar to that developed in a real fire environment. Tests were conducted in the new University 

of Waterloo (UW) Live Fire Research Facility large-scale wall fire test apparatus [1]. Previous 

work has shown that the test apparatus has a repeatable and symmetric thermal gradient for a 

given fuel load [2]. In contrast to certification tests, these large-scale tests are designed to study 

response of materials, assemblies, and in-wall systems under thermal gradients similar to those in 

a real fire. The data is important to improve our understanding and modelling of the impact of 

real fires on built assemblies. This information is necessary to predict how a change in one 

aspect of a design may impact the fire performance of a system as well as for next generation 

product development. A product must still be certified to meet all recognized North American 

Building or Mechanical Codes [3], including fire testing such as ASTM E84 [4], ULC S102 [5] 

or UL 723 [6], but these tests are often not useful for research as they are single repeat, 

expensive tests and only include instrumentation necessary to determine if the test is passed. 

Full-scale wall fire performance tests, such ASTM E119 [7], ULC S101 [8] or UL 263 [9], are 

even more expensive and are usually instrumented only to determine pass-fail for a product and 

employ a standard temperature-time curve to apply only a uniform temperature exposure to the 

wall. Some small and intermediate-scale tests have been conducted for research but most studies 

have focused on performance of specific structural components [10] or have used small samples 

and uniform temperature exposures [11-14]. There have been few, if any, previous studies which 

have employed large-scale wall fire tests to expose well-instrumented walls containing in-wall 

systems to repeatable thermal gradients in order to investigate their response in a real fire 

environment [1,2,15,16]. Such information is of interest when designing systems where it is 
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critical to maintain water supply well into a fire event, or for systems with specific routing or 

features, such as through wall penetrations. 

2 EXPERIMENTAL DESIGN AND INSTRUMENTATION 

2.1 Test Apparatus 

The design and initial characterization of the large-scale wall fire test apparatus used for this test 

series were based on previous large-scale experiments and fuel characterizations in the furniture 

calorimeter at the UW Live Fire Research Facility [17,18]. The apparatus is housed in a modified 

6.1m sea container with custom insert designed to hold 1.8m x 1.8m wall sections with a depth 

of up to 0.3m as shown in Fig. 21. Further details can be found in [1,15,16]. The unit can be used 

to test individual materials, wall assemblies, and in-wall systems. The fuel load, shown in Fig. 

22, and ventilation configuration were selected based on the desired temperature-time profile 

from previous results [1]. Three softwood cribs centred on the wall and ignited sequentially were 

used to create a repeatable and symmetric thermal environment in the fire compartment [2]. Four 

tests were conducted with up to 40 thermocouples (32 permanent and 8 test specific) recording 

the fire compartment environment and 16 permanent thermocouples recording the back room and 

wall frame conditions [2]. Unless otherwise noted, permanent apparatus thermocouples are 24 

AWG, Type K with ceramic insulation and Inconel over braid with a welded bead while test 

specific thermocouples are 24 AWG, Type K glass fibre insulated wires with a twisted bead.  

 

Fig. 21: Test Apparatus Layout [2]  

 

Fig. 22: Fuel Layout [2]  

2.2 Wall Assemblies 

The wall assemblies for all four tests were stud walls clad on each side with one layer of 0.016m 

Type ‘X’ drywall and no insulation in the wall cavities. Detailed information on the materials 

used can be found in a previously published paper documenting thermal symmetry and 

repeatability for the tests [2]. Walls for each test had four cavities with studs spaced 0.4m apart 

and one cavity with studs 0.2m apart although the location of this latter cavity changed 

depending on the test. When the in-wall pipes were in vertical orientation, the smaller cavity was 

at the centre of the wall so that the two large test cavities housing pipes were equal distance from 

the fire but did not directly contact one another (Fig. 3). Conversely, when the in-wall pipes were 

in the horizontal orientation, the smaller cavity was at one side to facilitate installation of the 

pipes (Fig. 4). For the tests, the exposed wall drywall seam was also changed from horizontal, 
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per good construction practice, to vertical to prevent hot gases from entering the instrumented 

cavities. Wall type and pipe mounting for each test in the series are summarized in It was found 

that security camera video footage obtained during the experiments was a crucial component in 

understanding the burning characteristics of the couches as well as how the smoke layer 

impacted fire growth and therefore, the resulting value of heat release rate. The video footage 

was primarily used in the area source radiation approximation method described in Section 2.4. 

First, the pixel dimensions for the height of the back cushion and length of the couch along the 

front of the sitting cushions were determined. Then, a screenshot corresponding to the time of 

peak measured heat flux was spliced from the video. A representative screenshot is shown in 

Figure 1 below. Using an image editing tool, rectangles were drawn over two areas on the 

screenshot: the main flame area (left hand rectangle, black, in Figure 1) and any surrounding 

flame areas (right hand rectangle, grey, in Figure 1). The ratio of the dimensions of the flame 

areas to the dimensions of the couch, in conjunction with knowing the actual dimensions of the 

couch, allowed for the conversion of pixels to meters for the rectangular areas. These were then 

used as inputs to the area source calculation method. Characteristic temperatures of the flame, 

Tf, in each rectangular area were based on a relative scale of colour saturation; the closer the area 

was to yellow, (or white in the case of the grey-scale image below) the closer the chosen value 

was to 1100K. In all cases, the temperature of the flaming area was assumed to be 1100K and the 

temperature of the secondary fire area (grey rectangle) was scaled according to relative colour. 

The values of temperature and dimensions are subject to change based on the person conducting 

the analysis, so efforts to make this process more consistent are currently being carried out. 

 

Figure 1: Example screenshot and areas of the flame area and surrounding area with pixel dimensions 

and temperatures used for Tf input in the area source approximation method described below.  

In all four tests, 18 test specific thermocouples were used to measure the temperature progression 

at three wall depths. Thermocouples were hung on chains 0.23m away from the wall in the fire 

compartment to estimate the fire side gas temperature (visible in Fig. 22). On the non-fire side, 

thermocouples were installed on the exposed drywall (visible in Fig. 23) and unexposed drywall 

with a small insulation pad to better contact the wall and shield the sensor from the adjacent air. 

At each of the three wall depths, thermocouples were installed at the “top”, “middle”, and 

“bottom” of the wall in two horizontal positions. The “bottom” thermocouples were located 

0.31m from the top of the lower stud. The “middle” thermocouples were located 0.89m from the 

top of the lower stud. The “top” thermocouples were located 1.47m from the top of the lower 
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stud, which corresponded to 0.33m from the bottom of the upper stud. For the vertical pipe tests, 

the thermocouples were centred on the stud cavities containing the pipes. For the horizontal pipe 

tests, one thermocouple was centred on the stud cavity as in the vertical tests, and the other was 

at the centre of the wall. A video camera recorded the exposed wall (fire side) and two cameras 

recorded the top and bottom of the unexposed wall (non-fire side). 

Table 19: Test Wall Differences 

 Stud 

Type 

# of 

Pipes 

Pipe 

Orientation 

Seam 

Orientation 

Test 1 Wood 8 Vertical Horizontal 

Test 2 Steel 8 Vertical Horizontal 

Test 3 Steel 4 Horizontal Vertical 

Test 4 Wood 4 Horizontal Vertical 

2.3 In-Wall Pipes 

The first two tests were conducted with crosslinked polyethylene (PEX-a) pipes in a vertical 

configuration as shown in Fig. 23. PEX-a pipes of 0.013m and 0.051m nominal diameter, with 

and without fittings, insulation or water-fill, were installed in the walls. Test pipes were each cut 

to 1.78m in length. Pipes with fittings had the fittings installed at approximately 1.47m from the 

bottom of the pipe. The insulated pipe was wrapped with R2.0, 0.051m wide, 0.003m thick pipe 

wrap insulation after the thermocouples were installed. An end cap was installed at the bottom 

end of the water-filled pipe and the pipe was filled with water to above the top thermocouple 

position and left open at the top so that any water evaporating during the test would not be 

confined. Each pipe was held in place within the cavity with wire and the ends were stuffed with 

insulation to prevent hot gases from entering the inside of the pipe. Depending on the pipe, test 

specific thermocouples were installed at top, middle, and bottom locations on the exposed 

exterior side of the pipe, inside the pipe, and on the unexposed exterior side of the pipe to 

observe heat transfer through the pipe and fitting as applicable. Sealed, metal sheathed 

thermocouples were used to measure the top and bottom inner temperatures of the water-filled 

pipe. 

The third and fourth tests were conducted with PEX-a pipes in a horizontal configuration as 

shown in Fig. 63. Pipes of 0.013m and 0.051m nominal diameter were installed at the top and 

bottom of the walls. Test pipes were each cut to 1.42m in length. The pipes ran through all wall 

cavities and were held in place by holes drilled in the studs. Both ends of each pipe were stuffed 

with insulation to prevent hot gases from entering the inside of the pipe. Thermocouples were 

installed on the outside surfaces of the pipe on both the exposed and unexposed sides, as well as 

in the interior of the pipe to observe the heat transfer through the pipe in locations where the wall 

temperatures were also monitored. Straight lines were drawn on the pipes from end to end and 

the straight edge of each pipe was traced onto the exposed wall so any deflection of the pipe 

could be determined after the test was complete. 
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Fig. 23: Vertical Pipe Configuration 

 

3 RESULTS AND DISCUSSION 

Previous work established that the fuel load and ventilation configuration selected for this test 

series provided a repeatable temperature-time profile in the fire compartment at the test wall. 

After an average 19.3 minute growth period, temperatures plateaued for 8.4 minutes at 708°C 

before beginning to decay [2]. Although, temperatures in the fire compartment cooled down 

within approximately an hour, each test was continued for at least four hours as temperatures in 

the wall and in-wall pipes continued to change over that period. Also of note is the fact that no 

pipes melted during tests in which the integrity of the cladding remained intact. In one instance, 

localized melting did occur where flames were able to penetrate the wall cavity and directly 

impinge on the top of a pipe. The remainder of this section presents and discusses the wall and 

pipe results. 

3.1 Wall Assembly 

Wall thermal penetration results from Test 1 are shown in Fig. 25. As expected, there is a clear 

temperature gradient from floor to ceiling in the fire compartment, with hot gases accumulating 

at the top. This is clearly reflected in temperatures on the back sides of the gypsum cladding of 

the exposed and unexposed walls. Temperatures on the back side of the exposed wall remain 

well below those in the fire compartment at the same height. It took 17-22 minutes for the top of 

the exposed wall to heat to 100°C, and about 45 minutes to reach peak temperatures of 278°C. 

Temperatures on the exterior surface of the unexposed wall increase due to through wall heat 

transfer via radiation from the exposed wall, convection from the air movement within the stud 

cavities, and conduction through the studs and cladding but did not rise to 100°C in any of the 

tests.  

Fig. 58: Horizontal Pipe Configuration [2] 
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3.2 In-Wall Pipes 

Results from the series of vertical and horizontal piping system exposure tests are contained in 

Fig. 5 through Fig. 8 and discussed in two sections below. In each test, empty lengths of control 

pipe of both diameters, as applicable, were inserted into each cavity to provide a comparative 

reference for other pipe configurations within that cavity (pipes with fitting, water-filled, 

insulated pipe). Results in each figure are plotted with those from the control for that experiment. 

It should be noted at this point that these tests were intended to cover a wide range of pipe 

configurations to provide direction toward further research. As a result, tests have not been 

repeated and while trends are in all cases consistent with expectation, quantitative results serve 

as only preliminary estimates which should be refined through additional testing.  

3.2.1 Vertical Pipes 

As expected, given the thermal gradient in the fire compartment and wall, temperatures 

measured at the top of all vertically mounted pipes were significantly higher than at the bottom. 

The thermal gradient is clearly evident in the temperature-time curves for the control and water-

filled pipe shown in Fig. 26. Also seen is the clear gradient that develops across each pipe, 

indicative of the rate of heat transfer from the exposed to the unexposed side. Temperatures in 

the water-filled pipe followed similar patterns to those measured on the control pipe section but 

remained lower throughout the test as a result of heat absorption by the water within the pipe. 

The maximum recorded water temperature was 88°C; however, the water level dropped by 

0.008m and 0.011m in Test 1 and Test 2 respectively, suggesting that water at the very top of the 

pipe must have heated sufficiently to evaporate. 

Not plotted here, peak temperatures at both collar and fitting locations on pipes installed with 

typical as-built fittings are lower than seen on control pipes of the same size at the same height. 

Fitting temperatures are lower and lag slightly behind the collar temperatures as well. 

Differences can be explained by a combination of the larger thermal mass and differences in 

thermal conductivity of the fitting and pipe materials. There may also be less overall heating of 

the fittings since the collars stick out past the top of the fitting at the connection point. 

 

Fig. 25: Test 1 Wall Thermal Penetration 

 

Fig. 26: Test 1 Water-Filled Pipe Results 
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As anticipated, measured temperatures for all pipe configurations with higher overall thermal 

mass than control sections, including pipes with fittings, insulation wrapped pipes, and water-

filled pipes (see Fig. 26), changed more slowly than those for the control pipes and reached 

lower peak temperatures. Conversely, these pipes retained heat for longer than the control pipes 

as well. 

3.2.2 Horizontal Pipes 

The significant temperature difference between the horizontal pipes installed at the top and 

bottom of the wall is illustrated in Fig. 27. The heating of the top pipes resulted in deflections 

that were larger than those observed for the bottom pipes as demonstrated in Fig. 28. Due to their 

thinner walls and lower rigidity at room temperature, the 0.013m pipes deflected more than the 

0.051m pipes. 

On average, temperatures measured during thermal exposure of the horizontal pipes are 26°C 

warmer than those at equivalent positions on the vertical pipes. This may be due to the large 

length of pipe exposed to a relatively constant temperature in a horizontal piping run, in contrast 

to only a very small exposure area on the surface of each pipe in the vertical test configuration. 

Although preliminary, it is clear from the above results that overall response times and specific 

temperatures reached varied significantly depending on details of the piping configuration under 

test, suggesting that more tests are required to better understand the thermal response of different 

pipe configurations across a range of heating scenarios. 

 

Fig. 27: Test 3 Horizontal Pipe Results 

 

a)  

b)  

Fig. 28: Test 3 Horizontal Pipe Deflections at the a) 

Top and b) Bottom of the Wall [2] 

4 CONCLUSIONS 

Several conclusions can be drawn from this study: 

− There is a clear temperature gradient from the exposed to the unexposed side of the wall 

cavities which results in significantly higher pipe temperatures at the top of the pipes than at 

the bottom for both vertical and horizontal piping configurations. This, in turn, leads to larger 

horizontal pipe deflections at the top of the wall compared to the bottom of the wall. 
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− The thermal response of vertical pipes with fittings, insulation wrapped pipes and water-filled 

pipes was slower than for the control pipe resulting in lower peak temperatures and longer 

heat retention for these configurations. 

− Measured temperatures of water in the pipe did not reach the boiling point but small amounts 

of water did evaporate.  

− No pipes melted without direct flame impingement. 

− A minimum of four hours was required to fully capture the thermal response of the wall system. 

− The small number of tests allows preliminary conclusions to be drawn but further tests are 

required to improve understanding of the thermal response of in-wall PEX-a pipes to this or 

other real fire exposures. 
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ABSTRACT  

This paper investigates the drainage characteristics of aqueous foams at ambient temperature and 

when exposed to thermal radiation. The response of foam to heat, mass loss of foam and time to 

half mass loss of foams at different expansion ratios and imposed thermal radiation were studied. 

Aqueous foam was subjected to constant heat fluxes in the range of 0-60 kW/m2. The foams 

were generated from a compressed air foam system.  

The results showed that all the foams exhibited similar drainage patterns, in terms of foam mass 

loss and temperature profile, but at different drainage rates. At ambient temperature, foams with 

lower expansion ratios drained faster than foams with higher expansion ratios because of their 

higher solution content. On the contrary, when foams were subjected to thermal radiation, the 

results showed that a higher drainage rate was observed in foams with high expansion ratios 

exposed to the same or higher irradiance levels than foams with low expansion ratios.  

 KEYWORDS: drainage rate; expansion ratio; foam mass loss; thermal radiation.  

1  INTRODUCTION  

Fire-fighting foams are effective fire suppression agents used to prevent, control or completely 

extinguish fires. Fire suppression is attained when fuel vaporization is reduced such that a 

flammable mixture cannot be formed, or the fuel oxidation rate is decreased below a rate to 

generate enough heat to sustain a flammable mixture. This is achieved by cooling the burning 

fuel, eliminating oxygen from the flammable vapors and separating the flames from the fuel 

surface. 

Fire-fighting foams are generated either by air-aspirated nozzles or compressed air foam systems 

(CAFs). The air-aspirated system creates foam at the nozzle through agitated mixing of air and a 

foam solution at the point of application, whereas foam is generated inside the hose for 

compressed air foam system. Research had shown that CAF systems could generate foams with 

superior fire extinguishing performance than air-aspirated system because the CAF foams have a 

better stability and rheology [1]. Furthermore, CAF systems are used for the protection of 

buildings from being ignited by radiation emitted from a fire in an adjacent building or exterior 

flames due to their radiation-absorption characteristics. The aqueous foams are also applicable to 

wild fires as the foams can adhere to sloped, vertical, horizontal and slippery surfaces. In 

addition, CAF systems can be used to protect equipment of various sizes as the foam expansion 

ratio could be regulated to combat specific fire types and sizes.  

Many studies had been conducted to investigate the drainage characteristics of fire-fighting 

foams at ambient temperature and when exposed to thermal radiation. The foam mass losses and 

thermal absorption properties of fire-fighting foams were studied by several researchers and 

reported in different papers [2-6]. Persson [2] investigated the resistance of air-aspirated foams to 

thermal radiation and ignition inhibition of fuel when covered with a foam layer. The technique 
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used for the tests could only measure foam mass losses with only foam in the pan. Foams with 

expansion ratios of 6.5 - 11.5 were subjected to heat fluxes up to 35 kW/m2. Isaksson and 

Persson [3] modified the experimental set-up to investigate the ignition time of fuel placed 

underneath the foam and foam mass losses when subjected to heat fluxes up to 43 kW/m2.  

Magrabi et al. [4] investigated the drainage characteristics of compressed air foam in terms of 

drainage rate, evaporation rate and foam collapse when exposed to heat fluxes between 0-40 

kW/m2. Foams with expansion ratio of 5-30 were used for the tests. The effect of aging on the 

thermal absorption properties of foam in relation to the expansion ratio was later investigated by 

the same authors in another study [5]. The experimental set-up was similar to the study by 

Persson [2] so they could only measure foam collapse with only foam in the test pan.  

Lattimer [6] investigated the drainage characteristics of aqueous foam at low expansion ratios in 

the ranges of 3 -10 when subjected to radiant heating in the ranges of 0-50 kW/m2. It was 

reported that foams with lower expansion ratios drained faster than the foams with higher 

expansion ratios. Foam mass losses at high irradiance level was by foam evaporation and 

solution drainage while foam disintegration at ambient temperature was only by solution 

drainage. As the irradiance level increased, the duration for complete foam disintegration 

decreased.  

The aim of this study is to investigate the drainage characteristics of compressed air foams at 

ambient temperature and elevated temperatures. The response of foam to heat, mass loss of foam 

and foam mass loss rate at different expansion ratios and imposed thermal radiation were 

studied. The compressed air foam was subjected to constant heat fluxes of 20 kW/m2, 40 kW/m2 

and 60 kW/m2 respectively. The paper concludes with a summary of major findings from the 

study.  

2 EXPERIMENTAL SET-UP  

A small-scale test apparatus was developed to perform tests that expose compressed air foam to a 

constant thermal radiation and to collect relevant data as shown in Fig 1.0. The apparatus 

comprised of a test pan, a drain collection container, thermocouples, a heat flux gauge, a radiant 

heater, measuring scale and a data acquisition system. A cone calorimeter was used to generate a 

constant heat flux of thermal radiation on a 60 mm thick aqueous foam layer. The foam sample 

was placed at 25 mm below the radiator cone. The test pan was made of stainless steel with 

dimensions of 100 mm x 100 mm x 60 mm. The bottom of the pan had an opening of 5 mm in 

diameter, connected to a tube for drainage collection.  
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Fig 1.0 - Drainage Test Set Up  

3 RESULTS AND DISCUSSION  

3.1 General behaviour of foam when exposed to heat  

Fire-fighting foam undergoes several stages of disintegration when exposed to heat. The first 

stage involves thermal expansion of air bubbles at the upper foam layer. As the heat penetrates 

further, the foam begins to collapse due to evaporation of the foam from the exposed surface and 

loss of liquid through the discharge outlet. During this period, the drainage rate increases, and the 

underlying foam layers are exposed to intense heat leading to their thermal expansion. The 

subsequent foam layers begin to collapse as more foam solution drains off and evaporates. As the 

test progresses, the loss of liquid is reduced, and foam mass loss is dominated by evaporation.  

3.2 Response of foam to heat  

The response of the foam when subjected to constant radiant heating was studied by placing 

Type K thermocouples at a height of 0 mm (TC 1), 10 mm (TC 2), 20 mm (TC 3) and 30 mm 

(TC 4) respectively from the bottom of the test pan to obtain temperature readings during the 

test. The thermocouples were connected to a National Instrument multiplexer and interfaced with 

a data acquisition system, Labview, to record data at every second interval. Foams with 

expansion ratio ranging from 9.7 to 15.8 were subjected to thermal radiation of 20 kW/m2, 40 

kW/m2 and 60 kW/m2. The results are presented in this section. Note that the foam expansion 

ratio is represented by the letter “E”.  

 i.  Effect of 20 kW/m2 heat flux on the foam with an expansion ratio of 10.5  

Fig 2 shows the temperature profiles of the foam with E = 10.5 at an irradiated constant heat flux 

of 20 kW/m2. Thermal expansion of the upper 30 mm thick foam layer was observed during the 

first 150 s of the test leading to increase in the temperatures of the underlying foam layers.  
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The foam height was reduced to 20 mm at 212 s due to intensive foam evaporation and solution 

drainage. It took 108 s before the next 10 mm of foam depleted due to decreasing incident heat 

flux as a result of increased distance between the cone heater and surface of the remaining foam 

layers . During this period, the mass loss rate of the foam decreased from an average of 0.02 

kg/s.m2 to 0.005 kg/s.m2. At this stage, most of the solution drainage had ceased as the mass loss 

of the foam was dominated by evaporation. The drainage rate remained steady until the foam 

layers had completely depleted. The test was truncated at 8 min 20 s after complete 

disintegration of the foam. 

 

Fig 2 - Temperature profile of foam with E = 10.5 at an irradiated heat flux of 20 kW/m2   
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Fig 3.0 - Foam height with time for foams at an irradiated heat flux of 20 kW/m2  

Foams with higher expansion ratios (E= 13.1 and E = 15.8) exhibited similar trend of 

temperature profiles like the foam with E= 10.5 but they had higher drainage rates resulting in 

shorter test duration for foams with higher expansion ratio when subjected to the same heat flux 

as shown in Figure 3. The mass loss rate of foams increased with increasing irradiance level. The 

average mass loss rates of foams when exposed to 20 kW/m2, 40 kW/m2 and 60 kW/m2 were 

0.02 kg/s.m2, 0.035 kg/s.m2 and 0.05 kg/s.m2 respectively.  

3.3 Foam mass loss at ambient temperature  

Free drainage test of foams was conducted to investigate the mass loss of foams at ambient 

temperature. Since no heat was imposed during the test, mass loss of foam was by drainage of 

the foam solution from the foam bed. Three tests were conducted using foams with E = 8, 9 and 

11 as shown in Fig 4. The test results on free drainage of foams showed higher drainage rate in 

foams with low expansion ratio due to higher solution content in them.  

Overall, all the tested foams exhibited similar drainage patterns, in terms of foam mass loss, but 

at different drainage rates. As the foam expansion ratio increased, the time required for the foam 

to lose half its mass and the percentage of dry foam increased.  
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Fig 4 - Free drainage of foams with E = 8, 9 and 11 at ambient temperature  

3.4 Time to half mass loss of foams  

  

Fig 5 - Time to half mass loss of foams in seconds at different heat fluxes.   
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Fig 5 shows the time to half mass loss of foams in seconds at ambient temperature and imposed 

heat fluxes. The values in the boxes represent the values of the expansion ratios. At ambient 

temperature, the time for foams to reduce to half their initial masses increased as the foam 

expansion ratios increases. The results show that free drainage took place at a faster rate in foams 

with low expansion ratios than foams with higher expansion ratio.  

On the other hand, the time to half mass loss of foams when subjected to radiant heating 

decreased as the foam expansion ratio increases. Generally, the time to half mass loss of foams 

decreased at higher irradiance level, resulting in faster drainage rate.  

4 CONCLUSIONS  

This study investigated the drainage characteristics of aqueous foams at ambient temperature and 

when exposed to thermal radiation by considering the response of foam to heat, mass loss of 

foam and time to half mass loss of foams with different expansion ratios.  

The results showed that all the foams exhibited similar drainage pattern, in terms of foam mass 

loss and temperature profile, but at different drainage rates.   

At ambient temperature, foams with lower expansion ratios drained faster than foams with higher 

expansion ratios because of their higher solution content. On the contrary, high drainage rate was 

observed in foams with higher expansion ratios at the same or higher irradiance level.  
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ABSTRACT 

Cannabis, pot, weed, marijuana? The legalization of cannabis occurred in Canada on October 17, 

2018. This was a grand undertaking by the government which has the potential to cause logistical 

and societal challenges. From a building perspective, new cannabis storage, processing and retail 

facilities are expected but do the current prescriptive requirements of the building code 

adequately address the fire and life safety risks in these buildings? Also, it is not evident how to 

treat these facilities based on the requirements of the building code and fire code. This paper will 

provide a summary of the hazards in cannabis facilities relative to the requirements of the 

National Building Code of Canada (NBC) and National Fire Code of Canada (NFC) and discuss 

if there should be additional considerations for these facilities from a fire and life safety 

perspective. Designers and building officials will have to navigate perceived challenges with 

these facilities including but not limited to classification of these facilities, fire loading, 

explosive atmospheres, security measures, interior finish requirements, all of which may have an 

impact on fire and life safety. These facilities could be considered farm buildings or industrial 

buildings with different hazards and a better understanding of these facilities will provide 

designers and building officials a more transparent path when designing/evaluating these 

facilities so that there is not an undue fire and life safety risk.  

1 INTRODUCTION 

On October 17, 2018, the legalization of cannabis occurred in Canada.  This was grand 

undertaking by the government which has the potential to cause logistical and societal 

challenges. From a building perspective, new cannabis storage, processing and retail facilities are 

expected, and this paper explores if the prescriptive requirements of the building code and fire 

code adequately address the fire and life safety risks in these buildings. 

Designers and building officials will have to navigate perceived challenges with these facilities 

including but not limited to classification of these facilities, fire loading, explosive atmospheres, 

security measures, interior finish requirements, all of which may have an impact on fire and life 

safety. 

This paper explores the requirements of the National Building Code of Canada (NBC) [1] and 

National Fire Code of Canada (NFC) [2]. The NBC and NFC are model codes that are 

maintained and updated by the Canadian Commission on Building and Fire Codes (CCBFC) 

with the support of the National Research Council Canada (NRC). As model codes, they are not 

applicable unless adopted by policy or legislation. However, the provinces and territories look to 

the NBC/NFC when updating their Codes, which in several jurisdictions, are largely based, if not 

entirely based on the NBC and NFC.  
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2 BACKGROUND 

Cannabis, pot, weed, marijuana? There are several names used which may be due to the fact that 

cannabis has been illegal for many years and there was an underground industry that made use of 

coded language to communicate regarding cannabis activities [3], [4].  

The term cannabis is now common place in Canada but what exactly is cannabis? There is much 

discussion on the taxonomical treatment and the specie(s) belonging to the genus Cannabis and 

are represented by many varieties with unstable taxonomic foundations [5].   

Cannabis is derived from the cannabis plant (e.g., Cannabis sativa, Cannabis indica). Cannabis 

can be grown in a variety of climates, but it is increasing being cultivated indoors using 

hydroponic technology as growing cannabis indoors leads to predictable growing results. 

The main active ingredients in cannabis is delta-9 tetrahydro-cannabinol, commonly known as 

THC [3] and Cannabidiol (CBD) is another. The different cannabinoids in the Cannabis sativa 

plant are still being researched [6]. The THC ingredient gives a person psychoactive effects (i.e., 

mind altering effects) called a “high.” Different cannabis products will have different levels of 

THC potency. Unlike THC, CBD does not produce a high or intoxication. CBD is also being 

studied for its possible therapeutic uses [7].  

Some examples of forms of cannabis include the following: 

- Marijuana: Made of dried flowers and leaves of the cannabis plant that is typically smoked 

or made into edible products like cookies or brownies.  

- Hashish: Made from the resin of the cannabis plant and can be smoked or added to food. 

- Hash oil: Thick oil obtained from hashish that can be smoked and is the most potent 

cannabis product [6]. 

There are different types of facilities that are related to cannabis facilities that can have an impact 

on building and fire codes which include the following: 

- Retail facilities: These types of facilities would be where the final product is sold to 

consumers and are similar to typical retail facilities were people buy goods or services. 

- Growing facilities: These types of facilities are where the cannabis is grown. An outdoor 

facility would not be subject to building code requirements and the subject of this paper is 

related to indoor facilities. 

- Processing facilities: These types of facilities are where the cannabis is transformed to the 

final product that can be consumed. 

- Storage facilities: Facilities were the final product is stored for distribution. 

A building could potentially include growing facilities, processing facilities, and storage 

facilities under the same roof.  

3 APPLICATION OF THE NBC AND NFC 

With the legalization of cannabis, there have been concerns with respect to buildings where there 

is the growing and processing of cannabis relative to the application of building codes and fire 

codes.  

Cannabis facilities come in different forms and the occupancy of these facilities could vary. 

Cannabis processing has different hazards than cannabis storage or growing.  

http://learnaboutmarijuanawa.org/factsheets/whatiscannabis.htm
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The codes are written to address a wide variety of buildings and contain a minimum set of 

requirements to provide a level of fire and life safety that is acceptable to Canadian society. 

There may be other features to consider for these facilities as good practice which would be 

above the minimum requirements of the codes. 

4 SUMMARY OF HAZARDS 

There has been concerns over the location of cannabis retail stores and their location in the 

community (e.g., near schools). However, the location of these stores is not a building code 

issue, rather, a zoning issue which would not be considered in the development of the NBC. 

There are hazards in cannabis facilities which have been identified in jurisdictions such as 

Colorado or where there were illegal operations [8]. Also, NFPA 1, 2018 edition includes a new 

Chapter, Chapter 38 “Marijuana Growing, Processing or Extraction Facilities” [9] and outlines 

concerns which are addressed by provisions in the Chapter. There are non-fire safety related 

issues such as the potential for mould, potential for poor indoor air quality, etc., however, this 

paper is limited to fire and life safety only. 

Some hazards include the following: 

- With respect to the production process, the process could involve liquid butane or propane 

as a solved to extract the THC. This could be an explosion hazard. 

- Ignition sources such as hot lights hanging close to plastic room dividers and overloaded 

electrical services are common. 

- Special equipment is used to extract the THC and CBD and there are inherent hazards with 

equipment that is not specifically designed for extraction but is used for this purpose. If 

there is a leak in the equipment there is the potential for the release of flammable gases.  

- There could be increased hazards from unique and uncertified/tested experimental 

techniques and processes. 

- There are security issues with these facilities and as result, egress for the occupants is to be 

considered as well as Fire Department access. 

- Fumigants may be toxic or flammable. If an ignition source is present during fumigation, 

this could result in a fire or explosion. Additionally, it may not be safe to enter the facility 

until fumigants have been ventilated from the facility. 

- Some extraction process involve carbon dioxide (CO2). CO2 exposure can cause different 

symptoms that range from headaches to extreme cases of unconsciousness and death if the 

concentration of CO2 is high.  

- Due to the conditions in these facilities, interior finishes that are moisture resist are desired 

but may have a higher flame-spread rating than other conventional materials. 

The NBC/NFC, electrical code, and occupational health and safety regulations, to a certain 

extent, have requirements relating to reducing the impact of the hazards (risk) within buildings. 

As indicated previously, the NBC/NFC contain minimum requirements only and as with any 

facility, a heightened level of fire and life safety should be explored.  

5 CONSIDERATION AS A FARM BUILDING 

If a building is permitted to be considered a farm building, the Code offers relaxations over other 

conventional buildings. Similar to the NBC/NFC, the National Farm Building Code of Canada 
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(NFBC) 1995 [10] is a model code that is not applicable unless adopted via legislation or policy. 

As per NBC Sentence 1.1.1.1.(3) of Division B, farm buildings are to conform to the 

requirements of the NFBC. 

It is acknowledged that the NFBC is an older document that requires updating and is not 

consistently used in jurisdictions across Canada. The farming industry has evolved since the last 

update to the NFBC and farming operations have become more complex and the provisions of 

the NFBC no longer reflect modern farming operations [11]. The provisions of the NBFC are 

currently being updated with the goal to publish changes and introduce a Section for farm 

buildings in the NBC 2020. Based on the discussions of technical committees, the requirements 

for farm buildings will be enhanced but the fundamental rationale of having relaxations to the 

conventional requirements for farm buildings will remain which is based on the preface to the 

NFBC:  

“The rationale of having special requirements for farm buildings, as distinct from other 

buildings, is based on the low human occupancy load, the remote location of typical farm 

structures or the special nature of the occupancies involved.” 

If growing is being undertaken only in a facility, it would be considered no different than 

growing any other crop but processing involves different elements/hazards. 

New definitions have been proposed for the NBC 2020 that include the definition of agricultural 

occupancy. If a building in which cannabis is grown meets the definition of agricultural 

occupancy then the building could be considered an agricultural building (i.e., a farm building). 

A farm building would be required to be located on land used for the purposes of farming such 

that a cannabis facility that is not on farm land would not be considered a farm building. The 

determination on whether the building is permitted to be on farm land is considered a zoning 

issue that is not addressed by the NBC.  

With any farm buildings, there are some storage areas and some processing may occur. 

Processing is specifically referenced to in the new definition. However, if the processing adds 

value to the product, then the building would no longer be considered a farm building. A 

proposed change to the NBC 2020 has been suggested to clarify the amount of processing 

permitted in a farm building via the introduction of an explanatory Note to the Code. 

“The term “processing” refers to activities carried out for the purpose of maintaining the quality 

of agricultural products or making them saleable with a minimum amount of processing [12].” 

For example, if carrots are being stored in the building, then the building is a farm building but if 

the carrots are being canned in the building (i.e., adding value) then the building would not be 

considered a farm building, rather it would be considered an industrial building. Another 

condition for the use of the relaxation of requirements for farm buildings is the occupant load. If 

the occupant load is greater than 1 person per 40 m², the building would not be considered a farm 

building to which the relaxations for farm buildings would apply. 

As such, a cannabis facility where there is growing only could potentially be considered a farm 

building which would be subject to less onerous requirements than an industrial building. The 

fire and life safety requirements for farm buildings are minimal and related to the safety of 

persons only.  
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6 CONSIDERATION AS AN INDUSTRIAL BUILDING 

If the facility is not considered a farm building with low human occupancy, then by application 

of the NBC, the facility is required to be classified as per one of the major occupancies 

prescribed by the Code. A facility where cannabis is sold (e.g., a store), is considered to contain a 

Group E major occupancy (mercantile occupancy). The classification of retail cannabis spaces is 

unlikely to cause controversy, however, for a facility where cannabis is grown and/or processed, 

it is not obvious  which major occupancy classification applies. 

The NBC has specific definitions for occupancy and a cannabis growing or processing facility is 

considered to contain an industrial major occupancy as per Sentence 1.4.1.2.(1) of Division A: 

− Industrial occupancy means the occupancy or use of a building or part thereof for the 

assembling, fabricating, manufacturing, processing, repairing or storing of goods and 

materials. 

For industrial occupancies, there are three different types that are defined in Sentence 1.4.1.2.(1) 

of Division A: 

− High-hazard industrial occupancy (Group F, Division 1) means an industrial occupancy 

containing sufficient quantities of highly combustible and flammable or explosive materials 

which, because of their inherent characteristics, constitute a special fire hazard. 

− Medium-hazard industrial occupancy (Group F, Division 2) means an industrial occupancy in 

which the combustible content is more than 50 kg/m2 or 1 200 MJ/m2 of floor area and not 

classified as a high-hazard industrial occupancy. 

− Low-hazard industrial occupancy (Group F, Division 3) means an industrial occupancy in 

which the combustible content is not more than 50 kg/m2 or 1 200 MJ/m2 of floor area. 

The concern regarding processing is that the processing of cannabis could involve the use of 

butane, propane, or other hazardous materials to extract the THC and CBD. The extraction 

materials could be an explosion hazard such that a processing facility may be considered to 

contain a high-hazard industrial occupancy. Consideration of the occupancy as subsidiary to the 

major occupancy (principal use) would require evaluation. With respect to a growing facility, the 

definitions of Group F, Division 2 and Group F, Division 3 occupancies refer to combustible 

content. Contents include elements which are not part of the building structure. Combustible 

contents would include furniture, storage, etc. but would not include elements such as interior 

finishes, combustible elements in wall construction, etc. 

In order for contents to not be considered combustible contents, these contents would be required 

to be classified as noncombustible which is a defined term as per NBC Sentence 1.4.1.2.(1) of 

Division A. 

− Noncombustible means that a material meets the acceptance criteria of CAN/ULC-S114, “Test 

for Determination of Non-Combustibility in Building Materials.” 

The test referenced has mass loss, flaming, and temperature rise criteria. Although live plants 

have a high amount of water content, plants would not pass the specified test and are considered 

combustible contents. Consideration of subtracting the water content from the fire load is not 
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readily addressed by the NBC, however, this approach may be considered by a designer but 

would be subject to approval by the Authority Having Jurisdiction (AHJ). 

Cannabis requires a certain area to grow and produce the maximum yield for consumer 

consumption. It is not desired to provide as many plants as possible per area, rather, plant density 

is related to optimal growing conditions as the crowding of plants will adversely impact the 

maximum amount of light that the lower branches will receive. 

The size and shapes of plants will also vary based on the variety and strain of the plant. Some 

variety/strains are short with small diameters while others are tall and broad. With indoor 

growing conditions there is more control over the shape and size of the plant compared to 

outdoor growing. Indoor growing conditions are managed to regulate the time it takes the plant 

to flower for maximum production. In addition, the height of the plant is also managed as the 

artificial lights used for growing can only penetrate a certain distance into the plant so that 

growing taller plants could yield negative production results. 

A conservative approach could be taken to determine the fire load in kg/m2 and MJ/m2 and the 

following could be considered: 

- Number of plants per m²: The number of plants per m² varies and plants are spaced to 

maximize their output which is typically in the range of 4-9 plants per m² [13]. A facility 

is expected to have several different rooms in a growing operation which would involve 

growing rooms, mother rooms, vegetation rooms, storage rooms, etc. The density of plants 

in mother rooms and vegetation rooms will be less than in growing rooms. Consideration 

should also be given to plants on racks (i.e., additional plants will be provided on racked 

tiered systems such that the number of plants per m2 will be increased). 

- Mass of a single plant: A plant contains roots, stems, branches, leaves, buds and seeds. The 

output per plant varies and is in the range of 500 g/m² (dry) and is considered to be the 

buds and some branches/stems. Cannabis will lose between 25% and 77% of its original 

weight when dried [14]. The waste material, which compromises the remainder of the plant 

is also to be estimated and although the majority of the mass of the plant consists of water, 

this can be conservatively counted as part of the fuel load.  

- Heat of Combustion: The heat of combustion for cannabis is not readily available and 

although different, using the heat of combustion of tobacco could be considered which can 

be found in the SFPE Handbook of Fire Protection [15]. 

Based on the above, the fuel load of the plants can be estimated. There would be expected to be 

other incidental combustibles in support of the growing operations such as combustible 

components of equipment, cultivation tools, etc., and these combustibles are to be estimated but 

are not expected to significantly impact the fuel load when averaged across the entire floor area 

as permitted by the NBC.  

The calculations for Group F, Division 2 and Group F, Division 3 occupancies would permit the 

corridors and other similar spaces to be included in calculation and these areas would be 

expected to have limited combustibles which would further reduce the combustible content 

calculated as per m² of the industrial occupancy. 
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Based on the above approach, a growing facility would be expected to contain a Group F, 

Division 3 occupancy. This would address occupancy classification, but, as indicated previously, 

the Code prescribes fuel load ranges based on kg/m2 or MJ/m2 but would permit the fuel load to 

be averaged throughout the floor area of the facility such that spaces that would not be expected 

to contain combustibles or where there will be limited combustibles (e.g., corridors) to be 

included which would reduce the average fuel load. Theoretically, in any industrial facility, there 

can be a concentrated fuel load in one location but when averaged out, it could be demonstrated 

that the facility contains a Group F, Division 3 occupancy rather than a Group F, Division 2 

occupancy. Currently, there is no upper limit to the fire load in Group F, Division 2 occupancies.  

A concentrated fuel load in one area of the building could result in a severe fire with a lesser 

duration than if combustibles were stored evenly across the entire floor area. Is there enough 

redundancy in the Code to address both these scenarios? These scenarios are not specific to 

industrial occupancies and are also found in other occupancies.  

Calculation of the fuel load may be challenging to a designer and may require the engagement of 

a fire protection professional to determine the occupancy of the building, or a designer may make 

conservative assumptions that would lead to overdesign of a building. 

The observations on concentrated fuel load and challenges to determine the fuel load is not 

specific to cannabis facilities and would require further study to assess.  

7 GUIDANCE IN CANADIAN JURISDICTIONS 

As legalization of cannabis occurred in Canada on October 17, 2018, there is a limited guidance 

that is available in Canadian jurisdictions. 

The City of Edmonton Fire Rescue has published a cannabis guideline [16] to inform people of 

their obligations related to operating cannabis retail stores, cannabis cultivation facilities, and 

cannabis processing facilities within the City of Edmonton. For the most part, the guidelines 

refer to the conventional building code and fire code requirements with added commentary. For 

example, the City of Edmonton guidelines refer to Health Canada requirements for employee 

tracking in and out of grow rooms or product vaults. The tracking and access is typically done 

through swipe card stations. The guideline explains that this is permitted if there is free access 

from these rooms as required by the building/fire code. 

There are also changes proposed to the Ontario Fire Code (OFC) [17], which is the fire code that 

is applicable in the province of Ontario and includes the following: 

- Farm buildings that contain cannabis extraction facilities involving the use of hazardous 

material (e.g., flammable liquids or combustible liquids) would be subject to certain 

portions of the OFC. 

- Extraction operations involving the use of hazardous material (e.g., flammable liquids or 

combustible liquids) would not be permitted below grade and in buildings containing a 

residential occupancy. 

- Specific requirements for egress aisles and door hardware. 
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- Specific ventilation requirements if the process involves a flammable gas including 

requirements for interlocks and gas detection. 

A draft standard has also been published (public review of the standard will be completed at the 

end of February 2018) and the content of the standard at the writing of this paper has not been 

finalized. The standard “CAN/ULC-S4400, Standard for Safety of Premises, Buildings and 

Equipment Utilized for the Cultivation, Processing and Production of Cannabis” [18] has been 

developed to set a baseline in ensuring the safety (including fire safety) and security of cannabis 

facilities. Ideally the standard will be eventually referenced by the model codes but that process 

is not automatic and may take significant time. 

8 CONCLUSION 

The design of cannabis facilities requires consideration of the use of the building (production, 

storage, processing, etc.) and an understanding associated with the different types of use. 

A better understanding of these facilities will provide designers and building officials a more 

transparent path when designing/evaluating these facilities so that there is not an undue fire and 

life safety risk as well as ensuring that overly conservative designs are not enforced where there 

are no real additional hazards. 
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ABSTRACT 

Fire safety poses a number of unique challenges within Correctional facilities. In the last 5 years, 

Correctional Service Canada (CSC) has worked with the National Research Council (NRC) to 

review and validate various assumptions and technologies within Correctional Facilities. 

This paper intends to provide an appreciation for the challenges encountered and how these 

challenges were addressed in an operational correctional setting.  Full details of each research 

effort are not provided in this paper but rather those results that affect the correctional 

environment and the policies that resulted therefrom.   

1 INTRODUCTION 

Correctional Facilities face a number of unique challenges when it comes to fire safety.  Some of 

these challenges include non-cooperative populations, populations having limited control over 

their movement, a population with behavioural challenges, security concerns, as well as 

competing values (i.e. security and incarceration versus rehabilitation and responsibility). 

Over the last six years, the author has worked within the Correctional system in an effort to 

ensure the fire safety of institutions, correctional staff, offenders and visitors. 

Over this period, a number of specific fire safety challenges were encountered in which a 

partnership was formed with the National Research Council (NRC) to review and validate 

various assumptions and technologies for Correctional Facilities.   

Four such efforts stand out as being of potential interest to the wider community: 

1. Kitchen hood suppression using water in residential-style correctional facilities. A mock-

kitchen was constructed and a series of grease fires were ignited in an attempt to validate 

an existing fire suppression practice in residential-style correctional facilities.  

2. In a response to concerns raised by Correctional Officers, CSC and NRC studied the 

effects of smoke of specific concentration and content typical to that which could be 

expected as a result of a cell-fire. This allowed CSC to establish guidelines and 

limitations for front-line responders in the event of a cell-fire in a correctional facility. 

3. Smudging (a first nations practice) is permitted within CSC facilities as a human right. 

CSC and NRC studied various materials subject to smouldering to determine whether or 

not it was possible for a sophisticated smoke detection system to differentiate between 

smudging products and other sources. 
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4. Trying to minimize suspension points (suicide prevention) is a reality facing CSC. 

Included in that is an effort to minimize suspension points caused by fire and life safety 

devices. In October 2018, CSC and NRC set out to validate whether it is possible to 

provide an Aspirating Smoke Detection system (ASD) in such a way that its presence 

would not be detected and which would not create a suspension hazard. A secondary goal 

was also to have this device minimize nuisances and tamper alarms. 

The intent of this paper is not to go into great scientific detail on these challenges but rather to go 

over the challenges that each of these posed in an operational correctional environment.  

Accordingly, this paper discusses the methodology and considerations that were taken into 

account in order to provide an appreciation for how these challenges were responded to in an 

operational correctional environment operating on a 24-7 basis. 

2 KITCHEN HOOD SUPPRESSION 

2.1 Background 

In 2006, CSC made a decision, in consultation with the AHJ at the time, to provide additional 

fire protection to residential ranges in order to provide an increased level of fire safety and 

property protection. 

The decision made was to use a misting sprinkler within residential-style living units.  The 

sprinkler selected was the EA-1 Protectospray Nozzle.  The nozzle was located within or below 

the residential-style exhaust hood located directly above the stove. 

2.2 Specific correctional challenges 

The Correctional Service Canada has the mandate to rehabilitate offenders.  This mandate 

includes a model consisting of providing living units at varying degrees of security and at 

varying degrees of offender responsibility and independence. 

The responsibility model consists of an 8-person apartment-style unit that includes a common 

area consisting of a living room and a kitchen.  The offenders living in these units are responsible 

for cooking their own meals on a daily basis in this kitchen.  

Similar apartment-style kitchens are also provided in minimum-security free-egress living units.   

A number of cooking fires have occurred in these units despite efforts to promote proper cooking 

habits and to limit the use of deep-frying and other fire-prone cooking methods. 

2.3 Objections 

In 2013, a consultant who had been commissioned to install these heads raised objections based 

on the fact that these sprinklers introduced water into a cooking environment (where the fire may 

be oil-based). These objections halted the project in question and challenged CSC to provide 

support to this practice that had been underway for the past seven years.  

Additional objections included the fact that there were inconsistencies in how this nozzles were 

being installed.  There was no consistent approach with where the heads were being located in 

relation to the range/range-hoods.  In most installations, the heads were off-centred so as to not 

conflict with the location of the range-hood exhaust fan and/or lighting.  Additionally, in some 
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locations, the heads were installed at a 90-degree angle (sidewall orientation) rather than 

pendant-style. 

2.4  Code considerations 

The locations where the EA-1 Protectospray Nozzle were installed consisted of residential style 

kitchens located within a B-1 (Detention) occupancy.  These kitchens are not industrial kitchens 

as they are used for small group feeding (typically less than 10 people) and offenders are given 

the responsibility of preparing their own meals within their small group.  This is a concept 

known within CSC as the “responsibility model” or “small group feeding”. 

As these systems fall outside of industrial kitchen applications, only the requirements of NFPA-

13 (Standard for the installation of sprinkler systems) applied which called for traditional ceiling 

sprinklers. There was no requirement for range-top fire suppression system as would be provided 

for NFPA-96 (Standard for ventilation control and fire protection of commercial cooking 

operations). 

Since NFPA-13 does not restrict sprinklers within a specific distance of residential stoves, the 

installation of these nozzles was deemed acceptable by the AHJ. 

2.5 Selection and installation 

The EA-1 was selected due having been originally listed for use in protecting commercial 

cooking deep- fryer equipment.  It was deemed that such a sprinkler, although not required by 

code, would add an additional degree of safety to CSC residential-style installations in order to 

better control the risk posed by inmate meal preparation.  A “medium” heat-rating of 165-C was 

selected so as to avoid accidental operation due to cooking heat. 

CSC had considered the following facts: 

1. The EA-1 water-based system creates a mist rather than the droplets that would otherwise 

be produced by a typical sprinkler head. 

2. Such an installation is in excess to that which is required.  The minimum requirement 

under the hood is to provide nothing so this was literally a “better than nothing” 

approach. 

3. The risk posed from grease fires mixing with water was already present: water-based 

droplet-producing sprinklers that were mounted at the ceiling were already permitted by 

NFPA-13.  The earlier activation of a mist system prior to the activation of the ceiling-

mounted droplet-style sprinklers was theoretically better than a delayed ceiling sprinkler 

activation dropping water directly on the fire in the event of a grease fire. 

4. The risk posed by grease fires was already mitigated by internal policies prohibiting 

deep-frying. 

5. The water-based mist system was to be interconnected with a switch designed to turn off 

power to the cooking surface.  This again exceeds minimum requirements. 
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The EA-1 Protectospray was installed within the range hood 

(Figure 1).  The EA-1 was interconnected with a flow meter 

connected to the electrical source for the stove such that 

operation of the sprinkler shuts the stove off.  Other sprinklers 

in the room (provided for NFPA-13 conformance) are not 

interconnected with the range shut-off. 

2.6 NRC Partnership and Research 

CSC needed demonstrable evidence of the effectiveness of the 

EA-1 Protectospray nozzle that was being used in CSC 

establishments in order to determine the optimal design for the 

use of these nozzles based on several parameters such as nozzle 

location and temperature rating. 

In response to the need of CSC to address the residential kitchen fire safety issue, NRC carried 

out a study to evaluate the effectiveness of the hood EA-1 nozzle in suppressing cooking oil 

fires, and to optimize its use.  The following content is from the NRC Client Report “Residential 

Oven Range Fire Protection” dated March 31, 2015 authored by Dr. Andrew Kim and Sasa 

Muradori. 

2.6.1 Test Facility And Procedures 

In the study, full-scale fire tests were conducted in a compartment simulating a kitchen area with 

oven range and ventilation hood. 

2.6.2 Test Room And Test Methodology 

The test compartment was a 4 m by 4 m room with a 2.4 m high ceiling. One side of the test 

compartment was fully open (i.e. room with only three side walls) to simulate a typical 

kitchen/living room arrangement of the CSC residential facility. 

The compartment was equipped with a kitchen counter as well as a simulated oven range with a 

ventilation hood above. A water mist EA-1 nozzle was installed within the ventilation hood. The 

EA-1 nozzles used were TYCO Type EA-1 PROTECTOSPRAY water mist nozzles produced by 

Tyco Fire Protection Products. They are automatic (frangible bulb) directional spray nozzles, 

designed for use in fixed water spray systems. They are external deflector-type nozzles and 

discharge a uniformly filled cone of medium velocity water droplets. The EA-1 nozzles had 

temperature ratings of either 162°C (325°F) or 121°C (250°F) with K-factor of 1.4. 

A residential-style (NFPA 13 compliant TY3231) sprinkler head was provided by Tyco Fire 

Protection Products and was installed on the ceiling of the test compartment.  It was a pendant 

type quick response, standard coverage, decorative, 3 mm glass bulb-type spray sprinkler 

designed for use in light or ordinary hazard, commercial occupancies.  It had temperature ratings 

of 79°C (175°F) with K factor of 5.6 l/min bar0.5. 

2 L of cooking oil in a pot was put on a stove top burner, and was continuously heated until the 

cooking oil auto ignited. This simulated the worst possible fire scenario in the CSC residential 

facility as identified at the site visit. 

Figure 63 - Protectospray nozzle in 

hood 
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A thermocouple tree was installed on top of the kitchen counter on the right side of the oven 

range. The thermocouple tree had five thermocouples in 25.5 cm intervals, with the first one at 

25.5 cm above the counter top. One heat flux 

meter was installed on the right side wall directly 

facing the oven range. A thermocouple was 

attached to the EA-1 nozzle and sprinkler to 

monitor the temperature at the nozzle. Also, a 

thermocouple was inserted into the oil in the pot 

on top of the simulated oven range to monitor the 

oil temperature. A video camera was set up to 

record the tests, which was used to obtain data 

regarding fire ignition and extinguishment. 

Figure 2 shows a drawing of the test compartment.  

A total of 11 tests were conducted in order to test a 

number of parameters.  These parameters included 

a) temperature rating of two types of EA-1 

sprinklers (162°C vs. 121°C), b) suppression 

achieved by EA-1 versus suppression achieved by ceiling sprinklers only, c) impact on the 

placement of the EA-1 with respect to the location of the fire on the range top, d) proximity of 

ceiling sprinklers, e) impact of providing a baffle to assist with heat build-up, and e) impact of 

having the fan running. 

The test proceeded with background data collection, heating of the cooking oil until it auto-

ignited, activation of water spray either from the ceiling sprinkler or the hood EA-1 nozzle, and 

fire suppression. Each test was videotaped. The test procedure was as follows: 

1. At t = 0 s, the data acquisition system and video camera started. 

2. The heating element was turned on to heat the cooking oil in the pan. 

3. When the cooking oil reached approximately 350— 370°C, it auto ignited. This time 

was noted in the video camera to coordinate with the data acquisition system. 

4. When the sprinkler head or the EA-1 nozzle reached its activation condition, water was 

sprayed from these nozzles. This time was recorded. 

5. Water spray continued until the cooking oil fire either suppressed or went out of 

control.  When the cooking oil fire was extinguished, this time was noted. 

6. lf the cooking oil fire went out of control, manual extinguishment of the fire was 

attempted. 

2.6.3 Observations 

The test results showed that both the ceiling sprinkler and the hood EA-1 nozzle extinguished the 

cooking oil fire once they are activated. The EA-1 nozzle, installed under the kitchen hood, was 

much more effective in extinguishing the cooking oil fire. In most cases, cooking oil fire was 

extinguished within 20 s from nozzle activation by the EA-1 nozzle, regardless of its location 

Figure 64-Test compartment 
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with respect to the cooking oil fire. Comparing with the hood nozzle, the ceiling sprinkler was 

slow in extinguishing the cooking oil fire, taking more than 1 min to extinguish the fire. 

When the EA-1 nozzle activated, there was a big flare-up, then the fire was quickly extinguished. 

When the sprinkler activated, there was smaller flare-up and the sprinkler spray controlled the 

fire, but it took a longer time to suppress and extinguish the cooking oil fire. 

However, both the sprinkler and EA-1 nozzle had the problem of slow activation. Both activated 

almost 2 min after the ignition of the cooking oil fire. By the time the sprinkler and the EA-1 

nozzles activated, the cooking oil fire had grown into a much bigger fire involving other 

combustibles in the kitchen area. All combustibles, including the kitchen hood and cabinets, 

were consumed by the fire by the time of their activation. 

The lower temperature rated EA-1 nozzle (250°F/121°C) was a little quicker to activate than the 

higher temperature rated EA-1 nozzle (325°F/162°C), but both were too slow to contain the 

cooking oil fire within the oil pan before they activated to extinguish the fire. 

When both the sprinkler and the EA-1 nozzles were used in the test, they activated within a few 

seconds of each other. However, in two tests, the sprinkler installed on the ceiling activated, but 

the EA-1 nozzle did not activate and the ceiling sprinkler extinguished the fire. 

The operation of the exhaust fan was found to be of no impact to the time of suppression. 

2.7   Conclusions 

The results from the testing confirmed that the practice to install under-hood suppression within 

CSC residential cooking exhaust hoods was at least as safe as simply installing ceiling sprinklers 

to code and in fact provided an additional level of safety to that which was otherwise being 

provided by minimum standards. 

Based on these results, CSC implemented a few additional changes to further improve this 

design.  Namely, the installation of nozzles with a lower heat rating per the NRC 

recommendation.  Additionally, CSC implemented a change in their Technical Criteria 

Document to require that new residential kitchens be installed with shunt relays for the electrical 

system for these stoves to be tied directly to the fire alarm system rather than the aforementioned 

flow meter.  Thereby, any fire alarm condition turns off all cooking ranges in the building further 

minimizing the risk of fire. 

3 SMOKE TOXICITY AS IT RELATES TO SKIN EXPOSURE 

3.1 Background 

A typical offender cell contains furniture and personal items, including electronics and gadgets, 

approved for possession.  In the event of an evacuation or fire response, Correctional Officers are 

provided with Self Contained Breathing Apparatus (SCBA) to protect Officers from air-borne 

contaminants. 

3.2 Specific Correctional Challenges 

Until 2016, Correctional Officers were being trained on conducting Search and Rescue in the 

event of a fire.  This effort consisted of entering into smoke-filled environments and conducting 

sweeps of offender cells in order to potentially remove an incapacitated offender.   
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In 2016, the department concluded that this practice could potentially expose Correctional 

Officers to risk of injury since only SCBA was being provided rather than full bunker gear.  The 

departmental position was updated to confirm that Search and Rescue was to be conducted by 

the responding fire departments and that Correctional Officers were only to respond in a) 

assisting with the evacuations, and b) initial fire suppression efforts for manageable fires. 

CSC’s 2016 Fire Safety Manual defined a limit of 10 feet (3 m) visibility for Correctional 

Officers to respond to fires.  When visibility drops below this level, Correctional Officers are not 

permitted to respond and must defer to the response of the municipal fire department. 

3.3 3.3   Objections 

The Correctional Officers responded with the concern that responding in this type of 

environment without full skin protection placed them at risk of exposure to toxicants through 

skin absorption 

3.4 NRC Partnership And Research 

CSC needed demonstrable evidence of whether the response that Officers were being directed 

towards posed a threat.  The officers are already provided with respiratory protection.  Therefore, 

tenability and toxicological conditions at the 10’ (3 m) threshold of a typical cell fire had to be 

determined. 

The following content is from the NRC Client Report “A Study of an Inmate Cell Fire with a 

Special Focus on Smoke Toxicity on Skin” authored by Dr. Yoon Ko, Dr. Steve Gwynne and Dr. 

Jamie McAlister. 

3.4.1 Literature Review 

The project consisted of two steps.  The first was a literature review in order to determine what 

would be the expected properties of a typical cell fire.  To do so, a medium-security cell setup 

was selected as this was deemed to be the highest security level (greatest risk) while also having 

the highest fire load with respect to permitted content (cell effects, combustible furnishings). 

It was determined that polycyclic aromatic hydrocarbons (PAHs), monocyclic aromatic 

hydrocarbons (MAHs), polychlorinated biphenyls (PCBs), polychlorophenols (PCPs), dioxins, 

and furans are of most concern with regards to their ability to penetrate through the skin and 

enter the systemic circulation.  

These elements were those that were used as the basis for the full scale test. 

3.4.2 Test And Procedures 

Further to the literature review, a full scale test was conducted using a mock-up of an inmate cell 

and included an adjacent corridor. 
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To simulate one of the worst-case scenarios, the sprinkler system activation was delayed in the 

test. This allowed the conditions to deteriorate, 

resulting in a low visibility of 3 m in the corridor 

at 21 minutes.  Beyond this time, officers are 

expected to retreat to a place of safety and await 

the assistance of the responding Fire Department, 

as per Section 5.3 of the Fire Safety Manual.  

Thus, the toxicant concentrations measured in the 

corridor until visibility reached the 3 m criterion 

were analysed to assess toxicant skin exposures.    

The measured data were analysed to determine 

the likelihood that attending correctional officers 

would be exposed to toxicants through dermal 

absorption, given that breathing apparatus was 

being worn during emergency response.   

3.4.3 Observations 

The test results show that the fire developed relatively slowly in the inmate cell because the fire 

retardant mattresses and bedding (which were ignited first), delayed flaming combustion and fire 

spread.  Nonetheless, the temperature and smoke density in the cell increased quickly to the level 

that could have activated the sprinkler system and smoke detection system in a very early stage 

of the fire. 

Detectable concentrations of dioxins, furans, toluene diisocyanate, PAHs, PCBs, and PCPs were 

not found in the full-scale testing.  Hydrogen chloride and hydrogen cyanide, which are gases 

that are irritating to the skin, were found in full-scale testing; however, the concentrations 

measured for the first 21 minutes were insufficient to cause skin irritation.  Benzene and 

formaldehyde, which are known carcinogens, were measured in the air samples.  Factoring the 

dermal absorption rates into the analysis, it is concluded that there is no apparent carcinogenic 

risk associated with benzene or formaldehyde exposure to skin for the duration of the first 21 

minutes, while the visibility was tenable and staff exposure might still be possible.  It was 

therefore found during the test that if attending officers were dressed as expected and followed 

the attending protocol as expected, then there was no apparent carcinogenic risk through dermal 

absorption. 

3.5 Conclusions 

It was demonstrated that even in the worse case (when the fire was permitted to build up), the 

level of toxicants that could present issues via skin absorption was not present or not present in 

sufficient quantity to pose a health risk during the first 20 minutes at the limit which officers .   

The testing resulted in minor changes to CSC protocols such that officers that respond to fires 

according to the stated limits are now directed to shower and wash their clothing following each 

SCBA response in a smoke contaminated environment so as to minimize and eliminate irritant 

material from the skin.   

Figure 65-Furnished Test Cell 
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4 METHOD TO DIFFERENTIATE BETWEEN NUISANCE SMOKE AND FIRE 

4.1 Background 

Smudging is a First Nations practice that involves the use of smoke for traditional purification 

ceremonies. CSC supports this practice as an accommodation that is granted to offenders under 

religious practices.  Despite the desire to permit this practice, smudging can have an impact on 

the smoke detection systems and can initiate a fire alarm system.   

4.2 Specific Correctional Challenges 

CSC has been moving towards the increased use of Aspirating Smoke Detection (ASD).  Due to 

the prevalence of false alarms due to smudging, CSC tried to find a solution that would a) 

identify the optimal sensitivity setting for these types of units, and b) be capable of establishing a 

threshold sensitivity such that smudging products would not initiate a fire alarm condition but 

other products of combustion (ex: toilet paper, waste basket, smoldering bedding, 

cigarette/contraband) would. 

4.3 NRC Partnership And Research 

CSC needed an analytical comparison between the smoke produced in fire and the smoke 

produced by smudging. 

The following content is from the NRC Client Report “A Study of an Inmate Cell Fire with a 

Special Focus on Smoke Toxicity on Skin” authored by Dr. Yoon Ko and Mark Weinfurter. 

4.3.1 Test And Procedures 

The test consisted of a comparison between photoelectric smoke detection, ionization sensing 

detection, and ASD using air sampling tubes and a laser analysis chamber. 

Two types of testing were conducted: cone calorimeter test and a room scale testing of various 

sources. 

Material that was tested included toilet paper, plastic waste, bedding sheet strips, cigarettes, a 

mattress, and newspapers.  These were compared with the nuisance (non fire) sources from 

smudging materials consisting of sage, mugwort, juniper and white pine. 

The sources were placed at varying locations for each test and each test looked at each material 

separately. 

Three sensitivity settings were considered (standard, enhanced and high). 

4.3.2 Observations 

The level of smoke obscuration measured from the smudging source tests was significantly 

higher than that which resulted from the same amount of the smouldering sources tested in the 

room. 

4.4 Conclusions 

The current detection technologies do not have abilities to distinguish nuisance indications 

between fire and non-fire sources. To filter the nuisance signatures, multiple detection 

technologies would need to be used concurrently for sensing chemical, thermal and optical 
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characteristics of smoke sources.  Accordingly, this testing did not yield the solution that was 

desired for CSC. 

However, it was suggested that limiting the quantity of materials used in the smudging activities 

might be able to reduce nuisance alarms; however, each smudging material burns differently, and 

when several smudging materials are mixed, the mixture would burn differently.  

It was also suggested that with a sensitivity setting set low enough (a higher threshold), and with 

a very small quantity of smudging materials, i.e. less than 1 g of materials like Juniper.   

CSC’s new installations are now using “standard sensitivity settings” to minimize the number of 

nuisance alarms while continuing to detect all other sources of fire.  To date, CSC has not 

modified any internal policies on smudging. 

5 REDUCTION OF SUSPENSION POINTS IN SMOKE DETECTION SYSTEMS 

5.1 Background 

The National Building Code of Canada requires that 

all sleeping rooms (ie. Offender cells) be provided 

with smoke detection connected to a fire alarm system.  

Over the years, these systems have been the source of 

many issues. 

5.2 Specific Correctional Challenges 

Originally prone to being vandalized or modified to 

conceal contraband, smoke detectors were eventually 

provided with protective cages (Figure 4) to make 

these devices inaccessible to offenders.  Regrettably, 

these cages came to be used as suspension points – 

areas within a cell from which an offender can affix a 

ligature for the purpose of self-harm. 

As a result, various solutions were implemented over the years.  The use of Aspirating Smoke 

Detection (ASD) is increasing in popularity due to the fact that it removes the detection device 

from the offender space.  Until recently ASD sample points were being located within the air 

return vent for offender cells.  However, there has been some concern regarding the optimal 

placement therein. Additionally, many offenders block their air grilles (despite not being 

permitted to do so) such that air cannot travel into the vent which impacts the ability of the 

smoke detection to detect smoke. 

A solution was presented to install the ASD sample points behind the light fixtures.  This 

solution is based on a similar installation implemented by the California Prisons. 

5.3 NRC Partnership And Research 

CSC needed an analytical validation that ASD sample points, hidden behind light fixtures, can 

effectively detect smoke within an offender cell. 

The following content is from the NRC Client Report “CSC On-Site Detection Tests” authored 

by Dr. Yoon Ko, Mark Weinfurter, Eric Gibbs, and Dr. Max Kinateder. 

Figure 66-Protective Cages for Smoke 

Detectors 
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5.3.1 Test And Procedures 

The tests were conducted in general conformance with CAN/ULC S529 “Standard For Smoke 

Detectors For Fire Alarm Systems”, Section 41.2, “paper fire test” and Section 42, “smouldering 

smoke test” (CAN/ULC, 2015). The paper fire scenario was of particular interest to CSC since 

the scenario is presumed to be representative to potential fires in inmate cells. 

CAN/ULC-S529 requires that the response time of a detector shall be not more than 240 seconds 

(4 minutes) for the paper fire scenario. Thus, the responses of the ASD systems were evaluated 

following that criterion and were used as the benchmark to 

represent the successful test criteria for detection. 

The smouldering smoke test was conducted for the purpose 

of information gathering, but the performance criterion of 

CAN/ULC-S529 for smouldering fires was not used a 

benchmark for success as it was deemed by CSC that such 

fires did not reflect typical cell fires in that sustaining 

smouldering without leading to combustion would be 

difficult to achieve. 

The smoke detection tests were conducted at an inmate cell 

(Figure 5) in Donnacona Institution in Donnacona QC. The 

room has built-in furniture, a toilet and a sink, and the room 

had a door and a window. The ceiling was smooth, but a light 

fixture was installed on ceiling and wall corner. 

A smoke source was placed at the center of the room on the 

floor. The smoke obscuration level inside the test room was 

measured using an NRC smoke meter. 

5.3.2 Test Results And Recommendations 

The pass/fail criteria was set at 4 minutes detection time as this is the minimum requirement for 

detection devices under CAN/ULC-S529.   

The best installation point found from the on-site tests was on the side of the light fixture through 

a drilled hole (mock rivet). With these sampling points, the ASD system read the obscuration 

comparable to the actual obscuration in the room both for the paper and smouldering fire.  

The performance of the ASD tube hidden on the side of the light fixture close to the ventilation 

duct was similar to that of the sampling tube installed within return ventilation duct.  

Faster response times were generally observed for the sampling point located on the side of the 

light fixture that was closer to the ventilation duct opening (the right hand side in the tests) than 

for the sample point located on the far side. The far sample point could not be consistently 

observed to comply with the required benchmark. 

Additionally, faster response times were noted for the paper fire than for a smouldering fire. 

Figure 67-Test room for ASD 
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5.4 Conclusions 

The results from the testing were sufficient that CSC has begun to implement a number of pilot 

projects to further validate the hidden-ASD approach.  Each installation must be subject to the 

test methodology of CAN/ULC-S529 as was conducted by the NRC prior to acceptance. 

A few key features to note include the fact that such installations will only be permitted on cells 

with solid doors.  Additionally, weatherproofing gaskets will be removed from all light fixtures 

in order to allow for the drawing of air into the light fixture.  Special care is also being taken to 

ensure that the light fixtures are not inadvertently provided with a positive air pressure (for 

example from a service space or conduit) which would otherwise overpower the air sampling.  

This last challenge is being met by tightly sealing the backs of the light fixtures so that the only 

open penetration into the fixture is the air sample tube for the ASD.  

6 OVERALL CONCLUSION 

Operating in a correctional environment poses numerous challenges that are otherwise not 

encountered in other occupancies.  Each of those challenges must be met with real solutions that 

can be implemented in a timely manner and that can function as required.  In each of the above 

cases, numerical and scientific evidence was sought in order to provide a sound footing and to 

deal in an open and transparent manner with all those involved.  The Correctional Service of 

Canada is committed to providing sound thought and reason in all of its applications dealing with 

fire and life safety.  The ongoing collaboration that has been established with the National 

Research Council is a testament that the requirements for security and life safety can be 

balanced. 
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ABSTRACT 

In recent years, significant Wildland Urban Interface (WUI) fire losses have occurred in Canada 

and around the world. With increasing occurrence of large fire losses in WUI areas, there is more 

need to improve the resiliency of building and infrastructure at WUI areas. Improving structural 

ignition resistance against WUI fires are crucial, since the extent of damages in these incidents is 

closely related to the number of buildings that ignite.  This study presents a critical review of test 

standards designed to evaluate the ignition resistance of building elements. The test standards 

from various countries and jurisdictions have been reviewed. The results of the review show that 

the existing standards do not sufficiently address WUI hazards, primarily because they do not 

completely address all aspects of a realistic WUI exposure. The effects of radiant heat and direct 

flame impingement are better addressed compared to embers/firebrands.  For most existing 

standards the link between the test exposure conditions and realistic WUI exposure are not 

clearly established. Developing test methods for better evaluation of firebrands and the effect of 

wind is necessary. 

1 BACKGROUND  

1.1 Wildfires 

Wildland urban interface areas (WUI) are areas where the built environment is in the vicinity of 

the wildlands.  Wildfires pose a distinct hazard to the built environment. Although the annual 

number of wildfires has been decreasing since 1990 [1], the losses due to wildfires has been 

increasing in recent years. In 2016 Fort McMurray wildfire, the most expensive natural disaster 

in the history of Canada, 90,000 people were evacuated and the direct insured loss was 

approximately 4 billion dollars [2].  About 2,400 structures burned and resulted in 0.4 % 

reduction in the national GDP [3]. The second most costly wildfire in Canadian history is 2011 

Slave lake wildfire, during which 12000 people were evacuated and the estimated total cost of 

damages was 550 million dollars [2].   

Approximately 97% of the area burned is caused by 3% of the wildfires [4].  Aggressive wildfire 

suppression policies during the past decades has contributed to the accumulation of fuels and 

denser and continuous forest cover. The result of this policy (and the subsequent presence of 

more vegetation) has been the occurrence of larger and more intense wildfires [5]. In addition, 

land use policies, expansion of low-density residential development, and population growth has 

increased the number of people and structures at risk – as more are located in WUI areas. In 

United States, the WUI has expanded by 52% from 1970 to 2000, and it is expected to grow by 

another 10% by 2030 [6]. In terms of life safety and loss of life there has not been large fatalities 
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in Canada’s recent wildfires; however, in the Great Matheson Fire of Black River-Matheson, 

ON, 223 people lost their lives [2]. More recently, Camp Fire in California claimed the life of 86 

peoples and destroyed 18,804 structures [7].   

According to latest report from the Intergovernmental Panel on Climate Change (IPCC), global 

warming is estimated to be 1.0°C [8]. This will likely reach 1.5°C within 30 years. The report 

also predicts a severe and widespread impact on extreme weather events, including wildfires as 

temperatures increase by more than 1.5°C. It is expected that as a result of climate change more 

Canadian forest area will be burned. This increase will be geographically variable but in general 

the environmental factors described will produce more (and potentially more severe) fires. [9] 

1.2 Wildland Urban Interface 

In context of threats posed by wildfires to structures, WUI could be defined as a set of conditions 

which causes ignition of structures produced directly from the fire flames, radiant heat or 

airborne embers as a result of a fire burning in wildland. FireSmart [10] defined WUI as areas 

where residential, industrial, or agricultural developments are located within or near wildland. 

NFPA 1144 [11] defines WUI interface as a location in which “topographical features, 

vegetation fuel types, local weather conditions, and prevailing winds result in the potential for 

ignition of the structures within the area from flames and firebrands of a wildland fire”. 

International wildland urban interface code defines WUI as geographical area where structures 

and other human development meets or intermingles with wildland or vegetative fuels [12]. It is 

clear from these definitions that the current state of practice prioritizes ignitions as the primary 

concern. Yet it is important to realise that similar to any other natural hazard, WUI events are 

complex phenomena that has social, environmental, economic, and political dimensions. It is 

also important not to limit the WUI concept to a narrow interface area between the urban 

development and the forested area, but to instead consider WUI as an incident that effects the 

community, structures, firefighting resources and infrastructure even if they are not physically 

located at the interface area. Certain exposure types, such as embers (firebrands), from a wildfire 

could reach far beyond the location of the wildfire. Spotting distances in the range of 10 

kilometres are reported in the literature [13]. Therefore, being located outside of the WUI does 

not ensure safety from the fire itself. 

In reaction to wildfire losses several codes and guidelines have been developed around the 

world. The most notable codes are California Building Code (CBC), International Wildland 

Urban Interface Code (IWUIC) published by ICC, and the Australian Construction of buildings 

in bushfire-prone areas. There are also a few standards and guidelines have been developed, 

among them NFPA standards and Fire Smart handbooks.  

1.3 WUI Disaster Sequence 

Wildfires are either caused by human activity or through a natural event such as lighting. 

Irrespective of the ignition source, large wildfires will develop in the presence of severe weather 

conditions, and low humidity in the fuels. Wind also plays a significant role in severity, direction 

and speed of progress, and exposure conditions at the interface. These fire conducive elements 

make controlling the fire difficult for firefighters. Once a large fire reaches an urban 

development multiple simultaneous structural fires may grow beyond the capacity of the 

firefighting resources. In some case even access to water will be limited since the water 

distribution infrastructure is compromised and is not functional. 
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Therefore, when aiming to reduce the consequences of a WUI fire it is crucial to reduce or 

eliminate the likelihood of structural ignitions – both from the fire and from transition of the fire 

between buildings. Once a building is ignited in the absence of adequate firefighting response, 

the fire may engulf the structure and subsequently be the source of ignition for neighbouring 

buildings. Evidence of structure to structure fire spread [14], demonstrates that spatial separation 

requirements in the building codes are not sufficient to mitigate the spread of fire from one 

building to another.  

2 STANDARD TEST METHODS 

Building regulations try to be unbiased with regard to the type of construction or materials used, 

therefore it is important to have a set of standard test methods that provide a measure of 

performance irrespective of type of materials used. Most exiting fire tests in the building codes 

are intended to prevent the spread of fire originating from inside the building. While WUI fire 

exposure is external. While some of these test methods are still beneficial they need to be 

adapted to provide a better measure of performance in WUI context.  

2.1 Exterior walls 

CAN/ULC S101 in Canada and ASTM E119/UL 263/NFPA 251 in USA and ISO 834 in Europe 

describe the standard method of determining the fire resistance of building components. During 

fire resistance tests, the assembly is exposed to heat from a furnace whose temperature follows a 

specific time temperature curve. The assembly fails if the fire passes through the assembly, or 

the temperature of the unexposed side rises by a certain amount (usually 140°C on average or 

180°C locally), or if the assembly collapses.  Since these tests are developed to represent the fire 

severity of a compartment fire, they impose a very high temperature (1100°C) that is not 

representative of an external transient fire source. Nonetheless these tests could still be 

considered as conservative scenario for comparison. In Canada, the National Building Code of 

Canada (NBCC) imposes requirements for fire resistance ratings of walls. These requirements 

are only for interior fire exposure. This is clearly not true for wildfire exposure since the fire 

exposure is primarily external.  

Another consideration regarding the fire resistance is to impose a realistic rating that is 

analogous to the WUI fire exposure. WUI exposure from wildfire itself is much shorter (in the 

order of couple of minutes) compared to compartment fire exposure. Depending on the scenario 

the fire exposure may not directly originate from a wildfire but through a secondary ignition, in 

which case the exposure could be longer, but still at a much lower temperature. To account for 

this lower temperature the standard fire curve could be replaced with an external fire time 

temperature curve similar to what Eurocode suggests (Euro Code1 part 1-2 clause 3.2.2). The 

maximum temperature of the Euro code’s exterior fire exposure curve is approximately 700°C. 

While imposing a temperature curve seems to be a reliable and repeatable way of simulating 

exposures in standard tests, a more realistic approach would be to simulate the effects of an 

external fire is by simulating the incident heat flux rather than temperature. 

SFM 12-7A-1[15]/ASTM E2707 [16] utilizes a diffusion burner to expose the wall to a short 

10min exposure to a 150kW fire. The test attempts to simulate a scenario where an indirect 

exposure of flame impingement happens as a result of ignition of plants, trash, a deck or other 

combustible materials beside the wall. Unless fire resistance of a longer period is also prescribed 
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in addition to this test, the test does not apply to a scenario where the building is exposed a large 

radiation source for a long duration of time, such a burning adjacent building.  

AS 1530.8.2 [17] is the Australian test standard for WUI exposure. AS 1530.8.2 is intended for 

severe fire exposure or direct flame impingement (BAL FZ); for lower exposure levels another 

standard AS 1530.8.1 [18] is used, which exposes the specimen to a radiant heat, burning embers 

and burning debris. During AS1530.8.2 a representative element of construction or combination 

of elements is exposed to the standard fire curve. The test duration is 90 min which includes a 30 

min exposure to standard fire and a 60 min monitoring period. AS 1530.8.1 provides standard 

test methods to determine the performance when a specimen is exposed to radiant heat, burning 

embers and burning debris. Exposure to burning embers is simulated by application of a small 

gas flame and exposure to burning debris is simulated by wood cribs. Initially, the radiant heat 

rapidly rises until it reaches a specified maximum radiant heat of either 12.5, 19, 29, or 40 

kW/m^2 depending on the severity of exposure. The maximum radiation is maintained for two 

minutes followed by a gradual decay period. The total radiant heat exposure period is 10 

minutes.  Overall, the Australian approach is more representative of the WUI exposure. It still 

has shortcomings - the main one being the lack of wind during the tests. Radiation exposure are 

more representative of the approaching wildfire.   

2.2 Roofs 

Roofs are probably the most vulnerable part a building to ignition hazard from wildfire. There 

are a few existing test methods that measure the ability of a roof assembly to resist the passage of 

fire into the attic and spread of fire on the roof surface. Most of these tests consider the 

production of embers by the roof assembly that could ignite other combustible materials on or 

around the building. In Canada, CAN/ULC-S107 is used to measure the roof performance, which 

follows a similar procedure as ASTM E-108, UL 790 and NFPA 276. During the test the 

assembly is exposed to either flames from a calibrated burner, or burning standard brands. The 

roof assemblies are classified based on their effectiveness against fire exposure, 

flammability/combustibility, and degree of fire protection provided to the roof deck, structural 

integrity and propensity to produce flying brands. They provide three classes, Class A, Class B, 

and Class C. Class A is the most resistant and Class C the least resistant. 

2.3 Vents 

While protecting the roofs by ignition resistant materials could protect the combustible materials 

in the attic, the entry of embers through vents or other openings could compromise the 

effectiveness of the fire protection system. Most existing codes and standards, have recognized 

this fact and recommend using a metal mesh to prevent the entry of embers into the attic. Recent 

full-scale studies at IBHS has shown that protecting opening with wire mesh may not be 

completely effective.  

A recently developed ASTM E2886 [19] attempts to measure the performance of vents to resist 

the entry of embers and direct flames. During the test, a fan pulls a flow of generated embers 

through the vent. The ember generator consists of a rotating steel mesh tumbler. Standard 

burning wood cribs (Class C, refer to ASTM E108) are placed inside the rotating tumbler and the 

embers generated by the agitation of the brands and steel nuts that passes the perimeter steel 

mesh is transported by the flow of air through the vent. The test is continued until no ember is 

left in the tumbler. If the vent prevents the ignition of cotton pads located at after the vent, it 

passes the test. 
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2.4 Decks 

Combustible decking material during a WUI event could be a vulnerable section of a building. 

And because decks are attached to the building, ignition of decking could result in the spread of 

fire to the building itself. Firebrands from the wildfire could accumulate under or within the 

crevices of the deck and result in the ignition of the deck. There are a few standard test methods 

for decks. California building code has adopted SFM 12-7A-4 for this purpose. The test exposes 

a 24 inch by 24 inch sample of the deck to a either a flame (SFM 12-7A-4A) or a burning brand 

(SFM 12-7A-4B). Two scenarios are considered. In the first, it is assumed that the accumulation 

of brands under the deck has resulted in a fire that effects the deck. The second scenario assumes 

the firebrands are accumulated over the deck and the heat from the accumulated embers igniting 

the deck. During the deck flame test the deck is exposed to a flame of 80 kW for 3 minutes, 

equivalent to 1 kg of paper. The sample fails if there is runaway combustion, structural collapse, 

or flaming dripping materials.  The test procedure requires the sample to be observed for 40 

minutes after the flame exposure.  

ASTM E2632 [20] test method is almost identical to SFM 12-7A-4A. In SFM-7A-4B /ASTM 

2726 [21], a standard burning brand (Standard brand of ASTM E108) is placed over the deck 

while a fan blows an air flow of approximately 5.4 m/s (12mph) over the specimen and the 

sample is observed for 40 minutes for signs of sustained flaming or falling brands. In all tests, 

the samples need to be exposed to conditions of accelerated aging or weathering to create a more 

realistic representation of the actual deck in the test. 

2.5 Eaves 

Eaves or similar projections are vulnerable to ignition especially because the wall and the eave 

provide partial confinement which prevents the heat from escaping freely. The materials used for 

the construction of eaves may not be as fire resistant at the roofing and exterior walls. Open 

eaves are especially a weak point for entry of flames or embers. SFM 12-7A-3 or ASTM E2957 

[22] both expose a 609 mm projection to a flame of 300 kW for 10 minutes. The sample is 

observed for another 30 minutes to monitor the existence of glowing or flaming on the 

unexposed side of the specimen.  

2.6 Windows 

In order to assess the performance of windows exposed to direct flames SFM 12-7A-2 uses a 

150 kW, 100 mm by 1000 mm diffusion burner under the target window. The specimen is 

exposed to a flame for 8 minutes. This test simulates a scenario where a flame is burning a 

combustible material around the building and under a window. This test is not representative of a 

radiation exposure form a wildfire and assesses a secondary flame exposure. For radiation 

exposure AS 1530.8.2 or AS 1530.8.1 could be considered. 

3 CONCLUSIONS  

Recent efforts have resulted in the development of a few WUI specific standard test methods that 

could be used to evaluate the performance of building components or construction materials. 

These tests attempt to simulate the exposure conditions during a WUI fire event. While most 

scenarios targeted by these tests are reasonable and beneficial for comparison purposes, they lack 

sufficient scientific reasoning and data with regard to severity, type and duration of exposure 

expected during a WUI incident.  Some exposure types such as ember exposure is less addressed 
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while in reality most ignitions in a wildfire are caused by embers. Wind speed used for the test 

are not representative of worst-case WUI fire scenarios and there is no rational on the magnitude 

of wind speeds selected. It is important in the future developments to invest more efforts in 

stablishing a risk informed link between the realistic WUI fire events and the standard test 

methods. Particularly regarding ember exposure, there is not enough data on what test ember 

exposures are representative of a realistic WUI exposure. Despite noteworthy efforts to 

standardize the ember generation in testing of vents, there is still no reliable and repeatable way 

of ember generation to be used in standard testing of the materials/assemblies. 
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ABSTRACT 

A full-scale inmate cell fire test was conducted to obtain measurements of toxic effluent from 

smoke.  The measured data were analysed to determine the likelihood that correctional officers 

would be exposed to toxicants through dermal absorption, given that breathing apparatus was 

being worn during emergency response.  The test set-up includes various instrumentation to 

measure HRR, temperature, visibility and concentrations of toxic effluents. For the 

measurements of toxicants, air samples were continuously acquired from the test set-up to 

monitor carbon monoxide, carbon dioxide, hydrogen chloride, hydrogen cyanide and 

formaldehyde.  Single-point air samples and wipe samples were also taken for dioxins, furans, 

benzene, toluene diisocyanate, PAHs, PCBs and PCPs, which are carcinogens with potential 

dermal exposure risks. 

1 INTRODUCTION 

Correctional Facilities face a number of unique challenges.  In the last five years, Correctional 

Service Canada (CSC) has worked with the National Research Council (NRC) to review and 

validate various assumptions and technologies made within Correctional Facilities.  

One such effort was in response to concerns raised by Correctional Officers, CSC and NRC 

studied the effects of smoke of specific concentration and content typical to that which could be 

expected as a result of a cell-fire.  This allowed CSC to establish guidelines and limitations for 

front-line responders in the event of a cell-fire in a correctional facility. 

This paper presents the smoke toxicity study that experimentally investigated smoke production 

and toxicity generated from a typical inmate cell fire.  Common furnishing and items allowed 

and found in inmate cells are made from synthetic plastics, foams and polymers. These materials 

can pose a serious danger to the health of those affected as during smouldering and flaming 

combustion these materials can produce a large amount of smoke containing asphyxiant gases, 

irritant gases and carcinogens.  This study focused on toxicants that are capable of penetrating 

the skin and entering the blood stream and then producing harmful effects.   

2 LITERATURE REVIEW 

To design a representative test set-up, a literature review was first conducted on smoke toxicants 

that might be produced during a typical inmate cell fire. The literature review identified a list of 

toxicants of interest, absorption routes and exposure limits.  

2.1 Burning materials 

In a review of 590 correctional facility fires which occurred in the US between 2003 and 2007, 

Flynn [1] reported that when fires were not confined to cooking equipment or contained to trash 
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or rubbish, the leading items for first ignition were mattresses and bedding materials.  This 

agrees with the findings from the study of Canadian correctional facilities fires which occurred 

between 1995 and 2000 [2].  Su et al. [2] reported that approximately 40% of these fires involved 

mattresses or bedding materials as the first item ignited, followed by 10% involving trash, 6% 

involving paper, and 6% involving clothing.   

Only fire retardant mattresses that meet the requirements of the Correctional Service Canada, 

Fire Safety Manual [3] or that conform to the California Bureau of Home Furnishings, Technical 

Bulletin 121 can be used in the correctional facilities. Pillows must be “inherently flame-

retardant”, and blankets and sheets must conform to “CAN/CGSB-4. 162-M, Hospital Textiles- 

Flammability Performance Requirements”.  The flame-retardant fabrics and materials may delay 

ignition and flaming combustion or require a longer period of time for smouldering.  However, 

once ignited, the effluents from combustion of these materials, whether in flaming or 

smouldering, can be more toxic than non-retardant products due to the halogenated compounds 

often used as flame retardants.   

In addition, many typical household items are allowed in an inmate cell, such as a television, 

gaming system, stereo system, and fan.  These materials are made of plastics, foams, and 

composites and are a large source of asphyxiant gases, irritant gases, and carcinogens.  

Additional items of concern are desks, stands, and dressers made of luan wood, pressboard, 

fibreboard or other composite materials made with glues and adhesives.  These items also 

contribute to the overall toxicity of effluents produced during a fire.  

2.2 Emergency responses 

According to the Correctional Service Canada Fire Safety Manual [3], correctional officers 

serving as the Fire Emergency Officer (FEO) will execute fire emergency procedures in 

accordance with the fire safety plan.  If it is a manageable fire, FEOs extinguish the fire. If it is 

beyond staff control and requires fire department intervention, FEOs are instructed to assist in 

offender evacuation for impeded egress buildings. During these evacuations, FEOs must use self 

contained breathing apparatus (SCBA) and evacuate inmates to a place of safety.  If visibility is 

reduced to approximately 3 m (10 ft) or the area becomes too hot, “officers shall not proceed but 

shall immediately begin to release all cell doors, giving verbal orders to offenders and retreat and 

await the assistance of the responding Fire Department” [3] 

2.3 Anticipated fire effluents and exposure routes 

Assuming that SCBAs are fitted and employed appropriately, inhalation of fire toxicants would 

be prevented; however, dermal absorption of fire toxicant could be possible. Therefore, 

anticipated fire effluents from an inmate cell fire were first reviewed for potential to be deposited 

on and absorbed through theskin of correctional officers.  

Asphyxiant and irritant gases, which are readily generated from the combustion of wood and 

cellulosic materials, include carbon monoxide, carbon dioxide, hydrogen cyanide, nitrogen 

oxides, sulfur dioxides, and hydrogen chloride.  Inhalation of some of these gases may cause 

injuries and death; however, none of these gases effectively penetrate through the skin into the 

systemic circulation.  

According to the World Health Organization [4], carcinogenic compounds are also found in by-

products from fire.  These include polycyclic aromatic hydrocarbons (PAHs), dioxins, 

polychlorinated biphenyls (PCBs), nitrosamines, and heavy metals, which may be produced in 
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the types of fires that commonly occur in correctional facilities involving plastics and beddings 

treated with retardants.  Many of these compounds are bound to soot and could deposit on 

surfaces including human skin.  The toxicant inspections conducted for firefighter gear identified 

the presence of lead, mercury, phthalates, and PAHs on firefighter hoods and gloves [5].  Some 

of the carcinogens may lead to skin irritation, but acute exposures do not present any long-term 

health effects.  Notably, not all carcinogens deposited on the skin could be absorbed into the 

skin.  

Thus, a list of toxicants likely to be produced based upon the inmate cell fire scenarios were 

refined to identify those carcinogens likely to penetrate through the dermis and enter into the 

bloodstream.  To accomplish this task, various literary resources were utilized including the 

Agency for Toxic Substances and Disease Registry (ATSDR), the Canadian Workplace 

Exposure Database (CWED) referencing values from the Canada Labor Code (CLC), and the 

International Agency for Research on Cancer (IARC) Firefighting Monographs [4].    

It was determined that polycyclic aromatic hydrocarbons (PAHs), monocyclic aromatic 

hydrocarbons (MAHs), polychlorinated biphenyls (PCBs), polychlorophenols (PCPs), dioxins, 

and furans are of most concern with regards to their ability to penetrate through the skin and 

enter the systemic circulation.  The main component of mattresses and bedding materials, 

polyurethane foam, is known to produce MAHs, such as benzene and toluene.  The pyrolysis of 

chlorinated plastics, such as polyvinylchloride found in appliances and electronics, can lead to 

the production of polychlorinated biphenyls (PCBs), polychlorophenols (PCPs), dioxins, and 

furans.  Lastly, polycyclic aromatic hydrocarbons (PAHs) are produced from the incomplete 

combustion of organic materials, and hence, are common in all types of fires. As such, air 

samples taken during fire testing were monitored for these products of combustion.     

3 FULL-SCALE FIRE TEST 

3.1 Test set-up 

A full-scale mock-up inmate cell was constructed with dimensions of 2.3 m (W) X 3.4 m (L) X 

2.4 m (H), under a large hood. Adjacent to the inmate cell, a corridor (2 m wide and 3 m long) 

was constructed, as shown in Fig. 1-a).  One side of the corridor was closed, but the other was 

open so that smoke could mitigate and be collected by the hood.  The walls, ceiling, and floor of 

the corridor and the cell were lined with Type X gypsum boards.  

3.2 Burning materials and ignition source 

As per the lists of personal items allowed for inmates (provided by CSC as per Directive 566-12 

[6]), the test cell was furnished with a bed, desk and other items (see Fig. 1-b).  The total mass of 

the fuel was 124 kg. 

To ignite the mattress and beddings, a standard sand burner having 0.31 x 0.31 m square surface 

as required by the CAN-ULC 9705 [7] was placed at the centre of the floor next to the bed.  A 

burner output of 50 kW was first used, then the output was increased to 100 kW after about 10 

minutes.  

3.3 Sprinkler system 

CSC inmate cells are protected with smoke detection system and automatic sprinkler systems.  

To simulate one of the worst case scenarios that could occur due to a concealed fire or malicious 
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destruction, it was decided to activate the sprinkler system manually after flashover during the 

test; i.e. significantly beyond the time when it would normally be expected to activate.  A wall 

type sprinkler head was installed below the ceiling on the diagonal wall of the test cell.   

3.4 Instrumentations 

The hood system over the cell and the corridor was used to collect the smoke from the fire.  The 

hood system was instrumented to measure the heat release rate (HRR) of fire. Inside the test 

rooms, a thermocouple tree was installed at the centre of the room and in the corridor.  In each 

tree, 16 thermocouples were evenly distributed along the height of the room.  A smoke meter 

was installed in the room and in the corridor.      

3.5 Toxicant sampling  

A gas sampling system was built around the test room and corridor. A gas sampling probe was 

installed in both the room and the corridor at a height of 1.5 m, and the sampling tube was 

connected to a FTIR (Fourier-transform infrared spectroscopy) gas analyzer for continuous 

measurements of carbon monoxide, carbon dioxide, hydrogen chloride, hydrogen cyanide and 

formaldehyde throughout the test.   

Through the gas sampling line in the corridor, single-point air samples were also acquired to 

measure for carcinogens; Dioxins, Formaldehyde, Furans, Benzene, Toluene Diisocyanate, 

PAHs, PCBs, and PCPs.   The single-point air samples were collected twice in the corridor 

during the test: [Air sample #1] during the development of fire and [Air sample #2] during the 

fire suppression.   

To collect data on surface deposits in addition to the toxicants carried by the smoke effluent in 

transit, post-test wipe samples were also acquired.   The post-test wipe samples were collected 

from a sooty wall in the corridor because the corridor was the location where correctional 

officers would most likely be positioned when assisting with evacuation of inmates.  The wipe 

samples were taken to determine the concentration of carcinogens (or their solid form 

constituents) likely to condense and adhere on the walls of the corridor with the assumption that 

similar concentrations would also be likely to condense and adhere on the skin’s surface of 

attendant officers.   

4 TEST RESULTS 

4.1 Fire development  

For approximately 15 minutes from the start of the test, the mattress and beddings only 

smouldered because of their fire retardancy.  After18.5 min from the start of the test, flaming 

combustion started and resulted in the first peak HRR of 660 kW at 26.5 minutes (see Fig. 2. a).  

However, the fire developed slowly to the size that would be considered “manageable’ as per the 

CSC Fire Safety Manual [3] at about 20 minutes.  The fire spread accelerated affecting the entire 

room (i.e.flashover) at 40 minutes, with the maximum HRR of about 2.2 MW.  The sprinkler 

system was activated in 1.5 minutes from the point of flashover.  The sprinkler system was so 

effective that the measured HRR dropped very quickly to 60 kW.  

4.2 Smoke and visibility 

Within about 5 minutes, ceiling temperatures in the room increased to the level that could trigger 

the sprinkler system installed in the cell (the temperature rating of the sprinkler head is 74°C).  
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Since the automatic activation of the sprinkler was disabled during the test to allow the fire to 

develop to a worst case condition, the fire slowly developed as the hot smoke filled up the cell 

and corridor.  The temperature in the corridor became untenable at 42 minutes reaching the 

temperature criterion of 120°C (see Fig. 3) for thermal tolerance to convective heat for 

unprotected skin.  

The smoke density measured in the room reached a level of 0.03 OD/m within 1 minute, which 

would normally be expected to trigger a smoke detector having the standard detection sensitivity 

of 2.5%/ft (0.03 OD/m).  The visibility in the corridor became untenable at 21 minutes reaching 

the limit of 3 m.   

a) 

  

b) 

Fig. 1. a) Test setups; b) Furnished test inmate cell 

4.3 Toxicant measurements 

Continuous air samples were obtained from the cell and the corridor to monitor concentrations of 

carbon monoxide, carbon dioxide, hydrogen chloride, hydrogen cyanide and formaldehyde over 

the entire duration of the fire testing. .  Fig. 2. b) shows FTIR gas analyser results from the 

corridor.  The measured carbon monoxide and carbon dioxide reached the Occupational 

Exposure Limit (OEL) at 24 minutes and 40 minutes respectively.  It should be noted that these 

gases are not absorbed through the skin in meaningful concentrations, and with use of SCBA, 

there would be minimal concern that officers will inhale these fire toxicants.  Therefore, the 

focus was on dermally absorptive toxicants measured in the corridor up until the visibility was 

reduced to 3 m, after which correctional officers are instructed to evacuate the hazardous area 

[3].  

Hydrogen chloride 

As per the International Agency for Research on Cancer (IARC) classification, HCL does not 

have carcinogenic effect on humans but is a skin irritant.  For the first 21 minutes, while 

visibility remained tenable in the corridor, the measured concentration of hydrogen chloride in 

the corridor was 1600-1800 ppm. This value is much lower than the concentrations of 40,000 - 

100,000 ppm found to be “irritating to the skin” in humans [8] [9], during tests where HCl 

solutions were applied directly to the skin rather than through exposure to smoke effluent.   

 

 

Figure 1: Test setups in the lab. 
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Hydrogen Cyanide 

Hydrogen cyanide causes toxic asphyxia when inhaled and also causes skin irritation. Hydrogen 

cyanide is not listed by IARC as to its potential carcinogenicity in humans [10] [11].    For the 

first 21 minutes, while visibility remained tenable, the measured maximum concentration of 

hydrogen cyanide was 20-30 ppm. A concentration of hydrogen cyanide reported to cause 

adverse effects through skin absorption [12] was 20,000 ppm for 8-10 minutes of exposure; the 

measured concentration in this study is much lower than the reported value.    

Formaldehyde   

Formaldehyde is a Group 1 carcinogen with dermal absorption potential.  For the first 21 

minutes, the measured value marginally exceeded the OELs based on air samples, yet was an 

insignificant quantity of the carcinogen to be effective on skin.  This is because the rate of skin 

absorption of formaldehyde through the skin is known to be less than 10% of the air 

concentration [13].  Given this, there is no apparent carcinogenic risk associated with 

formaldehyde exposure to the skin of correctional officers based upon the concentrations present 

when applying the 10-ft visibility criteria.   

Single air samples for carcinogenic compounds 

The single air samples taken in the corridor during the development of fire (at 36 minutes) and 

during the fire suppression (at approximately 42 minutes) were analysed for the carcinogens with 

potential skin effects.  Detectable concentrations of dioxins, furans, toluene diisocyanate, PCBs 

and PCPs were not found in both air samples.  Most of PAHs were not found except 

naphthalene, which showed concentrations that were still lower than OEL.  However, benzene 

was found with concentrations of 0.580 ppm and 3.0 ppm at 36 minutes and 42 minutes (after the 

activation of the sprinkler system), respectively. 

Benzene 

Benzene is an IARC Group 1 carcinogen with dermal absorption potential.  Canada Labour 

Codes (CLC) indicates that the short-term OEL is 2.5 ppm, and a concentration of 0.5 ppm is the 

level “easily absorbed through skin”.  Research suggested that approximately 68% of benzene in 

air is absorbed through skin. Hence, the concentration of 0.58 ppm, which was measured at the 

first air sampling (collected at 36 minutes), does not pose apparent carcinogenic risk associated 

with benzene exposure to skin; i.e. equates to approximately 0.40 ppm dermal absorption.   

Wipe sample measurements 

The post-test wipe samples were analysed for dioxins, furans, PAHs, PCBs and PCPs.  No 

detectable levels of these carcinogens were found in the samples.   
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a) 

  

b) 

Fig. 2. a) HRR; b) FTIR results from the corridor 

 

Fig. 3. Corridor temperature at 1.5 m and 1.65 m heights 

5 CONCLUSIONS 

A full-scale inmate cell fire test was conducted to obtain measurements of toxic effluent from 

smoke.  The measured data were analysed to determine the likelihood that attending correctional 

officers would be exposed to toxicants through dermal absorption, given that breathing apparatus 

was being worn during emergency response.   

The test results show that the fire developed relatively slowly in the inmate cell because the fire 

retardant mattresses and bedding (which were ignited first), delayed flaming combustion and fire 

spread.  Nonetheless, the temperature and smoke density in the cell increased quickly to the level 

that could have activated the sprinkler system and smoke detection system in a very early stage 

of the fire.  

To simulate one of the worst-case scenarios, the sprinkler system activation was delayed in the 

test. This allowed the conditions to deteriorate, resulting in a low visibility of 3 m in the corridor 

at 21 minutes.  Beyond this time, officers are expected to retreat to a place of safety and await 

the assistance of the responding Fire Department, as per Section 5.3 of the Fire Safety Manual 
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[3].  Thus, the toxicant concentrations measured in the corridor until visibility reached the 3 m 

criterion were analysed to access toxicant skin exposures.    

Detectable concentrations of dioxins, furans, toluene diisocyanate, PAHs, PCBs, and PCPs were 

not found in the full-scale testing.  Hydrogen chloride and hydrogen cyanide, which are gases 

that are irritating to the skin, were found in full-scale testing; however, the concentrations 

measured for the first 21 minutes were insufficient to cause skin irritation.  Benzene and 

formaldehyde, which are known carcinogens, were measured in the air samples.  Factoring the 

dermal absorption rates into the analysis, it is concluded that there is no apparent carcinogenic 

risk associated with benzene or formaldehyde exposure to skin for the duration of the first 21 

minutes, while the visibility was tenable and staff exposure might still be possible.  It was 

therefore found during the test that if attending officers were dressed as expected and followed 

the attending protocol as expected, then there was no apparent carcinogenic risk through dermal 

absorption. 

The results produced during this experiment will be of use in determining the viability of 

responder intervention to particular fire scenarios and their need of dedicated protective 

equipment. 
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ABSTRACT 

An increase in the number of High Energy Arc Fault (HEAF) events in international nuclear 

power plant fire event data has been identified. The international HEAF operational experience 

demonstrates that substantial damage can occur during a HEAF event. In many cases, HEAF 

events caused extra challenges to the safe shutdown of a reactor. HEAF can produce loss of 

essential electrical power, cause physical damage and generate products of combustion that can 

present significant challenges to the nuclear operator and fire response teams.  

This paper discusses Canada’s HEAF events and the international experience, current HEAF 

prediction models, issues and limitations of the models. The paper also deliberates on HEAF 

current research and different HEAF types and their consequences. There are two sets of 

recommendations presented in this paper, the first set if for Canadian Nuclear Power Plants and 

the second set for the international nuclear industry. 

1 INTRODUCTION 

In nuclear power plants, switchgear provides means to isolate and de-energize specific electrical 

components and buses in order to clear downstream faults, perform routine maintenance, and 

replace necessary electrical equipment. These protective devices may be categorized by the 

insulating medium, such as air or oil, and are typically specified by voltage classes, i.e. low, 

medium, and high voltage [1]. Switchgears, load centers and bus bars/ducts can encounter 

catastrophic failure that manifests as rapid release of energy in the form of heat, light and severe 

damages to metals. The failure may eventually lead to initiation of fire involving the electrical 

device itself or any flammable material that is exposed to it, such as cable trays or nearby panels. 

This event is known as a High Energy Arc Fault (HEAF). The event is also referred to as high 

energy, energetic or explosive electrical equipment [2].  The high-energy events most commonly 

take place in two phases. The first phase is mostly distinguished by rapid release of electrical 

energy. Consequently, a fatal failure occurs in electrical enclosures along with ejection of hot 

projectiles from damaged electrical components. Also, phase one of HEAF can result in fire 

involving electrical devices. Phase two, is characterized by a follow up fire initiated in phase one 

which normally results in severe damage of inflammable material in Zone of Influence (ZOI) of 

HEAF.  HEAF in electrical equipment is initiated in one of three ways: poor physical connection 

between the switchgear and the holding rack, environmental conditions, or the introduction of a 

conductive foreign object.  

Figure 1 shows how a HEAF progresses in less than a few seconds. The degree of damage 

includes pressure rise effects (i.e. severe equipment deformation, thrown doors, degraded fire 

barriers) which potentially can affect equipment in other fire zone(s). Pressure effects are mainly 

dependent on room configuration and electrical characteristics of the event.  

The operating experience from nuclear power plants (NPP) as well as from other nuclear 

installations worldwide has recognized a non-negligible number of HEAF events and resulting 

fires. These incidents characteristically occur within high voltage components such as 
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switchgears and circuit breakers, or at high voltage cables. In addition, the operating experience 

appears to show that the numbers of HEAF incidents are increasing. One reason for this increase 

of incidents can be a result of the aging infrastructure. Fire Events” published June 25, 2013 [3], 

demonstrates that HEAF events have the potential to be major risk contributors with substantial 

safety consequences and considerable economic loss. 

 

Fig. 1. HEAF progression 

Due to the high safety significance and importance to nuclear regulators, the Organisation for 

Economic Co-operation and Development (OECD) has initiated in 2009 an international activity 

on HEAF to investigate these phenomena in nuclear power plants in more detail to better 

understand fire risk at nuclear power plants. The OECD program tends to characterize the effects 

of HEAF by deploying various phenomena. The employed phenomena include the pressure of 

enclosures, temperature of enclosures, heat release rate and heat flux to target equipment. Other 

electrical parameters such as arc voltage, arc current and arc duration were also subjected to 

measurement during the experiments. It is believed that an international group that can pool 

international knowledge and research means better accomplishes this. The OECD FIRE Database 

task group [4] indicated that 48 of the in total 392 fire events are HEAF induced fire events. 

2 DISCUSSION 

2.1 NUREG/Cr 6850 Fire PRA Methodology For Nuclear Power Facilities 

NUREG/CR 6850 [5] currently provides the sole guidance on how to assess the fire risk of 

HEAF events through probabilistic risk assessment using both statistical and empirical fire 

modeling. These methods define the zone of influence and materials ignited by HEAF events 

initiated in switchgear equipment and bus ducts. The main standards used for calculation 

purposes are NFPA 70E [6] and IEEE 1584 [7]. Computer models are available most of which 

are based on the calculations provided by IEEE 1584 or in Appendix D of NFPA 70E.   

NUREG/CR 6850 assessment methodology is based on defining the potential zone of influence 

for HEAF events. The potential zone of influence is defined according to electrical features of 

the components. Zone of influence can be deployed to estimate the potential damage to safety 

related structures, systems and components (SSCs). According to NUREG/CR 6850, HEAF 

events are assumed to occur in electrical equipment that operate at 440V, or equipment that 

operate at greater voltage. Motor Control Centers (MCC) with switchgears, which are used to 
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directly operate equipment, should be evaluated as potential HEAF source. According to 

NUREG/CR 6850, switchgears that are greater than 4.16 KV, are likely to experience HEAF 

events that will cause impacts outside of cabinet of origin. However, for panels with lower 

voltage the effects are estimated to remain within the panels [8].    

All vulnerable components or movable/operable structural elements located within 0.9 m 

horizontally of either the front or rear panels/doors, and at or below the top of the faulting 

cabinet section, will suffer physical damage and functional failure [5]. Exposed cables, or other 

exposed flammable or combustible materials or transient fuel materials located within this same 

region (0.9 m horizontally) will be ignited [5]. In the zone of influence of electrical cabinets and 

switchgears HEAF events, the initial arcing causes destruction of the faulting device. 

Furthermore, adjacent switchgear within the cabinet trips open and the cabinet door will be 

blown open due to the metal plasma and mechanical shock. The cabinet fire will burn with a fire 

intensity and severity documented in experiments in NUREG/CR 6850. Unprotected cables will 

be damaged and drop into the panel in an open-air configuration. Also, any unprotected cable in 

the first overhead cable tray, in case of being located within 1.5 m vertical distance from the top 

of the cabinet will be severely damaged. Any unprotected cable or flammable material that is 

located within 0.9 m from the front door of the cabinet will also be exposed to ignition [5].  

There are two methods used for HEAF. The first is described in NUREG/CR-6850, Volume 2: 

Detailed Methodology, Appendix M for Chapter 11, High Energy Arcing Faults” [5]. This 

method specifies the following assumptions: 

• The first unprotected cable tray within 1.5 m of the top of the cabinet will ignite. 

• Vulnerable equipment within 0.9 m horizontally of the front or rear doors will be destroyed. 

• The faulting device is destroyed. 

• Adjacent cubicles in the same cabinet bank will trip open. 

• Unprotected cables that enter the panel in an airdrop configuration are destroyed. 

This method has unidentified degree of uncertainty, because it resulted from one single well-

documented HEAF event that happened at the San Onofre Nuclear Generating Station [9]. 

The second method is in Supplement 1 of NUREG/CR-6850 and EPRI 1011989” section 7 bus 

duct (counting) guidance for high energy arcing faults (FAQ 07-0035) [10]. This method 

specifies the following assumptions for HEAFs happening in bus ducts: 

• Exposed combustible material within these zones will ignite. 

• An ejection of the molten material from the bottom of the bus duct and down to the right 

circular cone of an angle of 15 degrees from the vertical axis. An ejection of the molten 

material will be outwards from the fault point in the shape of a sphere with a 1.5 feet radius. 

• A diameter expansion of the cone to a maximum of 20 feet and beyond will fall straight 

down in a cylindrical shape of 20 feet diameter. 

The Core Damage Frequency (CDF) associated with a HEAF scenario involving damage only to 

the first target is calculated as: [5] 

CDF i = λg ⋅WL ⋅Wis ⋅Pns ⋅ccdpi                                                                                                     (1) 

Where: λg = the generic frequency for HEAFs; 
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WL = the location weighting factor; 

Wis = the ignition source weighting factor; 

ccdpi = the CCDP for a scenario including targets in the ZOI only; and 

Pns = the probability of no suppression. If all targets are inside the ZOI, a value of 1.0 

should be assumed. If there are postulated targets outside the ZOI, the probability of no 

suppression can be calculated following the approach provided in Appendix P using the 

manual suppression curve for HEAFs. 

2.2  HEAF Events In Canada 

HEAF events identified in OECD FIRE database are documented. The events are identified 

according to definition developed by FIRE project. The OECD FIRE database project has 

declared that 48 out of 145 fire events that were reported from 1979 to mid-2012 are HEAF 

events according to the database. Two of the reported HEAF fire events were in Canada. Details 

on the HEAF event identified in OECD FIRE database are as follows: 

On April 2005, an electrical fault and fire on the Main Output Transformer (MOT) caused a 

Turbine to trip. A severe failure occurred on the blue phase winding of the MOT at the same 

time with a failure to red phase isolated phase bus potential transformer (surge arrester) cubicle 

(explosion but no fire). The fire was extinguished by transformer deluge system. Subsequent to 

notification of the event, the reactor was manually shut down. The transformer casing was 

raptured and as a result of 68200 Litres of transformer insulating oil was spilled over 1-2 hours. 

Before the catastrophic failure of the MOT, there was no sign that the MOT was indicating any 

problems with the transformer. Semi-annual oil analysis indicates normal results. Moreover, no 

significant gas increase was noticed until the failure occurred. However, root-cause analysis 

indicated that according to evidences in hand, the incident was caused by material failure in the 

MOT. In order to determine the failure mode, forensic disassembly was arranged. As the 

transformer was unable to dissipate generated heat, a failure occurred. The pressure of the 

undissipated heat removed the doors of from the transformer cubicle, deformed the cubicle and 

opened fused links. 

The second HEAF event reported in Canada took place on October 2005. A 600 V AC 1600 A 

class 4 breaker was racked into its cubical and lead to an electrical arc/fireball. As the breaker 

was moved to the connect position, an electrical fault occurred. Consequently, a catastrophic 

failure happened in the breakers. The failure led to an electrical arc and fireball, which erupted, 

from the switchgear with burns sustained to the employee.  The emergency response team 

instantly terminated the fire. The employee was moved and diagnosed with 1st and 2nd degree 

burns on the thighs. After the breaker was repaired, it was tested three times in the test position 

before receiving a permission to be connected again. At the time of the breaker failure, the door 

of the breaker compartment was in the place and the screws were engaged. However, hot gas and 

flames vented through louvers to and burned the employee.  

In order to prevent similar failures in the future, corrective actions were taken. Significant 

improvements were applied to protocol and equipment designs. Moreover, a verification process 

has been implemented. Since shutters prevent inadvertent contact between components and the 

buses during the maintenance, they play a significant role in the process. Therefore, shutter 

design improvement opportunities were vastly investigated by manufacturers and engineered 
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material manager supply chain. Broken shutters were removed from the breaker cabinet and staff 

received training on technical advice verification. A team of electrical experts were chosen to 

address the shortfalls of the protective clothes in such events. Lastly, the emergency 

communication protocol was improved [11]. 

2.3 ARC Flash Versus ARC Blast 

The arc flash and arc blast phenomena differ vastly from one and other.  

Arc Flash: damage is contained in within the general confines of the component of origin.  These 

events are associated with minor damage and minimal bus bar degradation from 

melting/vaporization [6].  

Arc Blast: damage is contained in within the general confines of the component of origin. 

However, arc blast effects have the potential to damage surrounding equipment through pressure 

rise effects (i.e. severe equipment deformation, thrown doors, degraded fire barriers).   

During an arc flash, the voltage is likely to drop to approximately 10% of the original voltage, 

and the current remains unaffected. In arc blast, however, both the current and voltage need to 

remain unchanged for approximately 1 to 2 seconds. Consequently, the power load of arc blast is 

much larger. Therefore, arc blast is very difficult to obtain under a testing environment without 

causing power problems. The intensity of an arc flash is thus, less than arc blast.  

Figure 2 demonstrates the differences in damage caused by Arc Flash and Arc Blast.  

 

Fig. 2. Arc Flash versus Arc Blast 

2.4 Copper Verus Aluminum 

It has been shown that HEAF tests involving aluminum lead to significantly larger energy release 

than HEAF tests involving copper. The aluminum is involved in the shape of components, 

subcomponents or parts of the normal current carrying pathway or components, subcomponents 

or parts that could become involved in the fault current pathway as result of a ground fault.  

Aside from the larger release of energy during the HEAF events, when aluminum is involved, 

dispersal of electrically conductive aluminum by-products throughout the area was observed. 

These by-products were not only conductive but also caused short circuiting and grounding of 

equipment in the area. Through the testing program when aluminum is involved, the HEAF 

events caused an extensive damage to test measurement and recording equipment and electrical 

supplies. The damage done by HEAF with aluminum involvement was vastly larger than the 

damage limit estimated by NUREG/CR 6850 [12]. Several tests were performed mostly on 
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electrical equipment containing copper and results were approximately as estimated in 

NUREG/CR 6850 methodology. However, the tests performed on electrical equipment that 

contained aluminum resulted in a damage state extensively larger than NUREG/CR 6850 

estimations.     

A detailed description of the test of HEAF in experimental series is as follows. The test involved 

a 4.16V bus duct section. The bus duct section was removed from a decommissioned United 

States nuclear plant and consisted of non-segregated copper bus bars, which were enclosed with 

an aluminum duct. The bus duct section was secured to the floor of the enclosure using wooden 

structural members and the open ends were secured with a sheet of electrically insulating fiber. 

The fiber was utilized to create a pressure boundary inside the bus duct so that it will limit the 

free energy release once the fault is initiated. Directly after the HEAF event was initiated, the hot 

gas mixture pushed the fiberboard away, which inevitably allows the arc and associated hot gas 

and plasma mixture to jet out of the bus duct. Consequently, hot gas and molten metal were 

linearly blowing from the bus duct opening as shown in figure 3. The hot gas and plasma 

extended nearly 9m in a horizontal direction. The damage was extended to nearly 0.9 m from the 

bus duct and any instrument located in that zone was affected by the temperature and heat flux. 

The facility was covered with an electrically conductive aluminum and number of electrical 

components needed to be replaced [13].  

 

 

 

 

 

 

 

 

 

 

 

Fig. 3. Aluminium HEAF test 

2.5 HEAF Prediction Models 

In order to predict the damage done to SSCs due to HEAF events, simple prediction models were 

developed based on incident energy models such as the heat release model. However, due to the 

fact that HEAF events have very short duration and cause very rapid increase of temperature and 

pressure and, due to the release of rapidly expanding superheated vapour, and intense radiations 

are out of the range of current empirical fire models development of an empirical correlation for 

incident energy and SSC damage is a challenge. Another challenge faced in the development of 
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empirical correlation for incident energy and SSC damage is the variable affecting the fire hazard 

and equipment involved.  

Due to the contribution of energetic electric arc, traditional plume fire models cannot be applied 

directly to the HEAF energetic phase to measure the heat release rate. HEAF might become fully 

developed fire involving multiple components depending on the exposed materials and 

equipment involved while fire plume models can only be applied when the fire is fully 

established. Based on arc flash calculations, assuming that the incident energy or the energy 

release rate can be applied using the IEEE 1584 [7] and NFPA 70E [6] calculation methods, two 

approaches have been proposed. 

The first approach assesses the potential for ignition of nearby SSC or equipment using the point 

source radiation model. This approach tends to measure the potential for ignition of nearby SSC 

using the Critical Heat Flux (CHF) and then using Thermal Response Parameters (TRP), 

calculate estimated time to ignition using the incident heat flux. In order to determine whether 

the ignition is likely to happen, the estimated time is compared to the arc fault duration time.  

The applicability of this approach is however, limited to only situations where the arc fault is 

limited in duration due to upstream protective equipment and ignition through conduction. After 

the sufficient data was collected, a range of expected arc heat flux intensities generated by the 

potential flat current is established conducting an arc flash hazard analysis. Incident heat flux is 

then calculated at various distances using the same point source radiation model as detailed in 

NUREG/CR 1805 [14]. The fire subsequent to the event can then be treated using the multiple 

burning objects HRR.  

The second approach suggests that closed switchgears cabinets, MCC panels will develop into 

fully developed fire either when the energy dissipated by fault reaches 10 Kw/m2, or, when the 

energy dissipated by the fault current is in excess of 20 Kw/m2 transformers, and bus ducts will 

develop into fully developed fires. In both cases, the inflammable materials will be affected by 

the subsequent fire and typical plume fire model and point source ignition models are then 

employed to measure the impact on nearby objects.  

 In order to better understand the objective of the task and provide a better characterization of 

HEAF events, a series of experiments are recommended. The experiments will obtain 

comprehensive scientific fire data on the HEAF phenomenon that are known to occur in nuclear 

power plants. These designed experiments will help develop a more realistic model to account 

for failure modes and consequences of HEAF events in addition to the development of 

correlation based on ignition time using variations of incident fear flux. The experiments can 

also be employed to validate current models, which are used to measure SSC damage potential. 

Moreover, the mentioned experiments will advance the sated of knowledge and provide better 

characterization of HEAF in the fire Probabilistic Risk Assessment (Fire PRA) and help the 

prediction of potential damage from HEAF events. In addition, some key questions are answered 

by the recommended questions such as how HEAF events can be minimized or prevented. How 

signs of HEAF events can be detected. [8]  

3 RECOMMENDATIONS 

3.1 Canadian Nuclear Power Plants  

• Review and update maintenance practices designed to eliminate the underlying causes of 

faults (loose connections, degraded insulation, foreign materials, etc.) 
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• Limit the duration and magnitude of HEAF so that little damage can occur to nearby 

equipment and does not endanger the functionality of redundant equipment by design and 

location of plant SSCs. Identify potential weaknesses in the overall plant design for 

defense in depth, and to evaluate the benefits of plant modifications for improving safety. 

• Industry survey on extent of Aluminum in all nuclear stations. 

• Revise CSA N293 “Fire Protection for Nuclear Power Plants” so that contents can be 

modified in a risk informed manner providing a level of safety commensurate to the risk 

and probability indicated through the database. 

• Avoid using the limited guidance provided in NUREG/CR 6850 on the ZOI for HEAF, as 

research has proven its inaccuracy.  

3.2 International Nuclear Industry  

• Need for clear definitions of Arc Flash, Arc Blast and HEAF.  

• Quantify the ZOI for HEAF that contain Aluminum. 

• Update and revise current HEAF guidance in NUREG/CR-6850.  

• Support Fire PSA by expanding on the “rule of thumb” currently provided in NUREG 

6850 by assessing the adequacy of existing HEAF ZOIs in NUREG/CR-6850 for 

electrical cabinets with aluminum bus bars and for bus ducts containing aluminum.  

• Assess the design, effectiveness, and robustness of a suppression system for the HEAF 

application. Additional research is required to be dedicated on characterization of the 

enduring fire aspects of such events.  

4 CONCLUSION  

In conclusion, this paper discussed Canada’s HEAF events, the international experience, current 

HEAF predication models issues and limitations. The paper also deliberated on HEAF current 

research and different HEAF types and their consequences. There were two sets of 

recommendations presented in this paper, the first set for Canadian Nuclear Power Plants and the 

second set for international nuclear industry. 
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